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Summary

Nowadays, electric machines consume about half of the electrical energy world-
wide!. A slight enhancement of the efficiency in electric machines would save a
huge amount of energy, and hence money. Permanent magnet synchronous ma-
chines offer great opportunities compared to conventional DC and asynchronous
machines. The high efficiency, power factor and power density of these machines
has allowed the integration of permanent magnet (PM) machines into a wide range
of applications that require a highly efficient drive system, such as applications in
renewable energy (wind turbines), aerospace applications, electric vehicles (EVs),
hybrid electric vehicles (HEVs), efc. In order to reduce the CO4 emissions, the im-
provement of the electric drives in these vehicles has become an important research
topic.

Because of the need of electric machines with high efficiency and power den-
sity, new topologies of electric motors are studied. One of these topologies is the
axial flux permanent magnet synchronous machine (AFPMSM). Generally speak-
ing, axial flux machines can have superior characteristics regarding the power to
weight ratio compared to the traditional radial flux machines. Furthermore, thanks
to the high ratio between the outer diameter and the axial length, axial flux ma-
chines can be integrated in several applications where the axial length must be
small. Different topologies of AFPMSMs are described in literature.

In this PhD, the yokeless and segmented armature (YASA) machine has been
chosen as a research subject. Thanks to the absence of the yoke, the YASA ma-
chine can provide a high power density combined with a great efficiency compared
to other topologies. The usage of the double layer fractional slot concentrated
winding facilitates an easy construction of the machine. The different stator core
elements are manufactured individually, provided with a tooth coil winding, and
finally arranged together into the stator.

Specifically for YASA machines, an electromagnetic analytical design tool has
been developed to optimize the performance of the YASA machine for applications
with any input power and speed. This tool is based upon validated analytical mod-
els that describe the electromagnetic and thermal characteristics of the machine.

'Waide, P. and C. Brunner (2011), “Energy-Efficiency Policy Opportunities for Electric Motor-
Driven Systems”, IEA Energy Papers, No. 2011/07, OECD Publishing, Paris.
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Different electromagnetic analytical models for AFPMSMs are proposed for a
complete study of the machine’s electromagnetic performance. The models allow
computing the terminal voltage, iron losses, eddy current losses in the permanent
magnets, copper losses, torque ripple, and cogging torque. These models are 2D
multi-slice modeling techniques. Like most analytical techniques, they neglect
non-linear behavior. They are based on conformal mapping or on the subdomain
principle. A comparison between these models is described and validated. Each
modeling technique is parameterized and can be used to compute the above men-
tioned voltages, loss components and torque. The comparison has shown that the
subdomain model is the only analytical model that can accurately compute the
mean value of the torque and the torque ripple when compared to a 3D Finite Ele-
ment model.

In addition, a novel analytical model, based on a combined solution of
Maxwell’s equations and a magnetic equivalent circuit (MEC), is developed. In
contrast to the models in previous paragraph, this model takes into account the
non-linear behavior of the magnetic material. This model can accurately compute
the iron losses and terminal voltage. For validations, this model is compared to 3D
and 2D finite element models.

The eddy current losses in the permanent magnets are computed based on dif-
ferent methods. The eddy currents result from the rather high electric conductivity
of rare earth permanent magnets, which are widely used in permanent magnet ma-
chines. The eddy current loss leads to increased temperature of the permanent
magnets and to a demagnetization risk. Therefore, modeling of the eddy currents
is important. In this PhD, an electric circuit model is developed to compute the
eddy current losses in the permanent magnets. This electric circuit is composed of
resistances and inductances, and sources representing the time variant flux density
in the magnets. A comparison is made between two variants: the first including
the reaction field of the currents in the permanent magnets, and the second neglect-
ing this reaction field. The electric circuit model is successfully verified amongst
others through a complete 3D transient finite element model.

Based on the analytical models, a design tool is developed for YASA axial
flux machines. This framework is intended to optimize the machine’s geometry
based on the required power and speed of the application. Thanks to the developed
analytical models described before, the design tool gives the optimal geometrical
machine parameters in a very short time and in an accurate way. Since AFPMSMs
are currently used in HEYV, it is important to check their applicability in the field
weakening (FW) region. Therefore, a sensitivity analysis is done for different ge-
ometrical parameters to select the optimum values for machines operating in the
FW region. Different slots/poles/phases combinations have been studied to reveal
the optimum combination. It is also worth mentioning that this toolbox has been
used to design a 100kW YASA machine for a low speed high torque (wind turbine)
application. The prototype of this machine is still under construction.

Finally, thermal models are developed for the YASA AFPMSMs. These mod-
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els are based on a finite element model and lumped parameter thermal network
(LPTN). The main advantage of these models is the use of convection coefficient
equations for the air gap. These equations are developed specifically for the YASA
machines by the Department of Flow, Heat and Combustion Mechanics at Ghent
University. By enforcing these convection equations to the air gap surfaces, the
thermal models of the stator and rotor are decoupled. This decoupling allows a fast
evaluation of two simple thermal models: the simulation time is about 1 second.
Moreover, the LPTN gives an accurate solution of the temperature distribution in
the stator, which is proven by comparison to the measured temperatures from the
experimental setup of a 4 kW YASA machine. However, more research is still
needed to model the shaft and the bearings in the LPTN to have an accurate esti-
mation of the rotor temperature.

A 4 kW experimental research prototype has been developed in the Electrical
Energy Laboratory together with several colleagues to validate the electromagnetic
and thermal models described before. Furthermore, new conductive and convec-
tive cooling concepts of the stator and rotor has been developed. The conductive
cooling concept is based on inward fins that are placed between the stator wind-
ings to better evacuate the heat to the outer circumference. The convective cooling
concept is based on a specific shape of the permanent magnets, positioned on the
rotor discs with air channels between them. During rotation, the magnets behave
like ventilator fins, creating a radial air flow through the air gaps.
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Samenvatting

Vandaag de dag verbruiken elektrische machines zowat de helft van de elektrische
energie wereldwijd®. Een kleine rendementstoename in elektrische machines zou
een grote hoeveelheid energie besparen. Permantemagneetbekrachtigde synchrone
machines bieden veel mogelijkheden vergeleken met conventionele gelijkstroom-
machines en asynchrone machines. Het hoge rendement, de hoge arbeidsfactor
en de hoge vermogendichtheid van deze machines heeft ervoor gezorgd dat ze
ontwikkeld worden voor een groot aantal applicaties die een zeer efficiénte aan-
drijving vereisen, zoals toepassingen in de hernieuwbare energie (windturbines),
ruimtevaart, elektrische voertuigen (EV), hybride elektrische voertuigen (HEV),
enzovoort. Om CO»-emissies te verlagen, is er zeer veel onderzoek lopende om de
elektrische aandrijvingen in deze voertuigen te verbeteren.

Wegens de nood aan elektrische machines met hoog rendement en vermogen-
dichtheid worden nieuwe topologieén van elektrische motoren bestudeerd. Eén van
de topologieén is de machine met axiale flux. In het algemeen kunnen machines
met axiale flux superieure karakteristieken hebben wat betreft de verhouding van
vermogen op gewicht, in vergelijking met de traditionele machines met radiale flux.
Bovendien kunnen machines met axiale flux geintegreerd worden in toepassingen
waar de axiale lengte klein moet zijn, dankzij hun hoge verhouding van diameter
tot axiale lengte. Verschillende topologieén van permanentemagneetbekrachtigde
machines met axiale flux (AFPMSMs) zijn beschreven in de literatuur.

In dit doctoraat wordt de “yokeless and segmented armature” (YASA) machine
gekozen als onderzoeksonderwerp. Dankzij de afwezigheid van een statorjuk kan
de YASA machine een grote vermogendichtheid combineren met een hoog ren-
dement in vergelijking met andere topologieén. Het gebruik van een tweelaags-
breukgroefwikkeling vergemakkelijkt de constructie van de machine. De verschil-
lende statorkernelementen worden eerst individueel vervaardigd, dan bewikkeld,
en daarna geassembleerd tot een volledige stator.

Specifiek voor YASA machines werd een elektromagnetische en thermische
ontwerpstool gebouwd om de performantie van de YASA machine te optimalis-
eren voor toepassingen met om het even welk vermogen en snelheid. Deze tool

*Waide, P. and C. Brunner (2011), "Energy-Efficiency Policy Opportunities for Electric Motor-
Driven Systems”, IEA Energy Papers, No. 2011/07, OECD Publishing, Paris.
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is gebaseerd op gevalideerde analytische modellen die het elektromagnetisch en
thermisch gedrag van de machine beschrijven.

Verschillende elektromagnetische analytische modellen van AFPMSMs
worden gepresenteerd om een volledige studie van het elektromagnetisch gedrag
mogelijk te maken. De modellen berekenen de klemspanning, ijzerverliezen,
wervelstroomverliezen in de permanente magneten, koperverliezen, koppelrimpel
en kleefkoppel. Deze modellen zijn 2D “multi-slice” modelleringstechnieken.
Zoals de meeste analytische technieken verwaarlozen ze niet-lineair gedrag. Ze
zijn gebaseerd op conforme afbeeldingen of op de subdomeintechniek. Een
vergelijking tussen deze modellen is beschreven en gevalideerd. Elke techniek
wordt geparametriseerd en kan gebruikt worden om bovenvermelde spanningen,
verliestermen en koppel te berekenen. De vergelijking heeft getoond dat de
subdomeintechniek de enige analytische techniek is die — bij vergelijking met
een 3D Eindige-Elementenmodel — een nauwkeurige oplossing geeft van het
gemiddeld koppel en van de koppelrimpel.

Daarnaast wordt in dit doctoraat een nieuwe analytische methode voorgesteld.
Deze bestaat uit een gecombineerd oplossen van de Maxwellvergelijkingen en een
magnetisch equivalent circuit (MEC). In tegenstelling met de modellen in vorige
paragraaf houdt dit gecombineerd model rekening met het niet-lineair gedrag van
het magnetisch materiaal. Dit model kan nauwkeurig ijzerverlies en klemspanning
berekenen. Het model wordt vergeleken met 3D en 2D FE modellen om het te
valideren.

De wervelstroomverliezen in de permanente magneten worden berekend op ba-
sis van verschillende methoden. De wervelstromen zijn een gevolg van de eerder
hoge elektrische geleidbaarheid van de zeldzame-aarde magneten, die zeer vaak ge-
bruikt worden in permanentemagneetbekrachtigde machines. De wervelstroomver-
liezen leiden tot verhoogde temperatuur van de permanente magneten. De hoge
temperatuur houdt een risico in op demagnetizatie. Daarom is het belangrijk om
de wervelstromen te modelleren. In het doctoraat wordt een elektrisch netwerk-
model ontwikkeld om de wervelstroomverliezen in de permanente magneten te
berekenen. Dit elektrisch netwerk bestaat uit weerstanden en inductanties, en uit
bronnen die de tijdsveranderlijke inductie in de magneten voorstellen. Een vergeli-
jking wordt gemaakt tussen twee varianten: de eerste houdt rekening met het reac-
tieveld van de stromen in de permanente magneten. Het tweede verwaarloost het
reactieveld. Het elektrisch netwerkmodel wordt onder andere geverifieerd via een
transiént 3D Eindige-elementenmodel.

Op basis van de analytische modellen werd een ontwerpstool ontwikkeld
voor YASA machines met axiale flux. De tool is bedoeld om de geometrie van
de machine te optimaliseren op basis van het vereiste vermogen en de vereiste
snelheid van de applicatie. Dankzij de eerder beschreven analytische modellen,
kan de ontwerpstool de optimale geometrische parameters snel en nauwkeurig
bepalen. Aangezien AFPMSMs momenteel ook gebruikt worden in hybride
elektrische voertuigen, is het belangrijk om ook hun toepasbaarheid te bestuderen
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in het fluxverzwakkingsgebied. Verschillende combinaties van aantallen gleuven,
polen en fasen werden bestudeerd om de optimale combinatie te achterhalen. Het
is nuttig te vermelden dat deze ontwerpstool ook gebruikt werd om een 100kW
YASA machine te ontwerpen voor een windturbine-toepassing met lage snelheid
en hoog koppel. Een prototype van deze machine is onder constructie.

Tenslotte werden thermische modellen ontwikkeld van YASA AFPMSMs.
Deze modellen zijn gebaseerd op eindige-elementenmodellen en een thermisch
netwerk. Het grootste voordeel van deze modellen is het gebruik van vergeli-
jkingen met convectie-coéfficiénten voor de luchtspleet. Deze vergelijkingen
werden ontwikkeld specifiek voor YASA machines, door de Vakgroep Mechanica
van Warmte, Stroming en Verbranding van de Universiteit Gent. Door deze
convectie-coéfficiénten op te dringen op de luchtspleetoppervlakken, worden de
thermische modellen van de stator en de rotor ontkoppeld. Deze ontkoppeling
maakt een snelle evaluatie mogelijk van twee simpele thermische modellen: de
simulatietijd is ongeveer 1 seconde. Bovendien geeft het thermisch netwerk een
nauwkeurige oplossing van de temperatuursverdeling in de stator, wat blijkt uit
vergelijking met gemeten temperaturen op de experimentele opstelling van een
4kW YASA machine. Niettemin is er meer onderzoek vereist om de as en de lagers
te modelleren in het thermisch netwerkmodel om een nauwkeurige schatting te
hebben van de rotortemperatuur.

Een experimentele testopstelling van 4kW werd gebouwd in het Labo voor
Elektrische Energietechniek, samen met andere collega’s aan het labo. Met deze
opstelling werden de hoger beschreven elektromagnetische en thermische mod-
ellen gevalideerd. Bovendien werden nieuwe koelingstechnieken voor stator en
rotor ontwikkeld, gebaseerd op conductie en convectie. De koeling via conductie
is gebaseerd op radiaal inwaarts gerichte vinnen die tussen de statorwikkelingen
geplaatst zijn om de warmte beter te evacueren naar de buitenomtrek van de ma-
chine. De koeling via convectie is gebaseerd op een specifieke vorm van de per-
manente magneten, die op de rotorschijven gepositioneerd zijn met luchtkanalen
ertussen. Bij rotatie gedragen de magneten zich als schoepen van een ventilator, en
zorgen ze voor een radiaal gerichte luchtstroom doorheen de luchtspleten van de
machine.
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Chapter 1

Introduction

1.1 Motivation

The history of electric machines started at the beginning of the 18" century. The
idea started firstly by the British scientist Michael Faraday in 1821. Faraday con-
structed a vertically suspended wire that moved in a circular orbit around a magnet.
Later in 1834, the German scientist Moritz Hermann, developed the first electric
motor in history. His electric motor was capable to lift a weight of Skg with an
equivalent speed of 0.3m/s. This is equivalent to 15W. His second motor was pow-
erful enough to drive a boat with 14 people across a wide river. Later on, the
scientist Werner Siemens in 1856, developed the first DC machine. Later in 1885,
the first two phase induction machine was developed by Nikola Tesla.

A century afterwards, the “magical irons” referring to the “permanent magnets
(PM)” today were applied into actual electrical machines. Nowadays, permanent
magnet synchronous machines are irreplaceable. Since then, a new era of electric
machines started through this exploration.

Nowadays, about half' of the electrical energy is consumed by electric ma-
chines. Given this volume, a slight enhancement of the efficiency in electric ma-
chines would save a huge amount of energy. Permanent magnet synchronous ma-
chines offer great opportunities compared to conventional DC and asynchronous
machines. The high efficiency, power factor and power density associated with
these machines have allowed the integration of permanent magnet machines into a
wide range of applications (renewable energy sources (wind turbines), aerospace
applications, electric vehicles, efc.) that required a highly efficient drive system.

The evolution of electric machines led to the discovery of new challenging
topologies of permanent magnet (radial flux, axial flux, transverse flux) machines.

These topologies have provided a great enhancements to the efficiency and the
weight of the complete electric drive system. Moreover, deep investigations of

'Waide, P. and C. Brunner (2011), “Energy-Efficiency Policy Opportunities for Electric Motor-
Driven Systems”, IEA Energy Papers, No. 2011/07, OECD Publishing, Paris.
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the topologies resulted in new variants like outer rotor radial flux machines, the
yokeless and segmented armature axial flux machine, etc.

In this context, the yokeless and segmented armature (YASA) machine has pro-
vided a great enhancement to the electric machines technology. The high ratio of
the outer diameter to the axial length allows the machine to be used for many vital
applications. Moreover, thanks to the absence of the yoke, the YASA machine can
provide a high power density with a great efficiency compared to other topologies.
The usage of the double layer fractional slot concentrated winding facilitates an
easy construction of the machine.

This research focusses on the YASA axial flux permanent magnet synchronous
machine. Within the research scope of the YASA machine, an efficient design tool-
box is missing for an optimal performance of the YASA machine. Such a toolbox
needs to consider the electromagnetic, thermal, and mechanical properties of the
YASA machine. Moreover, a geometrical parameterized toolbox can sufficiently
design the machine for any application. In addition, fast appealing and accurate
results should be the outcome of such toolbox.

1.2 Objectives

To distinguish this research among other scientific contributions on axial flux PM
machines, the research topics were properly defined and the objectives were set:

* The main objective of the thesis is to develop precise models that are capa-
ble to accurately compute all the electromagnetic properties of the machine
accurately and within a very short time. These models are geometrically pa-
rameterized to allow the design of axial flux machines for any input power
and speed.

* A novel combined solution of Maxwell’s equations and a magnetic equiv-
alent circuit to precisely calculate the voltage output and stator iron core
losses of the machine is developed.

* A comparison between different analytical and finite-element (FE) tools for
the computation of cogging torque and torque ripple in the YASA machine
is made. This allows the authors to directly choose the ideal model for com-
puting these parameters.

* As the permanent magnet material has a good electric conductivity, eddy
currents are induced in the permanent magnets when they are subjected to a
magnetic flux density that varies in time. Therefore, models for permanent
magnet eddy current losses are developed. These models are also based on
Maxwell’s equations and an electric network. All these models are geometri-
cally parameterized and can give very accurate results compared to the finite
element models.
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* An electromagnetic design toolbox is also developed using the aforemen-
tioned analytical models. This toolbox is capable to optimally design the
machine for any input power and speed. This can be used for any application
to have very good results for the optimal geometry. A sensitivity analysis for
the optimal selection of the slots, poles, and phase combinations is studied to
operate the YASA machine in the field weakening region. Additionally, this
toolbox is used to design a 100kW machine for wind turbine applications.

* For the thermal modeling of the YASA machine, a new lumped parameter
thermal model that can be integrated with the design toolbox to have a com-
plete multi-physical design for the YASA machine.

* A research prototype is developed during this research and number of exper-
iments are carried out. The experimental test setup is used to validate all the
developed models.

1.3 Outline

The structure of the thesis is composed of nine main chapters: introduction to the
axial flux PM machine, electromagnetic modelling of the axial flux PM machine
including cogging torque, torque ripple, stator iron core losses, terminal voltage
and permanent magnet losses, an electromagnetic design toolbox for the axial flux
PM machine, introduction of the experimental test setup, thermal modeling of the
machine, and concluding remarks.

* An introduction to the axial flux permanent magnet (PM) machine is done. A
comparison between different topologies is briefly investigated. The yoke-
less and segmented armature machine is selected to be studied in this re-
search based on this comparison. The benefits of this machine are high-
lighted in chapter 2.

e Chapters 3, 4 and 5 are dedicated to the electromagnetic modeling of the
axial flux permanent magnet (PM) machines. Accurate and fast modeling
techniques are compulsory for a complete design of electric machines. In
these chapters, a general analytical model for the study of the axial flux ma-
chine is proposed for a complete study of the machine’s electromagnetic
parameters including the terminal voltage, iron losses, eddy current losses in
the permanent magnets, copper losses, torque ripple, and cogging torque of
the machine. This part can be divided into: cogging torque and torque ripple
calculations, iron losses and terminal voltage of the machines, and PM eddy
current losses.

— Different modeling techniques are introduced in chapter 3. These mod-
els are based on 3D and 2D multi-slice modeling techniques. Further-
more, different concepts of analytical models are developed. They are
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based on conformal mapping models and the subdomain models. A
comparison between these models is described and validated. Each
modeling technique can be used to precisely compute certain param-
eters. These points are highlighted and deeply investigated. In this
chapter, a 5S0kW machine is used to validate all the models. The num-
ber of poles and slots in this machine are 70 poles and 60 slots.

— In addition, a novel analytical model, based on a combined solution
of Maxwell’s equations and a magnetic equivalent circuit (MEC), is
developed in chapter 4. This model takes into account the non-linear
behavior of the magnetic material. This model can accurately compute
the iron losses and terminal voltage. This model is validated through
3D and 2D finite element models. In this chapter, a SkW machine is
used to validate all the models. The number of poles and slots in this
machine are 16 poles and 15 slots.

— In chapter 5, an electric circuit network is developed to compute
the eddy current losses in the permanent magnets. The solution of
Maxwell’s equations is applied to this electric network. This network
is verified through a complete 3D transient finite element model and
different concepts of FE simulations. In this chapter, the same machine
described in chapter 4 is used.

* An electromagnetic design toolbox is developed for the axial flux permanent
magnet machines in chapter 6. This toolbox is developed to optimize the
machine’s geometry based on the required input power and speed of the ap-
plication. Thanks to the developed analytical models described before, the
design toolbox gives the geometrical machine parameters in a very short time
and in an accurate way. In addition, a sensitivity analysis is done for different
machine’s geometrical parameters to select the optimum values for machines
operating in the field weakening region. It is also worth-mentioning that this
toolbox has been used to design a 100kW YASA machine for a wind turbine
application. The prototype of this machine is still under construction.

* An experimental research prototype was developed in the laboratory together
with several colleagues to validate the electromagnetic models described be-
fore. This experimental setup is described in chapter 8. Furthermore, an
overview of the cooling concept of the stator core and winding is evaluated.
This cooling concept is based on an inward fins that are placed behind the
windings to provide a new path for evacuating the heat.

* Finally, chapter 7, thermal models are developed to evaluate the complete
performance of the axial flux machine. These models are based on finite
element and lumped parameter thermal network. The main advantage of
these models is the introduction of convection coefficient equations that al-
low the separation of the stator and rotor models. These convection co-
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1.4

efficient equations are developed by Alireza Rasekh in the department of
Flow, Heat and Combustion Mechanics of Ghent University under the FWO
project G.0110.13. This separation allows very accurate and fast results to
be obtained. These models are provided in chapter 7. Experimental verifica-
tions ar provided in the end of the chapter.

Chapter 9 concludes this work and makes some proposals for future research
in the domain of axial flux PM machines with the focus on their applications.
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Chapter 2

The Yokeless and Segmented
Armature (YASA) Machine

2.1 Introduction

Axial flux permanent magnet synchronous machines (AFPMSMs) have been the
subject of significant, worldwide research efforts for the past 20 years and can now
be considered as mature technology. The proof is their use in a wide variety of ap-
plications, from renewable energy systems in [1-6] to electric vehicle applications
in [7-10].

Wherever extreme axial compactness, high torque density and high efficiency
are necessary, AFPMSMs can provide great opportunities. AFPMSM topologies
have been extensively investigated in the literature. The authors in [11] reviewed
the literature for the most recent development of AFPMSM electromagnetic mod-
eling, thermal modeling, mechanical modeling, and assembling enhancements.

The basic operation principle of a surface AFPMSM is — similar to conven-
tional radial flux permanent magnet machines — based on the interaction between
two sources of rotating magnetic fields. One rotating magnetic field is produced
by the permanent magnets (PMs). These PMs are mounted on the surface of the
rotor. As adjacent permanent magnets are alternately magnetized, they produce a
pulsating magnetic field that crosses the air gap to the stator and returns back again
to the rotor in a stationary mode. This field rotates in the space while the rotor is
rotating.

In the stator, a time varying magnetic flux is generated in the stator teeth by the
currents induced in the windings. The interaction between the two fields produces
a force. This force produces the required torque. Like most electric machines,
the AFPMSM can be motor or generator. In motor mode, electric power is trans-
ferred into mechanical power, available at the shaft of the machine. In generator
mode, the rotating magnetic field produced by the PMs induces a back electromo-
tive force (EMF) in the stator windings. This back EMF produces a current in the
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connected load. Therefore, the power is transferred from the mechanical source to
the connected electric load.

The operation principles of both the radial flux permanent magnet synchronous
machine (RFPMSMS) and the AFPMSM are the the same. However, they differ
in the orientation of the magnetic field produced by the PMs with respect to the
rotation direction. The magnetic field in the RFPMSM is produced in the radial
direction. In the AFPMSM, the magnetic field is produced in the axial direction.

Many authors reviewed the differences between different configurations of RF-
PMSMs and AFPMSMs. They are summarized in [11, 12]. They are briefly sum-
marized in this chapter.

There are several types of AFPMSMs technologies described in literature. The
hierarchy of the division is summarized in Fig. 2.1 and explained in more details
in the next section. They are subdivided according to the following criterion. [11].

 The structure configuration: number of stators and rotors.
* Iron cored or coreless stator.
* The core configuration: slotted or slot-less stator.

* The winding configuration: drum winding or ring winding. Fig. 2.2 (a)
shows an example of a drum winding. When the stator is slotted, drum wind-
ings are used. They are also known as tooth-wound windings. These wind-
ings can be a distributed or a fractional slot concentrated winding (FSCW).
On the other hand, ring windings, also known as back to back, toroidal or
core-wound windings have end connections placed axially on the outer and
inner radius of the machine; this type of winding is always a FSCW, and an
example is shown in Fig. 2.2 (b).

* The permanent magnet (PM) configuration. The two PMs opposing each
other can have either the same polarities or opposite polarities. Different
machines concepts with different polarities are described in Figs. 2.3 (a),
(b), (c) and (d).

2.2 AFPMSMs Topologies

AFPMSMs can be classified into four general types. They are described in Fig.
2.1 in the first column of the figure. The AFPM machine is a structure with either
surface mounted or interior PMs, with or without armature slots, with or without
armature core, with ring winding or drum winding, and single or multi-stage.

The AFPM machines are classified as single-stator single-rotor (SSSR), single-
stator double-rotor (SSDR), double-stator single-rotor (DSSR), or multi-stator
multi-rotor (MSMR). All mentioned design configurations are briefly described in
the following sections [12].
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Figure 2.1: AFPMSM topologies. [12]

(a) (b)

Figure 2.2: AFPMSM winding types: (a) drum (tooth wound) and (b) ring
(core wound). [11]
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Figure 2.3: Schematic representation of different configurations of the AF-
PMSM.

2.2.1 Single Stator Single Rotor (SSSR)

The most basic version of an axial flux machine is composed of only a single stator
and a single rotor (SSSR) on which the permanent magnets are mounted [13, 14].
This configuration is shown in Fig. 2.4.

In the SSSR topology, the stator iron core is composed of a yoke and teeth as
shown in Fig. 2.4. The teeth carry the windings that are placed in the slots between
the teeth. The yoke is used as a return path for the flux density inside the machine.
In addition, it is used as a mechanical fixation of the stator to the structure of the
machine. The PMs are mounted on the rotor surface and are magnetized in the
axial direction.

The magnetic flux is produced by the PMs and the currents in the windings.
The flux lines flow axially in the PMs and the teeth. In addition, they flow circum-
ferentially in the rotor and the stator yoke.

The major disadvantage of this machine is the unbalanced axial force between
the stator and the rotor, which may twist the structure easily [13]. Therefore, the
bearings must be dimensioned to handle a greater axial force.
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PMs

Stator core

Figure 2.4: Schematic representation of the basic version of AFPMSM: Sin-
gle stator single rotor.

2.2.2 Double Stator Single Rotor (DSSR)

The second topology is the double stator single rotor (DSSR) topology, known as
the axial flux internal rotor (AFIR) [15, 16]. The construction of the machine is
shown in Fig. 2.5. Fig. 2.3 (b) shows the simplified geometry of this topology, in
a 2D plane at constant radius.

The cored version of the DSSR topology is shown in Fig. 2.5 and offers some
extra reliability since it is able to operate with only one stator if the stators are
connected in parallel [17]. The stator losses are distributed between the two stators
and because of the large surface of the stators, it is rather easy to cool them by
air. Theoretically, no rotor core is needed for this topology, as the magnetic flux
path is only in the axial direction through the rotor. The magnetic path for this
configuration is shown in Fig. 2.3 (b).

In this topology, many authors investigated the opportunity for gluing the PMs
on the surface of the rotor or buried inside the rotor [16].

In case of slotted windings, the stator is made of a material with high perme-
ability (laminated silicon steel, soft magnetic composite, amorphous iron) and the
winding is placed in the stator slots. The main disadvantage of using a slotted
winding is the so called cogging torque: a ripple in the torque at no-load. This
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cogging torque is caused by the stator slot openings near the air gap. These slot
openings result in a rotor position dependent torque as a result of the interaction
(change in permeance) of the permanent magnets and the stator slots. The absence
or at least minimization of these cogging torques is crucial in distinct applications.
For example, the cogging torque can prevent generators in wind turbines to start
up at low wind speeds and therefore decrease the annual energy yield of the wind
turbine.

In wind turbine applications, usually coreless (air cored) windings are intro-
duced. In coreless DSSR axial flux PM machines, the winding is mostly embed-
ded in an epoxy resin having unit permeability. Despite the absence of cogging,
the lower mass of the machine and the absence of core losses, the high equiva-
lent air gap thickness requires relatively high permanent magnet volumes to obtain
sufficiently high magnetic fluxes in the windings. The permanent magnets very
often contain rare earth materials such as Neodymium, Samarium, Dysprosium.
The rare-earth PMs are costly compared to silicon steel and copper. Therefore, the
reduction of cogging torque in axial flux PM machines with slotted windings is a
topic of much recent scientific research.

Rotor core

Winding

Figure 2.5: Schematic representation of the double stator single rotor topol-
ogy.

2.2.3 Single Stator Double Rotor (SSDR)

In the SSDR topology, the stator is located between two rotors [18]. Three main
classes in the stator construction can be distinguished: a stator with slotted wind-
ings, a slot-less stator and a coreless stator [19-21].

The cored versions of the stator cores are shown in Figs. 2.6 and 2.7. These
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topologies are called the toroidally wound internal stator (TORUS) machine [17].
Figs. 2.3 (c) and (d) show the simplified geometry of two different types of of the
TORUS topology, in a 2D plane at constant radius.

The TORUS machine consists of a stator in the middle between the two rotors.
The stator consists of double sided teeth on both axial sides and a stator yoke in the
middle between them. In the rotor, the arrangement of the magnets has an effect
on the main flux path in the machine rotor and stator [22]. As a consequence, there
are two types of the TORUS machine studied in literature. Both types are shown
in Figs. 2.6 and 2.7. They are described below.

Stator core

PMs

Rotor core

Figure 2.6: Schematic representation of the single stator double rotor topol-
ogy of the NS type (TORUS NS).

* Figure 2.6 shows the north-south (NS) type of the TORUS machine. If a
north pole (N) of the PM on one rotor is facing a south pole (S) on the other
rotor, then the flux lines flow axially in the stator yoke and return through the
rotors circumferentially. This configuration is the so called the NS TORUS
configuration. In this configuration, the winding is toroidally wound around
the stator tooth as shown in Fig. 2.6. The flux lines flow is shown in Fig. 2.3

(d).

* On the other hand, in the north-north (NN) TORUS configuration shown in
Fig. 2.7, if the two rotors have the PMs of the same polarity facing each
other, then the flux lines flow circumferentially in the stator yoke. In this
configuration, the winding is toroidally wound around the stator yoke as
shown in Fig. 2.7. The flux lines flow is shown in Fig. 2.3 (¢).
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Winding

Stator core

Figure 2.7: Schematic representation of the single stator double rotor topol-
ogy of the NN type (TORUS NN).

For the north-north (NN) TORUS machine, shown in Fig. 2.7, the phase wind-
ing is wound around the stator yoke giving short end windings in both the axial and
radial directions of the machine. In this structure, the copper losses are reduced due
to the very short end windings. However, a thicker stator yoke is needed to attain
the magnetic flux passing through it. Therefore, the mass and iron losses of the
stator core are larger than in the NS configuration.

The yokeless and segmented armature (YASA) topology, shown in Fig. 2.8,
was introduced in [7] to combine the advantages of both the shorter end windings
of the NN type and the short stator yoke of the NS type. Fig. 2.3 (a) shows the
simplified geometry of the YASA topology, in a 2D plane at constant radius.

Starting from the original NS TORUS topology, the following manipulations
are performed:

* In the NS TORUS configuration, from electromagnetic point of view, there
is no need for the stator yoke. This is clearly illustrated by the flux line paths
in Fig. 2.3 (a). Therefore, the stator yoke is removed entirely in the YASA
machine. This increases the power density and the efficiency of the machine.
This results in the existence of individually segmented armature elements.

* By enlarging the pitch of the teeth so that their arc is similar to the PMs,
fractional slot concentrated windings (FSCW) [23] can be used. Therefore,
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Stator core

Figure 2.8: Schematic presentation of the single stator double rotor scheme
(YASA).

each coil can be wound around one tooth. This makes the manufacturing
process much easier.

* Using a double layer FSCW, the winding arrangement complexity is re-
duced. This winding arrangement allows the winding to be toroidally wound
around the tooth. This is often called a tooth coil winding.

Therefore, the YASA machine has proven a great opportunity to be used for
several applications instead of the TORUS machine. The absence of the stator
yoke provides a better power density and a better efficiency due to the shorter axial
length of the stator iron core.

2.2.4 Multi Stator Multi Rotor (MSMR)

A multistage AFPM machine can be constructed from either DSSR or SSDR con-
figurations [24]. This machine includes the /V stators and /N + 1 rotors that have
the same mechanical shaft. The stator windings can be connected either in parallel
or in series. The multistage configuration enhances the torque and power density
without increasing the machine diameter.

Multi-stack machines described in [25,26], can be used in wind energy appli-
cations to reduce the outer diameter of the total machine and hence reduce the total
structural mass. On the other hand, the axial length of the machine is increased.
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2.3 Why Yokeless and Segmented Armature (YASA) Ma-
chine?

Many authors compared AFPMSMs with other synchronous machines topologies
such as radial and transverse flux machines.

In [27], the authors designed and evaluated a radial flux permanent magnet
synchronous machines (RFPMSMs) and four AFPMSMs configurations: a SSSR
slotted axial field machine, a DSSR slotted axial field machine, a SSSR slot-less
axial field machine, and a DSSR slot-less axial field machine. Designs were done
for five power levels, ranging from 0.25 kW to 10 kW. Key conclusions are: the
AFPMSMs designs have the highest power densities for a given amount of perma-
nent magnet material and a given air-gap flux density.

In [28], the authors compared the DSSR AFPM motor performance with the
RFPM machine in terms of provided electromagnetic torque and torque density,
when the overall motor volume, losses per surface, and the air-gap flux density
are kept constant. The results indicated that AFPMSM configuration had a better
performance in terms of electromagnetic torque and torque density if the number
of poles is high (more than 10) and the axial length is short.

From these studies, the AFPMSMs provided a great performance to be used
for a wide range of applications. Therefore, the AFPMSM is used in this thesis to
be deeply investigated.

In [29], a comparative study between different types of radial and axial flux
machine types till 200 kW for wind turbine applications was done. The comparison
was done for the same voltage, power factor and the same current density. It was
shown that the axial machine has a smaller mass for a given power, i.e. higher
power density. It was also proven in [29] that the yokeless and segmented armature
(YASA) type machine has the highest power density. Therefore, in this thesis, we
focus only on the YASA topology of the surface AFPMSM. This topology has
proven great robustness in terms of power density and efficiency.

For further improvement of the research in the topic area of the YASA ma-
chine, some further research aspects are done for the modeling and design of this
machine. A design toolbox has been developed in this thesis to optimally design
the AFPMSM for any geometrical parameters including the slots, poles and phases.
This design toolbox is based on analytical models that are developed in this thesis.
These analytical models are capable of estimating all electromagnetic parameters
of the machine. All analytical models are verified by 2D and 3D finite element
(FE) models. In addition, a lumped parameter thermal network is also developed
to have a complete multi-physical optimal design of the AFPMSM.
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2.4 Conclusions

In this chapter, a brief review of the most developed AFPMSM topologies existing
in literature is done. Based on literature, a comparison between these topologies
is done afterwards. This comparison revealed that the YASA type is the optimum
selection compared to the other topologies. Thanks to the absence of the yoke,
the YASA machine provides the greatest power density and efficiency compared
to other machines. Several comparative studies between the YASA and other ma-
chines have been addressed. They show that the YASA machine would be the
optimum selection. Therefore, in this thesis, the YASA machine is selected to be
further studied.
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Chapter 3

Modeling of Axial Flux
Permanent Magnet Synchronous
Machines

3.1 Introduction

Accurate and fast modeling techniques are indispensable for a complete design of
electric machines. A multi-physical design is mandatory i.e. for involving thermal,
electromagnetic, and mechanical modeling. This chapter studies only the electro-
magnetic behaviour of the machine. The thermal behaviour is studied in Chapter
7. The mechanical design is out of the scope.

This chapter describes various electromagnetic modeling techniques to de-
scribe the air gap flux density inside the machine as well as performance indicators.

Cogging torque and torque ripple are one of the most important performance
indicators in the design of electrical machines. It is important in almost all ma-
chines to keep these values as low as possible. Therefore, a large number of finite
element (FE) and analytical models have been developed to analyze these parame-
ters. the aforementioned authors have reported good accordance with FE calcula-
tions.

Different techniques like permanent magnet (PM) skewing, pole arc shifting,
and optimized PM shapes are used to reduce the cogging torque and the torque
ripple [30]. In addition, a proper selection of the slot opening might give an op-
timum performance in terms of cogging torque and the torque ripple [31]. The
scope of this chapter is to compare different modeling techniques based on their
computational efficiency and accuracy.

Numerous modeling techniques were used in the past few decades for these
types of machines. Two types of models are mainly used in electric machines i.e.
the finite element (FE) models and the analytical models. Multi-slice technique
uses 2D FE models.
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A 3D FE model is considered to be the most accurate model to predict the cog-
ging torque and torque ripple [32]. However, such a model is very time consuming.

Faster 2D FE based techniques are developed in [33-35]. These techniques
consist of three steps. Firstly, the AFPMSM is divided in a number of slices in the
radial direction. Secondly, the solution is obtained by a 2D FE model for each slice
and finally the obtained solutions are combined using superposition. This type of
models neglects the radial flux, which results in a less accurate solution. Although
these quasi-3D models require less computational time than classic 3D models,
their computational time consumption is still quite large.

Therefore, analytical models are developed to obtain fast and accurate results.
Analytical tools are important for the sake of fast and accurate design and opti-
mization of electric machines. Therefore, analytical models are used in AFPMSM
optimization in many articles in [22,36].

Another comparative study between these different concepts for AFPMSMs
has been applied by Hemeida er al in [37]. The conclusion is that for the calculation
of the no load voltages, the result is satisfactory for the all methods. However, for
torque ripple and cogging torque calculation, the subdomain (SD) model is the
most accurate technique to predict them. In addition, the impact of number of
slices is studied on the performance of the result.

In this chapter, a comparison between different analytical and finite-element
(FE) tools for the computation of cogging torque and torque ripple in axial-flux
permanent-magnet synchronous machines is made. 2D and 3D FE models are the
most accurate for the computation of cogging torque and torque ripple. However,
they are too time consuming to be used for optimization studies. Therefore, analyt-
ical tools are also used to obtain the cogging torque and torque ripple. Three types
of analytical models are considered and validated. They are all based on divid-
ing the machine into many slices in the radial direction. One model computes the
lateral force based on the magnetic field distribution in the air gap area. Another
model is based on conformal mapping and uses complex Schwarz-Christoffel (SC)
transformations. The last model is based on the subdomain technique, which di-
vides the studied geometry into a number of separate domains. The different types
of models are compared for different slot openings and permanent-magnet widths.
One of the main conclusions is that the subdomain model is best suited to com-
pute the cogging torque and torque ripple with a much higher accuracy than the SC
model.

3.2 Test Case Machine

In order to validate the model, an axial flux machine with fractional slot concen-
trated winding (FSCW) of 70 poles and 60 tooth coil windings has been studied.
The geometrical properties of the machine are described in Table 3.1.
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Table 3.1: Experimental setup geometrical parameters. [37]

Parameter Symbol Value
Rated Power P, 50kW
Number of pole pairs p = Nn/2 35
Number of stator slots Ny 60
Rated speed Trated 60 rpm
Rated Torque Tom 8 kNm
Outer diameter D, 1.1 m
Inner diameter D; 0.9 m
Axial length core element 2(Yg; + Yoo + Ye3) 114 mm
Axial length slot 2Y. 100 mm
Tooth width Ty 25 mm
Slot opening width bso 8 mm
Air gap axial length g 1 mm
PM axial length Y 5 mm

A test case machine of S0kW that is designed for wind turbine application is
simulated to validate the results. The number of poles and slots are multipliers of
14 poles and 12 slots combination. The star of the slot is developed by the author
and can generate any combination of slots, poles, and phases. The star of the slot
for this combination is shown in Fig. 3.1.

Figure 3.1: Phases distribution across the circumference for the 60 slot 70
pole combination.

3.3 Description of the Finite Element (FE) Models

In the 3D and 2D multi-slice FE models, described in Figs. 3.2 (a) and (c) respec-
tively, Only half of the machine is modeled and symmetry boundary condition is
imposed at half of the tooth. In this chapter and chapter 4, the 3D, and 2D FE mod-
els and analytical models are solved for static solutions. The rotor disc is rotated
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manually by a certain step assuming no solution from the previous steps. In these
static simulations, time dependent eddy currents in electric conductive materials
such as the neodymium permanent magnets, cannot be calculated simultaneously.
However, eddy currents are calculated a posteriori using the data retrieved from
static simulations. In addition, a complete transient 3D solution is introduced in
chapter 5. However, a complete transient 3D FE solution can consume weeks to
obtain a good result without a significance benefit as will be shown in Chapter 5.
Within the scope of this chapter, it is assumed that the influence of the magnetic
field produced by the induced eddy currents is minor to the magnetic fields ob-
tained through static simulations. This is the so called resistance limited approach.

3.3.1 3D FE Model

In this section, the 3D and 2D FE models are described, and analyzed. The 3D FE
model will serve as the reference solution to evaluate the accuracy of the other FE
and analytical models. The 3D FE is shown in Fig. 3.2 (a).

Half of the machine is modeled in Fig. 3.2 (a). An even symmetry plane is
placed in half of the machine to let the flux lines flows in the perpendicular plane
to the stator surface. The no-load flux density distribution of the machine is shown
in Fig. 3.3 for the 3D FE model.

3.3.2 2D Multi-slice FE Model

The idea of this method is to stretch the machine over the the radial length of the
machine to n slices. Each slice has an average radius of R’ in (3.1) and a radial
length ., in (3.1). The 3D to 2D transformation is shown in Fig. 3.2 (b). In all
the 2D FE models, the radial component of the magnetic flux density is neglected.
Each slice represents a 2D FE model shown in Fig. 3.2 (c). The axis definition in
Fig. 3.2 (b) is R for the radial direction, and 6,,, for circumferential direction. The
y-axis in Fig. 3.2 (c) presents the axial direction. This method will lack the ability
to compute the radial flux component.

R;V:Ri+u<z‘—%>, i=1,2,....n,
n
s 3.1
R-R 3.1)
==,

tep

where R, is the outer radius of the machine, R; is the inner radius, and ng is the
number of slices. By applying Maxwell’s equations on each slice and by summing
the air gap flux due to the armature current and the PMs, it is possible to obtain any
quantity like torque.

On the surface, shown in Fig. 3.2 (c), a 2D FE solver is applied in the carte-
sian coordinate system. This FE solver calculates the magnetic vector potential
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over the defined geometries. The magnetic vector potential has only a component
perpendicular to the computation plane, i.e. the z-direction.

A= Ae.. (3.2)

and the magnetic flux density can be expressed by:

B = B,e, + Bye,, (3.3)

where e, and e, are the unit vectors in the = and y directions.
The z- and y-directions are defined in Figs. 3.4 (a) and (b). The flux densities
are calculated afterwards from the magnetic vector potential.

(3.4)

(a) 3D FE Model (b) 3D to 2D transformation
Winding (‘1 ) Stator Core
(3)] ‘ ‘ V |
N lliz2 | @
DAL L AL I LA Lo LN IR LN
) l y PMs Rotor

(c) 2D FE Model

Figure 3.2: 3D and 2D FE models. (1) Neumann boundary condition. (2)
Dirichlet boundary condition. (3) Periodic boundary condition.
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and
0A,

oz
The 2D FE analysis requires the correct imposition of the boundary conditions.

An illustrative overview of the finite element model is suggested in Fig. 3.2 (c).
The boundary conditions are described as follows [35]:

B, =

(3.5)

* Only half of the machine is modeled, therefore, axial symmetry (1) is pre-
sented at half of the stator tooth (Neumann boundary conditions). The tan-
gential magnetic field equals zero on this surface:

nxH=0. (3.6)

* Furthermore it is assumed that the magnetic field lines do not exit the outer
side of the rotor disc. Therefore, the Dirichlet boundary condition is ex-
pressed at the edge indicated by (2). The Dirichlet boundary condition im-
poses that the normal component to the boundary vanishes and is expressed
through:

A, =0. 3.7

* A continuity in the solution for the magnetic vector potential along this edge,
indicated by (3), should be included in the finite element model. This is done
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Figure 3.3: 3D field distribution of the machine at no load.
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by introducing a periodic boundary condition. If A,; and A, are the mag-
netic vector potentials at both sides of the model, then the periodic boundary
condition requires that:

Azl = Az2- (38)

The number of model symmetries (sym) is calculated as the greatest com-
mon divisor (gcd) between the number of slots Vg and the number of pole
pairs p = Ny, /2. Therefore, only part of the machine is modeled depending
on the symmetry value.

sym = ged(Ng, p). (3.9)
Different material properties are assigned to the defined subdomains.

* In the air gap region, the equation for the magnetic vector potential is defined
by;
1
V X (—V X A> = 0. (3.10)
Ho
* In the permanent magnet region, the magnetic remanence By, (estimated
as 1.26T for NdFeB) as well as the relative permeability p, (estimated as

1.05 for NdFeB) are taken into account when defining the magnetic vector
potential;

1
V x ( VxA—Brem> =0. 3.11)
o fr

* As the winding sections carry a current density J, the equation for the mag-
netic vector potential in this region becomes:

1
V X (—V X A> =J. 3.12)
Ho

* Finally, there are the subdomains defining the stator cores and the rotor disc.
As both parts are made of a steel grade with a good relative permeability p,,
the magnetic vector potential in these subdomains is expressed by:

1
V x < VXA) =0. (3.13)
O Ly

The relative permeability is modelled by a constant value p,, when linear
behaviour of the material is sufficient. In this chapter, the iron core relative
magnetic permeability of both the 3D and the 2D FE models of the stator
and rotor cores is set to 10000.

For the rotor disks, a constant permeability is assumed. While this model is
still isotropic, all magnetic properties are the same in all directions which is
a good assumption for non-oriented steel grades.
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All analytical models are based on defining open slots without tooth tips. Of
course, an important fraction of the electric machines does have tooth tips. There-
fore, two versions of the 2D FE model are considered, one with and without tooth
tips. Both 2D finite element models are shown in Figs. 3.4 (a) and (b).

The z-axis represents the circumferential distance which equals z = 0, R’
where 0, is the circumferential angle shown in Fig. 3.2 (b). The y-axis represents
the axial direction of the machine measured from the stator tooth surface.

be Stator tooth (y,, = const)
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(a) 2D FE Model including tooth tips

V)

27R.,
sym

N

VV&

P
bSO

<)

v

(b) 2D FE Model without tooth tips

Figure 3.4: Different 2D FE models geometries and assumptions.

To summarize, the assumptions taken into account for all FE models and all
analytical models in this chapter are;

* The permeability of the rotor and stator tooth is assumed to be constant for
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Figure 3.5: The 2D FE model flux distribution at no load at slice number 8.

the FE models and equals 10000 and infinite for the analytical model.

* The eddy current in the PMs are neglected. The eddy currents can be reduced
by segmenting the PMs as described in [38].

* The PMs have a constant recoil permeability of fiyec.

The no-load flux distribution of the 2D FE model is shown in Fig. 3.5 for the
geometry with tooth tips. Both 2D FE models use an extremely fine mesh in the
air gap area, which results in a reliable solution for the torque ripple and cogging
torque. The 2D FE model without tooth tips will be used as reference solution
to compare the different analytical models. The comparisons between different
models are illustrated in section 3.5.

3.4 Description of the Analytical Models

The models that are introduced in this section calculate the flux density in the air
gap area using the analytical tools.

There are different concepts of analytical models, each of which requires an ac-
curate computation of the flux density to calculate the electromagnetic parameters.
An overview of different analytical model concepts is described in [39]. These con-
cepts can be divided in two main categories i.e. Maxwell’s equations and magnetic
equivalent circuit (MEC). The MEC is discussed in details in Chapter 4.

Maxwell’s equations solve the problem in 2D. They divide the 3D structure
of the AFPMSMs into 2D slices in the radial direction. A superposition of the
solution of different slices is done afterwards to obtain the complete solution.

The first category is based on obtaining the flux density due to permanent mag-
nets and armature reaction currents assuming a smooth, i.e. slot-less, half plane
with infinite permeability, as in [40]. Afterwards, the slots are taken into account
by introducing a permeance function of the slots. In [41], the slots are taken into
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account using a simple conformal-mapping technique in radial-flux permanent-
magnet synchronous machines (RFPMSMs). However, this method only computes
the radial field component. It cannot predict the circumferential (tangential) field
component and is therefore less accurate. This method, called the lateral force
(LF) method, assumes that the force acting on the tooth surface is caused by the
flux density variations beneath the surface of the slot opening.

In [42,43], the authors developed another permeance function based on com-
plex conformal mapping. The mapping is done via a more complex Schwarz-
Christoffel (SC) transformation that is capable of obtaining both the radial and
tangential component of the flux density of the machine in both directions. The
technique has been adopted by Hemeida ef al in [44] to be used for AFPMSMs.
This class of models is called SC models. Its most important disadvantage is that
it neglects the interaction between neighboring slots.

The third category is based on the subdomain (SD) technique. The SD tech-
nique divides the geometry into a number of regions, called subdomains. In this
technique, the slots are directly taken into account. In [45-50], the authors devel-
oped subdomain models for RFPMSMs. These models define the magnetic vector
potential separately in the following domains: each slot, the air gap and the PMs.
The obtained vector potentials are linked to each other via suitable boundary con-
ditions. The authors in [33,51], updated the model to be used for AFPMSMs with
semi-closed slots. In [52], the authors developed a subdomain model of one slot
and two PMs and made a superposition of all PMs and slots in the machine. All
of the aforementioned literatures have reported a good accordance with FE calcu-
lations. In [53], a general formulation for the calculation of the flux density using
the subdomain model is developed.

3.4.1 Lateral Force Method (LF Model)

This model is based on the conformal transformation discussed in [41]. It uses a
simple SC transformation to predict the slotting effect. However, it only accounts
for the axial component of the resulting permeance function. This method results in
an accurate solution for the predicted axial flux density. It is very simple compared
to the other methods. This technique solves the problem assuming a smooth surface
of stator iron without including the slots effect as shown in Fig. 3.6 (a). Afterwards,
the slots are introduced by a simple SC transformation.

Model of PMs Using Maxwell’s Equations

In a first step, the LF technique assumes smooth iron surfaces, as shown in Fig. 3.6
(a). The magnetization vector M in Fig. 3.6 (b) represents the magnetization vector
along the z-direction. The z-axis represents the distance in the circumferential
direction. The y-axis denotes the distance in the axial direction, measured from
the surface of the stator tooth.
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Figure 3.6: The LF model assuming infinitely permeable half planes with a
smooth surface.

The magnetic induction in the PM is expressed by:
B = Brem + pirecH = oM + pirecH, (3.14)

where Brem = Brem, €x + Brem,€y = Brem@y is the remanent flux density of the
PM, i, is the permeability of free space, fiyec = pofty 1S the recoil permeability,
and H = H.e, + Hye, is the magnetic induction.

The amplitude of the Fourier-series expansion of the magnetization vector
shown in Fig. 3.6 (b) can be obtained as:

_ ABrem o (””20‘“> , (3.15)

NT o
where n is the harmonic order, and «, is the PM angle ratio of PM width over pole
pitch 7, at a slice number 7.

14
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We use Laplace equation shown in (3.16), which is valid in both the magnets
and the air space [40, 54]:
o 0o 9%
V-Vp= =0 3.16
L + oy? + 022 ’ (3.16)
where ¢ is the magnetic scalar potential.
The magnetic field strength related to ¢ is

dp ¢
Hi=—-—"—H,=——.
ox’' Y y
The following boundary conditions are applied to the solution of the Laplace
equations. Fig. 3.6 shows the axis used for these boundary conditions:

{ Hin (:C,y) |y=Y2 =0
HXI (x’ y) |y:0 =0

{ Byi (2, y) ly=g = By (2, y) ly=g
Hya (2, y) ly=g = Hxar (2, Y) ly=g

This results in two field components, i.e. Byj, in the z-direction and By, in the
y-direction. This results in a two region solution of the PMs and the air gap.

In region I, the results for the circumferential and axial components of the flux
density are [44]:

3.17)

(3.18)

> sinh (U, Ym) . .
Ba ) =po > MO G 0 i (00), @9

> sinh (Uy. Yin
B ) =po > My, IO oy ) cos (U2). 320)
n=1,3,5,....

In region II, the results for the circumferential and axial components of the flux
density are [44]:

> wsinh [Uy, (Ya — Y] . _
Bay )= Y My PO O =) 17, (3 - ) sin (U2
n=1,35,....
(3.21)

oo
ByIIi (x? y) = IU’O Z Mni
n=1,3,5,....

- pesinh [Uy, (Yo — Yi)]
A

cosh (Uniy)> cos (U, ),

(3.22)
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where Uy, = nm /7, and A is calculated as in (3.23):

A = ppcosh (Uy, Yi) sinh [Uy, (Ya — Yi)] + cosh [Uy, (Ya — Y)] sinh (Uy, Yi) -
(3.23)

The axial and circumferential flux densities caused by the PMs assuming a
smooth surface of iron in space are shown in Figs. 3.7 and 3.8 respectively. The
circumferential angle 6, equals x/R.,.

Figure 3.7: Axial flux density distribution of the PM flux in space.

| By [T]

Figure 3.8: Circumferential flux density distribution of the PM flux in
space.
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The axial PM flux density is almost constant over the axial direction. However,
the circumferential flux density reaches a peak on the PM surface y = g. On this
surface, the leakage flux is peak. The flux density starts to decrease until reaching
the rotor surface at y = Ys. On this surface it becomes zero again.

Stator Slotting Effect

In a second step, the effect of the slot opening is included using a simple confor-
mal mapping technique described in [41]. This technique introduces a permeance
function Apr, (z,y) which can be multiplied with the axial flux density in (3.20)

and (3.32), resulting in a total axial flux density By, . for slice number 1.

ByLFi (z,y) = By(z,y)A\ur, (2, y). (3.24)

This function neglects the effect of neighbouring slots on each slot opening.
Therefore, each slot can be modeled individually. This assumption is not valid for
open slot machines. However, it is still acceptable for PM machines in which the
ratio of the air gap to the slot opening is high [41].

This permeance function can be obtained as follows;

For PM machines, due to the fact that the relative permeability of the PM is
slightly higher than air, the effective air gap area ¢’ equals:

Y,
g =g+ (3.25)

T
An additional factor k¢ is introduced representing the reduction of the average
air gap flux density . This factor is called the Carter coefficient k¢ > 1. This

coefficient has a value close to 1 and can be neglected.
ko= —5 (3.26)
Ts; — 79

where 7, is the slot pitch at slice number 7 and -y equals:

4 | b 1 [ beo bso \ >
= — | =t =] -1 1 — . 27
R 29’ a <29’> " +<2g’> 627

A Fourier series expansion over the azimuthal coordinate 6, = z/RZ, is done
to obtain the permeance function. The relative permeance function is periodic with
the azimuthal width corresponding to the slot pitch. Therefore in case of N slots
the equation for the relative permeance function becomes:

ALE(Om,y) = Ro(y) + Y Au(y)cos (vNebm) , (3.28)
v=1,2,....
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where 6, = z/R., is the azimuth angle. The coefficients are determined in [41]:

Ro(z) =1 — 1.66(y) 22,

Ts;
~ . (vie)’
Av(2) == Bly)-— |05+ - (3.29)
07&25—2<V%Q
sin (1.61/71'[)&) ,
Ts;
where .
1 1
Bly) = 1- ; (3.30)

where v also can be determined by solving the non-linear equation for each axial

length y:
1 /2 2 2 2d
(g/ _ y)l = _—In M + _g arctan (—9L> s (331)
bso 2 Va2 +v2—wv bso bso Va2 4 v?
and 9
2 /
f:1+<§>‘ (3.32)

In Fig. 3.9 (a) and (b), ALF, is shown as a function of the axial length of the
machine y and the circumferential angle 6, = z/R.,. These coordinates are
shown in Figs. 3.6 (b) and (c). Due to the presence of the slot, a dip below the
opening of the slot occurs. The dip has a behaviour as shown in Fig. 3.9 (b). It is
clear also that while the axial length increases, the effect of the permeance function
until reaching the rotor surface. Due to this effect, the average air gap flux density
reduces. Therefore, this leads to a reduction to the total torque production and
other concerning points that will be discussed later. Therefore, accurate modeling
of this parameter is important.

Torque Ripple Causes

Torque pulsations occur due to the following reasons [16].

* Cogging torque is one of the main reasons for torque pulsation. It occurs
because of the interaction between permanent magnets (PMs) and slot open-
ings in the stator core. Therefore, at no load, the machine will not be able
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Figure 3.9: The permeance function of the axial length of the machine and
the circumference.

to start until the torque produced is much higher than the cogging torque. In
wind energy applications, it is an important issue to keep this value as low
as possible to reduce the start up wind speed to a low value.

Figure 3.10 shows the force interactions between the slots and PMs for dif-
ferent positions of PMs with respect to the position of the slot opening. It is
clear that the forces produced depend greatly on this position. Therefore, the
cogging torque depends greatly on the combinations of slots and poles.

The frequency of the cogging torque equals the lowest common multiple of
the number of slots and poles (lem(Ns, N,y,)) [55]. It is important to keep
the lowest common multiple as high as possible to keep the cogging torque
as minimum as possible. Additional PM skewing can be used to reduce the
cogging torque [30].

Another cause of the torque ripple is the interaction between the magneto-
motive force (MMEF) of the stator currents and MMF of the rotor PMs. The
concentrated windings impose additional air gap harmonics than the dis-
tributed windings.

From mathematical point of view, if the inductances and the resistances of
the machine are neglected, the electromagnetic torque ripple occurs due to
the harmonic contents existing in the no load voltage and currents. The fre-
quency of the harmonic contents equals multiples of six times the fundamen-
tal frequency [16].
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Figure 3.10: Forces resulting from interaction between slot openings and
PMs.

The harmonic contents in the voltage occur due to the two aforementioned
reasons of interaction of slot opening and the distribution of slots with poles.

Validation: Flux Densities Comparison for SOkW Reference Machine

The axial flux density for this method is shown in Fig. 3.11. It shows that the
predicted axial flux density using this method is comparable to the 2D FE model'.
The horizontal axis in Fig. 3.11 (6,, = x/R’,) represents the already defined
circumferential angle in degrees.

The force is now computed by assuming that the flux density computed by
(3.24) is circular near the slot opening, as shown in Fig. 3.12. Fig. 3.12 divides
the slot opening regions in two parts. One part results in a positive force, while the
other part results in a negative one. The radius of the flux path is r5,. The actual
torque computation is done by integrating along the entire flux path under half of
the slot opening [56]:

Ng bso/2 ) ) )
T.= top /0 (ByLFbQi = Byp,,. )/ (210) Rl drso, (3.33)
i=1
where BYLFbl» (x,y) is the flux density beneath the slot opening at the left side of
Fig. 3.12. While By, .. ~ (z,y) is the flux density on the right side of Fig. 3.12. bs,

is the slot opening width. The flux density is computed using (3.24).

The LF method can only compute the cogging torque because it neglects the
energy variations in the part of the air gap that does not lie below the slot opening.
Therefore, it is not used for the calculation of the total torque.

!"The percentage error of the second norm of the error divided by the second norm of the 2D FE
model flux densities of the ¥ and x components are shown in Table 3.3. It shows a percentage error
of 5.2%
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Figure 3.11: The axial flux density for Smm slot opening: comparison be-
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Figure 3.12: The cogging torque model using LF model [56].

3.4.2 Complex Schwarz Christoffel Transformation (SC Model)

SC models use a conformal mapping technique, introduced by Zarko et al. in [42],
to account for the slotting effect. This technique transforms the complex shapes
of the slots into a smooth surface. Again, the PM and armature current fluxes are
obtained firstly and then the transformation is introduced.

Model of PMs Using Maxwell’s Equations

In this section, the solution of the PM is obtained using the same technique de-
scribed in the LF model in section 3.4.1.
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Model of Armature Reaction Current

To account for the armature winding current effect, one should solve the Laplace
equation again. This time, the armature windings, which are fractional slot con-
centrated windings (FSCWs) will be assumed as thin wires. This type of windings
has lots of advantages over many other types that are described in [23]. The current
sheet due to the distribution in space of slots in the stator in per unit (K,,) of each
phase m is plotted in Fig. 3.13.

Afterwards, to obtain the total current sheet (K) in space, the current sheet
for each phase m in per unit (K,,) is generated according to the star of the slot.
Afterwards, they are multiplied by the values of the instantaneous currents of each
phase over the thickness of the slot opening by,. To obtain the total current sheet
distribution, summations for all phases are done:

3

. 2 1
+K.I.sin <wet + ?>> @,

2
K= (Kalasin (wet) + Ky Ipsin <wet — —W>
(3.34)

where w; is the electrical angular frequency in rad/sec. In addition, Fourier series
is needed for this current sheet per phase, to obtain the spatial distribution of the
current in space in the following form.

K= (Apcos (Upax) 4+ Bysin (Upax)) , (3.35)
n=1,2,3

where Upo = 2n7/(2p7p).

By using the same Laplace equation shown in equations (3.16) and (3.17) and
by applying the boundary equations in (3.36) to Fig. 3.14, the solution can be
obtained:

{ Hy (2, y) [y=0 = 0

Hyv (2,9) ly=y, = 0

{ Hyay (7, 9) ly=vs — Hxiut (,9) |y=y; = K
Hy (2, y) ly=vs = Hytv (2,Y) ly=vs

(3.36)

The results of the circumferential and axial flux densities are for region III:

B (z,y) = > A”sinh (Un2y) (Ancos (Unaz) + Bysin (Upaz))
n=1,23,....

)

(3.37)



38 Modeling of Axial Flux Permanent Magnet Synchronous Machines
—_ 1
5
S 0 |
S}
& —1 L L L L L L L
—40 —30 —20 -10 0 10 20 30 40
~ 1 T T T T T T T
=
B of |
=
M —1 L L L L L
—40 30 —20 10 0 10 20 30 40
[l 1 T T T T T T T
=
s 0 1
Q
M —1 L L L L I I I
—40  —30 —20 10 0 10 20 30 40
O [°]

Figure 3.13: Current sheet spatial distribution in space for each phase in per
unit for an axial flux machine.
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Figure 3.14: The model assuming infinitely permeable half planes with a
smooth surface for current sheet solution.

ByIH (x, y) = Z _A”COSh (Un2y) (AnSin (Un2x) — By cos (Un2x)) .
n=1,2.3,....
(3.38)
Region I'V:
Bav (x, y) = Z _A/Sinh (Un2 (Y2 - y)) (AnCOS (Un2x) +Bysin (Un2x)) 5
n=1,2,3,....
(3.39)
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By (r,y) = > —A'cosh (Una(Ya — y) (Aysin (Unax) —Bycos (Uyaz))
n=1,2,3,....
(3.40)
where
r pocosh (Upa(Ya — Y3))
A = 341
sinh (UHQYQ) ’ ( )
n pocosh (Up2Y3)
== "2 342
sinh (UHQYQ) ( )

Figures 3.15 and 3.16 show the flux density distribution in space for the arma-
ture reaction effect at time instant zero. Both fluxes start with a high value of flux
density on the stator surface bore. The axial flux density keeps a constant value on
the PM surface. However, the circumferential part decays to zero while reaching
the rotor surface.

Stator Slotting Effect

The flux was calculated for a smooth stator having an infinite permeability. The
effect of stator slotting can be included by defining a vector potential in each of the
stator slots and by linking them to the solution in the air gap region [33,57, 58].
As this set of partial differential equations increases the complexity of the ana-
lytical model, the permeance function using conformal mapping techniques was
introduced in [41,42]. This technique was used firstly by Zhu et al. in [41], but it
was not accurate enough to calculate the effect of stator slotting on the circumfer-
ential induction as illustrated in section 3.4.1. Then it was improved to take into
account the effect of stator slotting on the circumferential induction in [42]. Both
techniques were used with radial flux machines. In this work, the second technique
was adapted to be used with axial flux machines to be able to calculate the circum-
ferential part. There are three conformal mappings used in this chapter to convert
the Z,-plane to the T'-plane, where calculation could be the easiest. This is done
through passing by the W -plane which is deduced through a Schwarz-Christoffel
transformation as described in Fig. 3.17 (a), (b), and (c).

The first transformation used is to transform the Z,-plane to the W -plane using
Schwarz-Christoffel:

dzp, Y5 (w— a)® (w — b)*°

aw I w (w—1)w (343)

The coefficients a and b are described as:
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Figure 3.15: Axial flux density distribution of the armature reaction current
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Figure 3.16: Circumferential flux density distribution of the armature reac-
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The second transformation is to transform the W -plane into the 7T-plane using
following equation
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Y T .
t:]?zlnw—i-Yz—i-];:q—i-jp. (3.46)
After some derivations which are described in more details in [42], it was de-
duced that
B, = BMéci = By, Re {Asc,} — jBx,Im{Asc, }, (3.47)
where Agc, (z, y) equals:
w—1
Asq (T, y) = ; (3.48)
( ) (U} _ a)O.E)(w _ b)0.5
e
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where the real part represents the axial component of the field and the imaginary
part is the circumferential part.

To obtain the value of w, which corresponds to a certain dimensions in the Z,,-
plane, (3.43) will be integrated using the limits shown in Fig. 3.17 (a), and it will
results in

.Y2< [1+pc} [b+pc} 2(b-1) 1pc> .
Zn=7— ([ In —1In — tan” — |+C, zn = yn+jTn,
T UM b—pe Vo Vb Yn
(3.49)
where
—b
pe =/ —, (3.50)
w—a
C=Ys+ jXo, (3.51)

In order to obtain the resultant field, the value of the resultant y-component of
PM in (3.20) or (3.22) according to the studied region and armature reaction fields
in (3.40) should be added together. In addition, the same for the z-component of
both fields in (3.19), (3.21), and (3.39). Afterwards, the resultant field should be
multiplied by the permeance function to obtain the resultant field after taking into
account the slotting effect as shown in (3.47).

Figures 3.18 (a) and (b) show the real part of the permeance function as a
function of the axial and circumferential angle. The effect of slotting diminishes
while reaching the rotor surface. The same conclusion could be observed for the
imaginary part of the permeance function shown in Figs. 3.19 (a) and (b).

Validation: Flux Densities Comparison for SOkW Reference Machine

The comparison of the axial flux density By and the circumferential flux density
By with the 2D FE model (a) is shown in Figs. 3.20 and 3.21 respectively. The
comparison is done for a slot opening of Smm. Fig. 3.20 shows that the axial flux
density is in a good agreement with the 2D FE model. Comparing Fig. 3.20 and
Fig. 3.11 shows that the SC model is more accurate than the LF model®.

However, at a time instant of zero, the correspondence in Fig. 3.21 shows that
the z-component of the field does not correspond to the 2D FE model. This results
in an error in the calculation of the cogging torque as will be shown later. The
deviation between the 2D FE model and the analytical models is discussed in more
detail in section 3.5.

2The percentage error of the second norm of the error divided by the second norm of the 2D FE
model flux densities of the y and x components are shown in Table 3.3. It shows percentage errors
for the y and = components of 2% and 30% respectively
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Figure 3.19: The imaginary part of the permeance function as a function of
the axial length of the machine and the circumference.

Figures 3.22 and 3.23 show the axial and circumferential flux densities under
armature-reaction conditions. The currents are injected into the current sheets tak-
ing into account the slotting effect. It is clear that there is a small error between the

—@
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Figure 3.20: Axial flux density component B, of the SC model compared
with the 2D FE model at no load at the center of the air gap
area.
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Figure 3.21: Circumferential flux density component B, of the SC model
compared with the 2D FE model at no load at the center of the
air gap area.

analytical and the FE model?.
It is true that the surface becomes smooth when transforming from the Z-plane
to the T-plane and the calculation of the flux density is much easier in the T-plane.

3The percentage error of the second norm of the error divided by the second norm of the 2D FE
model flux densities of the y and = components are shown in Tables 3.4. It shows percentage errors
for the y and = components of 14.2% and 33% respectively
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Figure 3.22: Axial flux density component B, of the SC model compared
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However, the transformation introduces a deformation of the PM, causing errors
in the calculation of the flux densities which, in turn, lead to a major error in the
calculation of cogging torque and the torque ripple [44].
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3.4.3 Subdomain Model (SD Model)

In the SD model, the slots are assumed to be infinitely deep, as shown in Fig. 3.24.
In this model, the interdependence of different slots is considered.

Stator tooth (- = 00) p, OO deep Slot region
/8 B i

Air gap region II <« Tp *t g

e SO
UL

A
'V < Tptot » Rotor back plate (i, = 00)

N

Figure 3.24: The subdomain model.

The machine’s geometry, consisting of Ny slots and N, PMs, is divided into
three main regions.

I- Region (Ix). The slotting region consists of several subdomains
(1,2,.,k,.,Ng), where the variable k indicates the number of the studied slot.
The current I with a current density Jy = % is imposed to each slot, as shown
in Fig. 3.24. Where /V; is the number of turnssci)er slot shown in Fig. 3.24.

For regions with soft magnetic material boundaries, i.e. the slot subdomain
region, Neumann boundary condition has to be applied on these surfaces [53]. The
tangential component of the flux density is forced to be zero on these surfaces.
Therefore, in this region, the periodicity of the solution (W) is determined by the
width of the slot opening (bg):

Wy=—, s=1,2,3,....,00, (3.52)
SO
where s represents the harmonic orders in the slot region.

2- Region (II). This region covers the air gap area.

3- Region (III). This region contains the PMs. The PMs are assumed to be
tangentially and axially magnetized in both directions. In fact, Fig. 3.24 shows
that the PMs are only magnetized in axial direction. However, to make the model
more generalized and could be used for other application like the Hallbach array
AFPMSMs [59], it has been modeled in such a way.
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The x and y components of the magnetization vectors can be described as
shown below:

M, = Z M, cos(Wr) + M, sin(Wix),

m=1,2,..

> 3.53
M, = Z M., cos(Wpz) + Mg, sin(Wyz), (3:53)

m=1,2,..

%
M = Myex + Mye,.

In region (II) and (II), the periodicity is defined by the pole pitch multiplied
with the number of pole pairs of the machine divided by the number of symmetries
in the machine (sym) described in (3.9).

The periodicity of this region is determined by:

W = . om=1,23,...,00, (3.54)

where m represents the harmonics in the air gap and the PM region. 7y, equals:

oy, = PL (3.55)
L osym

27 Rav,
Nm,

where 7,, = is the pole pitch at slice <.

Using the magnetic vector potential (Z), Maxwell’s equations can be rewritten
in the form of a second-order differential equation in each of the subdomains:

VzA—I:j — o Jk, Region Iy
V2An =0, Region 11 (3.56)

V24 = —po(V x M).  Region TII

This results in the following equation for the magnetic vector potential for each
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region:
|
Agr, = Z W [ (Ar,e"s¥ + By, e "*Y) cos(Wiz)
s=1,2,.. %
+ (C’IkeWsy + lee—Wsy) SiD(WSCU)] — loJdxYy,
=1
Agn = Z W [ (Ape™my + Bne_me) cos(Wp)
m=12.. ™ (3.57)

+ (Cue™™v + Dnefwmy) SiD(WmX)],
o

1
Az = Z W [ (Ame”™Y + Bryre™"mY) cos(Wina)

m=1,2,..

+ (CHIGme + Dmefw“’y) sin(Wmm)] )

where the current density in each slot is defined by J; by A/m.
The flux densities at slice number ¢ can now be obtained by:

04, 4,
Bysn, = = Brsn, = 5"

YSD; ox
The integration constants, introduced in the solutions of the different subdo-
mains (3.57), are then defined by imposing the correct boundary conditions. A
more detailed discussion on the SD technique, including the boundaries are de-
scribed below [52].

(3.58)

Region I: Slots Region

In this region, there are five boundary conditions to apply. Two Neumann
boundary condition on the two interface parts between the tooth and slots. Ad-
ditional boundary condition at —oo for zero circumferential field. These are de-
scribed below.

ByIk =0 at z=wx1x and =z = x1x + bso,

(3.59)
By, =0 at y=—o0,
where 21 = (k — 1)1, — bSTO Ty = % is the slot pitch at average radius 1.
Substituting by these boundaries will lead to the following equation:
= 1
Ay, = Z WAIkBWSyCOS (Ws(z — 21x)) — poJxy, (3.60)

s=1,2,.. 8
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The z and y components of the flux densities:
oo
B, = Z AlkeWSycos (Ws(z — 21%)) — toJks
s=1,2,..
0o (3.61)
By = Z AlkeWS(y) sin (Ws(z — z1x)) -
s=1,2,..
The = and y flux densities at the interface boundaries between the slots and air
gap are.
o0
By(y=0) = Z Ag, cos (Ws(x — z1x)) — pox,
s=1,2,..
o (3.62)
By(y=0)= Y Arsin(Wi(z —z1)).
s=1,2,..
There are other two boundary conditions related to the interface between re-
gions I and II.
Equalizing the z-component of the flux density of region I and II. Because
of the two components have different frequencies, an equivalent Fourier series is
obtained for the flux density of region L.
oo
By (y=0) = Z Greos(Wipx) + mp sin(Wx), (3.63)
m=1,2,..
where
Ns 1 xlk‘i’bso © W
G = Z — / Z Ay e Yeos (W(x — z1k)) — poJx | cos(Wnx),
k=1,2,.. Ptoti YTik =1,2
Ns 1 mlk+bso o W )
m = Z - / Z Ay e Vcos (Wi(x — z1x)) — poJx | sin(Winz).
k=1,2,. Ptoti Tk s=1,2,..
(3.64)
The x-axis flux density of region Il at y = 0:
o0
BXH (y = 0) = ((AH — BH>COS(k3n£C) + (CH — DH> sin(k‘nx)> .
m=1,2,..
(3.65)
—@
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Equalizing both the cosine and sine components of both (3.64) and (3.65). This
results in two equations.

A — B = (1,

3.60)
Cn — D =mn. (

Equalizing the y-component of the flux density of region II to region 1. The
y-axis flux density of region II equals.

By, (y=0) = ;§2 < — (Ay1 + Brp) sin (Wia) + (Ci + Drx) cos (W) >

(3.67)

By obtaining an equivalent fourier series of this flux density in region I. There-
fore, only a sin-component exists in the fourier spectrum of the axial component
in region I of the flux density shown in (3.62).

By (y=0)= > ousin(Wa(x —x1)), (3.68)
s=1,2,..

where o] equals:

1 Z1k+bso
o1 = W/ Z (— (Arr + Br) sin (W)
5 ik m=1,2,.. (3.69)
+ (Cr1 + Drp) cos (W) )sin(Ws(x — X1t))-

By equalizing (3.62) by the flux density of region I in the y-component in
(3.69)aty = 0.

o1 = Ar,. (3.70)

This results in V4 equations.

Region III; PM Region

The y and =z components of the flux densities in region III are:
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B, = Z ( - CHIGme - DIIIQ_me + /LoMcy)COS(me)
=1

(AHIeW‘“y + Bige ™" + poMs, ) sin(Wnz), 3.71)

By = Z (AIIIffW"’y — Brre™Wmv — MOMCX)COS(me)

1
(Crie™™¥ — Dye™"™Y — i M )sin(Wp,z).

Aty = g + Yy, the z-component of the magnetic field equals zero resulting in
the following equations:

AqeWVem(oH¥m) _ prye=Walotm) A1, =0,

(3.72)
CripeVmHYm) _ prye=Wmlot¥m) _ A = 0.

At y = g the z-component of the magnetic field of region III equals the mag-
netic field of region II, resulting in the following equations:

Jin (AHGng — BHemeg) - (AHIeng - BHIeiwmg - /’LOMCX) = 07
3.73)
pir (Crre”"™9 — Dyye"V9) — (Cre'"™9 — Dyre™"""9 — oM, ) = 0.

In addition, at y = g the y-component of the magnetic flux density of region
IIT equals the magnetic field of region II, resulting in the following equations:

(Ane”™9 + Bye ") — (Ame"™™9 + Be™"m9 + po M) = 0,

(—Cue"m9 — Dye™ ") — (=Ciue'™9 — Dyge™"m9 4 1o Me., ) = 0.
(3.74)

There are 6 equations in (3.72), (3.73), and (3.74). In addition, there are N
equations in (3.70), and additional two equations in (3.66).

There are eight variables in region II and III, and additional Ny variables in
region L.

Therefore, a matrix is constructed with all the subsequent equations and all
variables are solved.

Validation: Flux Densities Comparison for S0kW Reference Machine

The comparisons of the no-load axial and circumferential flux densities, i.e. B,
and B,, with the results from the 2D FE model are shown in Figs. 3.25 and 3.26
respectively. The flux densities are compared with the 2D FE model shown in Fig.
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Figure 3.25: Axial flux density component B, of the SD model compared
with the 2D FE model at no load in the center of the air gap
area.
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Figure 3.26: Circumferential flux density component B, of the SD model
compared with the 2D FE model at no load in the center of the
air gap area.

3.4. (b) without the tooth tips at a slot opening of Smm. It clearly shows that the
correspondence is very good*.
Figures 3.27, and 3.28 show the axial and tangential flux density respectively

*The percentage error of the second norm of the error divided by the second norm of the 2D FE
model flux densities of the y and = components are shown in Tables 3.3. It shows percentage errors

for the y and = components of 1.1% and 8.4% respectively
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of the armature-reaction field. They show a good correspondence with the 2D FE
model’.
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Figure 3.27: Axial flux density component B, of the SD model compared
with the 2D FE model considering only the armature current
in the center of the air gap area.
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Figure 3.28: Circumferential flux density component B, of the SD model
compared with the 2D FE model considering only the armature
current in the center of the air gap area.

>The percentage error of the second norm of the error divided by the second norm of the 2D FE
model flux densities of the y and = components are shown in Tables 3.4. It shows percentage errors
for the y and = components of 3% and 5.7% respectively
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Figures 3.29 (a) and (b) show the distribution of the norm of the flux density
and the magnetic vector potential at no load for Smm slot opening and slice number
8. Fig. 3.29 (a) shows that the flux density reaches a minimum under the slot
opening. Over the axial length, the effect of slot opening reduces. This is revealed
also by the contour plot of the magnetic vector potential in Fig. 3.29 (b).
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Figure 3.29: Surface plot of the flux density and contour plot of the mag-
netic vector potential at the no load.

Figures 3.30 (a) and (b) show the distribution of the norm of the flux density
and the magnetic vector potential due to the armature reaction current with zero
remanent flux for Smm slot opening and slice number 8. Fig. 3.30 (a) shows that
the flux density reaches a minimum under the slot opening. Over the axial length,
the effect of slot opening reduces. This is revealed also by the contour plot of the

magnetic vector potential in Fig. 3.30 (b).
T
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Figure 3.30: Surface plot of the flux density and contour plot of the mag-
netic vector potential considering only the armature current.

I

3.5 Comparison between Different Models

3.5.1 Comparison of CPU Time

Table 3.2 summarizes the CPU time for each of the tested models. All calculations
were done on a PC operating a 64 bit version of Windows 7, the PC has a core i7
processor, and a memory of 8 GB. Both the 2D FE and analytical models divide
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the machine in eight slices. All models were computed for 50 positions of the
rotor, equally divided over one cycle. The comparison shows that the 3D FE model
is very time consuming compared to the other models. In addition, both 2D FE
models required one hour of computation which is still very time consuming. The
comparison also shows the superiority of analytical models compared to the FE
models. Moreover, the LF and the SC models are much faster than the SD model,
this is due to the more complex equations that have to be solved in the SD model.
The LF and SC models use 300 harmonic orders for the calculation of the PM flux
density, while the SD model uses 280 in the air gap and PM area and 35 harmonics
in each slot.

Table 3.2: Comparison of the CPU time between the analytical and the FE

models.
Model Type CPU Time
3D FE Model (Section 3.3.1) 10hrs

FE Models 2D FE Model (a) (Section 3.3.2) 1hr

2D FE Model (b) (Section 3.3.2) 1hr

Analvtical LF Model (Section 3.4.1) 13s

Moﬁels SC Model (Section 3.4.2) 15s

SD Model (Section 3.4.3) 40s

3.5.2 Comparison of Flux Densities

Tables 3.3 and 3.4 show the second vector norm of the error between the circum-
ferential (z) and axial (y) flux densities of the different analytical models and the
2D FE model, shown in Fig. 3.4 (a), in percentage from the second vector norm of
the flux density of the same 2D FE model. Table 3.3 shows the error for no-load
condition and Table 3.4 shows it for armature-reaction conditions. It can be seen
that the SD model is the most accurate model in all circumstances. In addition,
the SC model is more accurate than the LF model for the calculation of the axial
component. The norm of the error in the circumferential flux density for the SC
model is very high compared to the SD model.

3.5.3 Comparison of Cogging Torque

The torque is calculated for the complex SC and the SD models using the
Maxwell’s stress tensor by obtaining the circumferential and axial components of
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Table 3.3: Comparison of the no load flux density between the analytical
and the 2D FE models.

Byuna—B Bxana —Bx
Analytical Model type W * 100 [%)] W * 100 [%)]
YFE ll2 *FE ll2
LF Model 5.2 -
SC Model 2.0 30.0
SD Model 1.1 8.4

Table 3.4: Comparison of the armature reaction flux density between the an-
alytical and the 2D FE models considering only armature current.

Analytical Model type [IByane ~Byes |, * 100 [%)] [[Brana =B |, * 100 [%)]
1Byee |l Bl
SC Model 14.2 33.0
SD Model 3.0 5.7

the flux densities in half of the air gap area and using (3.75) [44]:

1 N o2mml,
T=— > g R By (2,y) By, (%,y) top do (3.75)
0 i=12,.

Figure 3.31 shows the difference between the three FE models described in the
chapter for cogging torque computation at Smm slot opening. The horizontal axis
in Fig. 3.31 indicates the rotor position (®,,). Fig. 3.31 shows that the 2D FE
models may indeed be used as a reference solution. Their deviation with regard
to the 3D FE model is negligible. Fig. 3.31 also confirms that the usage of the
geometry without tooth tips is sufficient to describe the cogging torque for all other
geometries.

The cogging torque for the analytical models and the FE model without tooth
tips is shown in Fig. 3.32. It is clear that the subdomain model is the most accu-
rate one. It is clear also that the models based on lateral force (LF) and complex
Schwarz Christoffel (SC) models can not accurately predict the cogging torque.

Figure 3.33 depicts the peak-to-peak value of the cogging torque as a function
of the slot opening. The PM is a rectangular shape of 40mm width. The z-axis in
this figure indicates the slot opening over the tooth pitch at minimum radius. It is
obvious that at a certain slot opening, the cogging torque is minimized. The SD
model is the most accurate analytical tool to predict both the value of the cogging
torque and the locus of minimum cogging torque. The models based on LF and
SC can not exactly determine the value of the cogging torque, nor the locus of the
minimal cogging torque.
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Figure 3.31: Cogging torque variations for different rotor positions ®,,, for
the three FE models only.
150 T T
— 2D FE Model (b)
LF Model
100} |~ SC Model 7
-o-SD Model

50

Teog [Nm]
(=)

-50

—100

—150 i i i i i i i i
0 0.1 0.2 0.3 0.4 0.5 0.6 0.7 0.8 0.9

Figure 3.32: Cogging torque variations for different rotor positions ®,,, for
the FE model (b) and the analytical models.

Figure 3.34 describes the variations of the peak-to-peak cogging torque with
respect to the ratio between PM width and pole arc at minimum radius. A similar
observation can be noticed. In this figure, the most accurate model is the SD one.

In addition, the SC model succeeded to obtain the locus of minimum cogging
torque. However, it could not obtain the same peak-to-peak value as the 2D FE
model.
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Figure 3.33: Impact of slot opening on the peak-to-peak cogging torque.
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Figure 3.34: Impact of pole arc to pole pitch ratio at minimum radius on the
peak-to-peak cogging torque.

3.5.4 Comparison of Torque Ripple at Full Load

The full load torque of the complex SC and SD model is calculated by inducing
the currents and calculating the fluxes in the center of the air gap area. Afterwards,
using (3.75) to obtain the full load torque.

The torque waveform at full load is studied in Fig. 3.35. It shows that the 2D
FE model can accurately predict the mean value of torque and torque ripple, giving
almost the same results as the 3D FE model. Both versions of the 2D FE models can
accurately predict the torque and its ripple. However, the SD model resulted in a
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less accurate solution compared to the 3D FE models. The error occurs because the
FE model calculates the torque using the magnetic co-energy while the analytical
models calculate it using Maxwell’s stress tensor. The SD model can track the
results in comparison with the 2D FE model (b) without tooth tips. Moreover, the
SD model can predict almost the same value of torque ripple. The SC model is less
accurate for the calculation of torque ripple and mean value of torque.

~7.9 —

A ‘ D B

—8.6 -~ 3D FE Model
_g7 « 2D FE Model (a) |
—2D FE Model (b)
—8.8 - SC Model H
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Figure 3.35: Electromagnetic torque variations output for different models
with respect to the electrical angle ®..

Table 3.5 summarizes the results. It shows the mean torque values for each
method and the error relative to the mean torque of the 3D FE models. It also
shows the peak-to-peak torque error relative to the peak-to-peak torque of the 3D
FE model. It clearly states that the SC model can not accurately predict the torque
ripple. It can predict the mean value of torque with a 6 % error. In addition, the
SD model is robust enough to predict both the torque ripple and mean torque. It
clearly states that the both 2D FE models can predict the torque ripple and mean
torque accurately.

Table 3.5: Comparison of the mean torque, torque ripple, and relative error
compared to the 3D FE model.

Model Type
FE Models Analytical Models
3D FE Model 2D FE Model (a) 2D FE Model (b) SC Model SD Model
Tnean (KNm) -8.04 -8.07 -8.13 -8.5 -8.3
Errory,, (%) - 04 1 6 3
Tp—p (Nm) 282 297 286 642 297

Errory, (%) - 5 1.5 128 5
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3.5.5 Comparison of No Load and Full Load Voltages

The voltage is calculated based on the winding function generated according to the
star of the slot of the machine described in Fig. 3.37.

2T RY,
Oa = tcp/ ByN,dz,
0

(3.76)
¢a (t) — ¢a (t — 1)
Va = - )
At
where 0. = 2« ft is the time in seconds.
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Figure 3.36: Winding function distribution of the three phases. N; is the
number of turns per slot.

Figure 3.37 shows the no load voltage comparison between all methods. All
methods can predict the same no load voltage without significant error. Table 3.6
summarizes the no load rms voltage difference between all methods. The SD model
is the best predicting analytical model for the no load voltage. The 2D FE model
with tooth tips gives also the lowest error compared to the other model without tips.
In conclusion, the error in the axial component of the flux density does not really
cause a significant error in the no load voltage.

At the full load conditions, the shape of the slot plays an important role for the
amplitude of the voltage. As the slot width decreases, it results in more voltage rms
values. Therefore, the 2D FE model without tooth tips results in a higher voltage
amplitudes as shown in Fig. 3.38 because of the reduced slot width. The accuracy
of the 2D FE model with tooth tips is comparable with the 3D FE model as shown
in Table 3.6. The analytical models predict only the air gap inductances without
any prediction of the slot leakage inductance. Therefore, all analytical models
result in lower voltage amplitudes as described in Table 3.6.
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Figure 3.38: Full load voltage output for different models with respect to
the electrical angle 6.
3.6 Conclusions
This chapter investigated the effect of different modeling techniques on the predic-
tion of the cogging torque, and torque ripple at full load. A comparison between
a 3D FE model, 2D FE models, and the analytical models has been done. Two
—@
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Table 3.6: Comparison of the no load, full load voltage, and relative error
compared to the 3D FE model.

Model Type
FE Models Analytical Models
3D FE Model 2D FE Model (a) 2D FE Model (b) LF Model SC Model SD Model
No load voltage (V) 2113 211.9 2133 2203 220.59 218.1
Errory,,, (%) - 0.28 0.95 4.3 4.35 32
Full load voltage (V) 2533 250.2 31222 235 235 234.1
Errory;,, (%) - 0.83 23 7.1 7.1 74

types of FE models are studied in this chapter, i.e. a model with and one without
tooth tips. The 2D FE model without tooth tips is used as reference solution to
compare the different analytical models. Three analytical models are studied in
this comparison. One is based on the lateral force model using a simple Schwarz
Christoffel transformation. Another model is based on a more complex Schwarz
Christoffel transformation that can account for both the axial and circumferential
flux densities. The third model is based on the subdomain model (SD).

The comparison shows that both versions of the 2D FE models are capable of
obtaining almost the same value for the cogging torque as the 3D model, which
models the tooth tips. This proves that neglecting the tooth tips results in a good
solution for the cogging torque and torque ripple.

The comparison has clearly shown that the subdomain model is the only an-
alytical model that can accurately compute the mean value of the torque and the
torque ripple when compared to the 3D FE model.

Additional studies concerning slot opening variations, and permanent magnet
pole arc width variations were done. They have clearly shown that the only method
that is capable of obtaining the locus of minimum cogging torque and its value is
the subdomain model. Therefore, it is well recommended for studies concerning
optimization of cogging torque and torque ripple for the axial flux permanent mag-
net synchronous machines to model the machine with this technique.

The no load and full load voltage waveforms have been compared together.
They have shown that all models can accurately predict the no load voltages with-
out a significant error. However, the full load voltage can only be predicted by the
2D FE model without tooth tips. All analytical models can only obtain the volt-
age taking into account the air gap inductance without any details about the slot
leakage inductance.



Chapter 4

Coupled Schwarz-Christoffel -
Magnetic Equivalent Circuit
Model

4.1 Introduction

Modeling of non-linear properties of magnetic materials is essential for a proper
behaviour estimation of any electromagnetic device, especially electric machines
(EMs). To this end, several numerical as well as analytical techniques were devel-
oped and used over last decades [7,9, 34-36, 60]. Although numerical techniques,
such as finite element (FE) analysis, are the most accurate techniques to model
EM:s, they are not preferable in early design stages due to their expensive compu-
tational burden.

Therefore, different analytical modeling concepts, with different accuracy lev-
els, were developed [33,40—-42,51,53,56]. In chapter 3, analytical models based on
solving Maxwell’s equations under the assumption of infinite permeability of the
magnetic materials of the electric machine, are presented and discussed. Although
these models are very useful to accurately obtain the cogging torque and torque
ripple, they can’t be used to calculate either the losses or the inductances. This is
due to not considering the non-linear behaviour of the magnetic material.

An alternative analytical modeling concept is to use the magnetic equivalent
circuit (MEC), which is based on representing the EM with a magnetic reluctance
network that depends on machine geometrical parameters and non-linear magnetic
material properties. In such a technique, the modeling accuracy highly depends on
the used discretization level. Additionally, it is important to model the air gap by
reasonable reluctance paths, that change continuously with the rotation of the EM.
This means that at each rotor position, all rotor and stator nodes need to be aligned
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with the air gap nodes' [61-64], which increases the complexity of the MEC.

In [61], the MEC was developed for an interior radial flux fractional slot per-
manent magnet synchronous machine. Although a huge reluctance network size
was utilized, cogging torque and torque ripple results were not validated.

In order to simplify the air gap reluctance representation, the alignment be-
tween the rotor and stator is divided into three states in [63]; a state when a little
part of the magnet contributes to the MMF in the stator, a state when a higher part
contributes and a state when it totally contributes. However, a very large matrix is
obtained and the problem becomes more complex.

Other attempts have been made to simplify the air gap reluctance representa-
tion, such as the refined mesh approach, that was proposed in [64]. In the refined
mesh approach, each magnet is subdivided into a high number of elements, i.e. 15,
which allows the demagnetization effect investigation. The reluctances connect-
ing a stator tooth and a rotor element are obtained by integrating the product of
their window functions and the inverse of the air gap length function. Although the
MEC accuracy is highly improved using this refined mesh approach the complexity
dramatically increases. Very recently, a hybrid subdomain-MEC model of radial
flux permanent magnet synchronous machines that includes saturation effects has
been developed in [65].

When axial flux EMs are being modeled using MEC, the machine is divided
into a number of radial slices, where the magnetic equivalent model is applied in
each slice, [62]. In [62], the developed MEC model of the AFPMSM was nicely
validated with FE model, but only for the mean value of the torque and the terminal
voltage.

As has been mentioned earlier, the alignment between rotor and stator reluc-
tances is the most challenging aspect in MEC-based models. In order to tackle
this issue, we have proposed in this thesis to combine the SC model, that was de-
scribed in section 3.4.2, with the MEC considering the non-linear properties of the
magnetic material, see [44].

In this chapter, this combined solution is described in details. A solution of
Maxwell’s equations based on the SC technique, described in section 3.4.2, is used
with the developed MEC to obtain all the magnetic induction values everywhere
inside the stator tooth including the non-linear behaviour of the material. Other
quantities like torque, terminal voltage, and losses are then obtained a posteriori.

4.2 FE Models Including Non-Linear Magnetic Material

For both 3D and 2D FE models, described in Figs. 3.2 (a) and (c), the relative mag-
netic permeability in (3.13) of the stator core is modelled by a saturation dependent
relative permeability i, (B), see section 4.2.1.

"Nodes are the terminals of each magnetic reluctance
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Saturation of the magnetic material results in additional harmonics in the air
gap flux density that lower the electromagnetic torque produced by the machine.
Therefore, the use of a non-linear material model in the stator cores is necessary.
For the rotor disks, a constant relative magnetic permeability is assumed of 10000.

The norm of the flux densities distribution of different loading conditions for
the stator core material considering non-linear permeability are shown in Figs. 4.1
(a), (b), and (c) for no load, rated loading and double the rated loading conditions.
The peak flux density distribution on all the teeth increases as shown in Figs. 4.1
(a), (b), and (c) from no load to double the rated load.
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Figure 4.1: 3D absolute flux density distribution of the machine for different
loading conditions.

4.2.1 Mathematical Modelling of Non-Linear Material

To express the nonlinearity and saturation feature of the magnetic material in the
stator cores, the magnetic field H and the magnetic flux density B are linked
through:

— B, (4.1)
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in which the relative magnetic permeability p, depends on the actual value of the
magnetic flux density. For numerical stability reasons, the mathematical expression
for the magnetic permeability p,(B) as well as its first derivative d;g_g_%) need to be
continuous functions.

In literature, many analytical approximations for the single value magnetisation
curve are found [66—69]. The single valued non-linear constitutive relation of the
soft magnetic material is modelled by three material dependent parameters Hy,
By and v [70]. The expression for the relative magnetic permeability of the soft
magnetic material y, is given by:

() = Po

e ()]

The parameters H, and B, determine the initial value of the relative perme-
ability of the material fi; jni:

4.2)

B,
Hopo '
When B = B,, the magnetic permeability reaches half of its maximum value.

The third parameter v defines the slope of the variation of the relative magnetic
permeability as a function of the magnetic flux density B. The higher the value of
v, the steeper the slope [71].

The material used in the simulations in both the FE and the combined SC-
MEC model is M600-50A. The fitted parameter values are H, = 230.98 A/m,
B, = 1.46 T, and v = 20.4. The non-linear permeability p, with respect to the
magnetic flux density of the measured ., — B characteristics at S0Hz and equation
(4.2) are shown in Fig. 4.2.

Equation (4.2) is used for both the FE models and the combined SC-MEC
model. The B — H curve is shown in Fig. 4.3. Machines are normally designed to
operate at the knee point. For the material M600-50A, the knee point in the B — H
curve exists at almost 1.4 T. Therefore, the design point is at 1.45T-1.5T.

(4.3)

Hrini =

4.2.2 Core Loss Computation

The flux densities are calculated at the grid points for the 3D and 2D FE models
shown in Figs. 4.4 and 4.5 respectively. These flux densities are used to a posteriori
calculate the iron losses. For the 3D FE model, the three coordinates are recorded to
calculate the losses; for the 2D FE model, only the z-y flux densities are recorded.

Here, the principle of loss separation is introduced in [72]. The total stator
losses for different grid points, shown in Figs. 4.4 and 4.5 are calculated using the
radial, axial and tangential flux densities obtained from the FE models.

Here, the total stator core loss is composed of a hysteresis loss, a classical loss
and an excess loss component:

PFe:Phy+Pcl+Pexc- 4.4)
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Figure 4.3: B-H curve of the used stator material in the studied models.
The hysteresis loss py,y is determined by the peak value of the magnetic flux
density B,:
ke,
< pry >= kpe1 By f, (4.5)
where f is the frequency corresponding with the fundamental component. kg 1
and kre 2 are fitting parameters for the hysteresis losses for the selected iron mate-
rial. < pyy > indicates the time average value of the hysteresis loss per kilogram
over the fundamental period.
The instantaneous classical power losses per kilogram depends on the time
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Figure 4.4: Grid points in 3D FE Model recorded to calculate losses.

Figure 4.5: Grid points in 2D FE Model of two teeth recorded to calculate
losses.

derivative of the magnetic flux density B(t):

dB\?
Pai(t) = kpe3 (E) , (4.6)

where the constant k. 3 is determined by the conductivity and the thickness of the
laminated silicon steel material.

In [73], an expression of the instantaneous excess loss per kilogram was intro-
duced:

T “.7

Pexc (t) = kFe,4 1+ kFe,S

45| _ ) |4B
dt |’

The grid point are recorded in the 3D FE model (Fig. 4.4) or in the 2D FE
model (Fig. 4.5) as a function of time. Later, the loss value is evaluated in each
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grid point in the stator core geometry. Finally, summation of the losses of all grid
points is done after multiplication by the volume of each grid point V;.

Py =Y <puy > pVi, (4.8)

Pcl = Z ? /pcl(t)dt pVYia (49)
¢ 0

Pexc = Z ? /pexc(t)dt PV%, (410)
v 0

where p is the iron material density which equals 8760 kg/m? and n is the number
of grid points.

The total classical losses P, and excess losses Pey. are obtained by averaging
of (4.6) and (4.7) respectively. This is shown as an integration over the studied time
period 7" in (4.9) and (4.10). The hysteresis losses (4.8) are only dependent on the
peak value of the flux density. The total loss value Pg. in Watts can be obtained
then by (4.4).

The losses distribution per unit volume in W/m? is shown in Figs. 4.6 (a)
and (b) for 3D and 2D FE models, respectively. For the 2D FE model, the losses
per unit volume for different layers are added together to compute the total W/m3
for all computed slices described in chapter 3. It is clear that the W/m? for both
models are quite similar. They preserve the same average losses per unit volume
of 6.5x10° W/m?.

4.3 Magnetic Equivalent Circuit Model

A magnetic equivalent circuit (MEC) is based on the re-presentation of major flux
sources and lumped reluctance elements. The flux sources are the magneto-motive
force (MMF) sources, which represent the injected electric currents in the wind-
ings. On the other hand, the PM is usually modeled by a flux source in parallel to
a self reluctance. The lumped reluctance elements consist of linear and non-linear
reluctances of the stator and rotor cores. They are dependent on the relative per-
meability of the used material. The stator core relative permeability is a function
of the flux passing through the element itself. The PM and air gap permeability in
this case are constant.

As previously outlined, in this section, a novel approach is proposed to avoid
the alignment between the rotor and stator reluctances. In this technique, the so-
lution of Maxwell’s equations are obtained firstly for the combined effects of the
electric currents and PMs. This is done through the axial component of the flux
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density of the complex SC model described in section 3.4.2. Afterwards, the flux
densities, obtained from the complex SC model, are applied to the MEC. Through
this technique, the solution for the terminal voltage and iron losses are obtained ac-
curately without any alignment problem between the rotor and stator reluctances.

This technique neglects the effect of saturation of the stator core on the air gap
flux density. However, as will be shown in the results section, this effect under
rated loading and double the loading condition can be neglected.

The proposed combined solution of SC-MEC model is shown in Fig. 4.7. It
consists of four main components shown on the right part of the figure. The non-
linear reluctances are associated with the iron core of the tooth. The air between the
teeth is represented by a linear reluctance. The flux sources are the fluxes obtained
from the solution of the SC model described in section 3.4.2. The MMF sources
are the currents multiplied by the number of turns. Thanks to the symmetry, only
half of the stator tooth is modeled as shown in Fig. 4.7.

Each tooth is divided into five regions as shown in Fig. 4.8. According to the
flux direction flows in each region, the reluctance model division of each region,
shown in Figs. 4.9 (a), (b), and (¢) is determined. In the next subsections, the reluc-
tance network of each region is determined. Moreover, the resultant flux sources
of Maxwell’s equations are then deduced. Finally, the non-linear set of equations
is solved.

In the subsequent sections, the reluctance network is derived in section 4.3.1.
The flux sources from Maxwell’s equations are then deduced in section 4.3.2. The
solution of the MEC is obtained in section 4.3.3. Finally the voltage and torque
computations using the SC-MEC model are described in sections 4.3.4 and 4.3.5.

4.3.1 Magnetic Reluctance Values

The flux has to flow in certain paths in the reluctance network. The paths are
determined for each part of the tooth such as described in [74, 75]. The tooth is
modeled as shown in Fig. A.1 by reluctances in the x and z directions only.

For each region, described in Fig. 4.8, the flux has to flow in certain directions.

In regions 1 and 2, the flux lines flow mainly in the axial direction and less
lines flow in the circumferential direction. Therefore, it is only useful to use the T
type reluctance described in Fig. 4.9 (a). The derivations of these reluctances are
described in Appendix A.

In region 3, where the flux starts to deviate and divide into more regions, the
modeled flux lines are divided into three paths. The shape of the reluctance is
changed as shown in Fig. 4.9 (c). The derivations of these reluctances are described
in Appendix A.

In fractional slot concentrated winding (FSCW) machines, the number of stator
slots is often not much different from the number of rotor poles. Consequently,
there is typically a significant amount of leakage flux that crosses the stator slots.
As a result, both radial and circumferential flux paths in the stator tooth-tips must
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Figure 4.8: Regions dividing the tooth.

be captured by the model.

It is worth mentioning that the tooth-tip regions (regions 4 and 5 in Figs. 4.8)
need to be modelled by a relatively high number of reluctances, as shown in Fig.
4.9 (b), due to the complex flux density patterns in such regions. The divisions
of the reluctances Ryo and Ry3 depend on a value D. The value of D and all the
derivations of the reluctances are described in Appendix A.

Ryd 2 IRy 4
Wa  wa  mm e iR
il Pk ol Tl (o) B Bz 5P
Wy 3 WA— W : WA— Wy L W— '.'. EE
(a) Model (a) (b) Model (b) (c) Model (¢)

Figure 4.9: Models of reluctance network used for each region.

4.3.2 Resultant Field From Maxwell’s Equations

In this part, the resultant flux linkage sources (®,1, Ps11, Ps12, and Py13) are calcu-
lated using the SC model described in section 3.4.2, and then imposed to the MEC,
as shown in Fig. 4.7.

Here, the first subscript corresponds to the tooth number £ and the second one
corresponds to the section at which the induced flux is calculated, Ny represents
the number of teeth, by is the slot width, by, is the slot opening, and ., is the slice
width described in (3.1).
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The total flux induced is obtained by integrating the flux density on the area at
each slice. Summation of all slices is done at the end to obtain the total induced
flux.

The tooth tip circumferential length for an average radius R’ equals:

27TRZ
Lilp N,
S

— beo. 4.11)

Each flux ®4;1, ®g12, and P13 is computed by integrating the flux density over
the area under the tooth tip.

27'rRav 4 bso

ns (k 1)
D, = // ytotlds = f Bytotitcpdxa 4.12)

i= 1(k 1)27rR bSTO

Ns k 1)27'r1\1;i’:\,+bso+1 Dme

D1 = //Bytot dsS = Z f Bytot;tepde, (4.13)

2w RLy | b
(1) s e

27TREW bso —D 7
”5 (k) =R _T_ITLtip
sk2 // ytot; dS = f Bytotitcpdx7 (4]4)
(lc 1)27rRav+bso+l DLzlp
kQWJ\I?SéV b%
D3 = // ytot; dS = Z f Bytotitcpdxa 4.15)
i=1 (k) Q”RsavJSTL 5P,

where Byiot, is the total axial flux density component which is deduced by the real
part of (3.47), R!, is the average radius at slice 1.

After obtaining the overall air gap induced flux in the stator tooth tip, the re-
luctance network in the tooth can be solved in order to calculate the magnetic
induction in all grid points to calculate the iron losses.

4.3.3 Flux Loop Equations

After obtaining all the reluctance values and calculating all the magneto-motive
force (MMF) sources for the armature windings, it is possible to solve the main
system equation’ to estimate the induced flux in each individual loop Dloop:

It is similar to solving an electric circuit using a mesh analysis [76].
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MMF = R(j1(B)) loop, (4.16)

where M M F represents the matrix of magneto-motive sources, i.e. in all loops. R
is the reluctance matrix representing the reluctances values, which are non-linear
permeability dependent, as expressed in (4.2). To solve this non-linear problem,
Newton-Raphson (N-R) technique is used with an error norm of 1e-5.

4.3.4 Voltage Computation

The flux induced in each coil is calculated by summation of the appropriate induced
fluxes from the MEC in each tooth in regions 1, 2, and 3 shown in Fig. 4.8. The
induced voltage per phase is then calculated using the voltage equation described
in (3.76).

4.3.5 Torque Computation

The torque is calculated from the output power, obtained from the coupled SC-
MEC model, divided by the rotational speed w,,. The instantaneous output power
can be obtained by summation over all phases 7 = 1,..,m the instantaneous no
load voltage V; multiplied by the instantaneous input currents [; for each phase j.

i Vi(t)I;(t). 4.17)

Jj=1

1
T=—
w

m

The calculated torque is compared to the FE results as well as to the ones
obtained using the subdomain model as described in (3.75).

4.3.6 Stator Core Loss Computation

The total stator losses for different grid points, introduced in Fig. 4.8 are calculated
through the axial and tangential flux density from each grid point in the MEC.

4.4 Comparison of Test Results

In order to validate the combined SC-MEC model, an AFPMSM with 16 poles and
15 tooth coil windings is studied. The geometrical and electromagnetic properties
of the machine are described in Table 4.1.
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Table 4.1: Geometrical parameters of the studied machine. [32]

Parameter Symbol Value
Rated Power P, 5 kW
Number of pole pairs p= Npn/2 8
Number of stator slots Ny 15
Rated speed Ny 2500 rpm
Rated Torque Tom 19.1 Nm
Outer diameter D, 148 mm
Inner diameter D; 100 mm
Axial length core element  2(Y; + Yoo + Ye3) 60 mm
Axial length slot 2Y.1 48 mm
Slot width bs 12 mm
Slot opening width bso 3 mm

The star of the slot® is generated for any combination. The star of the slot for
the studied combination is shown in Fig. 4.10.
The validation scenario of the SC-MEC model is conducted as follows:

e The air gap axial (y) and circumferential (z) flux densities in the SC and
SD model are compared with the 2D and 3D FE models. The comparison is
conducted for different loading conditions.

* The terminal voltage and torque of the SC-MEC model are compared with
the 2D and 3D FE models at different loading conditions.

* The local induction in each region described in Fig. 4.8 and the losses in the
teeth are compared with the results from 2D and 3D FE models.

* At a final stage, the model is excited by extreme loading and geometrical
conditions and compared with other models.

4.4.1 Magnetic Flux Density
No Load Conditions

The normal component of the no-load magnetic field on the surface of the PMs
is shown in Fig. 4.11. Additionally, the flux densities in the center of the air gap
for the axial and circumferential components, are depicted in Figs. 4.12 and 4.13
respectively. The curves in the figures show a very good agreement between the
3D, 2D FE models as well the analytical models of the SC and SD models.

3Refers to the winding connection [77]
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Figure 4.10: Phases distribution across the circumference for the 15 slot 16
pole combination.

The circumferential component shows a very good agreement with the SD
model described in section 3.4.3. The SC model can not obtain the circumfer-
ential flux density as proven in chapter 3. The accuracy of these comparisons are
summarized in Table 4.2.

Loading Conditions

The curves of analytical and FE models in Figs. 4.14 and 4.15 show good cor-
respondence for the normal and circumferential components of the air gap flux
densities when loading the machine with the rated current I, ,¢eq. The circumferen-
tial component shows very good agreement with the results of the SC model. The
accuracy of these comparisons is summarized in Table 4.2.

Table 4.2 summarizes the second vector norm of the error between the circum-
ferential z and axial y flux densities of the different analytical models and 2D FE
model with respect to the 3D FE model shown in Fig. 3.4. (a) considering the
non-linear behaviour of the material.
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Figure 4.11: Axial component B, at the surface of the PM at no-load.
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Figure 4.12: Axial component By at the center of the air gap at no-load.

The error difference between the SD model and the 3D FE model is very low*.
In addition, the circumferential component corresponds accurately with the 2D and
3D FE models’.

In addition, the SC model axial component is accurate enough to be used in-
stead of the SD model to obtain all the required electromagnetic parameters with

*The maximum second norm percentage error difference in the axial flux density between the SD
and the 3D FE model at double rated conditions is 11.2%.

>The maximum second norm percentage error difference in the circumferential flux density be-
tween the SD and the 3D FE model is 18.5%.
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Figure 4.13: Circumferential component By at the center of the air gap at
no-load.
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Figure 4.14: Axial component B, at the center of the air gap at no-load.
faster results®.
4.4.2 Voltage and Torque
The voltage and torque are calculated at no load and different loading conditions.
Fig. 4.16 shows the voltage for phase a at no load, rated load, and double the rated
The maximum second norm percentage error difference in the axial flux density between the SC
and the 3D FE model is 11.9%.
—
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Figure 4.15: Circumferential component By at the center of the air gap at
no-load.
Table 4.2: Comparison of the flux densities between the analytical and the
FE models.
I Model Type ”ByModcl_BysDFE H2 %100 [%] HB"Modcl_BXSDFE”Q %100 [%]
HB)’BDFE |2 ‘ BX3D1<‘E H)
2D FE Model 10.2 20.5
0 SD Model 10.6 18.5
SC Model 11.1 -
2D FE Model 9.8 21.3
Liated SD Model 10.5 18.2
SC Model 11.1 -
2D FE Model 9.7 21.4
21 ated SD Model 11.2 16.3
SC Model 11.9 -

load. The voltage curves show a good correspondence between the results of the
FEs and the SC-MEC model. The 3D FE model has a higher voltage amplitude
because of the 3D leakage flux, which is not considered in the SC-MEC model.

Table 4.3 depicts the root mean square (rms) values for the voltage for different
loading conditions. The errors between both 3D FE, 2D FE model and SC-MEC
model are observed.

This figure clearly shows that SC-MEC model can predict the voltage of the
3D FE model with a maximum percentage of error of 3% for the rated loading
condition. However, for double the rated loading condition, where the material is
heavily saturated, more leakage flux occurs leading to more deviation of maximum
11%. For normal machines, operating at rated loading conditions, the 2D FE and
the SC-MEC models are sufficient to give good and accurate results.
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Figure 4.16: Voltage output for different loading conditions.

Table 4.3: rms Values for the voltage for different loading conditions.

I Parameter 3D FE Model 2D FE Model SC-MEC Model
0 Vims [V] 230 232 233
Errory,,. [%] - 0.9 1.3
I Vims [V] 251 242 245
rated  Brrory, (%] - 3.6 2
o Vims [V] 302 265 268
rated  Frrory,, %] - 12.2 114

Figs. 4.17 and 4.18 compare different calculation methods for torque at rated
loading and double the rated loading conditions, respectively. This is done using
2D and 3D FE models and different analytical models described in section 4.3.5.

The analytical models are based on the SD model and the summation of the
instantaneous voltages and currents divided by the rotational speed. Both figures
show that all techniques can track the same shape of the torque of the 3D FE model.
However, for the calculation of the mean value of the torque, a noticeable differ-
ence is observed.

Table 4.4 summarizes the deviation of the mean torque between different mod-
els. The maximum percentage of mean torque error, as well as the torque ripple
error, are 2.9% and 28% respectively observed compared to the 3D FE model.

The analytical model described in (4.17) gives more accurate result than the
SD model for the mean torque values. However, for the torque ripple the result is
in favour for the SD model.
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Figure 4.17: Torque output for rated loading conditions for different calcu-
lation techniques.
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Figure 4.18: Torque output for double the rated loading conditions for dif-
ferent calculation techniques.

Table 4.4: Mean torque and torque ripple comparison between different
models.

I Parameter 3D FE Model 2D FE Model Eqn. (4.17) SD Model
T [Nm] 18.46 18.55 18.66 18.82
I Errory, [%] - 0.4 1 2
rated Tp—p [Nm] 0.34 0.28 0.36 0.36
Errory,_, [%] - 17 5.8 5.8
T [Nm] 36.56 36.29 37.32 37.63
91 Errory, [%] - 0.7 2 2.9
rated o [Nm] 1 0.97 0.72 0.72
Errorr,_, [%] - 3 28 28
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4.4.3 Flux Density and Losses in Stator Core

The flux densities for the SC-MEC model for different regions, shown in Fig. 4.8,
are compared with the 2D FE model. The results of the comparison are shown in
Figs. 4.19, and 4.20 for the rated load for different regions. In addition, they are
also compared in Figs. 4.21 and 4.22 for double the rated current. As a conclusion
from these figures, the flux densities correspond very well in regions 1 to 4 with
the results of the 2D FE model. Region 5 needs more discretization to be well
comparable to the 2D FE model. However, as the volume of region 5 is small, it
does not affect the accuracy of the total losses computation. The flux densities,
recorded in many points, are averaged in each region to obtain the avarage flux
density in each region.
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Region 1 L6 Region 2
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Figure 4.19: Norm of the flux density in different regions for rated current.

Figs. 4.23 and 4.24 show the losses in different regions for rated and double the
rated loading conditions. It is clear from these figures that the losses correspond
very well with the results of the 2D FE model, which validate the proposed SC-
MEC model. In regions 1, 2, 3 and 4, the maximum error is less than 5%. For
region 5, the maximum error is about 20%. However, as stated earlier, region 5
volume is small compared to the total volume. Therefore, the effect of this volume
on the total iron losses is not significant.

Table 4.5 summarizes the total losses in case of the 3D FE, 2D FE, and the
SC-MEC models. The total error is noted for different models compared to the 3D
FE model. The maximum error of the SC-MEC model at no load and rated loading
is only 1.25% from the 3D FE model. At double the rated load conditions, the error
deviates around 10%.
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Figure 4.20: Norm of the flux density in different regions for rated current.
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Figure 4.21: Norm of the flux density in different regions for double the
rated current.

Table 4.5: Total stator core losses.

I Parameter 3D FE Model 2D FE Model SC-MEC Model
0 Losses [W] 168 168.74 170.4
Erroryosses [%0] - 0.4 1.4
I Losses [W] 180.3 182.4 182.2
rated  Brory osses [%] - 1.2 1
9L Losses [W] 231 208.45 208.24
rated  Brrory osses [%] - 9.7 9.7
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Figure 4.22: Norm of the flux density in different regions for double the
rated current.
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Figure 4.23: Error in losses in different regions for the rated current.

4.4.4 CPU Time Comparison

The CPU time is compared between the FE models with a non-linear permeability
and the SC-MEC model. This is done on a core i5 processor, and 8 GB installed
memory with 64 bit operating system Windows 8.

Table 4.6 summarizes the CPU time between the FE models and the SC-MEC
model. The SC-MEC model is very fast compared to the FE models. It is also
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Figure 4.24: Error in losses in different regions for double the rated current.

noted that as the current increases, the simulation time increases. This is due to the
fact that the non-linear solver takes more iterations to reach the same accuracy due
to the nature of the non-linear problem.

The SC-MEC is about 200 times faster than the 2D FE model and about 500
times faster than the 3D FE model. In addition, the SC-MEC model gives a max-
imum percentage of error of 2% in the rms value of the voltage at rated loading
conditions. Moreover, the SC-MEC model can also estimate the average torque
with an error of 2%. For the iron core losses, only 1% error compared to the 3D
FE model is observed.

To conclude, the model can predict all the electromagnetic parameters of the
machine in a very fast way, with an error of only 2% at the rated loading conditions.

Table 4.6: Comparison of the CPU time between the FE ‘approximate time’
and analytical models ‘exact time’.

Model Type CPU Time

3D FE Model 15 hrs

2D FE Model (b) ({ = 0) 5.5 hrs
2D FE Model (b) (I = I ated) 5.7 hrs
2D FE Model (b) (I = 2;ateq) 6.5 hrs
Analytical SC-MEC Model (I = 0) 117 s
Model SC-MEC Model (I = I;ateq) 143 s
SC-MEC Model (I = 21,at0d) 326s

FE Models
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4.4.5 Extreme Loading Study

The machine is loaded with four times the rated currents keeping all other param-
eters constant. Comparisons are conducted with the developed FE models in this
condition.

The axial flux densities for the 3D FE model, 2D FE model, the SC model, and
the SD model are shown in Fig. 4.25. The peak flux density of the 3D FE model,
2D FE model, SC model, and SD model are 1.29T, 1.34T, 1.87T, and 1.84T. The
SC and the SD models differ from the 3D FE model at its peak by about 0.5T. This
difference influences the losses, voltage, and torque.
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Figure 4.25: Axial component 5, at the center of the air gap at four times
the rated load.

Figure 4.31 depicts the terminal voltage waveforms for the 3D FE model, 2D
FE model, and the SC-MEC model. Compared to the 2D FE model, the SC-MEC
model is still capable of obtaining the same amplitudes. However, due to the ex-
treme loading conditions, the peak flux density inside the tooth reaches 1.8T in the
center of the tooth as shown in Fig. 4.27 for four the rated current. The mate-
rial chosen saturates at 1.6T as shown from the material B-H curve in Fig. 4.3.
This means that the stator iron core is heavily saturated. This causes the difference
between the different models compared to the 3D FE model.

Table 4.7 summarizes the difference between both the SC-MEC model, the 3D
FE model and the 2D FE model for the rms value of the terminal voltage and the
stator iron losses for the same condition. It can be observed that the difference
between the SC-MEC and the 3D FE model is increased due to the leakage 3D
fluxes. However, comparing the SC-MEC model with the 2D FE model, the results
are still satisfactory. The error between the SC-MEC model and the 2D FE model
is less than 1% for the voltage and 3.5% for the stator iron losses.
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Figure 4.26: Output terminal voltage for four times the rated current.
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Figure 4.27: 3D absolute flux density distribution of the stator for four times
the rated current.

Figure 4.28 depicts the torque variations for different calculation techniques
for the 3D FE model 2D FE model and the analytical models discussed in section
4.3.5. All models can track the same shape of the 3D FE model torque waveform.
However, the accuracy of the mean torque and torque ripple differ with respect to
the 3D FE model.

The mean value of the torque and the torque ripple are summarized in Table
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Table 4.7: rms value of the voltage and the stator iron losses differences for
four times the rated current.

Parameter 3D FE Model 2D FE Model SC-MEC Model

Vims [V] 378 319 322
Errory, . [%] - 15.6 14.81
Losses [W] 340 284.7 274.8
ErrorLosses [%] - 16.18 19.12
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Figure 4.28: Torque waveforms for four times the rated current.

4.8. The errors of the mean torque and the torque ripple are calculated with respect
to the 3D FE model.

The 2D FE model gives the best results with a percentage error of 11% for the
mean torque and 25% in the torque ripple with respect to the 3D FE model. Both
analytical models, based on the SD model and no load voltage, give a 25% error in
the mean torque and 45% with respect to the 3D FE model. In this heavy loading
conditions, neither the mean torque or torque ripple can be accurately computed.

To conclude, under four times the rated loading conditions, the stator iron ma-
terial becomes heavily saturated. This causes additional leakage flux that is not
presented in the 2D FE model and the SC-MEC model. Therefore, the error be-
tween the SC-Model and the 3D FE model increases to 15% in the rms value of the
voltage and 19% in the iron losses. In addition, the error in the mean value of the
torque is 25% and 45% of the torque ripple.
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Table 4.8: Mean value of the torque and torque ripple differences for four
times the rated current.

Parameter 3D FE Model 2D FE Model Eqn. (4.17) SD Model

T [Nm] 59.82 66.36 74.64 75.27
Errory, [%] - 10.9 25 25.82

T,—p [Nm] 2.64 3.3 1.44 1.44
Errory, | [%] - 25 45 45

4.4.6 Influence of Geometrical Parameters Study

To study the applicability of the model with different geometrical conditions, the
slot opening is chosen to be close enough to the slot width (12mm). The slot open-
ing is changed to be 10mm. The model is excited by the rated loading conditions.
This condition is almost similar to an open slot machine.

The difference for the axial component of the flux density in the air gap area

between the 3D FE model, 2D FE model and the analytical models are observed in
Fig. 4.29. All models correspond very well with the 3D FE model. The 3D flux
density distribution for the 3D FE model is shown in Fig. 4.30. The flux density
distribution shows that the peak flux density at the center of the tooth equals about
1.35T. This means that the material is not saturated to affect the air gap flux density.
Therefore, it is expected that the air gap flux density of all models will be similar.

Figure 4.31 depicts the terminal voltage waveforms for the 3D FE model, 2D

FE model, and the SC-MEC model. The SC-MEC model is capable to obtain the
same amplitudes as the 3D FE model and the 2D FE model. The error difference
between the rms value of the SC-MEC model and the 3D FE model is only 6%.
The stator core iron losses error is only 7% different compared to the 3D FE model.

Comparing the results of the torque waveforms for all models are shown in Fig.

4.32. It is clear that all models can track the same mean voltage with a maximum
percentage of error of 3% compared to the 3D FE model as described in Table 4.10.

Table 4.9: rms value of the voltage and the stator iron losses differences for
the machine with a slot opening of 10mm and the rated loading
conditions.

Parameter 3D FE Model 2D FE Model SC-MEC Model

Vims [V] 224 220 211
Errory, . [%] - 1.7 5.8
Losses [W] 150 145.9 139
Errorzsses [%] - 2.7 7.3
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Figure 4.29: Axial component B, at the center of the air gap at rated load
for slot opening of 10 mm.

Figure 4.30: 3D absolute flux density distribution of the stator for 10mm
slot opening and the rated loading conditions.

4.4.7 Influence of the MEC Grid Refinement

The refinement of the reluctance grid in Fig. 4.7 is an compromise between on the
one hand solution accuracy and on the other hand the complexity.

In this section, the relation between the network refinement and the accuracy
of the flux density, terminal voltage and losses is illustrated. We compare three
models with different refinement levels:
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Figure 4.31: Terminal voltage variations for 10 mm slot opening case.
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Figure 4.32: Torque output for rated loading conditions at slot opening of
10 mm for different calculation techniques.

* The coarse model (Model 1), shown in Fig. 4.33.
* The intermediate model (Model 2), shown in Fig. 4.34.
* The fine model (Model 3), shown in Fig. 4.7.

In the coarse model of Fig. 4.33, in all the five regions, the coarse discretization
of Fig. 4.9 (a) is used. The air gap area between the slots is refined in a similar way
as the fine model. This results in a good calculation of the voltage as described in
Fig. 4.35. This shows a good correspondence with the 2D FE model. On the other
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Table 4.10: Mean value of the torque and torque ripple differences for the
machine with a slot opening of 10mm and the rated loading
conditions.

Parameter 3D FE Model 2D FE Model Eqn. (4.17) SD Model

Ty [Nm] 17.26 17.41 16.77 17.54
Errory, [%] - 0.9 2.8 1.6

T, , [Nm] 0.076 0.12 0.4 0.054
Errory, | [%] - 58 426 29

hand, due to the bad representation of the regions 3, 4, and 5, the total losses of
the complete machine will deviate more from the result of the final model (Model
3) as shown in Table 4.11. This is because when the PM is not in the center of the
tooth there are some flux lines that flow circumferentially in the tooth itself and not
in the air gap area. Then, this theory is not well represented in this version.

The second model, shown in Fig. 4.34, uses the finer discretization of Fig.
4.9 (b) to represent regions 4 and 5. Regions 1, 2, and 3 were represented by the
coarse discretization of Fig. 4.9 (a) and the air gap was assumed to have only
fluxes that flow in the horizontal direction and no flow in the vertical directions.
As a conclusion, it can be found that the losses are a little bit higher due to the
fact that region 3 is not well represented in this scheme. However, in total, the loss
compared to 2D FE model has less error than model 1. The terminal voltage error
is higher in this case, because the air gap is not well divided in the area between
different teeth as shown in Table 4.11 and described in Fig. 4.35. Fig. 4.35 shows
that this is the only model that does not correspond well with FE models.

Table 4.11 summarizes the effect of different models on the losses and terminal
voltage values. Concerning the grid refinement, we can conclude that:

* The coarse model (model 1, Fig. 4.33) is accurate for the voltage, but not for
the iron losses.

* The fine model (model 3, Fig. 4.7) is almost as accurate as 2D FE model for
both voltage and iron losses.

* The coarse model is about 1/3 faster than the fine model, and about 200
times faster than 2D FE model.

4.5 Conclusions

This chapter presents a complete analytical model for AFPMSMs. A simple and
fast technique is developed to obtain accurate results for the calculation of ma-
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Figure 4.35: EMF comparison between the three models.

Table 4.11: Comparison of terminal voltage, total core losses, and CPU time
for the studied models.

Parameter 3D FE Model 2D FE Model Model 1 Model 2 Model 3

Vims [V] 251 242 247 243 245
Errory,,, [%] - 3.6 1.6 3.19 24
Losses [W] 180.3 182.4 168 176 182.2
Errorgogses [%0] - 1.2 7.9 2.4 1.1
CPU Time 15hrs 5.7hrs 96 secs 136 secs 143secs

chine parameters (terminal voltage, torque, and iron losses). This technique is
based upon a combined solution of two models. The first model generates an exact
solution of Maxwell’s equations in the air gap area applied to a very simple ge-
ometry using conformal mapping technique. The second model gives an accurate
solution in the detailed parts with complex geometry, based on a magnetic equiva-
lent circuit to obtain fast and accurate results in a simple way. The MEC considers
the non-linear behaviour of the magnetic material. This combined model is called
SC-MEC model. The machine’s global quantities are then obtained and validated
by the results of 3D and 2D finite element (FE) models for different loading con-
ditions. In addition, the models are excited by extreme loading and geometrical
conditions to estimate the accuracy of the developed SC-MEC model under these
conditions.

Compared to 3D FE model, the proposed combined solution has the advantage
of flexibility in the geometrical machine parameters change, a significantly less
CPU time (500 times faster compared to the 3D FE model and 200 times faster
than the 2D FE model) and an accuracy for the considered AFPMSM up to 2%
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in the rms value of the terminal voltage at rated loading conditions, 2% in the
mean value of the torque and 1% in the stator core iron losses. Finally, the relation
between grid refinement in the MEC (coarse or fine reluctance grid) and accuracy
is pointed out, showing that the terminal voltage can be accurately computed with
a rather coarse grid, while accurate loss computation requires a fine grid.
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Chapter 5

Eddy Current Loss in the
Permanent Magnets

5.1 Introduction

This chapter presents an analytical solution of the eddy currents in the PMs in the
AFPMSMs using a coupled solution of Maxwell’s equations and an electric circuit
network.

It is necessary for high-speed applications to decrease the eddy current losses
in the PMs to avoid their demagnetization. In a design procedure, it is necessary to
have a fast and an accurate calculation method to obtain the PM losses in the PMs.

In the literature, several computational techniques are described for computing
magnet losses. A first method is based on finite element (FE) models. It was
developed to obtain accurate results for eddy current losses [78]. A full 3D time
stepping FE model would be one solution. This method is accurate and very time
consuming. Another less time consuming and nevertheless accurate model is the
2D FE model described in [79]. In that article, the authors divided the machine into
slices. Then, the field solution is reconstructed and applied to a simple geometry
of one PM in the 2D FE model.

There are several analytical tools for the calculation of eddy current losses
for radial flux permanent magnet synchronous machines (RFPMSMs). The differ-
ences among many techniques were investigated in this review article [80]. In this
review paper, the eddy current losses were subdivided into two types depending on
the main sources. The sources are the armature field described in [81-83], and the
slotting described in [84]. The power losses formula, developed in [81, 82], was
based on obtaining the current sheet distribution formula in space. Then, the mag-
netic vector potential is deduced using Maxwell’s equations. The solution in this
case neglects the slotting and skin effect. The skin effect has a major impact at high
speeds and also when connecting the machine to a frequency converter. [83] intro-
duced simple mathematical formulations for eddy-current loss calculations due to
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the time harmonics in the stator current which neglected the spatial distribution of
this field on the surface of the PMs and also neglected the slotting and skin effect.
The comparison in [80] showed that the computation of the eddy-current loss due
to slotting introduced in [84] should be more investigated for more precise results.

Another technique was introduced in [85,86]. In this technique, the flux density
was deduced in the PM by using the Magnetic Equivalent Circuit (MEC) in RF-
PMSM. The eddy losses were calculated in post processing by assuming a certain
resistance limited path for the current that was assumed to be frequency indepen-
dent. Also the skin effect was neglected. This was proven to be inaccurate in a
later article [87]. For each harmonic, in the magneto-motive force (MMF), a dif-
ferent wavelength of the eddy losses is obtained. In [87], four different cases were
suggested according to the wavelength of the applied MMF and the width of the
magnet to define a certain path for the current. The slotting effect is neglected.
This may be a major part of the losses at low rotational speed.

In [88], simpler techniques were proposed for the calculation of losses at no
load due to the slotting effect. This is based on calculating the flux density on the
surface of the PM by using a Carter coefficient and the permeance function devel-
oped in [41]. The resistance path also was assumed to be constant. In [89], the
authors also assumed a certain path without considering the spatial distribution of
MMF in space. In [90], the authors proposed an analytical and FE model for radial
flux machines that includes the effect of magnet segmentation in axial and circum-
ferential directions. Both models include the effect of the reaction field. In [91], a
very accurate technique based on the subdomain model for calculation of magnet
eddy losses is proposed. However, the model is complex from the mathematical
point of view. In [92], a 2D analytical method for PM eddy current losses calcula-
tion with the reaction field effect for slot-less machines with surface inset PMs is
proposed.

In radial flux machines, the flux density is constant over the axial length of
the machine. In axial flux machines, the width of the PMs is changing over the
radial length. Because of this, it was required to develop a model that is able to
calculate the eddy losses in AFPMSM. Under this varying width, the analytical
model described in this chapter could be used for this study.

In [93], the authors developed a combined solution of magnetic equivalent cir-
cuit (MEC) and en electric network to compute the eddy current losses in the PMs
for RFPMSMs. In this chapter, the authors adapted the electric network to be used
for AFPMSMs. This technique has an important advantage: it is able to calculate
the distribution of the induced currents in the PMs.

In this chapter, in spite of using the MEC, Maxwell’s equations are used to
obtain the flux densities on the surface of the PMs, including the effect of armature
current and the slotting as derived in [44]. This solution is applied to the electric
network to obtain the total current flowing through the PMs. The inductances are
added to describe the skin effect on the total losses in the PMs.

In this chapter, an analytical method based on Maxwell’s equations and electric
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network model is used. This model is based on resistances and inductances that
are used to derive the PM losses in AFPMSMs. Maxwell’s equations are solved
firstly to obtain the flux density on the surface and inside the PM. This flux density
distribution is then used as a source term for the network for calculation of eddy
current losses.

5.2 Electric Circuit Network for PM Eddy Current Loss
Calculation

5.2.1 Multi-Slice 2D Analytical Solution

The flux density, calculated in section 3.4.2 using the complex Schwarz-Christoffel
transformation, is recorded on the PM volume shown in Fig. 5.1 (a) for different
slices in the radial direction.

There are mainly three contributions of the total magnetic flux density de-
scribed in section 3.4.2.

* The PM flux density assuming a smooth iron surface.
* The armature reaction current assuming a smooth surface of iron.
* The slotting effect described by conformal mapping.

The total flux density is obtained afterwards by considering the three contribu-
tions using (3.47). In all these equations a stationary coordinate system (z and y)
is used. These axis are described in Fig. 3.2 (c).

Because of the rotor motion, another coordinate system is considered. This
system is described by axis (z,; and y;) shown in Fig. 5.1 (a). This system is
moving with the rotor.

The differences between these coordinates are described below:

=T +wnR t (5.1)

av™)

where wy, is the mechanical rotational speed in rad/s, R., is the average radius at
a slice ¢ described in Fig. 3.2 (b), and ¢ is the time.

For each new rotor position, the solution is obtained using Maxwell’s equations
on the PM volume for each slice in the radial direction. Each radial slice, described
in Fig. 5.1 (a), has a new flux density denoted by By, B2, Bs, ....

Figures 5.1 (a) and (b) show the difference between AFPMSMs and RF-
PMSMs. The difference occurs because of the changing perimeter and the
changing PM width in the AFPMSMs. Therefore, for every radial plane, there is a
new flux density value. However, for RFEPMSMs, the flux density is constant at all
over the PM length in the axial direction neglecting the end effects at the two axial
ends of the machine.
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Y
(a) AFPMSM (b) RFPMSM

Figure 5.1: Magnified version of the PM for the axial and radial flux ma-
chines.

5.2.2 PM Flux Density Reconstruction

Using the analytical model with the conformal mapping method, the resulting axial
flux density on each slice is reconstructed on the total surface of the PM and over
the axial length of the PM. The reconstructed flux density, on the front and back
surfaces of the PM, is shown in Figs. 5.2 (a) and (b). It is clear that the slotting
effect has completely decayed on the PM back surface. Additionally, the magnetic
flux density caused by the armature currents changes over the axial length of the
PM as described in Fig. 3.15.

Therefore, the solution is repeated for ny,  slices in the axial direction as shown
in Fig. 5.3 (b). Each slice s in the axial direction has a width of A.

Subsequently, the rotor positions dependent magnetic flux density is trans-
formed to the frequency domain by means of a Fourier series. For each point
on the PM volume, each harmonic order n of the axial component of the magnetic
flux density B, is used to excite the developed electric network.

Additionally, the electric network is solved for each slice s and the total losses
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Figure 5.2: Reconstructed flux density on the front and back surfaces of the
PM from the Analytical Model.

are computed for the complete slices multiplied by the width of each slice. The
varying term on each slice is the flux density obtained by Maxwell’s equations.
The number of radial slices used in this thesis is 6.

The flux density computed on the center of each slice s, shown in Fig. 5.3
(b), is the source term of the network as described in [94]. In [94], this network
was composed only of resistances without taking into account the effect of reaction
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(a) Front View of PM. (b) Side View of PM.

Figure 5.3: Axial slices of the PM model.
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field of induced currents in the PMs on the applied field and without considering
PM segmentations.

This electric network is shown in Fig. 5.4 (a). It is composed of a number
of nodes n,4e and branches 1y, ancn. Each node bounds four branches around it.
Each node affects all other branches existing in the whole geometry.

Branch &

R Ly By

4
S

=

=}

o

=
”»N
A

~

<
&
<
&
<
&
<

~

<
y3
<
&
<
&
<

v N A

ya
~
vy v A A
&
Al
&
Al

ya
~
A v A A

&
<

&
<

&
<

&
<

&
<

v v ¥ v v N A
, '

v v Y ¥

(a) (b)

Figure 5.4: Electric network distribution consisting of induced voltage, re-
sistances and inductances (self and mutual inductances).

Figure 5.4 (b) shows the main components of the electric network to be studied.
It consists of three main components: the induced voltage FEy;, the resistance (R,
R,;) and the inductance (Lyi, L,;). In next sub-sections, these main components
are described.

5.2.3 Induced Voltage

The induced voltage F); is calculated based on the reconstructed flux density. This
flux density is integrated over the enclosed area bounded by Ay A, shown in Fig.
5.4 (b) to obtain the total flux in this area for slice ’s’ in the axial direction.

?i, :/ By dxdz. (5.2)

In each branch, the induced voltage is calculated for each harmonic order n indi-
vidually. Fourier analysis is done to the induced flux ¢;, to obtain the coefficients
ay,, and bnis-

i

27
1
n; = —/¢is cos(nwet)d(wet), (5.3)
T
0
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21
1
by, = —/qﬁis sin(nwet)d(wet), 5.4)
oo
0

where w, is the electrical speed in rad/s.

The voltage in each branch E at a harmonic order n is calculated based on
the Fourier coefficients of the applied field ¢;. For each branch k, the fourier
coefficients of the applied field are multiplied by the angle ¢;, shown in Fig. 5.4
(b). 65, is the angle bounding both ends of branch £k and node i where the applied
field ¢, exists. This procedure is repeated for all nodes, to obtain the effect of all
nodes on this branch.

Nnodes .

_ 2mny (an, + jby,) 6;

E. = — i ik 5.5
kn Zzl Jn 60 \/5 2 ) ( )

where EJ _ is the voltage at branch k due to a harmonic n for slice s, 6;_is the
intersecting angle between each node ¢ and both ends of each branch k& shown in
Fig. 5.4, and ny, is the rotational speed in rpm. The equation is divided by /2 to
obtain the root mean square (rms) value.

5.2.4 Resistance Calculation
In each branch, the resistance is calculated based as follows.

Ax

= oA 2a, >0
A,
oA, o7

where o is the electrical conductivity.

5.2.5 Inductance Calculation

The inductances are introduced to describe the reaction field of the eddy currents
flowing through the PM. These inductances in Fig. 5.5 are divided into two cat-
egories: one is the self inductance of each element L11& Loo, and the other one
is the mutual inductance between this element and the other elements L& Log
existing in the system. The PM is divided into number of branches. Each branch,
e.g. 1in Fig. 5.5, links the other branches, e.g. 2 in Fig. 5.5, by the mutual induc-
tances L12& Lo1. The total inductance at each branch equals the self inductance of
this branch and the summation of the mutual inductances between this branch and
the other branches. The final forms of the mutual and self inductances are shown
in Fig. 5.5. The derivation of these forms can be found in [95]. The boundaries
shown in (5.8) are substituted in the summation form shown also in (5.8).
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Figure 5.5: Self and mutual inductances. (1) and (2) denote small blocks

inside the PM.
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q1,43 1,73
[Hf (Sﬂz,yl,zl)] (1) (v1)
q2,q4 - T2,T4

E—aE+d
H[f (ﬂﬁl,yuzl)} (1)

E+d—a FE

(5.8)
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() | G ,
P+c—b,P - l3+1s—1,l3
S1, 83 4 4 4
(Zl) ZZZ Z+]+k+1 f(Qi,Tj,Sk),
59, 84 i=1 j=1 k=1

(5.9

where 7 corresponds to the boundary number. For example, if the x; and ¢ = 1 are

considered, then ¢; = F — a.
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where ¢ corresponds to the boundary number. For example, if the x; and ¢ = 1 are
considered, then ¢; = a.

where also f(x,y, 2;) equals

4 24 24

flx,y,2) = (

2 2 2
A Z14>m1 LT 2Z0 T Y T4
1in

y12 +z12

x%zf m{l z14 u+ 912 +212 +5'312
+ yiln

2 2
2 —|—x1

T | 2+ /2 + af + g}
T\ 21 (5.12)

HREHH

2_|_y12

I 4 4 4 2.2 2.2 2.2
+@($1 + yl + Zl — 3.171 yl — 3y1 Zl — 321 xl ) $12 + y12 + 212
iy 2 Ty iy 7121
— arctan — 6 arctan
zy/ 2t 4y + 2F y /o7y + A
xf’ylzl Yz
— arctan

x) ac12—|—y12—|—212

It should also be noted that if either xj, y or 21 approaches zero, all inverse
tangents in (5.12) will equal zero. If any of ), y; and 2| approach zero, all terms
go to zero except the square root term.

Finally, the matrices for the resistances A, and inductances A; for the whole
network are constructed. The sources for a harmonic order n also are combined
together in a vector E,,_. Where ‘s’ corresponds to the slice number in the axial

direction. Finally, it is possible to apply Kirchhoff Current Law (KCL), to obtain
the current flow for each harmonic order.
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(Ay + jwmnA)In, = En,, (5.13)

where wy, is the mechanical rotational speed in rad/s and subscript n describes
the harmonic order. The power losses are calculated by summing the squares of
the norm of the current densities for all nodes 7n,,04es. Another summation for all
harmonic orders is then applied to obtain the total time average losses. Finally, a
summation of the power losses is done for each slice ’s’ in the axial direction of

the PM.
o] Ym
Ppm = 4p Pilin, = Z / / 2dZC].;Svprn
“h Spm 0 (5.14)
4 Nym S8 Mnodes
DSV SN
g s=1,2,..n=1,2,.. i=1

where Jy, is the norm of the current density at node 7 and slice s, Ay is the axial
length of each slice in the PM area, and p is the number of pole pairs. This equa-
tion is multiplied by 4p to represent the total number of magnets existing in the
machine. If the model is used only with resistances it is considered to model the
losses without the reaction field effect.

5.3 PM Segmentation

Segmentation for the PMs in AFPMSMs is introduced to reduce the total eddy
losses in [78]. The circuit model has the effectiveness to calculate the losses for
different numbers of segments. The electric network is used to calculate the losses
for one, two and four segments. The electric network results are validated by the
3D and 2D FE model results in two cases. The first case takes into account the
reaction field effect, and the second case does not take into account this effect. The
segments are shown in Fig. 5.6. The number of nodes in the one segment is 240
nodes, while in the two segments and four segments, they are 240 nodes for each
segment.

5.4 2D Multi-Slice FE Model

The finite element (FE) models are used to obtain the eddy current losses in the
PMs. Steps similar to sections 5.2.1 and 5.2.2 are used to obtain the PM flux
density in the frequency domain. They are briefly described below.

* Firstly, the 2D multi-slice FE model, shown in Fig. 3.2 (c) and described in
chapter 3, is solved. The rotor disc is rotated manually by sufficiently small
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(a) One Segment (b) Two Segments (c) Four Segments

Figure 5.6: Permanent magnet segmentation.

rotor steps. Therefore, the solution assumes a resistance limited PM. Thus,
the reaction fields of the eddy currents in the PMs are not considered in this
phase.

Eddy currents are solved a posteriori by means of frequency domain FE
models.

* The flux density distributions on a number of slices ny,,, shown in Fig. 5.3
(b), are recorded for each radial length ¢, described in Fig. 3.2 (b).

On each slice s in the axial direction, shown in Fig. 5.3 (b), the flux density
is reconstructed on the complete surface of the PM for all slices 7y ,.

* For each point in the reconstructed magnetic flux density, the harmonic with
order n of the scalar magnetic flux density B, is obtained by means of a
Fourier series.

* These harmonic magnetic flux density patterns will be imposed to the perma-
nent magnet FE models described in sections 5.4.1 and 5.4.2. These are also
shown in Figs 5.7 (a) and (b) respectively. The model described in section
5.4.1 does not consider the reaction field effect, while, the model described
in section 5.4.2 considers it.

5.4.1 FE Model Without the Consideration of the Reaction Field

In this part, the FE model shown in Fig. 5.7 (a) is modeled in 2D. This model
does not take into account the effect of reaction field of the eddy currents. In this
solution, a time harmonic analysis is used. A similar model was presented in [79].
The principle operation of this model is to convert the time series axial component
of the flux density into the frequency domain. This results in the flux density
amplitude By, (z, z) for each harmonic order n. Afterwards, it is possible to apply
Maxwell’s equations for each harmonic order n.

V x E = —jnwn, By, (5.15)

V-E=0, (5.16)
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(a) (b)

Figure 5.7: PM FE Model. (1) Imposition of the air gap magnetic field over
the PM area. (2) Dirichlet Boundary Condition. (3) Neumann
Boundary Condition. (a) FE model without considering reaction
field effect. (b) FE model considering reaction field effect.

where E = (1) J and n is the harmonic order. For each harmonic order, (5.17) is
solved for Fig. 5.3 (a).

1
V x <—V X F> = —jnwmBhn, (5.17)
o

where J =V x F.

F is a new electric vector potential which is used instead of the magnetic vector
potential A in the electromagnetic problems.

For each harmonic order n, (5.17) is solved to obtain the vector potential F'.
The current density is then obtained. To compute the total losses, the current den-
sity is integrated over the complete surface of the PM and summation of the com-
plete harmonics is done to obtain the total losses. Another summation is done to
obtain the power losses for all slices s, shown in Fig. 5.3, in the axial direction.

Ym
S|
Pom =4p Y - / / Jn2dzdSpm

n=1,2,..

Spm 0 (5.18)
Nym [e.e] 1 )
—ip > Y o [ LlasmA,,
s=1,2,..n=1,2,.. Spm

To obtain Maxwell’s equation as a function of the magnetic vector potential
A, E is substituted in (5.15) by —jnw, A and applying the curl to it. This would
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result in:
Vx(VxA)=VxBy, (5.19)

5.4.2 FE Model With the Consideration of the Reaction Field

The 3D FE Model shown in Fig. 5.7 (b) is used to model the eddy currents in-
cluding the effect of the reaction field. In this solution, a time harmonic analysis is
used.

In the PM region, shown in Fig. 5.7 (b), the PM is defined by a magnetic
remanence flux density B, for each harmonic order n, a relative permeability 1,
(estimated at 1.05 for NdFeB) as well as a conductivity o. Therefore, the PM flux
density is computed as:

B = ﬂoﬂrH + Bremv (520)

where H corresponds to the reaction field of the eddy currents flowing through the
PM.

It is worth mentioning that the remanent flux desnity B,e, imposed to the PM
is obtained based on the solution of the Fourier series of the reconstructed flux
density in the PM volume computed from the multi-slice 2D FE model.

Afterwards, it is possible to apply the time harmonic Maxwell’s equations to
the FE model shown in Fig. 5.3 (b) using the constitutive law in (5.20). This results
in:

V X (VxA)=V X (Brem) — jllottrwmnoA, (5.21)

This FE model is solved for each harmonic and then summation for the com-
plete harmonic orders is done to obtain the total eddy loss in the PM using (5.18).

Comparing the two models without the reaction field effect in (5.19) and with
the reaction field effect in (5.21), it is clear that the term —j o ptywmnoA in (5.21)
corresponds to the effect of reaction field.

5.5 3D Time Stepping FE Model

Another 3D FE transient time stepping model is developed. The mesh of this model
is shown in Fig. 5.8. Only half of the machine is modeled and a symmetry plane
is taken in the middle half of the machine. This 3D FE model is programmed
in Ansys Maxwell 3D software to validate the results for all FE models and the
circuit model. A high mesh quality of the 3D FE model, shown in Fig. 5.8, is used
to obtain an accurate solution.

The eddy losses at no load condition at a certain time instant is shown in Fig.
5.9 for the complete PMs. This figure shows that the main component affecting
the eddy losses is caused by the slot opening in the stator core. The regions where
the eddy current losses in the PMs are higher, correspond to the position of the slot
openings.
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Figure 5.8: Compete 3D FE Model in Ansys Maxwell software and the
mesh quality.
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Figure 5.9: Eddy Current Losses in the PM at no load computed using the
3D time stepping FE model.

It will be shown later from the harmonic spectrum that the main component
affecting eddy losses is caused by the slot numbers. Due to the time limitation of
such a model, the simulations are only conducted for no load and rated loading
conditions. The time required for a completely verified simulation is about 5 days.
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5.6 Simulation Results

The simulations are implemented for an AFPMSM of 16 poles and 15 tooth frac-
tional slot winding machine. The geometrical and electromagnetic properties of
the machine are summarized in Table 4.1.

There are five models to be studied.

* A circuit model that neglects the effect of the reaction field. This model
considers only the resistances in the circuit. This is illustrated in section 5.2.

* A circuit model that considers the reaction field effect. The circuit model in
this case is composed of resistances and inductances. This is illustrated in
section 5.2.

A FE model that neglects the reaction field effect described in section 5.4.1.

A FE model that considers the reaction field effect described in section 5.4.2.

A full 3D time stepping FE model described in section 5.5.

The simulation is conducted for different loading conditions and rotational
speeds and for different PM segmentations to have a full validity of the model.
To show also the effectiveness of the model, a pulse width modulated (PWM) cur-
rent is injected to the machine to have a deep understanding of the effect of this
reaction field.

The simulation results are organized as follows. The first subsection will study
the models for sinusoidal currents for different loading conditions. In the second
subsection, injection of PWM will be studied for different carrier frequencies and
speeds. In a third subsection, PM segmentations will be studied also for the four
models in the third part.

5.6.1 Sinusoidal Operating Conditions

The models are excited by a sinusoidal supply at different operating conditions. It
is mandatory to demonstrate the ability of the model to obtain the power losses at
different harmonic orders.

Figure 5.10 shows the difference between circuit and FE model for different
harmonic orders at no load conditions. [79].

The circuit model shows a good correspondence with the FE model. Fig. 5.10
also shows that there is no observable difference between taking into account the
reaction effect and without it. It is shown that the main orders affecting the eddy
current losses are caused by multiples of the slot numbers (Ng = 15). This was
proven analytically in [79].

Figure 5.11 shows the eddy current paths for different harmonic orders at rated
loading conditions.
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Figure 5.11: Eddy power losses per unit volume for different harmonic or-
ders demonstrating the current path for each harmonic order at
rated loading sinusoidal conditions using the model described
in section 5.4.1.

Figure 5.11 shows that each harmonic order flows in a certain pattern. For
example, for the 15 harmonic, eddy currents in the PM flow only in one loop,
while for the 30" harmonic, the eddy currents flow in two loops. Regardless of
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the direction of the current flow, the circuit model is capable to obtain the eddy
currents precisely.

Figure 5.12 shows the difference at rated loading conditions for different har-
monic orders. It is clear that additional harmonics exist due to the armature currents
in the windings. Furthermore, the armature reaction of eddy currents in the PMs
has no effect on the harmonic spectrum. Additionally, the circuit model shows a
good correspondence with the FE models.

For the 150*" harmonic, the permanent magnet losses is less than 0.01W.
Therefore, it is not necessary to make additional computations after this order.

Figure 5.13 shows the distribution of the power per unit volume for the two
models. It is shown that the circuit model is capable of estimating the distribution
of power loss in an accurate way compared to the results of the FE model. To
obtain high quality figures of the circuit model, the nodes, shown in Fig. 5.4, are
increased to obtain such a figure.

Figure 5.14 demonstrates the effect of the full 3D FE model at no load on the
PM eddy current losses. The computation shows that the average losses of one PM
multiplied by the number of PMs equals the total summation of the individual PM
losses.

Table 5.1 summarizes the PM losses at no load and rated load conditions. It
can be concluded that the circuit model is capable to obtain the total losses in an
accurate way compared to the FE models based on slices. The error in the table is
in percentage from the FE model.

The difference from Table 5.1 shows that the reaction field effect is not well
dominant.

As a consequence, it is more effective in the pre-design state to use a non
reaction field effect model (without inductances in the circuit model) for less CPU
computation saving.

Compared to the full 3D FE model, the total PM losses compared to the FE
and circuit models are capable to obtain the total losses in an accurate way.

Table 5.1: Eddy power losses for PM in [W] with and without reaction field
effect.

| Without Reaction | With Reaction | 3D Model

FE Circuit FE Circuit
Model Model | Model Model
No Load 35W 32W 34W 31W 3.8 W
Err. (%) - 5.8 (%) - 8.8 (%)
Rated Load | 199 W 20.5W | 198 W 20.2W 22.0W
Err. (%) - 3.0 (%) - 2.0 (%)
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Figure 5.12: PM eddy power losses as a function of harmonic orders at rated
load conditions at 2500 rpm.
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Figure 5.13: PM eddy power losses distribution pp,,, [W/m?] at a harmonic

order of 45" from the fundamental at no loading conditions.
(a) FE model. (b) Circuit model.

5.6.2 Pulse Width Modulation (PWM) Operating Conditions

In [96] a dynamic state space model based on FE is implemented for the AFPMSM
for different carrier frequencies. The steps of the generation of the currents are
based on creating a voltage waveform for a given input carrier frequency and im-
posing this voltage waveform to this state space space model. The parameters of
this model are based on look up tables for the solution of the FE model taking into
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Figure 5.14: PM eddy power losses at no load for the full 3D time stepping
model.

account the non-linearity of the magnetic materials. The outputs of these steps are
the currents which will be the source to the PM eddy loss models.

Two different carrier frequencies (SkHz and 10kHz) are studied to model the
losses. The currents for phase a for these two carrier frequencies are shown in
Fig. 5.15. It shows also the harmonic spectrum for these two carrier frequencies.
The total harmonic distortion (THD) is enhanced from 8.95% at 5kHz to 4.34% at

10kHz.
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Figure 5.15: Current waveforms and their corresponding harmonic spec-
trum for 5kHz and 10kHz carrier frequency.
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Figure 5.16: PM eddy power losses as a function of harmonic orders at car-
rier frequency of 5kHz at 2500 rpm.

The next step is to inject these currents on different eddy current loss models
for different speeds and the losses with and without the reaction field could be
observed.

Fig. 5.16 shows the power losses for the SkHz case with and without the re-
action field for the circuit and FE model. The maximum harmonic order in the
sinusoidal case shown in Fig. 5.12 is observed to be 150 from the fundamental
value. On the other hand, in the case of PWM shown in Fig. 5.16, other harmonics
order appeared after this value and the amplitudes of these harmonic orders have
increased too. It can be observed also that the effect of reaction field has increased
at higher frequency orders.

Fig. 5.17 shows the effect of different rotational speeds on eddy power losses
with and without reaction field effect for the FE model and circuit model. It could
be pointed out that the effect of the reaction field is dominant at higher speeds
while at low speeds this effect could be neglected. At higher speeds, the inductive
component has a major effect. In addition, the circuit model can track the FE
results in an effective way.

Table 5.2 proves that the circuit model is capable of obtaining accurate results
in the case of PWM currents. It can also be observed that the losses have reduced
by 10W when doubling the carrier frequency. The second observation is that the
effect of taking into account the reaction field results in about 18% difference. This
is a non-negligible value and should be taken into considerations for the study of
PWM losses.
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Figure 5.17: PM eddy power losses at carrier frequency of 5kHz at different
speeds.

5.6.3 Skin Depth Effect

The reaction field effect has a strong relation with the skin depth in the PM. The

skin depth § in the PM equals:
/ 2
=4 ———, (5.22)
Wm Moy O

where w, is the mechanical rotational speed in rad/s, (i, is the permeability of free
space, (i, is the relative permeability of PM, and o is the PM conductivity.

In normal design procedure with sinusoidal imposed currents, the maximum
harmonic order is 150" from the fundamental mechanical frequency as shown in
Figs. 5.10 and 5.12. Fig. 5.18 shows the skin depth of the studied PM. At 150"
from the fundamental frequency, the skin depth is 16mm. The PM is a T-type PM.
It has two widths of 18mm and 24mm. At this frequency, the skin depth is larger

Table 5.2: Eddy power losses for PM in [W] with and without reaction field
effect for PWM cases.

Without Reaction With Reaction
FE Circuit FE Circuit
Model Model | Model Model

SkHz 43.8 W 458 W | 33.2W 334 W
Err. (%) - 4.6 (%) - 0.6 (%)
React. Field effect (%) 31.1 (%)
10kHz 34 W 38 W 256 W 26.1 W
Err. (%) - 11 (%) - 1.56 (%)

React. Field effect (%) 32.8 (%)
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Figure 5.18: The skin depth in the PM with different frequencies.

than half of the PM width. Therefore, the skin depth will have minor effects on
the results. As have been declared by the model with the reaction field effect, the
reaction field has a minor effect with a sinusoidal operating condition as described
in section 5.6.1.

While for PWM study, the maximum harmonic order is 500" from the funda-
mental mechanical frequency as described by Fig. 5.16. The skin depth, shown
in Fig. 5.18, is reduced to 9mm at 500" from the fundamental frequency. This
causes some effect in the PM losses as indicated in section 5.6.2.

5.6.4 PM Segmentation

In this part, PM segmentation is studied from the circuit and the FE models. The
injected current will be the SkHz case. No difference is observed between the
circuit and the FE model for the distribution of power losses for one, two and four
segments shown in Fig’s 5.19, 5.20 and 5.21 respectively. The number of nodes is
increased in these figures to prove the capability of the circuit model.

The average value of the power distribution is reduced. In addition, the total
power losses caused by segmenting the magnets would be reduced as illustrated in
Table 5.3.

It could be drawn from Table 5.3 that the total power is reduced as magnets
are segmented. In addition, the effect of reaction field is reduced as the magnets
are segmented too. Finally, the circuit model results are comparable with the FE
results. All segments are simulated with a fixed number of nodes.
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Table 5.3: Eddy power losses for PM in [W] with and without reaction field
effect for the SkHz case for different segmentations of the PMs.

Without Reaction

With Reaction

FE. Circuit
Model Model

FE. Circuit
Model Model

One segment
Err. (%)
React. Field effect (%)

43.8W 458 W
- 4.6 (%)

332W  334W
- 0.6 (%)
31.9 (%)

Two segments
Err. (%)
React. Field effect (%)

21.TW  213W

1.8 (%)

17.7TW

179 W
0.8 (%)
10.2 (%)

Four segments
Err. (%)
React. Field effect (%)

134W 135W

0.7 (%)

12.84 W

133 W
3.6 (%)
4.36 (%)

5.6.5 CPU Computation Time

The CPU time of the four models is compared. This is done on a core i7 processor,
and 16 GB installed memory with 64 bit operating Windows 7 system.

Table 5.4 shows that the circuit model is very fast compared to the FE model.
It is also observed that the circuit model with inductance takes more time than the
model without reaction field. The 3D FE model takes less time than the 2D FE
model because of the repetition of the 2D FE model for many slices (6 slices). The
full transient 3D model takes about 5 days to obtain the solution. Therefore, less
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Figure 5.19: PM eddy power losses distribution py,,, [W/m?®] at a harmonic
order of 30*" from the fundamental at rated loading conditions
for one segment. (a) FE model. (b) Circuit model.
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Figure 5.20: PM eddy power losses distribution pp,,, [W/m?] at a harmonic
order of 30" from the fundamental at rated loading conditions
for two segments. (a) FE model. (b) Circuit model.
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Figure 5.21: PM eddy power losses distribution ppy,, [W/m?3] at a harmonic
order of 30*" from the fundamental at rated loading conditions
for four segments. (a) FE model. (b) Circuit model.

accurate models could be used for a primarily design instead of the full 3D model.

5.7 Conclusions

This chapter presents an electric circuit network that is capable to obtain the eddy
currents in the permanent magnets (PMs) in the Axial Flux Permanent Magnet
Synchronous Machines (AFPMSMs). This solution is based on a coupled solution
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Table 5.4: CPU Time Comparison.

Without With 3D
Reaction Reaction FE Model
2D Multi-Slice  Circuit 3D FE Circuit
FE Model Model Model Model
sec. 5.4.1 sec. 5.2 | sec. 5.4.2 sec.5.2 sec. 5.5
Time (s) 70218 s 24 s 22842 s 110 s 518400 s

of Maxwell’s equations and an electric circuit network. This is based on calculating
the axial field in an accurate way on the surface of the PM and deep inside it.
Afterwards, a Fourier series expansion is used to obtain the different frequency
components of the magnetic field density. The eddy currents are then obtained
by imposing the flux density distribution as a source term on the PM which is
modeled by a simple electric network. The PM is divided into many slices in the
axial direction. On each slice, the electric network is solved.

This network is composed of simple resistances and inductances. The induc-
tances are used to model the reaction field effect of the eddy currents flowing
through the PM. To show this effect, the machine is excited with different sources
at different speeds. Also, a variant of the model is made that neglects the induc-
tances, in order to show in which conditions this “low-frequency approximation”
is acceptable. This method is able to take into account the effect of armature field
and slots.

It is concluded from this chapter that inclusion of the reaction field is necessary
when the machine is excited by a pulse width modulated (PWM) current, while for
a sinusoidal excitation, the reaction field effect has minor contributions to the total
eddy losses. In addition, the reaction field has a larger influence at higher speeds
than at lower speeds for PWM injection. Also due to the spatial MMF distribution
on the PM surface, one can’t define a good resistance path for the eddy currents
valid for all harmonic orders.

In conclusions, for a preliminary design, the circuit model with resistances
only without the reaction field computation would be enough for the calculation of
the PM losses. In this chapter, different PM segments are studied from the circuit
model and FE model point of view.

Compared to the finite element (FE) models, the circuit model has the advan-
tage of flexibility change in geometrical machine parameters, less CPU time, and
accurate results for the PM losses up to 10%.
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Chapter 6

An Electromagnetic Design
Procedure for AFPMSMs

6.1 Introduction

In this chapter, a complete design toolbox is developed for AFPMSMs. A sensi-
tivity analysis of the optimal parameters for the AFPMSMs working in the field
weakening (FW) region is implemented.

Several authors have been developing different sizing equations that can be
used for AFPMSM. A general sizing equation for AFPMSM was proposed in [97].
These equations could be used for a fast design procedure. These equations link the
machine geometrical parameters to the required electromagnetic torque, depending
on the magnetic material properties and the electric loading parameters.

In order to optimally design this machine for a wide speed range, fast models
need to be utilized. Here, we use the efficient analytical models described in chap-
ters 3, 4, and 5 [38,44,94]. These analytical models calculate the electromagnetic
behavior, such as torque, iron losses, copper losses, and PM losses with a good
agreement with the 3D finite element (FE) models. They are fully parameterized
in terms of geometrical and electrical parameters.

The optimal design is obtained using the Pareto-front optimization technique
[98] based on the results of the aforementioned analytical models. A comparison
of different combinations of slots, poles and phases is done to determine the com-
bination that achieves the optimal design. The results are verified by means of full
3D FE models.
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6.2 Literature Review of Machines Working in the Field
Weakening Region

AFPMSMs are widely used for electric vehicles application in many literatures
[99,100].

In practice, there are several types of machines working in the FW region [101].
Radial flux permanent magnet synchronous machines (RFPMSMs) are considered
as one of the best candidates. Specifically, El-Refaie ef al. in [101, 102] suggested
an optimal flux weakening for the fractional slot winding surface RFPMSMs. In
these articles, the authors proved that the surface PMSMs can operate in a wide
speed range. The authors compared the fractional slot and distributed windings.
The results showed the superiority of the fractional slot winding in terms of field
weakening ability. On the other hand, the authors did not compare different com-
binations of fractional slot windings in terms of power density and inductance.
Therefore, the objective of this study is to analyze the impact of different fractional
slot winding configurations on the FW operation of the AFPMSM, focusing on the
power density and the total inductance effects.

In addition, [103] has studied different winding schemes of concentrated and
distributed windings, of three distinct machines of different ¢ (number of slots per
pole per phase), on the FW properties of surface PMSMs. A conclusion similar
to El-Refaei that the concentrated winding has a better FW properties. Moreover,
concentrated winding has a better thermal behaviour. In [104], loss assessment
between distributed winding and concentrated winding was done. Due to the better
FW band offered by the concentrated winding, the PM, rotor, and stator iron losses
have increased. However, the copper losses have reduced due to the shorter end
winding.

The use of AFPMSMs in the field weakening region is investigated in literature
which is outlined briefly in this section.

In [105], a comparison between the performance of the interior AFPMSM and
other types of machines was introduced. The results of that paper show the high
power density of the interior AFPMSM compared to other machines. Due to the
use of fractional slot concentrated windings in this type of machines, the eddy
currents increase [104].

In [106], the authors showed that with less amount of PM material (therefore
lower cost) in interior AFPMSM, the torque levels remained similar for surface
AFPMSM. Since although the torque produced from the PM field is decreased, the
reluctance torque increases. However, the surface mounted alternative has a better
efficiency. Consequently, the surface AFPMSM is chosen for this study.

In [107], the authors designed a surface AFPMSM to achieve a CPSR of 3. The
proposed design introduced additional C-shape double cores, which were made
laminated to reduce the iron losses. However, the leakage inductance was appre-
ciably increased as well as the size. More detailed mechanical enhancements for
the AFPMSM to operate in the FW region was presented in [108].
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6.3 AFPMSM Design Procedure

The machine design tool is shown in Fig. 6.1. It consists of five main parts:

Requirements
1- Required Power.
[ Set of Inputs Generation || 2 Required Speed. Machine Selecti
) . 200r achine Selection
il 3-Required Application. 1- Geometrical Machine

Parameters.

2- Efficiency at
Maximum Speed.
3- Power Density.

4- Maximum

Inputs
1- Number of Phases (m)
2- Number of Slots (/Vy)
B3- Number of Poles (/V,,)

Internal Para&eters
Evaluation

4- Outer Diameter (D) Rotational Speed.
5- Inner to Outer D
Diameter Ratio (A = %) Constraint
; © onstraints
b I;MPQX{%CI&%H(%EE 1()}./ m) 1- Required Flux Density B, 5
8- PM Width (by). 2- Required Current Density .J;..
9- Slot Opening (bs) 3- Winding Filling Factor fy;.
10- Air Gap length (g). 4- DC Voltage Vic.
5- Maximum speed Ny ax-
6-Minimum Efficiency at Rated Speed ;...
7- Minimum Efficiency at Maximum Speed 1max,,;, -

Figure 6.1: Design procedure for AFPMSM.

* Requirements. The required power and speed of the machine are the main
objectives of the design. Moreover, the application plays an important role
in the design phase. In this thesis, the AFPMSMs are designed to operate in
the field weakening (FW) region.

The important criterion while designing an electrical machine for the FW
region is the constant power speed region (CPSR) shown in Fig. 6.2 [109].
As seen from Fig. 6.2, there are two modes of operations. Below the rated
speed, the torque is kept at its rated value by injecting only a g-axis cur-
rent (1) which equals the rated peak current (Ij,cax). This region is called
the Maximum Torque Per Ampere (MTPA) region. Above the rated speed
Nrated and till the maximum speed np,ax, a field is produced by the armature
currents to counter-act the field produced by the PMs. This field is obtained
by a negative d-axis current (—I4) and an additional g-axis current to pro-
duce the torque. Therefore, this region is known as the FW region.

* Set of Inputs Generation. In this phase, the routine defines the following
inputs: number of phases m, number of slots Ng, number of poles Ny, outer
diameter D,,, inner to outer diameter ratio A\ = D;/D,, PM axial length Y;,,,
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MTPA Field :

Weakening (FW) - Vol

< Do ». Voltage
I . Vpeak .
peak . -1 d
I, =ee--
>
Nrated Mmax Speed

Figure 6.2: Operation modes for machines working in the field weakening
region.

PM widths b,,; and by,9, slot opening bg,, and air gap length g.1 The PM
consists of two rectangular stacks as shown in Fig. 5.1 (a) of widths b,,; and
bmo.

For different combinations of phases m, slots Ng and poles N,. The al-
gorithm generates many sets of inputs so that many different machines can
be evaluated. For each set, each variables (\, D,, Y;,) have certain ranges
(with minimum and maximum values) that are defined beforehand. Finally,
there are some fixed inputs (g, b1, bma, bso) that are chosen according to
the geometry. One set of inputs represents one electrical machine.

The different variables in a set are chosen within the specified range, by Latin
Hypercube sampling (LHS) [110].

Internal Parameters Evaluation. For each set of inputs, the rest of the
internal geometrical parameters are evaluated. These internal parameters are
the number of turns Vi, the rated rms current I,,.q, the slot width bg, the
axial length of the stator Y1, Yo, Y3, and the rotor Y;.

Design Constraints. The internal AFPMSM parameters are defined under
certain constraints. These constraints are: the peak flux density of the con-
sidered material By, , the maximum allowed current density J;, the filling
factor fyi, the dc voltage limit V., the maximum speed 7.y, the mini-
mum efficiency at rated speed 7, . and the minimum efficiency at maxi-
mum speed Mmaz,,;, -

Machine Selection. The outputs are: the geometrical machine parameters,
the efficiency at the maximum speed 7yax, the power density Pgens, and

!These parameters are referred as to control design parameters in the rest of the chapter.



6.3 AFPMSM Design Procedure 129

the total machine cost Ciot. The selection of the optimal machine is done
manually by the user, as the desired trade-off between the power density and
efficiency at the maximum speed.

The flow chart shown in Fig. 6.3, explains the design procedure for the AF-
PMSM. This design consists of three main routines.

* Set of Inputs Generation. The first routine determines the range of the
inputs studied. These inputs are generated for different sets of machines.
The generation of these sets is obtained by the Latin hypercube sampling
(LHS) [110] to cover the entire studied region. More details can be found in
section 6.3.1.

* Internal Parameters Evaluation. An internal design routine is used to ob-
tain the rest of the internal parameters. This process is repeated for each set
of machines. This procedure is done within predefined constraints. More
details can be found in section 6.3.2.

* Machine Selection. Finally, to visualise the high number of computed set
of machines in a clear way, a Pareto front is drawn between the efficiency at
the maximum speed and the power density is generated for these sets. The
selection of the optimum machine is done afterwards. Finally, all the output
parameters are generated. More details can be found in section 6.3.3.

6.3.1 Set of Inputs Generation

In this study, various combinations of slots, poles, and phases are studied. The
investigated number of phases is varied from 3 to 9 phases. The number of PMs are
varied from 6 till 18 PMs. The number of the slots is chosen afterwards according
to the following:

* The combinations are chosen according to the star of the slots for the double
layer fractional slot concentrated winding [111].

* The combinations are chosen to avoid the unbalanced magnetic pull force
[111].

* The combinations are chosen with a winding factor greater than 0.9. The
winding factor for a specific winding expresses the ratio of flux linked by
that winding compared to flux that would have been linked by a single-layer
full-pitch non-skewed integer-slot winding with the same number of turns
and one single slot per pole per phase. The torque of an electric motor is
proportional to the fundamental winding factor [111].
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Figure 6.3: Flow chart of the complete design procedure of the AFPMSM.

This results in the combinations shown in Table 6.1. Table 6.1 shows the wind-
ing factor for each studied combination. Each column represents a certain phase
number. For the same phase number, the number of PM values increases from top
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to bottom in the table.

For each cell (a Slot/Pole/Phase combination) in Table 6.1, n sets of the control
design parameters (Do, A, Y, bm1, bm2, bso, g), shown in Table 6.2, are generated
to cover the entire permissible range of these parameters. Some of these parameters
are fixed and some are variables. Here, n = 100. The range of the control design
parameters is shown in Table 6.2.

Table 6.1: The studied combinations and their winding factors.

3 4 5 6 7 8 9

Ns/N,, | 12/10 | 8/6 | 10/8 | 12/10 | 14/10 | 16/14 | 18/14
K 0.933 | 0.924 | 0.951 | 0.966 | 0.901 | 0.981 | 0.940
Ny/Ny, | 12/14 | 8/10 | 10/12 | 12/14 | 14/12 | 16/18 | 18/16
Ky 0.933 |1 0.924 | 0.951 | 0.966 | 0.975 | 0.981 | 0.985

2 || [V,/No 184 | 16712 | 20716 14/16
e || | Ky 0.902 | 0.924 | 0.951 0.975
| | NN, | 18716 | 16/14 | 20718 14/18
Ky 0.945 | 0.962 | 0.976 0.901
N,/N,. 16/18
Ky 0.962
N./N,, 24/18
Ky 0.924

The PM consists of two blocks as shown in Fig. 5.1 (a). Each block has a fixed
width of by,1 and by,2. The width of each block is kept fixed at 95% of the pole
pitch at minimum and average radius respectively. The air gap length g is fixed at
Imm. The slot opening bs, is kept as low as possible at 0.2 from the tooth pitch at
the minimum radius 7;_, . This was proven to be more efficient in the study for the
FW [112].

The varying parameters, shown in Figs. 6.1 and 6.3, are the inner to outer di-
ameter ratio A = l%, the PM axial length Y7, and the outer diameter D,,. The outer
diameter is a function of an initial outer diameter. This initial value is determined
as follows;

T; 1/3
Doi = <27r 2 1+)\) 5 (61)
2 K KK By Ac(1— ) 52
where 7. is the required torque of the machine.

¢ K, is the Electromotive Force (EMF) factor which, is the same as the wind-
ing factor.
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Table 6.2: Range of control design parameters.

Type Parameters Symbol Range
Outer diameter D, (0.85-1.15)D,,
Variable Inner to outer diameter ratio A\ = % 0.65-0.8
PM axial length Y 3mm-6mm
PM width 1 bm1 0.957m,,,
Fixed PM widt}} 2 bmo 0.95m,,
Slot opening bso 0.27 ..
Air gap length g Imm

« I is the current waveform factor which, equals /2 for the sinusoidal supply.

* K, is the electrical power waveform factor. Which, equals %cosgb, where
cos¢ corresponds to the required power factor.

* B, is the average air gap flux density. This value depends on the axial length
of the permanent magnet and the air gap length. An average value of 0.8T is
assumed.

* A, is the electrical loading which depends on the cooling type [22]. A rea-
sonable value for the natural air cooling is 30 kA/m and for a powerful forced
coolant is 70 kA/m.

A = D;/D, is the ratio of the inner to outer diameters.

6.3.2 Internal Parameters Evaluation

There are still some internal parameters that need to be evaluated for every set of
machines, i.e. for every set of input variables. These parameters are the number
of turns Ny, the rated current I,,¢.q, the slot width b, the axial length of the stator
Y1, Yeo, Yes, and the rotor Y.

To obtain these parameters, some design constraints exist in Table 6.3. The
main constraints are summarized in the following points.

* Required Flux Density. The peak flux density required By, is determined
by the magnetic material properties. The chosen material is METGLAS
2605 alloy due to its advantages regarding thermal issues and lower losses
[113,114]. The fitted parameter values are H, = 4.07 A/m, B, = 1.402 T,
and v = 39.71. The non-linear permeability u, with respect to the magnetic
flux density of the measured p, — B characteristics at 200Hz and equation
(4.2) are shown in Fig. 6.4. Therefore, the The peak flux density is chosen
to be 1.35T.



6.3 AFPMSM Design Procedure

109 ¢ T T
: --Measured u, curve
. ~ , e Eqn. 4.2
qfoooooooooooo-o.o-t_ﬁ_._‘__'_'.‘.!p.l.c 00009000 ¥vvvvvy -.‘.
50 T . |
i .
3‘11045— |
F [ ]
103 5
2 I I I I I I I
10 0 0.2 0.4 0.6 1 1.2 1.4

0.8
B [T]

1.6
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studied models [114].
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Required Current Density. The maximum allowed current density is deter-
mined according to the cooling type. The used value in this chapter requires
a forced cooling technique as stated in [22]. For higher current density limits,

the machine requires more powerful cooling.

The DC Voltage Limit. The rated peak output voltage from the inverter
Vpeak 18 determined by the DC voltage value and the used modulation tech-
nique. The peak phase voltage for any number of phase m and a DC voltage
Ve with the space vector modulation technique is determined by [115]:

Vpeak =m; Vdca
where m; is the modulation index:

-
' 2cos(m/(2m))”

(6.2)

(6.3)

This value is used in the design procedure to keep the machine’s terminal

voltage at its rated value depending on the number of phases.

The Maximum Speed n,,,, is determined according to the modes of the

design described in details in the appendices B and C.

With respect to the maximum speed of the machine, two design modes are
defined; the finite and the ‘theoretical’ infinite speed design. In [112], the
authors demonstrated the difference between finite and theoretical infinite

speed design of the AFPMSM.



134 An Electromagnetic Design Procedure for AFPMSMs

Table 6.3: Constraints of the design.

Constraints Symbol Value
Required Flux Density Bt,.q 1.35T
Required Current Density Jr 5 A/mm?
Winding Filling Factor fwi 0.5
DC Voltage Limit Vie 600V
Maximum Speed/Rated Speed Nmax/Mrated 5
Minimum efficiency at rated speed e 95%
Minimum efficiency at maximum speed Nmaxoim 90%

For a finite speed design, the machine is selected, if it can operate till a
certain maximum speed defined by (6.4):

Vpeak

QWLsp(wE;n - Ipeak)

(6.4)

Nmax = 60

where Lg is the machine inductance. The machine inductance Lg equals the
d and ¢ axis inductances Lq and L for surface AFPMSM. ¢, is the PM
flux linkage.

For an infinite speed design, the machine can operate from the electromag-
netic point of view till theoretically infinite speed. This means that the in-
ductance of the machine becomes very large so that a small d-axis current
can weaken the flux. This enhances the efficiency at the maximum speed.

With the predefined constraints described in Table 6.3, the procedure for the
internal design to determine the rest of the machine parameters described below:

1. The Number of Turns and Rated Current N; is determined according
to the rated required peak phase voltage described in (B.1). The rated rms
current [,,t0q is then determined according to the rated power of the machine
P rated [26]

V ea.
N, = peak : (6.5)
KeNng%u — \2)D2
Pra (51
Irated = ted (66)

mvpeak/\/i '
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After the initial design of these values, the number of turns and current are
fine tuned by means of the combined solution of Maxwell’s equations and
the magnetic equivalent circuit (SC-MEC) described in chapter 4.

2. The slot width b; and axial length Y., shown in Fig. 4.8, are designed
in such a way to keep the required flux density in the tooth By, at the
required limit specified in Table 6.3. These limits depend on the application
and material choice [116]. In this work, the flux density is set to 1.35 T as
described in Table 6.3.

While changing the slot width, the tooth axial length 2Y;; is changed to keep
the current density within its predefined limit, i.e. J, =5 A/mm?2. Once the
slot width is changed, the peak flux density varies.

Therefore, an iterative algorithm, using e.g. the Newton-Raphson (N-R)
technique, needs to be implemented to keep both the flux and current den-
sities within the limits. This part is done at the rated speed and loading
conditions. The SC-MEC model is used to find out the peak flux density
inside the tooth.

In the iterative procedure, the axial length is:

J,

Yo, = Yclojo, (6.7)

where Y and Y, are the new and old axial lengths, respectively. .J, is the
old current density.

The tooth-tips length Y.o and Y3 are calculated as follows [26]:

2 B,b
Yo=gp
ViPreq 6.8)
1 Byb,
}/(:3 = 3 )
3 Btipreq

where B, is the average air gap flux calculated from Maxwell’s equations,
and Btipreq is the required flux density in tooth tips which equals 1.9T.

The current density of the machine is calculated as:

_ NtIrated
b fui(2Yer)’

T

(6.9)

where Y¢; is half of the slot axial length of the copper area, f; is the winding
filling factor. In this case fy; is assumed to be 0.5 and is shown in Table 6.3.
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3. The rotor axial length Y} is an important design aspect from electromag-

netic and mechanical points of view.

Authors in [26, 117] developed mechanical analytical models for the YASA
machine for a proper structural analysis of the rotor and stator for large
scale applications. In addition, the authors in [118] developed mechanical
FE models for a coreless AFPMSM in high speed application.

* From the electromagnetic point of view, the rotor axial length Y;. equals

[26]:
7Dg 1+ A &

4p 2 Btr ’

where By, is the required flux density in the rotor side which equals 1.7
T, and By is the air gap flux density over one pole pitch.

Yo = (6.10)

* From the mechanical point of view, the length of the rotor should be
chosen to retain the maximum allowable deflection under the applied
axial force. This axial force at the full load is deduced as follows:

2T RY,

1 n
F, = o Z / By tepdr (6.11)
Ho i=1,2,.. "y

where By is the axial air gap flux density at the center of the air gap
area calculated by Maxwell’s equations described in section 3.4.2. t,
is the radial length of each slice. A numerical integration is done over
the radial length of the machine.

— The maximum deflection y, that can occur of the rotor shown in
Fig. 6.5 in this section is set to be 10 % of the air gap thickness
g, which is Imm. This is illustrated in more details in [26]. The
shaft is placed on 20 % of the outer radius, i.e. b = 0.2 R,,.

The minimum rotor thickness during the design is:

12a%(1 —v?)

) 1/3
By (M, C2 + QpaCs — qa L11)) , (6.12)

Yio = (
where v and F are the poisson ratio and the modulus of elas-
ticity, respectively. Their values for the electrical steel are typi-
cally 0.3 and 2.1 x 10'' N/m?, respectively. a is the outer ra-
dius. My, Co, Qp, C3, q, L1 are variables and can be found in
[26,117].

— Considering also the dynamic stability of the machine during ro-
tation, and due to the harmonics existing in the flux density wave-
form, an undesired vibration may arise in the rotor [22]. The nat-
ural frequency f; has to be much higher than the frequency of the
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Figure 6.5: Structural analysis of AFPMSM rotor adapted from [117].

supply at the maximum required speed. In this case, an analytical

formula is used to provide the minimum rotor thickness assuming

a natural frequency equal to the frequency corresponding to the

maximum speed [22]:

_ 2r fa Ry
Ku/E/pre/v/1201— )

where pr, is the mass density of the iron.

Y3 (6.13)

* The structural mass of the rotor is chosen to equal the maximum value
of Y1, Y12, and V3.

4. The effect of inductance at full load should be included. Usually, a high
value of the machine inductance is needed for the operation in the FW region.

The full load voltage is adjusted by varying the number of turns to keep the
output voltage of the machine at rated loading conditions at the peak inverter
voltage Vjeak described in (6.2) and (6.3).
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At rated operating condition, only ¢ axis current is injected. Assuming the
lossless equations described in Appendix B, the new value of number of
turns N¢, can be obtained as follows:

(Vpeath )2
Ny, = > 6.14
tn \/(27TfLsoIo)2 n Ega ( )

where Ny, is the old number of turns in (6.5), Ly, is the machine syn-
chronous inductance, I, is the old rated current and FE, is the old peak no
load voltage.

Output Efficiency at Maximum Speed and Power Density. For each set
of input parameters, the efficiency at the maximum speed and the power
density are generated. The details about the calculations of these parameters
are found in section 6.3.3.

6.3.3 Machine Selection

Based on the designed machines, the Pareto front can be easily visualized to select
the optimal machine topology among the n generated ones, see Fig. 6.6. Fig. 6.6
shows the 3-phase/14-poles/12-slots combination results. It demonstrates the op-
tions between finite and theoretical infinite speed designs. The Pareto front shows
that there is only one particular theoretical infinite solution which is described by

the red dot.
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Figure 6.6: An example of Pareto front results to maximize the efficiency at
the maximum speed and the power density.

After choosing the optimum solution from the set of the designed control input

parameters, the machine is selected afterwards. The geometrical machine parame-
ters are outputted afterwards. The list of these outputs are generated.
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1. The losses (Copper, PM eddy losses, and stator iron losses).

The copper losses are calculated including the end windings. There are two
different end winding lengths at the inner and outer diameter as shown in
Fig. 6.7 (b). The minimum and maximum length of the end winding at the
inner and outer diameters equal:

lemin = Lti + Lto’
T
lemax = §(Tmax + Tmin)7 (6.15)
l — lemax + lemin
e 2 9

where Ty, and Ty,;, are the slot pitch at the outer and inner diameter, respec-
tively. The maximum end winding length is calculated based on assuming
a half circular winding. The total end winding is the average between both
end windings. The total length and the area of one turn are calculated as:

ltot - 2(R0 - Rl) + le7
bs 2Yeq (6.16)
A= =221
ET 9N, Fu

The total resistance and copper losses are:

Nyl Ny
m oAy’ (6.17)
Pyi = mI°Ry,

]

where o, is the electric resistivity of copper.
The PM and iron loss models, described in chapters 5 and 4 respectively, can
accurately predict the loss values.

2. The inductances Lq and L.

The inductances, as well as the voltage waveform, are calculated based on
the SC-MEC model described in chapter 4, which takes into account the
effect of magnetizing and leakage inductances.

3. The maximum reachable speed 7, can be obtained based on (6.4).

4. The power density P, of the machine based on the machine mass.
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Figure 6.7: Tooth model of the AFPMSM.

 The stator core mass M, equals:

L, + Ly,

2
+( .
N;

Mg = pfeNs (Ro - R1)2}/cl

- bso) (Ro - R1)2}/C3 (618)

_ 5 ;bs") (Ro — )2V

* The rotor core mass M, equals:

D2
M; = pre2¥n = 22(1 = \?). (6.19)

e The PM mass equals:

R, — R;
Mpm = 2ppm]vrnyvm (bmlg‘l'

2
buo (Ro ; R;) )7

where ppm s the mass density of PM.

(6.20)

* The winding mass equals:
My = pcuNs(ltotAtNt)a (621)

where p., is the mass density of copper.
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* The structural mass Mg, c¢ depends on the selection of the axial rotor
thickness for the three rotor thicknesses described in (6.10),(6.12), and
(6.13):

D.?

Mstruct = 2maX(Y}17 Yo, Y}?))ﬂ'( 4

—V)pre — My (6.22)

¢ The total mass M, at the end is the summation of the four mass
values Mg, M, Mgruet Mpm, and My;. This corresponds to a power
density of Py, = P /Mot

5. The cost of the machine. The cost is predicted by the following equation
knowing the mass of each part of the machine [119]:

Ctot = Ciron(Ms + Mr + Mstruct) + CpmMpm + Cconi7 (623)

where Ci;oy, is the cost per kilogram of iron. Ci,y, is the cost per kilogram
of PM. C, is the cost per kilogram of copper. In this thesis, we use Ciyon,
Cpm, Cco as 3, 40, and 15 €/kg, respectively.

In conclusions, the flow chart shown in Fig. 6.3 summarizes the complete
design procedure.

6.4 Analytical Model Results and Discussions
In the following part, the results are subdivided into three main sections.

* Different slots, poles, phases combinations effects on the stator mass, differ-
ent masses of the machine, the power density and inductance are studied in
section 6.4.1.

* The design routine is applied afterwards to set up the complete design of
the machine under two options of design. The finite speed design is studied
in section 6.4.2. Then, infinite speed design is investigated in section 6.4.3.
The difference between the two modes is discussed in section 6.4.4. The
differences between two modes of design are discussed in appendix C. In
summary, the machine is selected for finite speed design, when the maximum
speed has a finite value. For an infinite speed, the machine is selected as it
can operate till theoretically infinite speed.

¢ The influence of outer diameter and inner to outer diameter ratio is studied
in section 6.4.5.
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6.4.1 The Effect of Different Slots, Poles, Phases Combinations on
Power Density and the Inductance

The Effect on Stator Mass

The torque to g-current ratio equals: [120]
Ti, = (m/2)ppm. (6.24)

To clearly identify the relation between the number of slots and poles on the
stator mass, we consider two combinations with the same slot numbers like the
three phase combination of 10poles-12slots and 14poles-12slots. Their winding
functions are shown in Fig. 6.8.

The flux density is assumed sinusoidal with a peak value of By ..

1. 10-12 Combinations: The flux density equals B = Byaxsin(5(0y, + 65)),
where 6, is the circumferential mechanical angle in radians, and 6 is the
shift of PM in radians.

The flux linkage of phase (a) equals:

2w
Gay = Tglefr No(0m)B(0,)dO, . (6.25)
0

where 7, is the air gap radius, [.g is the active length of the machine, NV, is
the phase a winding function shown in Fig. 6.8. Assuming that both r,, and
lor equal one, the peak value of the flux linkage occurs at 5 = 0 rad. The
peak value 1pm, of the flux linkage ¢,,, the torque to g-axis current ratio
Ti,, » and the peak flux per tooth ¢, equal respectively:

q1

Ypmy = 1.49 B,
T, = 11.2Bpax, (6.26)
1y, = 0.39 Brmax.

2. 14-12 Combination: The flux density equals B = Byaxsin(7(0m + 65)).
The peak value of the flux linkage occurs at 65 = 0 rad. The peak value
of ¢,,, the torque to g-axis current ratio, and the peak flux per tooth equal
respectively:

Ypmy = 1.07Biax,
Ti,, = 11.2Bax, 6.27)
1y, = 0.28Bna.
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In conclusions from (6.26) and (6.27), it is clear that the torque to current ratio
is the same for the two combinations. However, the peak flux per tooth is:

b, = 14, (6.28)

In this case, the 14-12 combination gives 40% reduction in the total flux den-
sity on one tooth compared to the 10-12 combination. Therefore, during the design
phase, the tooth can be thinner for the 14-12 combination. This allows more cop-
per without any increase in the flux density. This is analogous with the Ng/Ny,
value. As Ng/Ny, is lower, the flux density inside one tooth becomes less than a
combination with high Ng/Np,.

Similar results are obtained for the seven phase system. The chosen combina-
tions have the same Vg value. Table 6.4 shows that the tooth flux density increases
as the Ng/Ny, increases. The small degradation in the torque to current ratio for
Ny > (Ng £ 2) is due to the lower winding factor.

Table 6.4: Seven phase effect on torque to ¢ current ratio and peak flux in-
side the tooth.

Ns Nm Ns/Nm ﬂq ¢tp

14 18 | 0.78 12.6 Byax | 0-2Buax
14 116 | 0.875 | 13.64B,,.c | 0.24 5.«
14 [12 | 1.17 | 13.64B | 0.32 B
14110 |14 12.6 Biyax | 0.36 Bpax

Ns/Np, inc.

In conclusions from the above discussions, it is better to choose combinations
with Ng/Np, < 1 in order to obtain low stator core mass.

However, other important aspects need to be considered such as the copper,
rotor and rotor masses.

The Effect of Different Slots/Poles/Phases Combinations on Different Masses
of the Machine

An analytical study is done to illustrate the effect of different combinations on the
different mass components. The design is conducted for all combinations for the
following constraints:

¢ QOuter diameter of 0.18m.
¢ The inner to outer diameter ratio is fixed at 0.65.

* The air gap field is fixed at 0.8T.
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Figure 6.8: Winding function for the two different combinations of the
12slots/10poles and 12slots/14poles.

¢ Other constraints, shown in Table 6.3, are also valid.

The air gap field is kept constant by adjusting the PM axial length. The effect of
different combinations on the different masses are illustrated below:

1. Table 6.5 shows the different studied combinations, their windings factor,
and the N;/Ny, for each combination. It shows also the stator mass as an
absolute number and as a percentage of the total mass of the machine (active
and inactive mass). The percentage shows how important the stator mass
with respect to the total mass is.

It is clear from Table 6.5 and Fig. 6.9 that the stator mass increases as ex-
pected with the increase of the value of the Ng/Ny,. Table 6.5 shows also the
percentage of the stator iron core mass to the total active (rotor core, stator
core, PM, and copper) and inactive mass (structural rotor mass).

2. The copper material has a general tendency of reduced copper mass with re-
spect to the increase of number of stator slots. This is because of the reduced
end winding when increasing the number of stator cores with the same cop-
per filling factor. This is clearly shown in Fig. 6.10. The number of turns is
variable to keep the voltage at full load at its rated volue.

3. The effect of different combinations on the rotor mass. The rotor mass is
divided into electromagnetic and mechanical parts.
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Figure 6.10: Effect of different combinations on the copper mass.

The rotor electromagnetic design is based on (6.10). It is clear that the rotor
thickness Y;; and mass M, are inversely proportional to the number of pole
pairs. Therefore, a general reduced tendency can be observed for the rotor
mass with increased number of PMs. [22].

The rotor structural mass has a general tendency to increase with increasing
the number of PMs. From (6.13), the required rotor thickness increases with
the frequency as shown in Fig. 6.11. However, for low number of PMs,
(6.10) becomes more dominant. Consequently, an increase of the rotor axial
length is expected for a very low number of PMs.

It is clear that each mass has a general tendency against a certain parameter.
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Table 6.5: The effect of N, /Ny, ratio on the stator mass as an absolute num-
ber and as a function of the total mass.

‘ m ‘ Ns—Nm ‘ Ns—Nm [frac] ‘ Kw ‘ Ms [kg] ‘ Ms/Mtot % ‘
7| 1418 0.777778 | 0.900969 | 1.951526 | 19.41297
810 0.8 0.92388 | 2.121354 | 25.67328
10_12 0.833333 | 0.951057 | 2.053662 | 24.89432
1214 0.857143 | 0.965926 | 2.23155 | 24.75708
12_14 0.857143 | 0.933013 | 2.152099 | 24.22598
14_16 0.875 0.974928 | 2.171315 | 22.91472
16_18 0.888889 | 0.980785 | 2.260058 | 22.13259
16_18 0.888889 0.96194 | 2.237198 | 22.0062
20-18 L1I1111 | 0.975528 | 3.379027 | 30.08891

. 18-16 1.125 0.984808 | 3.620481 | 33.32663
8 18_16 1.125 0.945214 | 3.233114 | 31.01637
ZE 16_14 1.142857 | 0.980785 | 3.635731 | 35.55281
E 16_14 1.142857 0.96194 | 3.411552 | 34.20066

1412 1.166667 | 0.974928 | 3.400677 | 36.30427
1210 1.2 0.965926 | 4.118438 | 41.45042
1210 1.2 0.933013 | 3.685468 | 39.02903
10_8 1.25 0.951057 | 3.705046 | 35.04247
20.16 1.25 0.951057 | 3.628094 | 33.55169

18.14 1.285714 | 0.939693 | 4.585167 | 40.96879
18.14 1.285714 | 0.901912 | 4.185468 | 38.96954

8.6 1.333333 0.92388 | 4.630707 | 34.58425
2418 1.333333 0.92388 | 4.052233 | 40.49544
1612 1.333333 0.92388 | 4.02945 | 33.94525
1410 1.4 0.900969 | 4.813046 | 45.53007

NP, PR PRA,LDWOUVUUNLLWALIPROODWLWOWDNRAROOIWONWVAS

» The stator core mass has a general tendency with the number of slots per
poles.

* The copper mass has a stronger relation with the number of slots.
* The rotor mass has a stronger tendency with the number of PMs.

Therefore, a complete electromagnetic design is executed for different combi-
nations of phases/slots/poles to have complete guidelines for the designers for the
AFPMSMs.

The Effect on FW Properties

From the field weakening point of view, it is important to have a large inductance
to increase the field weakening capability. Inductances are divided into air gap and
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Figure 6.11: Effect of different combinations on rotor and structural mass.

slot leakage inductances.

1- To obtain a full insight on the performance of the AFPMSM for different
combinations of slots, poles and phases, their inductances are investigated. A sim-
ple magnetizing inductance for an AFPMSM could be written as [121]:

K2 \ D2 (1— )2
o Mo 49 out( )
L = ZE2NZ (=5 p2 2) P (6.29)

where ¢’ is the effective air gap area including the PM and effect of slots (Carter
coefficient). Ky, = Ky is the fundamental winding factor, A is the inner to outer
diameter ratio (D;/D,), and Ny, is the number of turns per phase. (6.29) is only
valid for the fundamental component. In order to take into account the harmonic
effects, a leakage harmonic factor was introduced in [121]. This factor o5 describes
the effect of the winding factor harmonics Ky, on the total inductance caused by
the fundamental values and harmonics. This value is described as:

Z r’ QKQ, (6.30)

where n is the harmonic number.
The total magnetizing inductance including the harmonic effect is:

L = L + Ls = Lun; (1 + 05), (6.31)
= Lun, Z p TV{VQ (6.32)
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In [122], a complete study for machines working in FW showed that the best
combination that results in the highest air gap inductance corresponds to the one
that has the highest o5.

Table 6.6 summarizes the effect of different combinations on the oy factor.
Each column represents a certain phase number. It is clear that for the same phase
number, as the Ng/Ny, value increases from top to bottom in the table, the har-
monic leakage factor of the selected combination decreases, the inductance de-
creases, and a worse FW capability is achieved. Therefore, it is better to design for
a low value of N/, to have a better FW capability.

2- The leakage inductance is an important factor in the design of the AFPMSMs
for the FW region. The leakage inductance is mainly dependent on the slot width
bs, and the axial length of the tooth 2Y,;. It is also dependent on the tooth tip
heights Yo + Y3, and slot opening width by,. The leakage inductance could be
written as [121]:

Do(1— ) 2Ye 4Yeo 2Ycs

Pq ( 3bs  bs+bso Do
where ¢ is the number of slots per pole per phase.

If the effect of tooth tips is neglected, a direct relation with the leakage induc-
tance L) 2{—“ can be observed. Consequently, for a wider tooth and less axial
length of the stator yoke, the inductance would be less.

To have a full insight on the leakage inductance performance of the machine,
the analytical model is used. Two combinations are chosen with the same
number of slots. The chosen combinations are N, =14poles,N; =12slots and
Ny, =10,Ng; =12. The outer diameter is varied in the analytical model design
procedure keeping all other parameters fixed. The no load voltage is kept also
fixed. The air gap and leakage inductance are recorded for each outer diameter.
This is shown in Fig. 6.12.

In conclusions from the above discussions, the slot width becomes smaller with
the Ny, /Ny = 14/12 rather than the Ny, /Ny = 10/12 to keep the same flux
density. This totaly reduces the leakage inductance for the Ny, /Ny = 14/12 as
shown in Fig. 6.12. The magnetizing inductance is higher for the N,,, /Ny = 14/12
as expected.

Below an outer diameter of 147mm, the Ny, /Ns; = 10/12 combination can not
achieve the required flux density shown in Table 6.3 inside the tooth because of the
very large leakage inductance. Therefore, the Ny, /Ny = 14/12 provides greater
capabilities for FW below this outer diameter.

Ly = N2 pto ), (6.33)

6.4.2 Finite Speed Design

In the finite speed design, the machines are selected to operate to a certain finite
speed determined by (6.4). Therefore, the machine can not operate higher than this
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Figure 6.12: Effect of N;/N,, on the magnetizing and leakage inductances.

speed under the voltages and currents limit.

Table 6.6 summarizes the effect of the design of different combinations on the
power density, the maximum speed in (6.4), and the cost of the machine in the finite
speed study. The Ng/Ny, increases from up to down. Each column represents the
result for a certain phase number m. For purposes of design, the maximum speed
is kept the same.

Different conclusions are drawn from the table:

* Only combinations with Ng/Ny, < 1 (in the upper part of the table) can op-
erate in the FW region. This is explained by the high values of the harmonic
leakage factor o associated with these combinations, see Table 6.6. The
high o5 causes a high inductance according to (6.31).

* The highest power density is only associated with combinations of
Ns/Np, < 1 and the high winding factor K.

For example, for the three phase system only the Ng/Np, = 12/14 combi-
nation results in the highest power density and maximum speed. Although other
combinations in Table 6.6 like Ns/N,, = 18/16 have higher winding factors of
0.945 compared to 0.933, they neither reach the required speed nor the highest
power density.

For the five phase system, only the Ng/Ny, = 10/12 combination achieves the
required speed with the highest power density. Although, other combinations have
higher winding factors, they don’t achieve larger power density.

For the seven phase system, despite the relatively low winding factor (K, =
0.9) associated with the Ng/N,, = 14/18 combination, it achieves a very high
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Table 6.6: The effect of different combinations on the winding factor, har-
monic leakage factor, power density, maximum speed, and cost
of the machine.

m
3 4 5 6 7 8 9
N;/Np,[frac.]| 0.86 | 0.8 [0.833| 0.86 | 0.78 | 0.89 | 1.13
N;/Np, 12/14 | 8/10 | 10/12 | 12/14 | 14/18 | 16/18 | 18/16
Ky 0.933 | 0.924 |1 0.951 | 0966 | 0.9 |0.981 |0.985
o5 4.78 8 6.85 | 9.79 | 16.598 | 11.96 | 7.04
Pens[kW/kg] | 0.74 | 0.67 | 0.756 | 0.763 | 0.78 | 0.74 | 0.65
(I [ m— 9.3 9.5 8.6 8.6 8.8 8.1 1.8
Cost (€) 58 66 60.7 56 53 54.7 | 55.7
Ng/Np[frac.]| 1.13 | 0.89 | 1.11 1.2 | 0.875 | 1.14 | 1.29
N/Ny, 18/16 | 16/18 | 20/18 | 12/10 | 14/16 | 16/14 | 18/14
Ky 0.945 1 0.962 1 0.976 | 0.966 | 0.975 | 0.981 | 0.94
o 215 | 5.74 | 4.24 4 9.17 | 6.84 | 6.6
Paens[kW/kg] | 0.59 | 0.685| 0.59 | 0.58 | 0.77 | 0.65 | 0.58
Nomax/ Mrated 1.8 8.2 1.6 1.8 8.3 1.6 1.7
Cost (€) 57 54.7 53 62 55 58.4 56
N;/Nplfrac.] | 1.2 1.14 | 1.25 1.17
N;/Np, 12/10 | 16/14 | 20/16 14/12
Ky 0.933 | 0.962 | 0.951 0.975
. o5 1.95 | 3.08 | 2.49 4.719
E Paens[kW/kg] | 0.504 | 0.6 | 0.604 0.67
g T — 1.6 1.5 1.8 1.7
5 Cost (€) 70 | 56.5 | 58 56
= Ny/N,,[frac.]| 129 [ 1.33 | 1.25 1.4
Ns/Ny, 18/14 | 24/18 | 10/8 14/10
K 0.902 | 0.924 | 0.951 0.901
o 1.75 | 2.25 | 2.49 4.43
Paens[kW/kg] | 0.53 | 0.53 | 0.53 0.53
Nnax/ Mrated 1.7 1.5 1.8 1.7
Cost (€) 60 58 67.5 64
N, /Ny, [frac.] 1.33
N;/Np, 16/12
K 0.924
o 2.25
Piens[kW/kg] 0.61
nmax/nrated 1.8
Cost (€) 59
N, /Nplfrac.] 1.33
N/Np, 8/6
K 0.924
o 2.25
Paens [kW/kg] 0.44
nrnmx/"rated 1.8
L | Cost (€) 76

power density and the maximum speed. In addition, the Ny/N,, = 14/16 com-
bination achieves a high power density with a high maximum speed due to its
associated high winding factor K, = 0.975 but not as the Ny/Ny,, = 14/18, etc.
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In spite of the very high winding factor of the nine phase system shown in
Table 6.6, it can not achieve a high power density or the maximum speed as other
combinations. This is due to the high value of Ng/Ny,.

In conclusions, in the design procedure, it is important to select the combi-
nations that have a high value of o5 in (6.30) to have optimal FW properties. In
addition, combinations with N,,, > N, as well as a high winding factor Ky, result
in a better performance than any other combinations in terms of the power density.

Fig. 6.13 (a) summarizes the effect of the number of phases on the power
density. This result contains the combinations with the highest power density for
each phase. It shows that the power density increases while utilizing a higher
number of phases except for some phases. The four phase system (8 slots and 10
PMs) has a combination with a very low number of slots. This increases the end
winding leading to higher copper mass. Moreover, the eight phase system (16 slots
and 18 PMs), the Ng/Ny, is higher than the seven phase system of the first row in
Table 6.6. This leads to larger stator mass. For the nine phase combinations, the
N;/Ny, is larger than unity leading to a very large stator mass compared to other
combinations.

Paens Paens
0.78 0.75
0.76
0.74
éb 0.72 g) 0-7
E 0.7 5
0.68 0.65
0.66 ]
3 4 5 6 7 8 9 3 4 5 6 7 8 9
Phase no. Phase no.
(a) Finite (b) Infinite

Figure 6.13: Power density results for finite and infinite speed design.

6.4.3 Infinite Speed Design

In the infinite speed design, the machines are selected to operate till theoretically
infinite speed within the predefined constraints of the voltages and currents.

Table 6.7 summarizes the effect of the design of different combinations on
power density, efficiency at rated speed, and cost of the machine in the infinite
speed study. This is done for different numbers of phases, i.e. m in the Table.

It is clear that only combinations with the highest harmonic leakage factor,
winding factor, and N5 /Ny, < 1 result in the infinite speed design.
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It is also clear that the power density compared to the finite speed design is
reduced. This corresponds to the concept of the degradation of the power capability
with the increase of the inductance value. To reach a ‘theoretically’ infinite speed,
higher inductances are expected to occur. It is also clear that certain phases can
not achieve the infinite speed design like the nine phase system because of the high
Ng/Ny, value. Fig. 6.13 (b) shows only the combinations that succeed to achieve
the infinite theoretical speed, and summarizes the effect of the number of phases
on the power density. It is clear that the increase of the power density is related to
the increase of the phase number and decrease of Ng/Ny,.

Table 6.7: The power density, efficiency at the rated speed and cost of the
machine for infinite speed results.

m

3 4 5 6 7 8
Ny/Ny 0.86(12/14) | 0.8(8/10) | 0.833(10/12) | 0.86(12/14) | 0.78(14/18) | 0.89(16/18)
Piens[kW/kg] 0.67 0.63 0.673 0.69 0.75 0.703
n (%) 96 96 96.1 96.4 96.5 96.4
Cost (€) 62.3 69 64.1 59 55 54
Ns/Ny 0.875(14/16)
Piens[kW/kg] 0.675
n (%) 96.3
Cost (€) 55.4

6.4.4 Comparison Between Finite and Infinite Speed Designs

The power density, efficiency at the maximum speed, and the cost of the machine
are depicted in Fig. 6.14 for a finite and infinite speed design. The theoretical
infinite speed design results in a better efficiency at the maximum speed. For the
theoretical infinite speed design, less d-axis current is needed to mitigate the same
flux. Therefore, the efficiency at the maximum speed is better. On the other hand,
the theoretical infinite speed design results in a less power density. In addition, the
cost of the infinite speed machine is higher than the finite speed design.

Torque is produced by the interaction between two fluxes of the PMs and the
magnetomotive force produced by the copper windings. In order to obtain higher
speeds, the inductance needs to be higher. Therefore, the amount of copper needed
becomes more dominant than the PM flux. In consequence, the cost increases and
the power density reduces.

Therefore, it is better to design a machine for a certain finite speed rather than
designing it for a theoretical infinite speed. In the infinite speed design, the machine
can operate in a wide range of speeds with a great efficiency over this range.

6.4.5 Results of a 14-12, 3-phase machine

Figure 6.15 shows the effect of outer diameter and inner to outer diameter ratio on
the power density and maximum speed in per unit for the 3-phase, 14-12 combi-
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nation. It is clear that the best power density occurs at certain outer diameter and
inner to outer diameter ratios.
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Figure 6.14: Comparison between finite and infinite speed results.
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Figure 6.15: Effect of geometrical machine parameters change on the power
density and maximum speed.

Figure 6.15 shows that the maximal speed is rather low in the point of optimal
power density on the right. If a higher maximal speed is required, the chosen
solution should be shifted as indicated by the arrow in the figure. Looking again
at the power density plot (left figure), the same shift will lead to a lower power
density. This corresponds to the results in Fig. 6.6. The solutions with a higher
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power density have a lower maximal speed, as indicated by the arrow on top of Fig.
6.6.

6.5 Finite Element Validation

In this section, a 3D FE model is used to validate the obtained results using the
analytical design tool. We have selected the three-phase machine topology, with
design parameters outlined in Table 6.8. The star of the slot is is shown in Fig.
6.16.

Table 6.8: Geometrical parameters of the designed three phase machine.

Parameter Symbol Value
Number of pole pairs D 7
Number of stator slots N 12
Rated speed Nrated 2500 rpm
Rated Torque Tem 19.1 Nm
Remanent flux density permanent magnets Brem 1.26 T
Outer diameter D, 130 mm
Inner diameter D; 85 mm
Axial length core element 2(Yar + Yo +Ye3) 81 mm
Axial length slot 2Yc1 68.8 mm
Slot width by 10.2 mm

Figure 6.17 shows the flux density distribution of the selected three phase ma-
chine. A magnified version of the flux density distribution is shown in Fig. 6.18.

Both figures clearly show that the peak flux density inside the tooth corresponds
to the targeted flux density value around the designed value of 1.35 T (The green
color in the magnified version in Fig. 6.18). The 1.35T is chosen because the
selected amorphous material grade has a saturation of 1.56T with a stacking factor
of 0.9.

A good agreement between the analytical and FE based models of the voltage
at no-load and full load conditions at the rated speed can be noticed in Fig. 6.19.
The analytical model has succeeded to obtain the full load voltage as the desired
value. Fig. 6.20 clarifies that at the maximum speed, the full load voltage does not
exceed the voltage limit of the machine with the injection of the d-axis current. In
addition, a good agreement between the analytical and FE model can be observed.

The losses difference of the 3D FE and analytical models is depicted in Table
6.9. It clearly shows that the model is capable of obtaining the iron loss values in
an accurate way.
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Figure 6.16: Phases distribution across the circumference for the 12 slot 14

pole combination.

Table 6.9: Iron losses difference between analytical and FE. models.

Ana. Model | 3D FE. Model | Err (%)
No Load 33.87TW 35.7W 5%
Full Load 52.86 W 553 W 44 %
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The loss distribution over the entire working speed, based on the analytical
model developed in [44], [94], can be observed in Fig. 6.21. The PM losses become
more dominant at high speeds. These losses can be reduced by segmenting the PMs
as shown in Fig. 6.22. The iron loss increases with a slow rate firstly by injecting
the d-axis currents. This can be explained as the d-axis currents counter the main
fields of the PMs. Afterwards, the rate increases again.

Figure 6.23 depicts the efficiency map of the 3-phase, 14-poles, and 12 slots
machine up to the maximum speed of five times the rated speed. It proves that the

designed machine has an efficiency greater than 90% at the maximum speed.
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Figure 6.17: Tooth flux density of the AFPMSM.
Figure 6.18: Tooth flux density of the AFPMSM (Magnified Version).
- ©



6.6 d and ¢ Current Effects on Torque Ripple 157
400
—3D FE. No Load
900 £ — 3D FE. Full Load g 59 |
A Ana. No Load s
— . + Ana. Full Load yl
> e
e 2
o 3
=) 0+ / i
<
s Pl
=200 N P g
—400 I I I I I I
0 0.5 1 1.5 2 2.5 3 3.5
Time [s] x1073
Figure 6.19: 3D FE and analytical voltage output of the machine at rated
speed.
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Figure 6.20: 3D FE and analytical voltage output of the machine at maxi-
mum speed.

6.6 d and q Current Effects on Torque Ripple

The torque ripple of the 12-14 machine is studied for different d and ¢ axis currents
in Fig. 6.24. Thanks to the developed accurate subdomain model discussed in
section 3.4.3, it is possible to obtain accurately the torque ripple of the machine.
It is clear that approaching the FW, which means more additional d-axis currents,

leads to higher torque ripple.
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Figure 6.21: Losses distribution for I4-I, trajectory over the entire speed.
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Figure 6.22: PM losses for different number of segments over the entire
speed.

6.7 Conclusions

In this chapter, a complete electromagnetic design toolbox is developed for AF-
PMSMs. A sensitivity analysis of the optimal parameters for the axial flux perma-
nent magnet synchronous machines working in the FW region is implemented.
Thanks to the presence of parameterized accurate analytical models discussed
in chapters 3, 4, and 5, it is possible to obtain all the required parameters of the
machine. A complete design toolbox is proposed in this chapter that allows a fast
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Figure 6.23: Efficiency map of the designed machine for several operating
points.
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Figure 6.24: The effect of d and ¢ axis current on the torque ripple for the
14 poles 12 slots machine.

and an accurate design for the AFPMSM.

The two goals of the ideal design for the FW region are to maximize the power
density: Pgepns and the ratio of maximal to rated speed: npax/Mrated Which is an
inductance related parameter keeping the efficiency at the maximum speed above
90 %. Different slots/poles/phases combinations are studied to reveal the optimum
combination for each phase. This chapter has studied the effect of the ratio of
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number of stator slots to number of rotor poles on the Pyens and npax/Mrated- It
is found that for better FW capabilities i.e. high values of maximum speeds are
required, low values of slots per poles ratio are needed. In terms of power density,
it is not only important to use combinations with a high value of the winding factor
K, but also to search for combinations with N,,, > N;.

The effect of the outer diameter, and the inner to outer diameter ratio are studied
with respect to the two design goals. In addition, a comparison between the finite
and the theoretical infinite speed designs is implemented. A complete 3D finite
element (FE) validation has proven the robustness of the analytical model.

This chapter has clearly given complete guidelines for machine designers to
have an efficient and robust performance of Axial Flux Permanent Magnet Syn-
chronous Machine (AFPMSMs) working in the field weakening (FW) region. The
analytical models developed by the authors made it possible to obtain all the re-
quired machine parameters (losses, inductances, voltages) in an accurate way and
a fast way.



Chapter 7

Thermal Modeling of Air Cooled
YASA Machine

7.1 Introduction

The torque density of electric machines strongly depends on the performance of
the cooling system. In the YASA machine, cooling inherently occurs through self-
ventilation by both rotor discs. Nevertheless, an independent cooling system re-
mains necessary for most applications. In the YASA machine, the individual stator
cores with concentrated windings are potted in the stator housing using an epoxy
resin. These epoxy resins are relatively bad thermally conductive, and therefore,
limit the heat transfer to the surface of the machine. Therefore, an introduction of
new heat extraction fins that are placed behind the winding to provide new path for
the heat flow. This cooling strategy is introduced and evaluated in this chapter.

An optimized design of the YASA machine requires accurate and fast mod-
els. These include electromagnetic, mechanical, and thermal models for the ma-
chine. Therefore, accurate and fast models have been under development. Electro-
magnetic fast and accurate analytical models were developed in chapters 3, 4 and
5 [44], [94], [37].

Thermal modeling of the YASA machine is an important aspect in the design
procedure. There are mainly two types of models that are used. Coupled compu-
tational fluid dynamics (CFD) and thermal FE simulations in [123—-126] are one
solution to obtain the temperature distribution inside the machine. Another so-
lution is to use effective solutions for the heat convective coefficients proposed
in [127-130]. These coefficients can be the source inputs to a more detailed 3D FE
thermal model in [131] or a lumped parameter thermal network (LPTN) [132,133].

Coupled thermal and CFD analysis is highly needed with complex cooling sys-
tems. The authors in [123] studied the thermal effect of a forced air cooling using
two different fan types mounted on the shaft in addition to the cooling fins mounted
on the stator surface. The authors compared the cooling without fan and with the
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fans. They proved great capability of the thermal model to describe the tempera-
ture behaviour of the system. In addition, the second fan type provided very great
capabilities for cooling the system.

The authors in [124] proposed a hybrid cooling method of a water copper bars
inserted in the teeth and a segment of potting material around the end winding. The
stator frame is water cooled. The model used is based on a coupling between CFD
and FE thermal model.

The authors in [125] developed an electromagnetic and thermal design toolbox
based on a combined solution of CFD and thermal FE model.

The method of using a coupled solution of CFD and FE thermal model gives
an accurate result in terms of detailed temperature distribution around the machine.
However, it requires much calculation time. If an optimization of the system is re-
quired, this method can not be used to evaluate the thermal behaviour. The authors
in [126] improved the FE thermal model by using a 2D model to improve the time
consumption.

Many authors in [127, 128] investigated the heat flow for two solid discs, in
which one disc is rotating at a certain speed. This was done throughout CFD.
They developed analytical equations for the heat flow conditions that occur on the
boundary surfaces of the rotor and stator. These equations are parameterized and
function of the dimensions of the machine, rotor, and stator temperatures. The
authors in [129] included the PMs on the rotor surface and developed analytical
equations for the heat flow on the boundary surfaces taking into account the air
flow inside the channels between the PMs. In [130], empirical equations are used
for the convection coefficients in the air gap area. These coefficients are only valid
for an enclosed rotor and stator system.

Authors in [132] developed LPTNs for the stator and the rotor. They used
convection coefficients in the air gap area between the rotating rotor and fixed stator
existing in [130]. The LPTN is modeled for both the rotor and the stator in 2D. In
[133], the authors proposed a lumped parameter model (LPM). They have modeled
a simplified version of the Torus machine by three heat pipes presenting the rotor
and the two stators. The output of the LPM becomes an input to a detailed LPTN
for the machine. However, the authors concluded that future research should be
done to obtain the flow for more complex shapes of stators and rotors. In addition,
PMs modeling is crucial as they create centrifugal air flow in the air gap area.

The convection equations in [129], allow decoupling of the rotor and stator
models to be solved individually. This allows that the stator and the rotor by a one
segment of slot pitch and pole pitch. Therefore, the conduction heat flux equations
are solved separately. Accordingly, a thermal 3D FE model was developed in [131]
based on the heat convective equations developed in [128].

In this chapter, the authors developed a LPTN based on the convective heat
coefficients from [129]. The rotor is composed of a solid cylinder with holes under
the channel between the PMs. These channels allow the air flow between PMs.
They operate as fan type PMs. The main advantage of the model is the separation of
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the stator and rotor LPTN. Thanks to analytical expressions of the convective heat
transfer in the hollow type machine [129], it is possible to obtain the temperatures
of both the rotor and the stator.

7.2 Heat Transfer

Heat transfer is the energy transfer that occurs due to the temperature gradient
between two systems that come into thermal contact. It consists of three transfer
mechanisms: conduction, convection and radiation. Each of the mechanisms is
defined in the following sub-sections. [134]

7.2.1 Conduction

Thermal conduction occurs when there is a temperature gradient between two
points from the high temperature point to the lower temperature point. The conduc-
tion heat transfer rate ¢y, is proportional to the cross sectional area S of the medium
through which the heat is conducted and proportional to the temperature gradient
VT in the direction of the heat flow:

qn = —/ /{?hVT . ndS, (7.1)
S

where ky, is thermal conductivity of the material in [W/mK].

Equation (7.1) refers to the Fourier law of conduction. The negative sign indi-
cates that the heat transfer flow goes in the direction from the high temperature to
the low temperature.

The differential conduction equation is: [134]:

PCp%—j; =Qn+ V- (kVT), (7.2)
where

* Qy, is the power generated per unit volume [W/m?].

s pis the material density [kg/m>].

* C, is the specific heat capacity [J/kg K].

In the stationary situation the left hand side of (7.2) equals zero.

7.2.2 Convection

Convection of heat occurs due to the temperature difference between the body sur-
face and the fluid (air, water, oil) that flows over the surface. Natural or forced
convection can occur depending on the nature of the process. Natural convection is
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due to the density differences in the fluid. The density differences are due to tem-
perature differences caused by heat conduction or the body fluid interface. Forced
convection requires an external source (fan, pumps,....) which causes a mechanical
fluid transport.

Newton law of cooling gives the following expression for the convection de-
scription:

qn = / hCV (TS — Tamb) . ndS, (7.3)
S
where
* ¢ is the heat transfer rate [W].

* h, is the heat transfer convection coefficient [W/m?K].

S, is surface area exposed to fluid flow [m2].

T is surface temperature exposed to fluid flow [K].

Tamb is the ambient temperature [K].

7.2.3 Radiation

Heat transfer through radiation takes place in form of electromagnetic waves
mainly in the infrared region. Radiation emitted by a body is a consequence of
thermal agitation of its composing molecules. With radiation, electromagnetic
waves carry the energy. Electromagnetic radiation comes from accelerating
electric charges. On a molecular level, that is what happens as objects warm up,
their molecules vibrate harder and harder, causing acceleration of electric charges.

Finally the radiation heat transfer from a body surface (.5) at temperature 75 to
a body at temperature 7,,q is proportional to:

an < eap(Ty* — Trad®), (7.4)
where
* ¢ is the heat flux [W/m?].
* ¢ is the emissivity of the radiating surface.
e op is s the Stefan-Boltzman constant, og=5.67x 10~ 8W/m?K.

Notice that, due to the relative low value for op, radiation heat transfer can be
neglected for relative small differences in temperature 7y and 7}..4.
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7.3 Description of the Stator Heat Extraction System

In this section, an introduction of the stator heat extraction system is introduced.
Most electrical machines use the stator yoke as a mechanical interface between
the electromagnetic active parts and the stator housing. The absence of the stator
yoke in the YASA machines makes the construction challenging. A steel structure
with fingers is proposed [135], but when mass and compactness become important,
epoxy potting is very often proposed.

The use of epoxy resins as a potting material has also a major impact on the
thermal design of the machine. These epoxy resins have a relatively low ther-
mal conductivity [136]. In consequence, a high thermal resistivity between the
heat source and the surface of the stator housing would limit the operation of the
machine. In [137], epoxy materials are only used near both air gap regions and
the coolant flows into a meander path through the individual stator cores. This
technique works fine for liquid cooled automotive applications, but might become
unsuitable for other applications. First, this technique is limited to liquid cool-
ing which is for some applications undesired. The mechanical structure with only
epoxy plates near both the air gaps might be mechanically insufficient to be used
in direct drive wind generators.

Here, the individual stator cores with winding are arranged into the stator hous-
ing and the remaining space is potted using an epoxy resin. In Fig. 7.1 (a), the 15
stator cores with concentric winding, the stator (outer) housing and the (inner) cen-
tral bearing block are clearly visible.

In order to avoid eddy currents in the massive parts stator housing and bearing
block, a sufficiently high distance with the stator winding is maintained. As these
empty spaces will be filled with epoxy resin during the potting process, a high
thermal resistivity between the heat source in the winding and the surface of the
stator housing will limit the cooling possibilities of the internal stator parts. In
order to reduce this high thermal resistivity, an inward heat extraction fin will be
integrated in the stator housing as illustrated in Fig. 7.1 (a). The fins reach up to the
inner diameter of the stator winding to have a high contact surface with the stator
winding.

For the sake of reducing eddy currents [138] due to leakage fluxes, the stator
is made by a stack of coated aluminium profiles as can be seen in Fig. 7.1 (b).
Despite the reduction of the thermal resistance, the winding thickness reduces and
will result in an increase of the copper losses. The ratio between the fin thickness,
i.e. better cooling, and the winding thickness, i.e. lower copper losses, needs to be
optimised.

7.4 Thermal Properties of Electromagnetic Materials

The thermal properties of magnetic material are important in determining the ther-
mal behaviour of the complete machine. The detailed parts of the stator and rotor
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(b)

Figure 7.1: (a) Stator heat extraction system. (1) Inward heat extraction fins.
(2) Laminated core with 6 different stacks. (3) Concentrated
winding. (4) Nylon contact between end winding and stator
core. (5) Laminated stator housing. (6) Shaft. (b) Construction
of the stator housing by stacking individual coated aluminium
profiles of 2mm thickness.

components are shown in Figs. 7.2 and 7.3 respectively. The Thermal properties
of each component of the machine is summarized in Table 7.1. The inward fins
behind the winding is shown in Fig. 7.2 (b).

Table 7.1: Properties of the materials in the AFPMSM.

Machine part Magnetic Material  k, [W/mK] Cj, [J/kgK] p [kg/m?]

fins aluminum 167 896 2712

bearing steel 40 490 7650

epoxy Resin epoxy 0.4 600 1540

. Thermal contact nylon 0.25 1600 1140
etween winding and core
Winding copper 385 392 8890

rotor yoke steel 40 490 7650
permanent magnet Nd-Fe-B 9 500 7500

The boundaries shown in Figs. 7.2 and 7.3 are used to solve the 3D FE thermal
model and LPTN model described in this chapter and chapter 7.

Crucial in the thermal FE model is the correct modelling of the anisotropic
thermal properties of the materials and the correct dimensioning of the thin section
spaces filled with epoxy resin.
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Figure 7.2: Thermal model of one quarter of the stator tooth. Boundary
conditions, (1) Thermal insulation. (2) Stator facing rotor upper.
(3) Stator facing rotor lower. (4) Stator sidewall. (a) Side view
from front. (b) Side view from back.

(6)

Rotor
. M

Figure 7.3: Thermal model of the rotor. Boundary conditions, (1) Thermal
insulation. (5) Rotor facing stator upper. (6) Rotor left side. (7)
PM lower. (8) Rotor lower. (9) PM upper. (10) Rotor upper.
(11) PM left. (12) PM right. (13) Rotor facing stator.

For the stator cores made of thin laminated silicon steel, the laminated stator
housing and the epoxy infiltrated winding, their thermal conductivities are mod-
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elled using the Hasihn and Shtrikman approximation [139]. For the copper wind-
ing, the equivalent thermal conductivity value K3, in direction of lapping and
perpendicular to lapping is calculated as:

fwiEKn, + (1 — fwi)Kp,, Inlapping direction
Ky, = (7.5)

v (1+fwi)KhCO+(1_(1_fwi))Khe s : :
Ky, =T K (AT (= Fa ) K In perpendicular direction

where K, is the thermal conductivity of the epoxy resin, K}, is the thermal
conductivity of copper, and fy; is the winding filling factor. The specific heat
capacitance C}, ; and mass density py; are also expressed as a function of the filling
factor as shown below.

pri = fWiCpco + (1 - fWi)Cpe7
Pwi = fwipco + (1 - fwi)Pea

where C),,, and p., are the specific heat capacitance and mass density of copper.
C)., and p, are the specific heat capacitance and mass density of epoxy.

In the experiments, the winding filling factor of the experimental setup equals
0.57.

The fins, shown in Fig. 7.2, are composed of stacking individual coated alu-
minium profiles of 2mm thickness. Between stacks, there is an insulating epoxy
resin to reduce eddy currents in aluminum sheets. Therefore, the thermal con-
ductivity in a perpendicular direction to the stacking (z-direction in Fig. 3.2 (a))
offers a lower thermal conductivity than the planar surface of the sheets (R and
0, -direction in Fig. 3.2 (b)). The stacking factor fg,s is taken to be 0.96. The
same equations of (7.5), and (7.6) can be used to obtain the thermal conductivity,
heat capacitances and mass density.

The same criteria apply for the stator laminations. The stacking factor is cal-
culated based on the thickness of each lamination and the number of laminations.
The thickness of each lamination is 0.23 mm. The number of laminations is 17x6
laminations. The 6 determines six different widths of each lamination used. The
value can be calculated based on the radial length of the machine (R, — R;). The
thermal conductivities in the z and 6,,, directions shown in Figs. 3.2 (a) and (b) are
higher than the R direction.

The anisotropy of the laminated silicon steel stator cores and windings is in-
cluded by specifying a tensor for the thermal conductivity rather than a scalar
value [131].

(7.6)

7.5 AFPMSM Thermal Models

The most innovative part of the model is the separation of the LPTN models of the
stator and rotor through the introduction of the convective heat transfer coefficient
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in [129].

7.5.1 3D FE Thermal Model

The thermal FE model of the stator and the rotor are described in Figs. 7.2 and 7.3.
Only one quarter of the FE model of the stator teeth in Fig. 7.2 is modeled. The
boundary conditions of the stator and the rotor models are shown in Figs. 7.2 and
7.3 respectively. The heat flow transient equation in function of time ¢ is described
below for the stator and rotor FE models.

oT
PiCrigy
where pj is the density of material j, CY,, is the heat capacity of material j, k; is the
thermal conductivity of material j, and g; is the heat source inside the machine.
In this model, the following assumptions have been made:

+ V- (—k‘jVT) =qj (7.7)

* The temperatures of the rotor surface, stator surface, and surrounding envi-
ronment are isothermal.

* Air is considered as an incompressible ideal gas, so its density varies with
temperature and the other properties are independent of temperature.

» Radiation effect between the rotor and the stator is considered to be negligi-
ble.

The studied rotor is shown in Fig. 7.4. It has holes in the rotor.

PMs

Figure 7.4: The rotor type studied.
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The heat losses in the stator are caused by the copper and iron losses in the
stator winding and core. They are assumed to be distributed over the volume of
each element. The total iron losses Pr, and copper losses Py, are computed in
chapters 4 and 6. Only one quarter of the tooth is modeled. Therefore, the total
iron losses and winding losses are divided by 4Ny as described below:

PFel :PFe/4/NS7PWil :Pwi/4/Ns- (78)

The heat losses in the rotor are caused by the losses in the PMs. One PM is
modeled in the machine. The computation of PM losses can be found in chapter 5.

On each surface of the FE models shown in Figs. 7.2 and 7.3, there is a different
boundary conditions that are applied on the surface. These boundary conditions are
described below.

1. Thermal insulation is specified on the boundary number (1) shown in Figs.
7.2 and 7.3 for the stator and rotor respectively.

2. Boundaries with convective heat flux (2)-(13), shown in Figs. 7.2 and 7.3,
can be obtained using the following procedure.

The heat flux on each boundary surface i, shown in Fig. 7.2, is defined
by [131]:

qi = Hi(Tsurfi - Treﬁ)v (79)

where h; is the average convection coefficient at surface 1, Tsurfi is the sur-
face temperature, and Ty, is the reference temperature (average temperature
of a nearby fluid contained with in an adjacent volume ?).

The heat flux h; on a boundary surface 4, shown in (7.7) depends on the sur-
face temperature Tg,,¢, and a reference temperature 1,¢¢, (average tempera-
ture of a nearby fluid contained within an adjacent volume ). The reference
temperature (71f,) is dependent on the parameters a; and b;. They can be
found in [129].

Trefi = a;T; + biTs + (1 — (ai + bi))Ta, (7.10)

where T; is the rotor temperature, 75 is the stator temperature, and 7}, is the
ambient temperature.

The convection coefficients h; are dependent on two dimensionless parame-
ters: the Gap size ratio () and the rotational Reynolds number (Re) [129]:

2 mD?
G:—g,Re:—w K

7.11
D, 1 (7.11)
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where wy, is the mechanical rotational speed in rad/s, D, is the outer diam-
eter, v is the kinematic viscosity of air, and g is the air gap thickness.

The convection coefficients are also function of the Nusselt number for each
surface 1.

Ei = ]VZUik’

(7.12)

where k is the thermal conductivity of air, and /; is characteristic length.

The Nu;, a;, and b; are function of the gap size ratio, the Reynolds number,
the PM span ratio o, and the PM axial length Y.

aj = E(G7 Re7 Oy, Ym)7
bi = GZ(G7 Re’am,Ym)a (7.13)
Nui = Y;(G, Re, O, Ym)a

where the fitting of the coefficients for the different surfaces in the machine
is done using CFD results.

Where the functions F;, G; and Y; need to be defined. It is assumed that
these functions with four variables can be rewritten as the product of four
functions with one variable as [129],

ai = a fi1(G) X fi2(Re) x fiz(am) X fia(Ym)
bi = b{¢i1(G) X gi2(Re) X giz(am) X gia(Ym) (7.14)
Nuy = Nu; 15.1(G) X yia(Re) X yi3(m) X ¥i.4(Vin)

where the superscript * represents the values of a;, b; and Nu; at the refer-
ence point. There are two categories of surfaces in the current system: the
ones where the reference temperature is almost equal to the ambient temper-
ature, and those where the reference temperature differs from the ambient
temperature and should, therefore, be predicted. The details of the formula-
tions for each surface are presented in Tables 7.2-7.4.



172 Thermal Modeling of Air Cooled YASA Machine
Table 7.2: Correlations to estimate the convective heat transfer for the sur-
faces with T,.of =2 T, [129].
Surface Stator sidewall, i = 4 Rotor left side, : = 6 PM lower, i = 7 Rotor upper, i = 8
Nu; 105.76 216.52 492.10 239.56
yig  —4476GO0386 _ 6.795G + 6.373 1.785G + 0.9766 —3.29G + 1.024 1.645G + 0.976
Yi2 3.91 x 1077 Re8T73 6.501 x 1075Re 4+ 0.3041  5.755 x 107 6Re — 0.3702  5.238 x 10”6 Re + 0.425
Vi3 0.8805a8;2%5 +1.218 0.13250uy, + 0.8983 —1.201630/*0! 4 1.226 —0.7163am + 1.567
Yia —1.246Y;; 01443 + 2,899 1.751Y;, + 0.9061 —0.03425Y,; 05286 4 1.159 1.478Yy, + 0.9211
Table 7.3: Correlations to estimate the convective heat transfer for the sur-
faces with Trer =2 T, [129].
Surface PM upper, i =9 Rotor upper, i = 10 PM left, s = 11 Rotor facing stator, i = 13
Nu; 202.28 181.40 285.20 235.85
Vi1 1.62G0-11 2.322G 4 0.9728 —0.002076G 1193 4 1.345 1.647GO117
Yz 8.669 x 1070Re +0.06863 4.737 x 107Re! 038 +0.2024 9.1 x 107%Re + 0.02189  7.975 x 10~°Re + 0.1496
Yi3 —0.9382a5%2 +1.132 —1.005ay, + 1.803 —7.126a2) 4 0.9939 —2.903ayy, + 3.29
yia  —0.007892Y, 107 + 1.189 1.806Y,0-2031 6.707Y, 004971 — 4.8 3.917Y;, + 0.7895
Table 7.4: Correlations to estimate the convective heat transfer for the sur-
faces with Ty # T, [129].
Surface  Stator facing rotor upper, ¢ = 2  Stator facing rotor lower, ¢ =3  Rotor facing stator upper, i = 5 PMright, ¢ = 12
a; 0.4153 0.2317 0.00100 0.00100
b; 0.0010 0.0010 0.1744 0.1739
Nu; 37453 243.90 304.84 606.37
fin 0.2824G 03381 _ (0,2002 0.2033G0-373 1.71 x 10-10G5-386 —0.01155G + 1
fi2 74.78 Re~0-3734 2.096 x 106 Re—1422 4 0.9092 1 —1.967 x 10 Re + 1
fis 2.803aL718 — 0.9881 26.2302, — 40.02a, + 16.23 9.892 x 10100y, + 0.9997 1.46 x 1071924 4 0.9929
fia 0.4205Y;,, 0-2972 0.1982Y,,0-5497 —3.205 x 1071°Y;, + 0.9996 5.96 x 1071V}, + 0.9999
g1 3.386 x 10716G 7289 4 0.9843 0.009G + 1 0.005875G—1-206 —15.73G + 1.135
Gio 7.556 x 1013 Re™3218 1 0.9953 1.824 x 107"Re 4 1 1.638 x 10*Re~08264 _ .1472 31.79Re~ 01803 _ 2 969
g3 1.731 x 10" Pay, + 1 1.731 x 10~ ¥y, + 1 3.41605722 4 0.2816 —0.09794a,,7-20% + 1.452
Gia —7.017 x 10~ 1Y;, + 0.9999 2.506 x 10710V}, + 1 0.03617Y,, 09332 1 0.4602 —4.089 x 10°Y540 4-1.021
Yil —2.967GO095T 11,142 —0.6211G + 1.005 —0.0167G~-6493 4 1 277 4.723G032T4 _ 14.47G
Yi2 0.0001122Re% 824 1 (0,04018 0.0003289 R0 +0.1569 3.552 x 107> Re0-886 0.001593Re8% — 0.3542
Yi3 —0.7732a0:7%3 +1.224 —0.8183a0:3* 4+ 1.21 —0.905a%1%8 4+ 1.35 —15.860242 + 0.998
Yid 13.86Y,1™9 4 0.9064 7.906Y,1-°7 4 0.9243

3.607Yr, + 0.8067

—113.7Y;2 + 12.51Y;, + 0.6539

As the analytical equations (7.10)—(7.13) are used to express the convective

heat flux at different boundaries in the machine, the thermal model can be simpli-
fied as follows:

» The models for the stator and the rotor can be separated.

* Due to thermal periodicity, only one segment of each is modeled.

The heat flow transient equation, solved by the FEs, is described in (7.7) for
both geometries of the stator and rotor are shown in Figs. 7.2 and 7.3. The bound-
ary conditions are described on the figures. The boundaries with convective heat
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transfer can be obtained by obtaining the reference temperatures in (7.10) and the
convective heat coefficients in (7.10). According to the studied surface, the equa-
tions for the functions F}, Gj, and Nu; can be obtained by (7.14) [129].

The resulting temperature distributions on the stator and the rotor surface are
used to calculate the reference temperatures expressed by (7.10). In addition, the
temperature dependence of the stator resistance is considered. This procedure is
repeated until the temperature profile stabilizes.

7.5.2 Lumped Parameter Thermal Network (LPTN)

The lumped parameter thermal network (LPTN) is composed of small blocks of a
3D resistance network shown in Fig. 7.5 (a). The blocks with complex geometries
are approximated by rectangular shapes. When there is a heat source in the block,
it should be represented by an equivalent thermal resistance shown in 7.5 (b). The
central node connected to the heat source (Fjgses) and the thermal capacitance (c)
gives the mean temperature of the block. The avarage temperature of the three di-
mensional axes (x, y, z) gives lower temperature than the central node. Therefore,
a negative resistance equal to —1/6 of the total resistance in each direction is pre-
sented to take into account this effect. In addition, this resistance comes from the
independent solution of the heat conduction solutions [140, 141].

Figure 7.5 (c) presents the equivalent resistance network for the block diagram
without any heat source.

v/2Ry /2

Figure 7.5: Thermal model of the resistance network. (a) Block orientation.
(b) Resistance model with heat source. (c) Resistance model
without heat source.

The equivalent resistances in each axis z, y, z are:

Y1 2]
=— R, = ——F, .1
Ry SyKy’R S, K, (7.15)

T
Ry = ——+
X SXKX Y
where Ry, Ry, R, are the thermal resistance in the z,y, z directions. xy,y, 21 are
the lengths of the block. Sy, Sy, S, are the areas perpendicular to the heat flow.
K, Ky, K, are the thermal conductivities of the isothermal material.
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The thermal capacitance c equals:

= pC,V, (7.16)

where V is the volume of the material studied.
For surface ¢ with convection, the equivalent thermal resistance R on this
surface:

1
Sci hci ’
where S,; is the area exposed to the convection. hg; are the convection coefficients
computed in (7.12) according to the surface i.

R = (7.17)
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Winding
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(a) (b)

Figure 7.6: LPTN modeling principle. (a) Section I at the center of the
tooth. (b) Section II at the center of the tooth tips.

The LPTNs of the stator and rotor are solved separately. The resulting tem-
peratures on the stator and the rotor surface are used to calculate the reference
temperatures expressed by (7.10). This procedure is again repeated similar to the
3D FE model until the temperature profile stabilizes. The LPTN of the stator and
the rotor are described below.

* Only one-quarter of one stator tooth segment is modeled. The segment
model, shown in Fig. 7.6, is divided into two regions in the axial direction.
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They are at the center of the tooth-tips and at the center of the tooth in the
axial direction. Both regions are shown in Figs. 7.6 (a) and (b) respectively.

The LPTN is dividing half the stator tooth into 20 regions, shown in Fig.
7.6. The equivalent LPTN is shown in Fig. 7.7. Each region of the 20 is
made of a box that is the equivalent thermal resistance model shown in Figs.
7.5 (b) and (c). The selection of the scheme is determined according to the
existence of sources. The considered loss sources are the winding and core
losses. Additionally, each number shown in the LPTN network (Fig. 7.7)
represents the equivalent model of the models described in Figs. 7.6 (a) and

(b).

The total stator core losses and winding losses of the machine equal
Pre, Qwi. The stator core losses can be easily calculated using the model
developed in chapter 4 [44].

The power losses in the stator segment are the source terms of heat. They
are subdivided into the following parts;

— The stator iron losses are divided into two parts (Inside the tooth P,
and the tooth tips Ppe,;,). The volume of each part determines the
loss distribution. The temperature variations is almost equal inside the
tooth axial length as well be shown later. Therefore, there is no need to
discretize the stator tooth to more nodes. The total iron losses P, can
be easily calculated using the model described in chapter 4 using (4.4).

PFGeff +PFetip = PF€/4/NS7 (718)

where Nj is the number of stator slots.

— The winding losses are divided into three main parts (The upper layer
winding Py, , the lower layer winding Py, , and the radial effective
part of the winding Py;_,.) Again the winding losses of each part are
distributed according to the volumes of each part. The total copper
losses can be calculated according to (6.17):

Pwiup + PW + PWieff = wi/4/Ns- (719)

ldown

The convection coefficient (hc1, heo, hes) and reference temperatures
(Tref1, Tret2, Trer3), noted in Fig. 7.7, are described in Fig. 7.2 and can be
easily calculated using (7.9)—(7.13). [129].

* The rotor is also composed of a resistance network that is depicted in Fig.
7.8. Only one PM and rotor segment are modeled in the machine.

The power losses in the rotor core is mainly caused by the PMs. The total
PM losses is Py, in the machine can be calculated using the electric network
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of the PM described in chapter 5 in (5.14). The PM losses in one PM B,
equals:
Ppm1 = pm/2/Nm, (7-20)

where [Vy, is the number of PMs, and P, is the total PM losses computed
using (5.14).

The convection coefficient (hc4 — hc16) and reference temperatures (7Tyerq4 —
T}et16), noted in Fig. 7.8, present the boundary surfaces described in the FE
model of the rotor in Fig. 7.3. The position of these boundaries are described
in Fig. 7.3 and can be easily calculated using (7.10)-(7.13) [129].

Figure 7.8 consists of four main elements. They are the PM, the rotor back
to the PM area only, and two areas where the rotor is facing the air channel
behind the PM.

The stator and rotor matrices are solved separately. The thermal conductance
matrix G is constructed;

- m -
3 L 1 1
Ry R 2 Rim
i=1,..
1 L 1 1
" Raj Z Ro; 7" " Ry,
G i, T mol (7.21)
1 1 1
_Rm,l _Rm,Q Zle Rm,i

where m is the number of nodes in each matrix. 1?1, is the connecting resistance
between each node n and node number one.
The heat capacity matrix equals:

Cc1 0 0
0 Co 0
c=1. . . - (7.22)
0 0 .. cm
The power losses matrix:
Py
Py
Ploss = . (7.23)
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The temperature of the machine equals:

Tnfl

C
Tn = (G + _)71 (Ploss + TRref) + CT’

i (7.24)

where
o T is the temperature at a time instant n.
¢ At is the time interval between two subsequent times used in the calculation.

* TR, is the reference temperature imposed at each node T, . divided by
the connected resistance of this node Ry p,.

i Z T‘I'Qfd,l_
R,
d=t1,. 4!
Trefd’Q
Ry,2
TRyet = | d=1o : (7.25)
Z Trefd’m
_d:1,-- Rd,m |

e T,_1 is the temperature rise at a time instant n — 1.

The stator and rotor system of equations are solved for each time instant. However,
the reference temperatures described in (7.10) are dependent on the rotor and stator
temperature, therefore, an iterative solution is needed till the system converges for
each time instant.

7.6 Inward Heat Extraction System Evaluation

Another model is also developed in [142] to model the effectiveness of the cooling
inward fins behind the winding inside the machine. This model does not include
these inward fins. This part is a result of co-operation with other colleagues.

In addition, to accurately measure the effectiveness of the inward fins, the
boundaries of the model shown in Fig. 7.2 are all set to thermal insulation ex-
cept the boundary number 4. This boundary is subjected to air. For this rea-
son, a convection coefficient of hy =40 W/(m?K) and a reference temperature
of Trepa =25°C are set.

To illustrate the need of a stator heat extraction system, a comparison is made
between a 4kW, 2500rpm YASA without and with such a system using the 3D FE
model. Only DC currents are imposed to the model. In this case, the same DC
current is imposed to both models.

Total winding losses Py; of 80W are imposed to the model with fins. In the ex-
ample of the 4kW 2500rpm machine, 2mm thick fins are used. As a consequence,
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the winding thickness decreases with a 20% when the inward fins exist. Therefore,
only 64W is imposed to the model without fins.

The winding and core temperatures are shown in Figs. 7.9 and 7.10 respec-
tively. They show that the inward fins greatly reduce the temperatures of the wind-
ing Ting and cores Tcqe. They enhance the thermal behaviour of the stator heat
extraction system. Table 7.5 shows the steady state temperature differences. It
shows a 10 % reduction in the temperature because of the use of the fins.
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Figure 7.9: Comparison between the winding temperature without and with

fins.
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Figure 7.10: Comparison between the core temperature without and with
fins.
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Table 7.5: Steady state temperature differences and the effect of fins on the
winding and core temperatures.

Without fins  With fins % enhancement of fins

Twind — 25 [°C] 61 52 17 %
Teore — 25 [°C] 61 52 17 %

In Figs. 7.11 (a) and (b), the steady-state temperature are illustrated for a stator
without and with stator heat extraction system. It is worth mentioning that with
fins, a wining losses of 80W are imposed to the model, while without fins, only
64W are imposed.

Figure 7.11 (a) shows the temperature distribution without the inward fins. It is
clear that the winding transports its copper losses in a radial direction towards the
stator housing. Before reaching the stator housing, the heat flux has to travel trough
an epoxy filled gap. The bad thermal conductivity results in a huge temperature
gradient in the epoxy: the stator winding is at a high temperature while the stator
housing remains relatively cool.

Figure 7.11 (b) shows the temperature distribution for the stator including the
inward heat extraction system. The big contact surface between the winding and
the heat extraction fin results in a better transfer of heat from the source in the
winding to the stator housing. Fig. 7.11 (b) also indicates that the temperature
difference over the thin heat extraction fin is very limited. Thanks to the inward
heat extraction fins, the winding is thermally well coupled to the stator housing,
and although the copper losses are increased due to the smaller winding thickness,
the inside of the stator remains cooler in comparison with the machine without
fins. Note that in Fig. 7.11 (b), a temperature gradient in the winding becomes
visible due to the relative bad thermal conductance of the infiltrated winding in the
direction perpendicular to the individual strands.

7.7 Conclusions

The cooling strategy in this PhD thesis is described, modeled and analyzed. The
cooling of the stator is based on inward fins that are placed behind the stator wind-
ings. This cooling strategy provides a better cooling aspect for the losses in the
stator winding and core laminations. To validate the effectiveness of the evacuation
inward radial fins, a 3D thermal FE model is developed to validate the importance
of these inward fins.

It is shown that the developed heat extraction system via the inward fins pro-
vides a great heat extraction system. The big contact surface between the winding
and the heat extraction fin results in a better transfer of heat from the source in the
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Figure 7.11: Cross section view on the steady state temperature distribution
and heat flux in the stator of an AFPMSM without and with
heat extraction fins. At the stator surface boundary, a convec-
tive heat coefficient of 40 W/(m?K) and a reference tempera-
ture of 25°C' is set.
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winding to the stator housing. Therefore, with the inward heat extraction system,

the winding is thermally better cooled.

It is, therefore, recommended using these inward fins to provide excellent cool-
ing for the machine. However, the dimensions of these fins should be chosen as a
compromise between the copper losses and the optimum cooling of the machine.

In this chapter, a thermal analysis of an axial flux PM machine is discussed, and
validated. Analytical equations for the convective heat transfer are used to decouple
the model for the stator and the rotor finite element (FE) and lumped parameter
thermal network (LPTN) models. As a consequence, thermal periodicity allowed
to carry out the thermal simulations on a segment of the stator and the rotor only.
This allows the separate computation of the stator and rotor segments. Therefore,
the simulation time is strongly reduced compared with fully coupled transient 3-D

simulations.



Chapter 8

YASA Experimental Setup

8.1 Introduction

In this chapter, the prototype construction of the machine is discussed. In addition,
the electromagnetic properties of the analytical model of the combined SC-MEC
model described in chapter 4 and 3D FE model are validated in this chapter. The
lumped parameter thermal network and the thermal FE models described in chapter
7 are also validated.

8.2 Prototype Construction

In [35], the electromagnetic design of a 4kW, 2500rpm YASA-machine was op-
timised for energy-efficiency. This design optimisation has resulted in a set of
parameters listed in Table 8.1.

Figure 8.1 shows the prototype of the YASA machine. It shows the stator and
the rotor. The stator core consists of thin laminated grain oriented material. The
windings are placed around the stator core. A plastic end plate is placed between
the end-winding and the stator core. A stator housing is made of laminated alu-
minum sheets to reduce the eddy currents induced in them. Epoxy potting is used
to get the different stator parts bonded into a single solid stator structure.

As this epoxy material has a high thermal resistivity, there will be a high ther-
mal resistance between the winding and the stator housing. Therefore, radially
inward heat extraction fins, are introduced in chapter 7 [142]. These fins pro-
vide an excellent thermal conduction path from the windings to the stator surface.
This heat can be evacuated afterwards, by conventional cooling techniques such as
forced air or water jacket cooling. In chapter 7, heat is radially evacuated from the
stator surface by natural convection. These inward fins are shown in Fig. 8.1.

The construction of the stator and rotor is discussed in the following subsec-
tions. The experimental test setup was developed together with other colleagues.
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Table 8.1: Axial flux PM machine prototype specifications.

Parameter Value Unit
Rated output power 4000 w
Rated speed 2500 rpm
Rated torque 15 Nm
Rated current 10 A
Pole number 16 -
Slot/tooth number 15 -
Outer diameter housing 195 mm
Outer diameter (active) 148 mm
Inner diameter (active) 100 mm
Axial length stator 61 mm
Total mass 9 kg
Magnet thickness 4 mm
Magnet width segments 18/21/24 mm
Magnets NdFeB 40SH -
Stator core material M100-23r -
Rotor back iron thickness 8 mm
Air gap length (adjustable) 1<5 mm
Slot width 11 mm

8.2.1 Construction of the rotors

The two rotor discs shown in Fig. 8.2 are made of 8mm thick steel, and combine
two major functions. Firstly, they are a back-iron for the magnetic flux, and sec-
ondly they carry the high attraction forces from the permanent magnets to the stator
cores. In general, the required thickness of these rotor discs is set by mechanical
constraints rather than the electromagnetic ones.

On these rotor discs, the permanent magnets are glued. These magnets are
4mm thick in the axial direction, which is also the direction of the magnetisa-
tion. Adjacent magnets are magnetised in the opposite direction. In this prototype
YASA-machine, each discs has 16 magnets, which results in a machine with eight
pole pairs.

The permanent magnet material is NdFeB 40SH. This material grade combines
a high remanent flux density, i.e. 1.300T at 20°C, with a sufficiently high operating
temperature of 150°C. As this material has a relatively good electrical conductance,
the eddy currents are induced in the permanent magnets by stator slotting and stator
armature reaction. To limit the eddy currents and their corresponding power losses,
segmentation of the permanent magnets [38] is introduced. In the prototype ma-
chine, the radial height (24mm) of the magnet is divided into three (3 times 8mm).
The tangential lengths become 18, 21 and 24mm. The axial thickness i.e. the mag-
netisation direction is 4mm. This 4mm thickness results in an air gap flux density
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of about 0.95T. To protect the permanent magnet material towards corrosion, each
magnet segment is coated with a copper-nickel alloy.

Figure 8.1: Cross section view on the prototype YASA-machine. (1) Lami-
nated stator housing. (2) Concentrated winding. (3) Laminated
core with 6 different stacks. (4) Nylon contact between end-
winding and stator core. (5) Shaft. (6) Rotor disc back iron. (7)
Permanent magnet (PM). (8) Inward heat extraction fin [142].

8.2.2 Construction of the modular stator element

Together with the rotor discs and the permanent magnets, the modular stator ele-
ments are the electromagnetic active components of the machine. Such a modular
stator element includes a ferromagnetic core and a concentrated winding.

In the prototype YASA-machine, the ferromagnetic core is made of thin lam-
inated silicon steel sheets. As the direction of the magnetic field in these cores
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Figure 8.2: Rotor view for the YASA-machine.

is always in the axial direction, a grain-oriented material is used. In the YASA-
machines, the use of such a grain-oriented material results in strong reduction of
the core losses in comparison with the non-oriented ones [143]. In theory1 , the use
of this grain-oriented material results in core losses less than 40W at rated load and
speed. The core losses are measured at no load at the rated speed by the torque
transducer.

After the stack of the stator core is made, it is impregnated in an epoxy resin
to keep the individual steel laminates in place. This is shown in Fig. 8.3. Con-
sequently, an electrical isolation foil is wound around the core. On this insulation
foil, the winding is placed. This winding is composed of two parallel strands of
1.12mm diameter. The number of turns is equal to 57.

8.2.3 Experimental Test Set-Up

To perform measurements, the AFPMSM prototype is placed into a test set-up of
which an overview is given in Fig. 8.4. In this test set-up, an asynchronous 7.5kW,
3000rpm motor is used as a prime-mover and is powered by a commercial drive.
Set-points to this drive for the speed (or torque) are given by a dSPACE 1104 plat-

"Neglecting the degradation of the magnetic material properties due to cutting process, perpen-
dicular fringing fluxes, efc.
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form. The AFPMSM is used as a generator connected to the fully-programmable
three-phase load.

‘ Torque Transducer g ‘i X

. AR
| — Temperature Sensors
. — |

Figure 8.4: Axial-flux PM machine test set-up. From left to right: load
(asynchronous) machine, torque sensor with couplings, axial
flux PM prototype machine.

Feedback of the speed signal is realised by an incremental encoder attached to
the asynchronous motor. Together with the torque value measured by the Lorenz
DR2112 (nominal torque of SONm, accuracy of 0.1% ) torque sensor, an accurate
value of the mechanical power is achieved. Measurement on the electrical side of
the prototype machine is done using a Tektronix PA4000 power analyzer. Interface
boards are made to transfer the different sensors signals into the dSPACE platform.

The AFPMSMs can be operated using a dSPACE controlled custom-designed
inverter and a Semikron SEMiX101GD12E4s IGBT-module, or can be connected
to a fully-programmable three-phase load.

This load has the advantage of that it does not use a pulse-width modulation,
which make the measurements less sensitive to the electromagnetic interference
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(EMI).

Several temperature sensors, indicated in Fig. 8.4, are inserted in the test set-
up to measure the temperature of the different parts of the machine. An infrared
temperature sensor ZTP-135SR is used to measure the rotor temperature 7},,,. For
the winding Tyinq and core temperatures 7qre, platinum resistance thermometers
of part number of PT100 are placed inside them. The room temperature where the
measurement carried out is 25°C.

8.3 Experimental Validations

8.3.1 Electromagnetic Models Validations

In this part, the SC-MEC and the 3D FE model described in chapter 4 are compared
with the experimental test setup shown in Fig. 8.4.

The experiment is done at a speed of 1000rpm. The load of the AFPMSM is
a resistive load of 6€2. The output rms current of the AFPMSM is 8 Amps which
corresponds to an electromagnetic torque of 11.4Nm. The no load rms voltage is
58V. The output full load rms voltage is 48V.

Figures 8.5 and 8.6 show good agreements between the analytical, FE, and ex-
perimental results for no load and full load respectively. In addition, inductance
comparison is made in Table 8.2. The comparison shows a good agreement be-
tween the two models with the experimental results.

Table 8.2: Inductance per phase between SC-MEC model, 3D FE model,
and experimental results.

| ‘ Ana. Model ‘ 3D FE. Model ‘ Exp. Results ‘
| Inductance (mH) ‘ 4.6 ‘ 4.4 ‘ 4 ‘

8.3.2 Thermal Models Validations

To distinguish between the different loss components of the machine, the NdFeB
PMs in the rotor are replaced by aluminum trapezoidal dummy PMs. The span
of the aluminum is set to 0.8 from the pole pitch. The rotor with the aluminum
dummy PMs is shown in Fig. 8.7.

Moreover, to ensure that there are no eddy currents in the aluminum dummy
PMs, DC currents are injected in the copper winding as shown in Fig. 8.8 in such
a way that the flux lines cross the air gap in one direction only and returns via the
bearings. Therefore, the losses in the rotor and PMs are assumed to be zero.
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Figure 8.5: Voltage waveform of the studied machine under experiment at
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Figure 8.6: Voltage waveform of the studied machine under experiment at
the full load.

Two cases of 1000 and 2000 rpm are studied. The DC current is kept constant
during the experiments to keep the same winding losses of 100W for both cases.

In the experiment, there is a heat flux by conduction from the shaft and the
bearing that is not taken into account in neither the 3D FE model nor the LPTN
model.

The 3D FE model results of the rotor temperature distributions are shown in

- ©
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Figure 8.7: The rotor with holes with the trapezoidal aluminum of the stud-
ied AFPMSM.

Flux density

N

/ 3/ §/ /// / Rotor

3 Stator Laminations
0o X
Winding

NN

| | | | |
‘V/// I, . Aluminum

7 A I SIS

Figure 8.8: Stator and rotor configurations for the AFPMSM.

Figs. 8.9 (a) and (b) respectively for the two studied cases of 1000 rpm and 2000
rpm at steady state. As the rotor speed increases from 1000 to 2000 rpm, the
rotor maximum temperature reduces from 30°C to 27°C'". This is due to the higher
convection coefficient in the air gap area.

The stator temperature distributions for the 3D FE model for the two studied
cases are shown in Figs. 8.10 (a) and (b). The steady state average winding and
core temperatures reduce about 14°C at 2000rpm. This is due to the higher con-
vection coefficient in the air gap area related with the higher speeds. This means
that additional heat can be evacuated at higher speeds.

At 1000rpm, the temperatures for the winding Tyind, core Tiore, and PM T,
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Figure 8.9: Steady state rotor temperature distribution for the two studied
cases of 1000 and 2000 rpm.

with respect to time are shown in Figs. 8.11, 8.12, and 8.13, respectively. In each
figure, the experimental, 3D FE model, and LPTN results are presented.

The 3D FE model and the LPTN model winding and core temperatures result
in larger temperature than the experimental result.

The rotor temperatures for the 3D FE model and the LPTN model are much
lower than the experimental results. The main reason for this error is that the heat
conduction from the shaft and the bearing to the rotor are not included in the 3D
FE model and the LPTN model. This heat conduction raises the temperature of the
rotor.

At 2000 rpm, the winding, core, and PM temperatures are shown in Figs. 8.14,
8.15, and 8.16 respectively.

The 3D FE model and the LPTN model give better results for the core and
winding temperatures than at 1000rpm. This is due to the higher convection coef-
ficient in the air gap area associated with higher speeds. The effect of the air gap
convection coefficient becomes more significant at higher speeds.

The 3D FE model and the LPTN model under estimate the rotor temperatures.
This is again due to that the heat transfer towards the bearings and the shaft is not
included.

Additionally, Tables 8.3 and 8.4 show the steady state temperature differences
between the different modeling techniques and the experimental setup at 1000 and
2000 rpm.

At 1000rpm, the maximum difference between the 3D FE model for the core
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Figure 8.10: Steady state stator temperature distribution for the two studied
cases of 1000 and 2000 rpm.

and winding temperatures in percentage from the experimental result is 25.9%. The
3D FE model and the LPTN model underestimate the rotor temperature. As early
mentioned, the main reason for this tendency is that the conduction heat transfer
towards the shaft and the casing is not included in the 3D FE and the LPTN model.

The LPTN gives more accurate results with a percentage error of 17.8% for
the winding temperature. The LPTN considers blocks with complex shapes as
rectangles with area equal to the average area of the complex shape. This can
cause a difference between the LPTN and the 3D FE model.

At 2000rpm, shown in Table 8.4, the maximum difference between the 3D FE
model for the core and winding temperatures in percentage from the experimental
setup is 9.1%.

The LPTN gives more accurate result than the 3D FE model with a percentage
error of 4.4% for the winding temperature.
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Figure 8.11: Winding temperature Tyinq as a function of the time for the
experimental, 3D FE model, and the LPTN at 1000rpm.
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Figure 8.12: Core temperature 7;.. as a function of the time for the exper-
imental, 3D FE model, and the LPTN at 1000rpm.

The CPU time of the LPTN model is compared with the 3D FE model. This
was done on a core 15 processor, and 8 GB installed memory with 64 bit operating
Windows 8 system.

Table 8.5 summarizes the CPU time between the FE model and the LPTN
model. The LPTN model is very fast compared to the FE models. The LPTN
model solves the complete problem in a 1s only.
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Figure 8.13: PM temperature T},,,, as a function of the time for the experi-
mental, 3D FE model, and the LPTN at 1000rpm.
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Figure 8.14: Winding temperature Tyinq as a function of the time for the
experimental, 3D FE model, and the LPTN at 2000rpm.

8.4 Machine Performance Over Entire Working Speed
Range

In this section, the field weakening (FW) approach discussed in chapter 6 is used to
obtain the performance of the machine over a wide speed range. In this approach,
the operation is divided into two modes. These modes are shown in Fig. 6.2.

The first mode is when only g-axis current (MTPA region) is injected inside the
machine. This mode ends when the voltage of the machine reaches the rated value.
Afterwards, a negative d-axis current is injected through the machine (FW region)
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Figure 8.15: Core temperature 7;.. as a function of the time for the exper-
imental, 3D FE model, and the LPTN at 2000rpm.
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Figure 8.16: PM temperature 7},,, as a function of the time for the experi-
mental, 3D FE model, and the LPTN at 2000rpm.

by a value that keeps the terminal voltage and current with their rated values.

The distributions of the ¢ and d axis currents inside the machine for different
torque and speed values are shown in Figs. 8.17 and 8.18 respectively. The d-axis
current is zero when the speed is below 3000rpm and negative above this speed.

The analytical model developed in chapter 4 is used to calculate the machine
performance parameters in terms of the terminal voltage Vi, and iron losses Pre.
In addition, the PM losses Py, are calculated using the circuit model described in
chapter 5.

The rms value of the terminal voltage V; over a wide speed range is shown in
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Table 8.3: Steady state temperature for the winding, core temperatures, and
PM temperatures for 1000 rpm.

Experimental 3D FE Model LPTN

Towind — 25 30.9 38.9 36.4
Tyina — 25 [%0] - 25.9 17.8

Teore — 25 31.7 36.46 35
Teore — 25 [%] - 15.0 10.41

Tom — 25 10.5 4.9 4.4
Tom — 25 [%] - 53.3 58.1

Table 8.4: Steady state temperature for the winding, core temperatures, and
PM temperatures for 2000 rpm.

Experimental 3D FE Model LPTN

Tind — 25 23 25.1 24
Toind — 25 [%] - 9.1 4.4
Teore — 25 23.6 22.7 22.6
Teore — 25 [%] - 3.8 4.2
Tom — 25 9.4 2 1.9
Tym — 25 [%] - 78.7 79.8

Table 8.5: Comparison of the CPU time between the LPTN and the FE
model.

Model Type  CPU Time

3D FE Model 26 mins
LPTN Is

Fig. 8.19. It is clear that below 3000rpm, the voltage increases till reaching the
rated voltage. Afterwards, the voltage is kept almost constant because of injection
of the negative d-axis currents.

The iron losses of the machine Pr. over a wide speed range are shown in Fig.
8.20. The iron losses increase with the speed because of the high gradient of change
of the flux density with respect to time.

When g-axis currents are only injected in the MTPA region, the iron losses
remain almost the same at the same speed. This is nearly dependent on the machine
design. This depends on how much amount of torque is produced by the PMs and
how much amount amount is produced by the currents. As long as the PMs produce
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Figure 8.17: g-axis current distribution over a wide speed range for different
torque and speed values.

I5[A]
20 F ‘

151

10 -

Torque [Nm]

1 1 i
1000 2000 3000 4000 5000 6000 7000
Speed [rpm]

Figure 8.18: d-axis current distribution over a wide speed range for different
torque and speed values.

much more torque, there will be no large gradient in the iron losses with respect to
the g-axis current.

When d-axis currents start to be injected in the FW region, the flux density
reduces inside the iron. Therefore, the iron losses reduce. However, because of the
speed increase, the iron losses increases. Therefore, at the start of the operation of
the FW region, the iron losses slightly increase with respect to the speed. As the
speed increases more, the iron losses will eventually increase with a higher rate.

The PM losses of the machine P, over a wide speed range are shown in Fig.
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Figure 8.19: Terminal voltage distribution over a wide speed range for dif-
ferent torque and speed values for different d and ¢ axis cur-
rents injected in the machine.
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Figure 8.20: Iron losses distribution over a wide speed range for different
torque and speed values for different d and ¢ axis currents in-
jected in the machine.

8.21. The PM losses are dependent on two components. They are the slotting effect
which appears mostly at no load and the magnetomotive force (MMF) produced by
the currents. The MMF produces higher losses as the speed increases. Therefore,
as expected because of the MMF harmonics, when the speed increases the PM
losses increases too as shown in Fig. 8.21.

In the MTPA region, where g-axis currents are only injected at the same speed,
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the MMF harmonic components increase leading to much more PM losses.
Injecting the negative d-axis currents leads to additional PM losses. d-axis
currents impose additional harmonics on the MMF distribution in space. Therefore,
additional d-axis current would rise up the rate at which PM losses expands.
The copper losses in this performance analysis test include the temperature rise
effect using (8.1):

Rs = Ry, [1 + Oé(leind - To)] s (8.1

where Ry, is the stator resistance at the room temperature, « is the temperature
coefficient at room temperature which equals 0.0040411/°C, and T, is the room
temperature of 20°C'.

The effect of temperature rise on the resistance is included during the compu-
tation of the LPTN.

Figure 8.22 shows the copper losses distribution over a wide speed range. The
copper losses depends on the summation of the d and ¢ axis currents.

Figures 8.23, 8.24 and 8.25 show the winding, core, and PM temperatures dis-
tribution respectively over a wide speed range. The temperature distribution of the
winding and the core are almost the same.

In spite of the low losses at very low speeds, the temperatures at very low
speeds are very high compared to the other speed ranges. However, due to the low
convection coefficients in the air gap area, the cooling is done only via the stator
surface. Therefore, all heat is evacuated through the stator surface. Consequently,
the winding and core temperature are higher than at normal operation.

As the speed rises more than the rated speed, the temperatures should increase
because of the additional losses appearing at higher speeds. However, due to the
better convection coefficients in the air gap area at very high speeds, it allows better
cooling for the rotor and stator.

However, at very high speeds, the PM losses increase rapidly reaching 115W
leading to much higher temperatures shown in Fig. 8.25.

The complete efficiency map of the machine is depicted in Fig. 8.26. At rated
load conditions, the efficiency of the machine equals 97%.

8.5 Conclusions

In this chapter, the experimental setup is illustrated, the electromagnetic 3D FE
model and the SC-MEC developed in chapter 4 is validated via the developed ex-
perimental setup. The validation is done at a speed of 1000rpm. The validation is
done for the terminal voltage at no load and full load conditions.

The thermal models are also validated by the experimental setup. The LPTN
gives good results compared to the 3D FE model and with very fast appealing
results of 1s compared to 26 minutes of the 3D FE model. More thermal inves-
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Figure 8.21: PM losses distribution over a wide speed range for different

torque and speed values for different d and ¢ axis currents in-
jected in the machine.
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Figure 8.22: Copper losses distribution over a wide speed range for differ-

ent torque and speed values for different d and ¢ axis currents
injected in the machine.

tigations are needed to model the heat conduction from the bearing and the shaft
towards the rotor and the stator to have better results compared to the experiments.

The effect of operation over a wide speed range is studied in the chapter.
Thanks to the developed electromagnetic and thermal models, the authors are ca-
pable to compute all the required parameters of the machine. These parameters
include the losses, the terminal voltage, and the temperature distribution.
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Figure 8.23: Winding temperature distribution over a wide speed range for

different torque and speed values for different d and ¢ axis
currents injected in the machine.
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Figure 8.24: Core temperature distribution over a wide speed range for dif-

ferent torque and speed values for different d and ¢ axis cur-
rents injected in the machine.

In spite of the higher losses at the maximum speed, the temperature of the
machine remained within the limits similar to the rated condition. This is due to
the better convection coefficient in the air gap area. This gives a better cooling
opportunity at higher speeds.

In conclusion, the LPTN together with the design toolbox developed in this
thesis can be used to design the AFPMSM for any power and speed.
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Figure 8.25: PM temperature distribution over a wide speed range for differ-

ent torque and speed values for different d and ¢ axis currents
injected in the machine.
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Figure 8.26: efficiency map distribution over a wide speed range for differ-

ent torque and speed values for different d and ¢ axis currents
injected in the machine.
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Chapter 9

Concluding Remarks

9.1 Conclusions

The research focusses on the electromagnetic design of the axial flux permanent
magnet synchronous machine (AFPMSMs). In this context, the yokeless and seg-
mented armature (YASA) machine is selected. Thanks to the absence of the stator
yoke, the YASA machine can provide a great power density and a great efficiency
compared to other topologies. The use of a double layer fractional slot concentrated
winding in the YASA topology results in an easy and a modular construction of the
stator windings and an easy assembly of the complete machine. During this work,
the YASA machine is firstly introduced and compared to other axial and radial flux
machines. This comparison has shown the superiority of the YASA machine.

An accurate electromagnetic and thermal modeling of the AFPMSMs is a
mandatory task for an optimal design of the machine. During this research, a weak
coupled thermal and electromagnetic analytical tool has been developed. This tool
is capable of designing the machine for any input power and speed for any appli-
cation. This tool is based upon validated electromagnetic and thermal analytical
models.

Therefore, different electromagnetic modeling techniques have been developed
in this work including finite element (FE) and analytical models. Although, the
high accuracy obtained by the 3D FE and 2D multi-slice FE models, they are very
time consuming and therefore not recommended to be used within iterative opti-
mization routines. Fast analytical models have been developed to precisely cal-
culate all the electromagnetic characterstics of the machine including the terminal
voltage, iron losses, eddy current losses in the permanent magnets, copper losses,
torque ripple, and cogging torque of the machine.

To precisely compute the cogging torque and torque ripple of the AFPMSMs,
different concepts of analytical models have been developed accordingly. They are
based on conformal mapping techniques and on subdomain modeling techniques.
All these techniques neglect saturation of the stator magnetic material, like most
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analytical techniques. A comparative study between these models and FE models
is done. This comparison is conducted for different slot openings and pole arc
ratios. It is found that the subdomain model is the only analytical model that can
accurately compute the cogging torque and torque ripple of the machine. However,
all models can accurately compute the induced voltage at no load. In addition, the
models based on conformal mapping are much faster than the subdomain model.

Moreover, a novel analytical model (SC-MEC), based on a combined solution
of Maxwell’s equations and a magnetic equivalent circuit (MEC), is developed.
This model overcomes the disadvantage of the models in the previous paragraph
that takes into account the non-linear behavior of the magnetic material. This
model can accurately compute the stator core iron losses and the terminal volt-
age of the machine. The SC-MEC model is validated through 2D and 3D finite
element models. It is concluded that the SC-MEC model can accurately obtain
the terminal voltage and the stator iron losses with a significantly lower CPU time
compared to the FE models.

Rare earth permanent magnet (PM) materials, which are widely used in PM
machines, have high electric conductivity. Therefore, eddy currents are induced in
the permanent magnets when they are subjected to a time varying magnetic flux
density. This leads to increased temperature of the PMs and to a demagnetization
risk. Therefore, an electric circuit model is developed to compute these eddy cur-
rents produced in the PMs. This electric circuit is composed of resistances and
inductances, and sources representing the time variant flux density in the magnets.
A comparison is made between two variants: the first including the reaction field
of the currents in the permanent magnets, and the second neglecting this reaction
field. The electric circuit model is successfully verified amongst others through
a complete 3D transient finite element model. In addition, it is found that during
the design procedure, the reaction effect has a negligible effect on the total losses.
Therefore, it is sufficient to use the model without the reaction field effect during
the design phase.

An electromagnetic design toolbox has been developed for AFPMSMs. Thanks
to the developed analytical models described before, the design toolbox gives the
optimal geometrical machine parameters in a very short time and in an accurate
way. This toolbox is developed to optimize the machine geometry based on the
required input power and speed of the application. Since AFPMSMs are currently
used in hybrid electric vehicles, it is important to check their applicability in the
field weakening (FW) region. Consequently, a sensitivity analysis is done for dif-
ferent geometrical parameters and slots/poles/phases in order to select the optimum
values for machines operating in the FW region. It is found that for better FW
capabilities, which means that high ratios of maximum speed to rated speed are re-
quired, low values of the slots per poles ratio are needed. In terms of power density,
it is not only important to use combinations with a high winding factor, but also to
search for combinations with number of PMs larger than the number of slots. It is
also worth mentioning that this toolbox has been used to design a 100kW YASA
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machine for a low speed high torque (wind turbine) application. The prototype of
this machine is still under construction.

An experimental 4kW research prototype has been developed in the Electrical
Energy Laboratory of Ghent University together with several colleagues to validate
the electromagnetic models. Furthermore, an overview of the cooling concept of
the stator core and winding is evaluated. This cooling concept is based on inward
fins that are placed between the windings to provide a new path for evacuating the
heat. Moreover, a convective cooling concept is studied based on on a specific
shape of the permanent magnets. The magnets are positioned on the rotor discs
with air channels between them. During rotation, the magnets behave like venti-
lator fins, creating a radial air flow through the air gaps and providing excellent
convective cooling.

Thermal models are developed to evaluate the complete performance of the
YASA AFPMSMs. These models are based on a finite element and a lumped pa-
rameter thermal network (LPTN). The main advantage of these models is the use
of convection coefficient equations developed by the department of Flow, Heat and
Combustion Mechanics of Ghent University. These equations allow the separation
of the stator and rotor thermal models. This separation allows fast results to be
obtained. However, more research is still needed to model the rotor and the bear-
ing in the FE and the LPTN models. Moreover, experimental verifications by the
developed 4kW YASA machine are provided at the end. However, more research
is still need to accurately include the shaft and the bearings in the LPTN and the
FE models to obtain precise results for the rotor temperature.

9.2 Recommendations for Future Research

This work was focussing on the electromagnetic and thermal modeling of the axial
flux permanent magnet machine. A design toolbox was developed to optimally
design the machine. The following research topics are recommended to improve
the performance of the YASA axial flux machines.

Parameterized magnetic equivalent circuit in the axial and circumferential di-
rection with different number of nodes can be developed. This discretization allows
the best selection for the number of nodes to optimally track the physical behavior
of the fields.

From an electromagnetic point of view, a study for the effect of different per-
manent magnet shapes on the cogging torque, torque ripple, and the output quality
of the induced voltage can be done. The developed subdomain model can be used
to obtain such a study.

More thermal investigations are needed to model the shaft and the bearing
within the 3D finite element model and the lumped parameter thermal network.

Multi-physics design of the axial flux machine is important to have a complete
design toolbox of the machine. Therefore, it is important to investigate the scalabil-
ity of the lumped parameter thermal network (LPTN). A validated scalable model
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can be used for any geometry of the axial flux machine. The scalable LPTN should
consider all possible geometries with the suggested cooling concept. Hot spot of
the machine should be tracked to optimally design the machine.

Life time estimation of the machine using the coupled electromagnetic and
thermal models can be done.

In addition, a detailed investigation on the mechanical design of the stator as-
sembly is still missing. The stator is exposed to an electromagnetic axial force
that causes stress on the stator housing. A minimum thickness of the stator core
is required to attain this force. Analytical formulae for this mechanical thickness
should be included in the final toolbox.

Using the developed optimization tool for the coupled electromagnetic and
thermal model, scaling laws for the YASA machine for wind turbine applications
from several kW to MW can be done. The objective at the end, is to provide the
researchers and manufacturers by very simple equations that can be used directly
to provide a good estimation of the final prototype.

Furthermore, the use of amorphous materials in the stator core elements can
be considered. This involves the proper modeling of the material in the analytical
model. Amorphous material has low iron losses up to high frequencies (several
kHz), but a lower saturation flux density than the grain oriented silicon steel used
in the prototype. Amorphous material may result in a “high-speed” axial flux ma-
chine, having a somewhat lower torque to weight ratio, but a much higher power-
to-weight ratio at a high speed.
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Appendix A

Reluctance Evaluation of the
MEC

Fig. 4.9 depicts different types of reluctance representation for different regions
shown in Fig. 4.8. These are described in details below.

* In regions 1 and 2, the flux lines flow mainly in the axial direction and less
lines flow in the circumferential direction. Therefore, it is only useful to use
the T type reluctance described in Fig. 4.9 (a). The reluctances of these
regions are derived according to the following set of equations.

The maximum, minimum, and average tooth width equals:

21 R,
T, — b,
max NS S
2n R;
TWmin = NS - - bS7 (A'l)
Twav — TWmax —2i_ Twmin

The reluctances of region 1 and 2, shown in Fig. 4.9 (a), equal:

Ry = Ye1/6
Y Mo,U'rTwa\, (Ro - }%i)7
Twmax B TWmin /2 (A2)

Rxl -

Moﬂr% (Ro - Rl) log <§wﬂ)

Wmin

* In region 3, where the flux starts to deviate and divide into more regions,
the modeled flux lines are divided to three paths as shown in Fig. A.l.
The variables shown in this figure are X, = T; Xmax = 11 and

Wmin® Wmax *
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Y = Y,1/3. The variable (D) defines how much flux should flow into these
paths. The shape of the reluctance is changed as shown in Fig. 4.9 (c). This
reluctance representation shape was proven to be optimal by [75].

Xmax
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Xmin Xma
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' \
om I 1TXav\A DX'].V
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\
\
\
\
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Figure A.1: A schematic front view of part of the tooth.

To obtain the value of the reluctances Ry5 and Ryg shown in Fig. 4.9 (c),
there are three parallel paths described in Fig. A.l. The distance at the
average radius is equally distributed. Therefore, the value D equals %

The reluctances of this region equals:

Yo /12
Rys = !
v fopr Ty, (Ro — Ri)’
T, /9
Rx4 _ - max mm/ - ,
olr Lcl R R 10 < Wmax)
Hokt 6 ( ) & Wmm (A3)
c1/24
Rys = — Yo/
,uo,ur 7 Lway (Ro — R )
Ye1/24

Ry = .
y6 ILLOILLI'DTWaV (RO - Rl)

* Region 4, shown in Fig. 4.9 (b), is subdivided into three paths. In Fig. A.1,
the value D equals %, hence, Xpin = Ty, + %, Xmax = Twpa +
%, and Y = Yo/3.
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The reluctance equations are described below:

Ry — Yeo/2
y ﬂoﬂr% (bs—Qbso + Twa\,) (RO _ R1)7
1—-D (bs—bso
Ry— 1 (25 +TWav),
MOMrYVc2 (Ro - Rl)
Rus — }/CQ/Q (A4)
Y Hopir D (% + Twav) (Ro — Ri)’
D (bs—bso
Rx3 = 2 ( 2 + Twav)

bs=Dso +TWmax '
fotirYe2 (Ro — 1) log (27>

bs—bso
2 +Twmin

* Similar to region 4, region 5, shown in Fig. 4.9 (b), is subdivided into three
nodes by the same ratio D = % then, Xyin = T, + bs — bsos Xmax =
Twpax + bs — bso, and Y = Ye3/3.

The reluctance equations are described below:

R Yoo /2
v ,U'o,ur% (bs - bso + Twa\,) (Ro - Ri),
R g = % (bs - bSO + TWav)
* ,U/o,urYVCQ (Ro - Rl) ’ (A 5)
Yeo/2 :
Ry3 2/

- MoMrD (bs - bso + Twav) (Ro - Ri)7
% (bs - bso + Twa\,)

s = bs—bso+ T |
foprYe2 (Ro — Iy) log (m)

min
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Appendix B

AFPMSM Modes of Operation
and Lossless Equations

Figure B.1 shows the operation under the maximum torque per ampere (MTPA)
condition for speeds lower than the rated rotational speed n,,teq. This applies only
to surface PMSMs where the machine inductances (Lgq = L) are equal. In this
region, only g-axis (I4) current as shown in Fig. B.I is controlled to obtain the
optimum torque per ampere. The terminal voltage V; shown in Fig. B.1 is kept
under the rated voltage in this region.

In the field weakening (FW) region, the machine operates with an injected d-
axis current (—13) as shown in Fig. B.1 with a value that keeps the voltage of the
machine V; at its rated value. The value of the total current in this case should
not exceed the rated current value. Therefore, it is important that the machine
inductance Lq = L has a reasonable value to reduce the amount of the needed I4
to limit the full load voltage V; to its rated value.

1pm shown in Fig. B.1 represents the PM flux linkage in V.s. w; is the electrical
speed in rad/sec. p is the number of pole pairs. The no load voltage E, at a speed
of ny, in rpm corresponding to an electrical speed of we = pz’g%, equals WeWVpm.

In [144], the simplified lossless equations of the surface permanent magnet
synchronous machines (SPMSMs) were presented, and they are given below:

Vq = —weLqu, (B.1)
Vq = weLqlq + We¢pm> (B.2)
T, = (m/2)p(zppqu + (Ld — Lq)Iqu). (B.3)

In the surface AFPMSM Ly = Ly = Ls. 14 and I are the d and q axis currents.
T, is the electromagnetic torque.
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Figure B.1: Operation in the MTPA and FW regions.

The machines voltage and current limits can be described by the following set
of equations. The current/voltage limit equation describes the current/voltage limit
circle shown in Fig. C.1. This limit is represented by the rated current Ij,c, and

the rated voltage Vp,cak, respectively:
Igeak = Ig + Iq2’

Vieak = Vi + V.

peak

Combining the above equations together results in the following equations:

Vp2eak = (weLqu)2 + (weLsId + wewpm)27

V2eak w m
GouLyp ~ U (e 0%

(B.4)

(B.5)

(B.6)

B.7)



Appendix C

Finite and Infinite Speed Design

In this subsection, the modes of design are defined according to the voltage and
current limits defined in the previous subsection

Figures C.1 (a) and (b) show the operation of surface PMSM under the FW
mode. Two modes of operations are presented, one is the operation under the
finite speed and the other one is under the infinite speed operation. Two circles
are presented in these graphs. One corresponds to the rated current limit shown
in (B.4), while the other one corresponds to the voltage limit shown in (B.7). The
second circle is centered at (—7’%‘“) with a radius of (ZTE:) It is obvious that
increasing the speed will decrease the radius, i.e. the value, of the voltage circle.

Figure C.1 (a) shows the finite CPSR, where the I, > Icak, and Fig. C.1 (b)
shows the finite CPSR where I. < I,ecak, With I being the characteristic current.
In the case of the finite CPSR, the maximum speed (nyax) that can be reached by

the FW is shown in Fig. C.1, at which the voltage circle radius is (wi’—:l — Ipeak)-

@ _ - Vpeak

Lo P 27 fa s
where fnax corresponds to the frequency at the maximum speed npgax =
60 fmax/p- Then npax could be defined as:

(C.1)

Vpeak
27TLsp( 1/%:11 - Ipeak)

(C.2)

Nmax = 60

For an infinite speed design, the machine can operate from an electromagnetic
point of view till theoretically infinite speed. This means that the inductances of
the machine becomes very large so that a small d-axis current can weaken the flux.
This enhances the efficiency at the maximum speed.

From the above discussion, it can be concluded that the characteristic current
is the key parameter to determine the machine capability to work in the FW re-
gion. It is also advisable when working in the FW region to check the value of the
maximum reachable speed.
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Figure C.1: Finite and infinite speed operation range.
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