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Abstract 

This thesis is concerned with a.c. disc-shaped electrical machines, 

and in particular with disc geometry reluctance motors. 

Chapter One contains a topological investigation of disc induction 

machines in which alternative stator and rotor configurations are identi-

fied. Some novel stator designs are presented which belong broadly to 

the class of "transverse flux" machines, and which have simple laminated 

structures. Quantitative assessment of the various machines is provided. 

Chapter Two introduces the principles of reluctance motor operation, 

reviews their development and summarises the design considerations for 

salient pole and segmented rotor machines. It is seen that the relatively 

high end winding leakage reactance of low pole number disc machines will 

have an adverse effect on'reluctance motor performance. These remarks 

precede an investigation of preferred types of disc reluctance motors, 

two of which are studied in the remainder of the thesis. 

Chapter Three describes a computer-oriented method for simulating 

the performance of a double-sided salient pole disc reluctance motor 

under all operating conditions. The salient pole disc shaped rotor is 

represented by an equivalent electrical network and subdivision of the 

rotor circuits into sets of parallel-connected filament coils produces 

good quality predictions from a small number of rotor circuits. 

Chapter Four presents theoretical and experimental results for the 

double sided reluctance motor considered in Chapter Three. These include 

its steady-state behaviour at synchronous and asynchronous speeds, and 

its transient start-up characteristics. 

Chapter Five describes the test results obtained with a prototype 

single sided segmented rotor disc reluctance motor when operated with a 

large airgap between stator and rotor. They are shown to correlate well 

with existing methods of analysis, but the large airgap causes consider-

able degradation of synchronising performance. The characteristics of 

the normal force that exists between the stator and rotor at synchronous 

speed are investigated. 
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Al 
	stator area enclosed by a short pitched coil 

A
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uniform airgap 
th b

m 	flux density at m stator segment. 
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(Chap.3); channel depth in segmented rotor machine 
(Chap.5) 

g2 	magnetic airgap on quadrature axis of salient pole 
machine 

gi 	equivalent airgap due to iron circuit 
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gdfgq 	
equivalent uniform airgaps of the direct and 
quadrature axis machines 

G goodness factor 

h' 	effective segment depth 

i 	instantaneous phase current 

I
dq 	direct and quadrature components of rms phase current 

Js 	stator surface current density 

J
R 	rotor surface current density 
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L 	current loading of stator winding 
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moment of inertia 

k
er 	end ring factor 

k
s 	slot packing factor 

kp 	coil pitch factor 

k
1 	winding factor of fundamental harmonic 

k 	inter-segment semi-distance 

L
e
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g 	end winding lengths of surface and gramme-ring 
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L stack length (Chap.1); leakage inductance (Chap.3); 
main inductance (App.2) 

Mab 
	mutual inductance between coil system a and coil 

system b 

N
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	number of turns per coil 

N number of turns per phase 

p 	number of pole pairs 

Ps 	stator and rotor magnetic potentials 

R 	mean radius of machine 

R1 	primary phase winding resistance 

R2 	secondary resistance 

s 	per unit slip 

s
o 	per unit slip at the start of the synchronising cycle 

t time 

tr 	rotor thickness 

T
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asynchronous torque 

Tb 	
braking torque 

Tc 	
torque produced by a cylindrical machine 

T
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torque produced by a disc machine 

Te 	electrical torque 

T
r 	

reluctance torque 

u rotational speed of rotor 
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✓ instantaneous phase voltage 

✓ rms phase voltage 

V
L 	

rms line voltage 

V
dm ,Vqm 	

direct and quadrature axis components of rms phase 
airgap voltages 

w
s 	slot width 

W stator width 

6w,6we,6wm 	small changes in work done, electrical input 
energy, and stored field energy respectively 

W
md

,W
Mq 	direct and quadrature axis components of airgap- 

stored energy 

x
c 	magnetising reactance of uniform airgap machine 

direct and quadrature components of magnetising 
reactance (excluding leakage inductance) 

x1 	leakage inductance 

X
d,Xq 	direct and quadrature axis components of motor 

reactance (including leakage reactance) 

a 	slot pitch 

a 	pole arc to pole pitch ratio 

p 	
pitch of stator coil 

aT 	tooth width to tooth pitch ratio 

y 	channel arc to pole pitch ratio 

Yi 	density of iron 

Yc 	
density of copper 

6 	voltage-related load angle 

Si 	current-related load angle 

6
max ' 

6
l' 6f'f 

6' angles related to synchronising cycle of a 

6 	reluctance motor: defined in Fig. 5.12 
0 

A 	flux linkage 

A 	permeance 

Pr 	
surface resistivity of rotor 

Pc 	
resistivity of copper 

T
p 	

pole pitch 

(I) 	power factor angle 

Po 	
permeability of free. space 

rotational frequency, in radians per second 
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• CHAPTER ONE 

The Topology of Disc-Shaped Electric Machines  

1.1 Introduction  

There is a general class of rotating electric machines which may 

be called disc machines. Their essential topology is illustrated in 

Fig. 1.1 in which a single sided disc motor is compared in a stylised 

form with a conventional cylindrical motor. The shape of a disc 

machine can be arrived at by putting a conventional machine through 

two notional transformations. This is shown for a stator only in 

Fig. 1.2. Firstly, the cylindrical machine is cut radially and un-

rolled to give a linear machine (Fig. 1.2(a) and (b)). Secondly, the 

two ends of the linear stator are re-joined while keeping the active 

surface of the motor flat (Fig. 1.2(b) and (c)). The resulting stator 

is 'doughnut' shaped and the accompanying rotor would be disc shaped. 

The characteristic dimensions of the disc motor are its inner and outer 

core diameters, D. and D
o 
respectively. These are related to the 

corresponding dimensions of the cylindrical machine, stack length L and 

stator bore D
r 
by: 

D
o
=D +L 

D. = Dr  - L 

or 
Dr=  

1 
 — (D o  + D.1) 2  

L = 
1
(Do  - Di) 

Preliminary inspection of the disc machine configuration shown in 

Fig. 1.2(c) indicates that several problems may be associated with its 

manufacture and operation. For example, the stator core illustrated 

in Fig. 1.2(c) cannot be built up from standard laminations and is 

consequently expensive to fabricate. Also, under operating conditions 

a large axial force will exist between the stator and rotor. To its 

credit, however, the disc machine configuration offers real advantages 

in some applications. For example: 
. 	. 

- the stator and rotor of a single sided disc motor can be-

separated by a leakproof seal. This is advantageous when 

pumping hazardous or toxic fluids. Also, the heat-producing 

stator can be situated outside a vacuum enclosure. 
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"0. stator for cylindrical (conventional) machine 

b. . stator for linear machine 

c. stator for disc machine 

FIG. 1.2 DERIVATION OF THE SHAPE OF A DISC MACHINE 
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- the flat profile of the motor has advantages in some 

situations where a short axial length is required. 

- the stator and rotor can be treated as separate units, the 

rotor being attached to the item to be driven, and the 

stator secured close to it. This removes the need for 

belts and pulleys and for separate motor bearings, thus 

increasing the reliability of the system. In the event 

of failure the stator can be replaced simply and rapidly. 

Disc shaped machines have been designed and constructed for just 

a few specialised purposes(1),(2),(3).  For example, they are currently 

produced commercially for domestic central heating pumps in which their 

leakproof feature is exploited; printed circuit d.c. motors, which use 

disc shaped rotors have become quite widely used in recent times, 

especially for computer peripherals and similar control applications; 

and some disc shaped alternators have been constructed for aerospace 

applications. There are reasons to believe that the main drawback to 

disc machines is the expensive techniques that must be used in their 

manufacture; and that if they were available at prices which compared 

favourably with conventional machines their use would be more wide-

spread 

 

 in many areas of application. In view of this, the present 

chapter on the topology of disc machines has three prime objectives: 

i) to identify as many alternative designs for disc-type 

machines as possible, 

ii) to compare quantitatively the principle forms of disc 

machines with cylindrical machines, and with each other, 

iii) to identify the configurations which appear to offer both 

acceptable operating characteristics and economic methods 

of manufacture. 

Some new machines are presented which appear to lend themselves to 

simple and inexpensive methods of manufacture. 

This thesis is primarily devoted to a study of disc 'reluctance' 

motors; i.e. motors which use induction torques for starting, but 

subsequently synchronise under the influence of reluctance torques 

created by rotor saliency. Discussion, therefore, centres largely 

around induction and reluctance machines. Other forms of disc motor, 
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such as d.c. motors, primary or secondary side excited synchronous 

machines, or permanent magnet machines are not taken into consideration. 

1.2 Topological Terminology  

Electrical machines can be constructed in so many different forms 

using several different mechanisms for torque production that it is 

difficult to conceive of a precise system of classification for them 

which is both comprehensive and convenient. For the purposes of the 

present discussion on the topology of induction machines, however, it 

is necessary to define and adopt a system which enables the essential 

features of the different machines to be described succinctly. 

The basic requirement of an electrical machine is that mechanical 

forces should be produced on its secondary member (rotor) which is 

separated from the primary member (stator) by the airgap. This force 

is created in an induction motor by the interaction of the magnetic 

flux density in the airgap and the electric currents flowing in the 

rotor. The only fundamental• condition necessary for a useful inter-

action is that the force, flux and currents have components which are 

mutually perpendicular. The design of an electric machine is, there-

fore, concerned with arranging its electric and magnetic circuits with 

respect to the direction of relative motion between its primary and 

secondary members in order that the most cost-effective machine can 

be constructed for a given set of operating conditions. In this respect 

freedom exists in the design of the shape of the airgap, and in the 

paths which the electric and magnetic circuits follow outside the air-

gap region. The general configuration of a motor can, therefore, be 

defined in the first instance by three terms: 

i) Geometry. The shape of the airgap can be defined by a 

geometrical term. Thus, the conventional shape of 

motor is 'cylindrical'; the machines under discussion 

are 'disc' shaped (with a hole in the middle of the 

disc); so-called linear machines are by this class-

ification 'rectangular'; and other shapes of motor 

such as 'spherical' and 'conical' have also been made. 

Motors with conic section geometries provide rotary 

motion and the 'rectangular' motor produces 'linear' 
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motion. The 'tubular' linear motor does not appear 

to fit conveniently into this classification. In 

all these shapes the flux is usually driven in a 

direction which is substantially normal to the plane 

of the airgap. 

ii) Direction of flux paths outside the airgap region  

The geometry of a motor, as described above, implicitly 

defines the direction of relative motion between its 

primary and secondary members. The direction of the 

flux and current paths outside the airgap are, there-

fore, most conveniently defined with respect to this 

direction. Two important alternative paths exist for 

the flux: it can either be parallel to the direction of 

motion - usually called 'axial' flux; or it can be 

'transverse' to the direction of motion
(4)
. 

iii) Direction of current paths outside the airgap region  

Two alternative paths also exist for the end windings of 

the current-carrying coils of the primary member. They 

can either be in the direction of motion, so that the 

coils are in the plane of the airgap; these are commonly 

known as 'surface' windings. Or, if they are transverse 

to this direction, they are referred to as 'Gramme ring' 

windings. 

It appears that 'transverse' is to 'axial' for the flux as 'Gramme 

ring' is to 'surface' for the currents. The terminology 'transverse', 

'axial', 'surface' and 'Gramme ring' is, therefore, not consistent, but 

what it lacks in consistency it makes up in familiarity and for this 

reason has been adopted in the present thesis. 

According to the above classification, the conventional electric 

motor has a 'cylindrical' geometry and utilises 'axial' flux paths 

and 'surface' windings. This has proved to be a very good arrangement 

for normal applications, but as demonstrated recently for linear 

machines(5), an investigation of novel machine configurations must 

examine critically the alternative arrangements of flux and current 

paths. 
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The basic requirement of the rotor of an induction motor is that 

it should carry the rotor currents which mirror the stator current 

pattern. In its simplest form it consists of a thin electrically con-

ducting plate or shell which is the same shape as the airgap. This 

type of rotor is called a 'sheet' rotor. An alternative type of 

rotor which gives improved performance under some conditions by increas-

ing the airgap permeance consists of discrete conductors aligned in the 

direction of.the main current paths, which are interspersed with mag-

netically soft iron. This type of rotor is designated a 'cage' rotor 

after the well-known 'squirrel cage'. These two types of rotor are 

described in more detail in Section 1.3.2 below. 

As described above, a rotor does not contain return paths for the 

airgap flux; its function is solely to react electrically to the flux 

which passes through it normally. The arrangement of the electric 

and magnetic circuits of the primary member, the stator unit, around 

the rotor is therefore another important topological feature of electrical 

machines which can be described by two of four terms as follows: 

i) 'electrically single-sided' (ess) indicates that the 

primary excitation of the machine is provided on one 

side of the rotor only 

ii) 'electrically double-sided' (eds) indicates that the 

rotor is sandwiched between two excited stator units 

iii) 'magnetically single-sided' (mss) indicates that a 

low reluctance flux path is provided on one side of 

the rotor only 

iv) 'magnetically double sided' (mds) indicates that both 

sides of the rotor are provided with. low reluctance 

paths to carry the main airgap flux 

According to these definitions, conventional cylindrical machines 

are usually 'ess and mds'. Most useful machines have good low reluct-

ance flux paths and are therefore invariably magnetically double-

sided. This being the case, the two alternatives which exist are for 

'ess' and 'eds' machines. These have been referred to in the context 

of linear motors simply as 'single-sided' and 'double-sided' machines 

respectively. 
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From the above discussion, it appears that the principal features 

of any configuration of induction machine can be described by six 

terms: 

- geometry 

- direction of flux return paths 

- direction of current return paths 

- type of rotor 

- number.  of primary magnetic circuits 

- number of primary electric circuits 

and they are used for the following discussion of the topology of 

disc induction machines. Several other detailed features are usually 

required to distinguish uniquely one machine from another, and these 

are introduced as required in the discussion of disc machine config-

urations which follows. 

1.3 Disc machines with axial flux 

1.3.1 Introduction 

According to the definitions given in Section 1.2 above, a 

disc motor with axial stator flux paths has the form indicated in 

Fig. 1.2(c), i.e. the direction of motion and the direction of flux 

in the backing iron are the same. The stator consequently consists 

of a strip wound core with radial (or skewed-radial) slots into which 

a conventional type of winding is inserted. It is directly equiv-

alent in these respects to a conventional cylindrical stator. The 

backing iron for both 'sheet' and 'cage' rotors which are compatible 

with this type of stator is also a strip wound core, the preferred path 

being presented to flux passing circumferentially around the motor. 

There appear to be three main configurations for axial flux disc 

machines, but some variations of these also exist. They are illustrated 

in cross section in Fig. 1.3 and are described in Sections 1.3.3, 1.3.4 

and 1.3.5 below. Their discussion is, however, prefaced by a description 

of 'sheet' and 'cage' rotors which can in general be used with all the 

disc motor configurations. 
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rotor 
(no backing iron) 

stator 

a. electrically & magnetically single sided 

rotor backing iron 1,  
(stationary or rotating) 

•L---- 1---  rotor conductors 

b. electrically single sided, magnetically double sided 

stator 

rotor 

stator 

c. electrically & magnetically' double sided 

FIG.1.3 ALTERNATIVE CONFIGURATIONS OF DISC 
MOTORS WITH AXIAL FLUX. 
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1.3.2 Rotor configurations 

The disc-shaped rotor demanded by axial flux disc machines can 

take two basic forms which are analogous to the 'drag-cup' and 'squirrel-

cage' rotors of conventional induction motors: they were referred to 

in Section 1.2 above as 'sheet' and 'cage' rotors respectively. 

i) The sheet rotor 

A sheet rotor is illustrated in Fig. 1.4(a). It consists 

essentially of a disc of_conducting material (usually aluminium or 

copper) which can have thickened rims as shown to reduce its end ring 

resistances. It is usually used in conjunction with a low reluctance 

flux return path which can be either stationary or an integral part of 

the rotor. This simple form of rotor is free from slot harmonics and 

has a low leakage reactance, but inevitably gives the motor a large 

magnetic airgap, or 'entrefer'. 

ii) The cage rotor 

Fig. 1.4(b) depicts a rotor which consists of a flat electrically 

conducting grid embedded in a laminated iron toroid. The rotor con-

ductors are effectively sunk into slots, according to normal practice, 

in order to decrease the total 'entrefer' of the motor. Like the 

sheet rotor it must, in the form illustrated, be used in conjunction 

with low reluctance flux return paths. (Closed rotor slots would 

usually be required for constructional rigidity of the iron core. 

Arcuate portions of iron would need to be located between the radial 

rotor bars if semi-closed slots were to be provided). This form of 

rotor, which has been investigated by Capaldi(6)  , would be difficult 

and expensive to manufacture. A practical version of it with the same 

basic performance characteristics might consist of a sheet rotor into 

which steel rivets had been inserted in the active annular region (). 

The nature of the forces exerted on the sheet and cage rotors in 

a direction normal to the airgap plane is in general different. The 

sheet rotor experiences forces of repulsion from the stator due to the 

interaction of the stator and rotor current sheets. These are usually 

maximum at standstill and reduce, as the slip speed falls. The cage 

rotor, on the other hand, can be either repelled from or attracted to 

the stator according to the relative sizes of the normal and tangential 
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-7 
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	M  

SECTION A-A 

a. SHEET ROTOR 

PLAN 

SECTION B-B 

b. 	CAGE ROTOR 

FIG. 1.4 ROTORS FOR A.C. DISC INDUCTION MACHINES 
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field in the air gap(8). It can be shown(9) that the time average 

pressure, F
n
, is given by 

E
n 	

1 
(B2
n 
 - B2) 

0 

where B
n 
and B

t 
are the r.m.s. values of normal and tangential airgap 

flux density respectively. Now B
t 
is given by J s  po 

 where J
s is the 

stator current loading which is propo
u
rtional to line current, whilst 

P r S 
B is given approximately by B = 	 where p

r 
is the rotor surface 

n n sv 
resistivity, vs  is the synchronous speed and s is the per unit slip. 

Thus, it can be appreciated that both the sign and the magnitude of 

the normal force are dependent upon the machine design parameters. 

Normally, the values of these quantities ensure, for a conventional 

cylindrical squirrel-cage design, that the force is always attractive; 

but special design conditions can be met where the force is replusive 

at standstill, zero at some intermediate speed and attractive at 

synchronous speed
(10) 

. 1.3.3 The ess and mss axial flux disc machine 

Fig. 1.3(a) illustrates perhaps the simplest axial flux disc 

machine (AFDM); it is both electrically and magnetically single-sided. 

The notable feature of this machine is its open magnetic circuit: 

there is no low reluctance flux return path for the stator flux, and 

it would sensibly only be used with a sheet rotor. 

The effective airgap 
( 

T /7
11) 
 , where T

p 
is the 

equivalent airgap and the 

of such a machine is approximately equal to 

pole pitch. Consequently, it has a large 

resultant low value of magnetising reactance 

will preclude it from normal applications. It is interesting, however, 

to consider briefly what form a useful version of this machine might 

take and its 'goodness', 
G,(12) gives an indication of this 

G 
2 Tp  2  p f o  
7 p

r 
 g K

er 
(1.2) 

By inserting known values for the permeability of free space, p , and 

the supply frequency, f; assuming that the end-ring factor, K
er

?13) 
 can 

be kept below 3.0; substituting T /7 	
(11) 

for the airgap, g, 	; substit- 

uting pc/tr  for pr, where pc  is the resistivity of the rotor material 
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and t
r 

is the thickness of the sheet rotor); it can be shown that 

for a copper rotor which is 0.5 cm thick, say: 

G = 12.2 T
p 	

(1.3) 

For a Goodness factor of 10 therefore (i.e. the maximum torque 

is produced at 10% slip, assuming that the motor is driven from a 

constant current supply and that the rotor leakage inductance is zero), 

the pole pitch would have to be greater than 0.8 m. The mean diameters: 

of 2- and 4-pole machines which satisfy this requirement are 0.52 m 

(20.5 inches) and 1.04 m (41 inches) respectively. 

Although increased rotor conductor thickness and reduced end ring 

resistance would permit smaller machines to be constructed with the 

prescribed torque characteristic, in all cases the machine would draw 

a high magnetising current. It is conceivable, therefore, that this 

configuration might find a few specialised applications but would 

certainly not be considered for normal usage. In this event it is given 

no further consideration. 

1.3.4 The ess, mds axial flux disc machine 

An immediate improvement to the ess and mds motor above can be 

made by providing a low reluctance return path, for the flux on the 

side of the rotor which is remote from the stator, as shown in Fig.1.3(b). 

This form of disc motor which makes use of a sheet rotor and stationary 

backing iron is analogous to the cylindrical 'drag-cup' motor. A cage 

rotor, on the other hand, joined to a backing iron member which rotates 

with it gives the disc motor which is equivalent to a cylindrical 

squirrel cage induction motor. These appear to be the two sensible 

forms of ess and mds axial flux disc machine. The drag-cup analogue 

provides the low inertia version of the disc machine, in which the 

rotor does not contain iron, and is consequently not susceptible to the 

high magnetic forces which are produced between magnetised iron surfaces. 

The magnetic airgap of this type of rotor is characteristically large, 

however, being equal to 2g + tr, where g is the mechanical clearance 

between stationary and rotating surfaces and tr is the thickness of the 

rotor, and this feature inevitably incurs penalties on the performance 

of the machine. The squirrel cage analogue can provide the most 
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efficient form of single-sided disc motor, but usually at the expense 

of high magnetic forces between the stator and rotor under normal 

operating conditions. The contributory forces were discussed in 

Section 1.3.2 above. The physical characteristics of this type of disc 

motor are compared quantitatively with an equivalent cylindrical motor. 

in Section 1.4 below. 

It should also be noted that the iron losses in the stationary 

backing iron member will be greater than those in the rotating member, 

with additional penalties on the efficiency of the sheet rotor disc 

motor. 

Two further configurations of ess and mds disc machine theoretically 

exist. These would combine a sheet rotor with a rotating backing iron 

member, and a cage rotor with stationary backing iron. But it is diff-

icult to conceive of situations in which either of these would be used 

in preference to the two described above. 

1.3.5 The eds and mds axial flux disc machine  

The ess and mds AFDM of the previous section was a direct 

evolution from the conventional cylindrical motor. It could be con-

sidered merely as an alternative geometric arrangement of a motor, 

and it possessed no intrinsically novel design features. An eds and 

mds AFDM, which is illustrated in Fig. 1.3(c), is a new type of machine, 

however, and does not have a commonly occurring cylindrical counter-

part. As shown in Fig. 1.3(c) the eds and mds axial flux disc machine 

consists essentially of two stators arranged face-to-face with a disc 

shaped rotor situated in the airgap between them. By analogy, its 

cylindrical counterpart would consist of a cylindrical rotor shell 

situated between inner and outer cylindrical stator units, both of 

which carry windings. There are two major drawbacks to this arrange-

ment : 

- the constricted radius at the roots of the teeth of the 

inner stator unit would be liable to magnetic saturation 

- a complex bearing assembly would be required to support 

the cylindrical, rotor shell between the inner and outer 

stators. 
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Some rotors of this type appear to have been constructed in the past 

for•very specialised applications, but their widespread use has been 

inhibited by the drawbacks described above. In contrast to this 

'double-sided' linear motors are widely used within the restricted 

area of applications for linear drives
(14) 

The implications of using a double-sided stator configuration 

are significant: it can lead to improvements in the electromagnetic 

properties of the windings and to a better power to weight ratio. 

These effects have been discussed briefly by Laithwaite and Barwed14 

with respect to linear machines, but are investigated in more detail 

for disc machines in this section. Throughout the following discussion 

it is assumed that the windings of the two stators are interconnected 

so that the main flux is directed normally across the airgap i.e. a 

north pole on one stator is opposite a south pole on the other. The 

alternative interconnection, producing like poles opposite each other 

is effectively the same as mounting two single sided machines face-to-

face on the same shaft. (Nasar
(1) 

proposed varying the orientation 

of one stator with respect to the other in order to modulate the 

profile of the airgap flux wave). 

The benefits arising from the use of a double stator configuration 

are as follows: 

i) Improvements in electromagnetic properties of windings  

The implications of using two stators rather than one can best 

be seen by considering the hypothetical conversion of a single-sided 

motor (Fig. 1.3(b)) into a double-sided motor (Fig. 1.3(c)). It can 

be deduced that if the windings previously confined to one stator are 

equally divided between two stators, the slot depth being reduced 

accordingly, then for either a sheet or a cage rotor: 

the power output of the motor is substantially unchanged, 

the average electric and magnetic loading of the motor 

remain constant, 

- the magnetising reactance (km) of the motor is ideally 

unchanged, because the same total number of turns is 

linked by the same main flux, 

- the total stator resistance is the same, 

BUT - the leakage reactances of the windings are reduced 
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significantly. In general terms, this is because the number 

of turns per coil is halved, so that its inductance is 

reduced by a factor of four; but as there are now two sets of 

coils connected in series, the net effect is a reduction by 

a factor of approximately two. This assumes that there is 

no mutual coupling between the leakage fields of the two 

sets of windings. Considering the end winding leakage and 

the slot leakage components separately, the situation can be 

summarised as follows: 

Component of 	Formula for 	Change in 	Overall 
leakage 	leakage 	parameter 	effect on 
reactance 	reactance(15) 	per stator 	motor 

Slot: 	 d 
Open slots 	- 2-1 s X' = Nqz w ---4 	.. x i Xis 	c 2 3ws  

1 
d x 
s 2 

End windings Xle = K(qzc)
2Le z c x — 2 

1 

Semi-closed 	X" = KqzWiso 	
wo 	

1 
z x 2 
	is 

X" x a 
slots 	

is 	
a 

where K = mofp 

Le 
=kT + 0.019 

P P 
Xle 

• end winding leakage reactance per phase 

Xis 
 
• leakage reactance per phase due to open slot 

Xls = leakage reactance per phase due to semi-closed slot 

q 	= number of slots per pole and phase 

zc 
= number of conductors per slot 

• stator width 

ds 
• slot depth 

w
s 

= slot width 

ho • tooth tip depth 

W 	= slot opening 

• supply frequency 

p 	= number of pole pairs 

k 	= fractional pitch of stator coil 

T 	= pole pitch 

d
s x 

1 
where 
1 	1  
4 

< a < 
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The above expressions indicate that the use of two wound stator 

units instead of one reduces the overall motor leakage reactance by 

at least one half. In the case of open slots, for which it has been 

assumed that the total depth is filled with conductors, it can be 

seen that the total slot leakage is divided by a factor of four, because 

both the slot depth and the number of turns per slot are halved. This 

gain can only be made, however, when the high level of pole face losses 

associated with flux ripple from the slot openings can be tolerated. 

When semi-closed slots are used, the main body of the slot which is 

filled with conductor for normal designs contributes a relatively small 

proportion of the total slot leakage (around 25% for some geometries), 

the remainder being caused by the small opening at the top of the slot. 

The reduction in slot leakage due to a smaller slot depth is there-

fore correspondingly less. 

From the foregoing discussion it can be seen that the overall 

effect of using two winding sets instead of one is to reduce leakage 

reactance and consequently improve the power factor and efficiency.of 

the motor; but these gains are necessarily made at the expense of 

increased manufacturing costs. 

It should be noted that under some circumstances when two windings 

are being used it might be preferable to forego the maximum reduction 

in slot leakage in exchange for reduced winding resistance. This can 

be achieved by retaining the slots at the original single-sided stator 

size and using wire with twice the cross-sectional area in both stators 

of the double-sided version. 

The relative sizes of the parameters of the stators used for 

experimental work which is described later in the thesis give an apprec-

iation of the improvements that can be made by using a double stator 

configuration. Typically, the total leakage reactance of a single 

4-pole stator is some 15% of the magnetising reactance when the motor 

has an entrefer of 1 mm (0.040 in). The open circuit airgap voltage 

is consequently increased by about 10% by converting from the single 

to the double sided motor arrangement. Furthermore, approximately 

80% of the total leakage reactance is, contributed by the end windings, 

the remainder being caused by the slots. The slots are semi-closed, 
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and the specific permeance of the main body of the slot is only 25% 

of the total slot permeance. Hence, halving the slot depth reduces 

the total leakage reactance by less than 5%, and it is clear that the 

most substantial improvement in leakage reactance is derived from a 

reduction in the end winding component. 

The corollary of this is that the slots can be deepened to 

accommodate more conductors without incurring severe penalties: the 

implications of this are investigated more thoroughly later in this 

thesis (Section 1.5) where some design criteria for disc motors are 

examined. 

ii) Improvements in power to weight ratio 

The transfer of half the windings from a single stator on to 

the stationary rotor backing iron, thereby creating the double stator 

arrangement described above, provides the clue for increasing the 

power to weight ratio of the motor. For if, instead of dividing the 

windings between the two stators, a second complete stator is added, 

the double sided motor so formed has the potential for twice the power 

output, provided the rotor conductors are also increased in size; and 

this is achieved without adding any more backing iron. The actual 

effect on the performance of the motor depends upon the type of rotor -

sheet or cage - that is being used. When a cage rotor is in position 

the cross-sectional area of its conductors can be doubled to meet the 

increase in stator copper, without a significant increase in the air-

gap reluctance. In other words, the surface resistivity of the rotor 

is halved; peak torque is produced at about half the original value of 

slip; and approximately twice the power output can be obtained from 

the machine for the same thermal dissipation in the rotor. 

The situation is different for a sheet rotor as an increase in 

rotor conductor thickness necessarily introduces an increase in the 

size of the 'entrefer'. Part of the benefit from the second stator 

is therefore absorbed in providing the magnetising current for this 

additional airgap, and the increase in power output is correspondingly 

reduced. 
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Detailed examination of these effects is beyond the scope of 

the present text, as they are to a large extent determined by second-

order effects which are not conveniently treated in a simple analysis. 

But ultimately the rating of .a machine is limited by heat dissipation 

in the stator and rotor. In this respect, the second stator with a 

second set of windings has a second major path for heat dissipation 

through the surface of its backing iron and can therefore dissipate 

its own I2R losses. To this extent, therefore, the increased power 

to weight ratio of double stator machines is potentially realisable. 

Unlike the single-sided disc machine in Section 1.3.4 above, which 

was merely an alternative geometry for a conventional cylindrical 

machine, the present double-sided rotary motor is peculiar to the disc 

motor topology. The simple face-to-face arrangement of stator and 

rotor of the single-sided machine has been forfeited, but normal 

forces between stator and rotor are largely cancelled out. In addition, 

the use of two stators enables p.u. leakage reactances to be reduced 

and the power to weight ratio to be enhanced. The principle character-

istics of this motor are compared quantitatively with those of conven-

tional machines in Section 1.4.4 below. 

1.4 Quantitative comparison of equivalent cylindrical and disc machines  

1.4.1 Introduction  

There is every reason to suppose that disc machines will behave 

in a similar manner to conventional cylindrical machines. They are 

both rotating electromagnetic devices. Their differing geometries 

affect the arrangement of their electric and magnetic circuits, but 

not their essential interactions. 

The previous section investigated the possible configurations of 

disc machines in a qualitative manner, and established that two principal 

disc machines were viable: the single-sided disc machine which, in tone 

of its forms, was equivalent to the cylindrical squirrel cage induction 

motor; and the double-sided disc motor which does not have a commonly-

occurring cylindrical counterpart. The purpose of this section is to 

examine quantitatively the physical characteristics of these machines 



30 

in relation to an equivalent cylindrical version, in order to determine 

the relative efficiencies with which their magnetic and electric 

circuits are utilised. The results of these studies give an apprec-

iation of the penalties that may have to be accepted if disc geometries 

are adopted, and should also indicate any advantageous features that 

they may possess. 

The following treatment is necessarily simplified and only takes 

into account the more important features of the motor under consideration:.. 

its purpose is to identify underlying trends. Competing designs for 

a particular application must ultimately be examined in detail, and 

all the characteristics of the motor which influence its suitability 

for the proposed duty taken into account. 

1.4.2 Equivalent machines  

The torque, Tc, produced by a cylindrical machine with stack 

length, W, and bore Dr, can be expressed by: 

D 
T
c 

= (B 
g  JR 

 cos 0) 	Dr  W))(--2
r
) 	(1.4) 

where B
g
J
R 
cos 0 is the force produced per unit of active stator surface 

area. (0 represents the space phase angle between the airgap flux 

density, B , and the rotor surface current density JR: it is assumed 

to be constant). 7 D
r 
W is the total active stator surface area and 

Dr
/2 is the effective torque arm length for the motor. 

The torque, TD, produced by a single sided disc motor that incor-

porates a cage rotor with integral backing iron cannot be written down 

in a similar manner for two reasons: 

- the torque arm length is not constant over the active 

surface area but varies from the inner to the outer radii. 

- the rotor surface current density is not uniform across 

the active motor surface. 

However, the torque STD  produced by an infinitely thin circum-

ferential element of the motor surface of width 11 ddr 
and at diameter 

dr is given by: 
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6d 	D + D.  

(ST
D 

= B
g  d r 2r jR  ( old 	2 

cos 0 -1- 
r 

(1.5) 

dd 
where

r 2r 
 is the flux entering the circumferential 

element. 
D + D. 

- J
R 
( 
o
2d 	

is the rotor surface current density at 

diameter
rd
r 
(J

R 
being the current density at the mean 

diameter, 12(Do +D)of the disc motor). 

- e is the phase angle between Bg  and JR. 

Bg, JR 
and 0 are assumed to be the same for both the cylindrical and 

disc machines. 

Integrating equation 1.5 between the limits of the inner and outer 

core diameters of the disc motor, D. and Do 
respectively, gives: 

D + D. 
T 	= (B J cos e)(21  (D2  - p?) ) 11( 	o 

This expression, like equation 1.4 above, contains terms for force 

per unit area, motor surface area and mean torque arm length. It 

indicates that a disc motor produces the same nominal output as a 

cylindrical motor with a bore that is equal to the mean diameter of 

the disc motor. 

Equations 1.4 and 1.6 enables equivalent cylindrical and disc 

machines to be defined. For if Tc 
= T

D
: 

2 	2NOD 	D.) (D 	D.1 	1 
2/7 _ D 	- 8 - 	1 o 

(1.7) 

But, in order to define equivalent machines in terms of one variable 

each two simplifications are necessary. 

Firstly, it is assumed that the cylindrical motor has 'square 

poles', i.e. that the motor width is equal to the pole pitch. This is 

expressed mathematically:by: 

7 
W 	

1-13
r 	 (1.8) 

2p 

Secondly, a relationship between the inner and outer diameters of 

the disc motor can be derived to maximise its output. Re-writing 

equation 1.6 with the rotor surface current density expressed in terms 

of the value obtaining at the inner diarrter gives: 

D  g R 	4 	o 	i 	2 	(1.6) 

• 
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2 
1 2 

TD  = B
g
J
R 

cos 0 	(D-
o 
 - D2) 2;- 4  

D. 1 

(1.9) 

 

Differentiating equation 1.9 with respect to Di, assuming that Do  

is constant, 

h' 
R)1  . D=const 

o 

= BJ 
g r 

Di  
cos 8 

TT 
— 
8 

D. 
[D2 
	1 (D 	- --] 
o 3 

(1.10) 

which is equal to zero, and is maximum when 

D
o 

r 	175. 

This implies that the maximum output can be obtained from a disc 

motor when its inner and outer diameters are related by eauation 1.11. 

Campbell(16) derived the same relationship for the maximum power out- 

put from a permanent-magnet axial field d.c. machine. 

There is a physical reason for an optimum value of the ratio 

D /D. to exist. As the inner diameter of the motor is made smaller, 
0 1 
the active surface area of the motor is increased, tending to improve 

the output of the motor, but at the same time the slot area of the 

motor is decreased, which tends to reduce its output. 

Substituting the relationships in equations 1.8 and 1.11 into 

equation 1.7 enables it to be simplified to: 

D
r ($75+1)p  

D. 	27 
1 

(1.12) 

Thus, within the constraints defined above, the ratio of the bore 

ofaclairldricalmotorrpr,totheirmerdiameter,D.1
,of an equivalent 

single sided disc motor depends upon the pole number of the motor. 

Tabulated results for expression 1.12 are as follows: 

P D 
r
/D. 

1 0.76 

2 0.95 

3 1.09 

4 1.20 

5 1.30 

6 1.38 
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This relationship between the sizes of the two types of motor opens 

the way for simple calculations of motor weights and dimensions to 

be made. But some additional assumptions are also necessary. These 

are: 

i) that the depth of backing iron, dB, in a motor is 

given by: 

d 
B 

TTp 
(1.13) 

where ,3T is the tooth width to tooth pitch ratio and 

is assumed to equal 0.5. T is the pole pitch (at the 

mean diameter of the disc motor). 

ii) that the machines have infinite magnetising reactances, 

so that the stator surface current density, J
s
, is equal 

to the rotor surface current density, JR. The dangers 

of making this assumption are reduced by the fact that 

it is applied to all types of machines, and that parameter 

ratios only are considered. 

iii) that the slot depth, ds, of a cylindrical motor is given 

by: 

d
s 

= k D
r 
	(1.14) 

where k is an empirical factor, equal to 0.17. It is 

approximately correct for machines up to 0.5 m bore. 

The depth of slot in the disc machine was made equal to 

the value calculated from equation 1.14 for its cyl-

indrical equivalent. 

iv) that the extent by which end windings overhang the motor 

core is equal to 0.25 T . 

v) that all motor coils are pitched over five-sixths of 

the pole pitch. 
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1.4.3 Calculation and comparison of parameters of cylindrical and  

single-sided disc machines  

Five parameters were compared for equivalent cylindrical and 

disc machines. They are: 

i) Pole pitch: Stator Width Ratio 

ii) Weight of Iron 

iii) Weight of Copper 

iv) Total Motor Weight 

v) Axial Length 

The principal dimensions of the cylindrical and electrically 

single-sided disc machines under consideration are shown in Fig. 1.5. 

i) Pole-pitch: stator width ratio  

This ratio is defined as unity for the cylindrical machine, because 

it has been assumed to have 'square' poles. For the disc motor, 

however, it is given by: 

. 
Pole pitch 	7 	

(D o/D 
1 
 + 1) 
 

Stator width 	2p (Do  - 1) 
o 

The tabulated results for this expression are: 

p Pole pitch 
Stator width 

1 5.86 

2 2.93 

3 1.95 

4 1.47 

5 1.17 

6 0.98 

(1.15) 

They demonstrate that for common types of motor, i.e. p 3, say, 

the pole pitch of a diSc motor is considerably greater than the stator 

width: for a two pole machine it is almost six times greater. The 

implications of this is that disc motors generally have long end 

windings, with adverse effects on resistance and leakage inductance. 
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ii) Weight of iron 

The weight of iron required for a cylindrical machine, W. , and 
icm 

	

for its 	equivalent single sided disc machine, W, 	, can be written 
DM1 down with reference to Fig. 1.5 as: 

Try.D 

	

W. 	rfto D2 _ D2 ) 4.  (D2 - D2 4. D 	D2I1 	(I.16a) 

	

1 	8p  ItPT 	t
r 	

t
s 	r 	f' CM 

Try .D 2. 	D 
W. 	= 	

1 1  f 0 2 
1(-----) 	- 1/113

T
d
s
+ dB} 

1DM1 	2 	D. 
1 

where yi  is the density of laminated iron. 

(1.16b) 

iii) Weight of copper 

be: 
	Similarly, the copper weights, W 	

c 
and W 	, can be shown to 

CM 	DM1 

D2d k 

	

W
c
M 	

Tr2(1-(3 )y 	r s s  (1 + k ) cc 
 

	

'4 	c p (1.17a) 

D 
W
c 	

= ir(1 B )y D2d k ( o 	I ( o - 1)  4. 	o 	) 1. 1 	(1.17b) 

	

'T c i s s D. 	D. 	2p 	D. DM1 	 1 	1 	1 

where yc  is the density of copper 

k
s is the slot packing factor 

k is the fraction of a pole over which a coil is pitched. 

iv) Total weight  

The total weights of the respective machines are clearly given by: 

= w 	+ W. 
CM 	I

C CM 	M  

WDM1 
= 	+ W. 

c
DM1 1DM1 

(1.18a) 

(1.18b) 

The results of calculations from equations 1.16, 1.17 and 1.18, using 

the simplifications given above are illustrated on Fig. 1.6 for a range 

of pole numbers. 

It is apparent that the disc motor generally requires less iron, 

but more copper than its cylindrical counterpart. It is particularly 

noticeable that the disc motor uses some 80% more copper than the 

cylindrical motor in a 2-pole version. This is in accordance with the 



0 

P 
DM1 CM  x 100 

cm 

(%) 
80 

60 

40 

PON41 	ftM 

N  

3 7 

20 ••10/ 
2/ IA  
"•••■;<4.:  

-1 

-20 

-140 

-60 

i 
1 	 2 6 

pote 
number 

COMPARISON OF THE PHYSICAL CHARACTERISTICS: 

CF CYLINDRICAL- AND SINGLE SIGEL' DISC- MACHINES 

FIG . 1.6 

0 



38 

high pole pitch: stator width ratio demonstrated above. There is 

little difference between the total weights of the two types of 

machine, however, the discrepancy being most noticeable at low pole 

numbers when, for example, a 2-pole disc motor is almost 20% heavier 

than an equivalent cylindrical motor. 

iv) Axial length  

The axial. length of a cylindrical motor includes the overhang of 

the stator windings: for the disc motor, however, it comprises slot 

and backing iron depths only. The simplified algebraic expressions 

for the axial lengths are: 

'TD 
ALCM = 	p

r 
	(1.19a) 

AL
DM1

(1.19b) = 2(d
B 
 + d

s
) 

and results of calculations with these expressions are plotted on 

Fig. 1.6. The disc motor is considerably shorter along its main rotor 

shaft than the cylindrical motor, this advantage being greatest in low 

pole number machines. A 2-pole disc motor appears to be about half the 

axial length of an equivalent 2-pole cylindrical motor. 

The profiles of equivalent disc and cylindrical machines are shown 

in Fig. 1.7 for two- and six-pole versions. The short flat profile 

of the disc motor is distinctive, but is caused mainly by the different 

positions of the end windings of the machines with respect to the axis 

of rotation of the motor shaft. 

1.4.4 Calculation and comparison of parameters of cylindrical  

and double-sided disc machines  

One advantage of the double sided disc machine suggested in 

Section 1.3.5 above was that it could offer an improved power to weight 

ratio. The reason for this suggestion can be seen in Fig. 1.8. It 

contains a notional 'kit of parts' for a single sided disc motor which, 

as shown, can also be used to construct a double sided motor. The 

main feature is that an effective doubling of output power is produced 

without an increase in the amount of backing iron required. 
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The weight of iron and copper required for a double sided disc 

motor, compared with an equivalent cylindrical motor was calculated 

by a similar method to that used in the previous section. This was 

achieved by taking into account the fact that the power output of the 

machine, and the volume of iron and copper were both proportional to 

D.3   for a fixed ratio of D /D.. The results are presented graphically 
o 

in Fig. 1.9. It can be seen that the relative weights of copper are 

the same as in the single sided case above, but there is a notable 

reduction in the iron content of the double sided disc motor compared 

to a conventional motor. This leads to an overall reduction in the 

total weight of the disc motor, and it can be seen that double sided 

disc motors are around 10% lighter than cylindrical motors with cot-

parable output. It should be noted, however, that there is an increase 

in axial length when the double sided disc motor configuration is used, 

and disc machines of this type with pole numbers greater or equal to 

three actually appear to be longer than their cylindrical counterparts. 

1.4.5 Conclusions  

While fully noting the reservations stated in the introduction 

to this section about the general method of quantitative comparison 

that has been used, three main conclusions can be drawn: 

- in terms of total weight for a given output disc motors 

are quite comparable with conventional machines. In fact, 

there are indications that the double-sided disc motor can 

produce a better power-to-weight ratio than conventional 

machines. 

- disc motors generally require more copper but less iron 

than cylindrical motors. 

- single sided disc motors have a considerably shorter axial 

length than cylindrical machines, but this advantage dis-

appears for some types of double-sided disc machine. 
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1.5 Examination of design criteria for disc machines with axial flux  

1.5.1 Introduction 

The design of electrical machines is as much an art as a 

science. For precise application of the physical laws which explain 

the electromagnetic interactions in them is invariably impossible, 

and the empirical results from accumulated experience form an important.  

part of the design procedure. These remarks apply particularly to 

second order electromagnetic effects such as leakage fields, and to 

thermal conditions. New designs for conventional types of motors 

are therefore usually based on existing designs and incorporate 

standard lamination punchings for the stator and rotor assemblies. 

A similar fund of experience is not available for disc machines 

although some of the guiding principles for conventional machine 

design would be applicable. It is worthwhile, however, to examine 

some design criteria to ensure that design concepts which are inapplic-

able or irrelevant to disc machines are not carried over from the 

established methods of machine design. 

To this end the present section eXamines briefly the implications 

of the disc geometry on the design of the electric and magnetic 

circuits of an electric machine. Two specific areas are considered: 

slot design (and by implication tooth design), and winding design. 

1.5.2 Slot design  

The main purpcse of the slot-tooth arrangement in an induction 

machine is to minimise its effective 'entrefer'. But to some extent 

the requirements of teeth and slots are conflicting, for an increase 

in the slot width - to increase the surface current density - necessa-

rily reduces the tooth width - and hence the average airgap flux 

density. There is limited scope for augmenting slot area in conven-

tional machines by increasing slot depth because apart from increasing 

slot leakage, there is a physical constriction for flux at the rotor 

tooth root as the radius diminishes. This constriction does not 

exist with disc machines, and it is for this reason that slot dimen-

sions are re-examined here. 
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Adopting a simplified approach, the airgap flux density (B g) 

and rotor current density (J R) can be expressed in terms of the slot 

and tooth dimensions (see Fig. 1.10(a)) as follows: 

w
t 

Bg  = B
sat y 

I 
and J

R 
= -

s 

's 

(1.20) 

(1.21) 

where B
sat is the saturation flux density of iron 

and 	I
s 

is the effective slot current: I
s 

= kw N IL 
where k

w is the winding factor 

N is the number of turns per slot 

and I
L 

is the Phase current 

The force produced by unit area of the machine is given by: 

w
t 

I
s B

g
J
R 
cos e = B

sat i
- —

y 
cos 0 

s s 
wt  (Ys -  wt) = B

sat 
J
L 
cos e k d y2 S S 

(1.22) 

where J
L 
is the current loading, in Ainps/m2  of the coils and k is 

the Slot packing factor. 

B
sat 

and J
L 
can be considered as constants for the present purposes. 

The optimum tooth width, which allows maximum force production can be 

obtained by differentiating equation 1.22 with respect to tooth width. 

Hence 

m13
g
J
R 

cos 0) 

awt  
Jr.,  cos e k

s 
B
sat  

Y2 	
(y
s 
 2w

t
)d
s  d

s
=const 

(1.23) 

   

which has a maximum when: 

1 
wt 	2 Ys 

(1.24) 

i.e. when tooth width = slot width. 

This result confirms normal practice, and the maximum force is 

given by: 

d 
B
g
J
r 
cos 6 = B

sat 
J
L 

cos 0 k s 4 	(1.25) 
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FIG.1.10 ASPECTS OF SLOT DESIGN FOR DISC MOTORS 
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This expression indicates that the force produced by the motor 

can be increased by increasing slot depth, but in practice a limit on 

d
s 

is set by thermal dissipation and by slot leakage. 

Directing remarks at eds machines with cage rotors (of the con-

ducting disc/steel rivet construction - see Section 1.3.2) the 

following observations can be made on both these constraints: 

i) Thermal dissipation: 

This is normally the prime constraint which limits the maximum 

power output obtainable from a given size of motor. The proposed 

motor has a thin flat profile with a large surface area: volume 

ratio that assists in direct cooling. The conduction path for heat 

to the rotor shaft has a relatively thin cross sectional area, but 

will have a high thermal conductivi.ty (copper or aluminium). An 

increase in 'd
s
' in this rotor is identical to an increase in rotor 

thickness, and an increase in this dimension automatically enhances 

the heat conduction path to the rotor shaft. Also important is the 

fact that the conductors in which most heat is generated are not 

insulated thermally from the heat induction paths. The indications 

are, therefore, that this rotor may be able to dissipate more heat 

and run at a higher temperature than conventional rotors, thereby 

enabling a greater power to weight ratio to be obtained from this 

type of motor. 

ii) Slot leakage: 

It has been shown in Section 1.3.5 that slot leakage tends to 

be a relatively minor component of total leakage in disc machines, 

especially when the pole number is low; the contribution by the body 

of the slot is particularly low when semi-closed slots are used. 

From this it follows that the slots of disc machines could be made 

deeper than in conventional machines without seriously affecting the 

total leakage. This is not necessarily an advantage of disc machines; 

it only occurs when the end winding leakage reactance is high. 

However, given that a disc geometry is to be used, and the end winding 

leakage can be tolerated, it is reasonable to propose that deeper 

slots should be used, providing thermal conditions are satisfactory. 

An increase in stator conductor area which is necessary to balance 

greater rotor conductor areas can therefore be achieved without severe 
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penalties (see Section 1.3.5, Improvements in the electro-magnetic 

properties of windings) by deepening the slots. 

In addition to this effect, which would apply if a conventional 

conductor/slot construction were used for the cage rotor, the 

proposed rotor made from rivets appears to offer other advantages. 

(The shape of the 'slot' so formed is illustrated in Fig. 1.10(b): 

it is double ended but otherwise has a conventional profile). The 

'normal' rivet pattern (Fig. 1.10(c)) which might be adopted by extra- 

polating from conventional rotor construction patterns calls for the 

rivets to be aligned radially. But the type of pattern, the alternative 

pattern in Fig. 1.10(c), in which the circumferential arrays of rivets 

are offset from one another will tend to reduce the slot leakage, 

perhaps compensating for any increase due to greater slot depths. 

This alternative pattern also gives a skewed effect to the rotor con-

ductors, but will tend to increase the rotor resistance. The situation 

appears to be as follows: 

- there is no physical limit on the rotor conductor 

size in a disc machine 

- increased rotor conductor sizes might be used to 

obtain higher mechanical output per unit volume, 

particularly from an eds machine 

- the two main problems associated with this dev-

elopment, namely excessive thermal dissipation and 

high slot leakage reactance, are not necessarily 

prohibitive. 

A detailed study of these problems would be extremely complex. 

It cannot be handled by general methods of appraisal and is beyond 

the scope of the present text. The purpose of the preceeding remarks 

has been to identify a line of development for disc machines which 

may prove fruitful. 
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1.5.3 Winding design  

Conventional surface windings are quite suitable for disc 

machines, and their insertion into the exposed slots on the flat 

stator surface is probably easier than into the stator bore of a 

conventional cylindrical machine. However, the relatively large 

pole pitch to stator width ratio of disc motors with low pole numbers, 

and the copper losses and leakage reactance associated with the long : 

end windings, suggests that Gramme ring windings might be more suit-

able. Surface and Gramme ring windings are therefore compared below 

in terms of their resistance and leakage reactance in order to 

determine the circumstances under which one or the other holds the 

advantage. 

i) Stator winding resistance  

The main end winding lengths of surface wound and Gramme ring 

coils, Le and Lg  respectively, are given approximately by: 

L
e 

= k T 	(1.26a) 
P P 

L 	= W + 2d
B 
	(1.26b) 

$1.4.3.00  

where k , T , W and dB  were defined in section.s1.4.2kabove, and their 
P p 

ratio is: 

L 	k T 
e  
L 	W + 2dB  

For a disc machine, inserting: 

(1.26c) 

Tp 
 = 4p — (Do 	1 

+ D.) 

W = 1 — (Do 
	1 
- D.) 

2  

D 
TTp 	13111  -Tr 

(D 	.) and d
B 	4p 	o 

-I- 
 1 

the ratio becomes: 
k 7 

L
e 	

-2— 
4p 
 (D

o 1  
+ D.) 

Lg 	
T 1 

2 (Do 
 - D.) + 

2p 
 (D

o 
 + D.) 

1  

(1. 27 ) 
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which, when D 
o1  
/D. = 175, BT  = 0.5 and kp  = 5/6, reduces to: 

L
e 	57r 
Lg 	6 + 3.24p 

This can be tabulated as follows: 

(1.28) 

Le/Lg 

1 	1.72 

2 	1.26 

3 	1.0 

4 	0.83 

5 	0.71 
• 

6 	0.62 

from which it can be seen that for disc machines with p ‘ 2, a Gramme 

ring winding has a lower primary resistance than an equivalent 

surface winding. 

ii) Stator end winding leakage reactance 

Draper's formula (15) for the end turn leakage reactance of a 

double layer surface winding, assuming complete coupling between the 

end winding is: 

Tr 
Xle = 	fP (q zc)  2  Le (1.29) 

as defined in Section 1.3.5 above. 

The magnetising reactance of a set of coils is also given by: 

6W T p f 
P ° X

m irg 	
2p (q z

c
) 2 	(1.30)  

Assuming that the end turns of a Gramme ring winding approximate 

to a current sheet, of width W + 2dB. If it has a travelling current 

wave that is sinusoidally distributed in space and is at the boundary 

between air and an infinitely permeable region, its effective airgap 

is T (11) . Substituting this into equation 1.30, the end winding 

leakage reactance of a Gramme ring winding is given by: 

lg 
= 12p

o
fp (qz

c
)2(2dB + w) 
	

(1.31) 



Hence 
Xle/X1g 

can be shown to be: 
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X
le 	

irk T 
P P  

X
lg 	

12(2d
B 
+ W) (1.32) 

 

Making the same assumptions as for equation 1.27 above, the 

ratio can be tabulated as follows: 

p Xle/Xlg 

1 0.45 

2 0.33 

3 0.26 

4 0.22 

5 0.18 

6 0.16 

These results indicate that the leakage reactance of a Gramme 

ring winding on a disc motor is always more than double that of an 

equivalent surface winding. Even for a two pole motor which gives 

the Gramme ring winding its greatest advantage X
le 

is less than half 

X
lg
.  

Gramme ring windings appear to offer savings in the amount of 

copper required for a motor with corresponding savings in copper losses, 

but their associated leakage reactances are very high by normal stand-

ards. It should also be noted that the leakage flux produced by Gramme 

ring end windings circulates in the stator backing iron, which accord-

ingly has to be increased in thickness to accommodate it. 

From the above brief consideration of the problems of slot and 

winding design applied to disc motors, it appears that deeper slots 

may sometimes be advantageous, and that gramme ring windings should 

be considered for 2- and 4-pole machines if a high leakage inductance 

can be tolerated. 

1.6 Disc machines with transverse flux 

1.6.1 Introduction 

Linear motors which utilise flux return paths that are transverse 

to the direction of motion were conceived quite recently
(4) 

The lay- 
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outs of typical transverse flux linear machines are compared with 

that of an axial flux machine in Fig. 1.11. It can be seen that 

while conventional winding configurations may be used, the flux is 

confined to transverse paths outside the airgap region. This arrange-

ment reduces the depth of backing iron required for long pole pitch 

machines, and was in fact first proposed for high speed traction 

motors in which the pole pitch is large compared with the motor width. 

Two reasons might suggest that the transverse flux topology is 

worthy of consideration for disc machines. These are: the basic 

similarity between some aspects of linear and disc machine geometries; 

and the fact that the pole pitch of low pole number disc machines 

tends to be large compared to its width. But the transverse flux 

disc machine also appears to have one important advantage over the 

axial flux version which does not feature in equivalent linear machines. 

It is that the stator core of a transverse flux disc machine can be 

made up from standard blocks of laminations. This is in contrast to 

the axial flux disc machine, the stator core of which is usually 

manufactured by an expensive process which involves machining the 

slots into a circular strip wound core. The transverse flux disc 

motor may therefore be a cheaper form of motor to manufacture than 

its axial flux counterpart. 

A quantitative investigation of disc motors with transverse flux 

paths is undertaken in the following section with a view to establish-

ing viable forms of transverse flux disc motors. They are compared 

with their axial flux counterparts in terms of their physical char-

acteristics. 

1.6.2 A quantitative assessment of disc machines with transverse flux 

It is difficult to determine the best form of stator for a 

transverse flux disc motor (TFDM) without making some calculations to 

ensure that its magnetic and electric circuits can be arranged in a 

physically acceptable way. This section describes simple topological 

analyses which were undertaken for two types of motor - a 'C' core 

and an 'L' core version - in order to arrive at viable forms. They 

are compared quantitatively with equivalent axial flux disc machines. 
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i) The 'C' core transverse flux disc motor  

By analogy with linear transverse flux machines, the stator of 

a TFDM would consist essentially of radially disposed 'C' or 'E' cores. 

These cores can in general be strip wound or made up from laminations. 

A more detailed study of the magnetic and electric circuit require- 

ments, however, shows that this simple design does not necessarily 

lead to a sensible transverse flux disc motor, unless of course the 

mean diameter of the motor is large compared with its width, but 

this is not generally the case. Problems arise from two basic require- 

mnts which are not easily compatible: the cross sectional area of 

the inner and outer limbs of the 'C' cores must be equal in order that 

their magnetic loading is uniform; and the space between the limbs 

must be wide enough to accommodate the end turns of the stator windings. 

For these reasons it was found that perhaps the obvious arrangement, 

in which the inner limbs of the 'C' cores were close packed and the 

outer limbs carried the stator windings is not a viable motor. 

Typically, for a 2-pole motor, the tooth width to tooth pitch ratio 

of the outer limbs, which comprise the active motor surface, would 

be less than one quarter. This is not a satisfactory condition for 

most induction motors. This motor would incidentally require half 

the amount of core iron but more than four times the amount of copper 

of its axial flux counterpart. 

In contrast to this, the motor illustrated in Fig. 1.12(a) & (b) 

appears to be a suitable arrangement for a disc motor with transverse 

flux paths. The windings are placed around the inner limbs which can 

be set to give the desired tooth width to tooth pitch ratio (usually 

around 0.5), and the outer limbs provide the flux return paths. It 

is likely that under some conditions the stator windings could be 

placed around both outer and inner limbs, as this would reduce their 

leakage reactance for the reason given in Section 1.3.5 above. Clearly, 

there are also advantages to be gained in extending the rotor con-

ductors over the outer limbs, as the force produced at this radiut 

will contribute considerable torque. With this in mind an improved 

primary magnetic circuit might take the form illustrated in Fig.1.12(c). 

The outer flux return path is provided by a strip wound circular core 

to reduce tooth ripple effects at the outer diameter of the motor. 

This latter form of motor was compared quantitatively with an equiva-

lent axial flux disc machine: the symbols used for the dimensions of 

the two machines are indicated in Fig. 1.13. 
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The comparison was based on the following assumptions: 

i) The total magnetic airgap is the same for both machines, and 

the same winding is used on both machines (on the inner limbs of the 

transverse flux motor). Although the TFDM has two airgaps per pole, 

compared with the single airgap per pole of the AFDM, it is assumed 

for the present purposes that the extra airgap length in the TFDM is 

offset by the short flux path in the core iron. This implies that 

the core iron operates at a relatively high magnetic loading. 

The total rotor surface current density is therefore the same 

for both machineswhen operating at the same stator current loading. 

It is given by 

= B 	lTf  (D + D.) 
RA 	g 2ppr  o 	1 

for the axial flux motor 

j
RT.

(d 	d.) = B
g 2pxP

r 
o 

(1.33(a)) 

(1.33(b)) 

for the inner limbs of the transverse flux motor 

J
RT 	

Tif B 	 (d' + d!) 
o 	

g 2pxp
r 
o 1 (1.33(c)) 

for the outer limbs of the transverse flux motor 

where p
r is the surface resistivity of the axial flux motor rotor, 

and the surface resistivity of the transverse flux rotor - in the 

area of inner and outer limbs - is xpr  where x is an unknown factor. 

As JRA  = J
RT. 

+ J
RTo 1 

it can be shown from equations 1.33 that: 

(1.34) 

 

x(D 	0 
D.) = d + d. + d' + d! 
1 	1 	0 	1 

 

(1.35) 

ii) The inter-limb distance on the transverse flux motor which 

accommodates the end windings is equal to aT where a is an empirical 

constant - equal approximately to 0.25 - and 't is the pole pitch 

at the inner diameter of the motor cores. 



Hence d! = d
0 

+ 2a T 
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and 	d! = d

o 
+- d. 
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iii) The return path for the flux at the outer limbs of the 

transverse flux motor has the same area as the flux path at the inner 

limbs. 

Hence,
T 
 (d2 	

i 
d) 	

1 
(d'2  - d!2) 	(1.37) 

o  

iv) The value of D /D, = VT, as derived in Section 1.4.2 above, 
o 

and f3,T 
is set at 0.5 for both motors. 

The torque produced by the axial and transverse flux motors can 

be equated in the form: 

D. 	 d. 
B J 	(D2 - D2) — 	

71- 

	

B J 	--r (d.--
9  
 d2) 1  

g RA 4 	0 	1 2 	g R.T. 4 	o 	i 2 

Tr  B j RT  4 (doe d! ) — g o 	

2 
2

1 

from equation 1.6 above, into which 

d + d, 
1  

	

jRT. = x(D + D.) 	
(1.39(a)) 

jRA  
1 	0 	I 

d' + d! 
o 1  

and JRT 	
(1.39(b)) 

0 	0 	1 

	

x(D + D.) 	Ait 

(1.38) 

derived from equations 1.33 above can be substituted, and the equation 

simplified to: 

x(D.)(D + D.) (D2  - 1:1 ) 	= d.(d + d.)(d2  - 	+ d!(d' + d!) 
1 0 1 0 1 	1 0 1 0 1 	1 0 1 

(d'2  - d!2) (1.40) 
0 	1 

Using equations 1.36 and 1.37 to obtain expressions for do and d!; 

equation1.35togivex(allinteralsof0,0.,darid.); and 0 1 0 1 	• 
choosing an arbitrary value for D. (and hence Do

), d
o 

can be calculated 

from equation 1.40 for particular values of di. 

These calculations were performed for a 2-pole machine, for 

which the transverse flux motor is likely to be most advantageous. 

Two values of inner diameter were chosen for the transverse flux 

motor, 4 inches and 6 inches, and the results were as follows: 
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For D. = 4.0 inches, D
o 

= 6.93 inches; 1 

	

d, 	d 	d! 	d' 

	

O 1 	1 

(in) 	(in) 	(in) 	(in) 

4.0 6.63 9.77 10.46 2.82 

6.0 7.54 12.25 12.67 3.52 

These motors are illustrated to scale in Fig. 1.14. It can be seen 

that the overall diameter of the motors including end windings are 

not dissimilar, but that the rotors for transverse flux motors would 

be considerably larger than for the axial flux motor. The rotor 

surface resistivity for the transverse flux motor is approximately 

three times that of the axial flux motor. 

The ratios of the iron and copper requirements for the stator 

of these motors and the ratio of their axial lengths are as follows 

(parameter for transverse flux motor divided by parameter for axial 

flux motor): 

d. 	Iron 	Copper 	Axial Length 
1 

4 1.10 0.98 .98 

6 0.87 1.76 .74 

It can be seen that when the internal core diameters of both 

types of machine are the same, the amounts of iron and copper required 

for the stator construction are very similar. Increasing the diameter 

of the transverse flux motor reduces the iron weight, increases the 

amount of copper and decreases the axial length. 

It is interesting to note that approximately 30% of the trans-

verse flux motor torque is provided by the inner limbs, and 70% by 

the outer. The tractive force produced by both sets of limbs is 

therefore approximately equal. 

The conclusions arising from these results, which are necessarily 

very approximate, are that there is no reason for the motor to be 

rejected on the grounds of excessive iron or copper requirements, and 

that the rotor diameter for a transverse flux motor is considerably 



a. axial flux disc motor 

b. equivalent transverse flux disc motor, di = 4 Oin. 

c. equivalent 	transverse flux disc motor, di = 6.Oin. 

	

FIG.1.14 	COMPARISON OF PROFILES OF EQUIVALENT 
AXIAL - AND TRANSVERSE - FLUX DISC MOTORS. 

(to scale) 
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greater than for an equivalent axial flux disc motor. This general 

form of transverse flux disc, therefore, appears to have considerable 

potential and may be regarded as a real alternative design when disc 

motors are under consideration for a specified application. In 

particular, the form of this motor which utilises windings on both 

inner and outer limbs gives considerable flexibility in overall motor 

design. 

ii) The 'L' core transverse flux disc motor  

The 'C' core motor in its various forms described above is 

essentially a linear motor that has had its ends joined together to 

form a rotary disc motor. A second distinct form of transverse flux 

disc motor also exists which has no linear counterpart. It exploits 

the circular geometry of the disc motor to eliminate one of the 

limbs of the 'C' core and is therefore designated the 'L' core motor. 

It is illustrated in Fig. 1.15. The flux paths are transverse with 

respect to the direction in which the force is produced, but dia-. 

metral in relation to the geometry of the motor. The cross sectional 

area of the iron across a diameter of the machine must therefore be 

capable of carrying the pole flux of the machine. In the form shown 

in Fig. 1.15(a), only strip wound cores provide a path for the flux 

across the middle of the machine which does not require it to pass 

normally through laminations: stacks of graded 'L' shaped laminations 

arranged in the manner shown in Fig. 1.15(a) would not provide good 

flux paths for the diametral flux. An alternative arrangement is 

illustrated in Fig. 1.15(b). It consists of a pile of disc laminations 

for the central position with the 'teeth' arranged around the edge. 

An important feature of this type of motor is that it has one 

airgap per pole: other transverse flux machines have two. Compared 

to an axial flux stator, therefore, the airgap reluctance is the same, 

and the reluctance of the stator iron path is shorter by a factor of 

7/2.(Flux crosses a diameter instead of passing around a semi-

circumference). 

The active motor surface of this form of motor is very similar 

to that of an equivalent axial flux motor. The implication of this 

is that the same diameter rotor can be used for both types of machine. 
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This contrasts with the 'C' core transverse flux motor which 

required a considerably larger diameter rotor than its axial flux 

counterpart. 

Comparing transverse flux motors of this type with equivalent 

axial flux machines, it can be seen that identical rotors can be used 

for both, and that theoretically identical stator windings are also 

suitable. The amount of iron required for the stator core must be 

calculated however. The weight of iron in the core of an axial flux 

stator is given by: 

2 

= 	 Wi 	

Try.D. 	D 
o 

4 (E■7 	
- 110 ds

+ d
B
' 

A 
(1.41) 

from equation 1.16(b) above. In terms of the symbols shown on 

Fig. 1.15(a), the weight of iron in the 'L' core transverse flux 

motor can be written down as: 

d 
Tr W

iT = 4 
— (do 
	i 	

sfriT (d o+ di) + d x  (do  - d x 	2 
) + —2s4 (1.42) 

where d
x 
= 2T  (d

o + d.) 
	

(1.43) 

Calculations using these expressions indicated that the volume 

of iron for equivalent 2-pole axial flux and 'L' core transverse flux 

disc machines are the same, to within 1%. 

It appears, therefore, that this type of motor suffers no greater 

penalties compared with axial flux disc motors, but has the advantage 

of simpler construction. 

Two alternative designs of the 'L' core motor which seem to be 

particularly suitable for low cost manufacture are illustrated in 

Fig. 1.16. Fig. 1.16(a) contains a variation of the motor shown in 

Fig. 1.15(b) in which the teeth surrounding the central stack of discs 

are 'L' shaped. This enables the stator core assembly to be held 

together by a simple cup and plate arrangement as shown. A suitable 

rotor for this type of motor, however, is still a relatively difficult 

and expensive item to manufacture. • Typically, it would consist of 
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a solid iron disc which was slotted to accommodate the conducting 

cage, or grid. Fig. 1.16(b) illustrates a motor design which seems 

to eliminate the need for slotting the rotor core. The motor can be 

seen now to have a conical shape, but this allows graded sizes of 

disc laminations to be used for the rotor core construction. The 

rotor thickness needs to be around one-third of the width of the 

stator in order that the pole flux can pass through a diametral 

section of the rotor without saturation. If the rotor disc punchings 

contain slots, they can accept a conducting rotor cage which has been 

punched from a flat sheet of material. Thus all components of this 

form of motor, except the stator winding, can be produced by punching 

or pressing processes. 

1.6.3 Alternative configurations for transverse flux disc machines  

The preceding section has identified the two most promising 

forms of stator for transverse flux disc machines. They were referred 

to as 'C' core and 'L' core machines because of the basic shape of 

lamination that was required to make up their stator cores. Just 

like the axial flux disc motor configurations described in Section 

1.3 above, the 'C' and 'L' core stators can be arranged in different 

electrically and magnetically single and double sided motor config-

urations. To some extent the relative advantages of the alternative 

arrangements are similar for transverse flux machines as for axial 

flux machines (Section 1.3), especially as far as the 'L' core motor 

is concerned; but some notable differences do arise and they are as 

follows: 

i) The ess and mss machine  

The open magnetic circuit of this type of motor gives it a large 

magnetic airgap, and as discussed in Section 1.3.3 above, for the 

axial flux disc motor the large magnetising current drawn by the motor 

gives it a poor overall performance. In the case of the 'C' core 

motor, however, the airgap is related to the inter-limb distance, 

rather than to the pole-pitch, and for this reason its performance 

might be better than that of an 'L' core TFDM or an AFDM. Nevertheless, 

it is unlikely to be a useful machine for normal applications. 
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ii) The ess and mds machine  

The behaviour of an ess, mds machine depends largely upon the 

rotor: it can have 'sheet' or 'cage' conductors and stationary or 

rotating backing iron. The similarity of the 'L' core TFDM to an 

AFDM enables it to use conveniently a rotor with axial flux paths; 

but the most efficient rotor for a 'C' core motor would appear to 

take the shape illustrated in Fig. 1.17. 

Solid (unlaminated) rotor backing iron sections also seem to 

offer a simple way of accommodating the predominantly transverse flux 

path. Investigations by Chalmers and Mulki(17)  with cylindrical 

machines indicate that solid iron can be used with some success, 

especially in f.h.p. machines. 

Although the 'L' core TFDM, like the axial flux motor, has one 

airgap per pole, the 'C' core TFDM has two airgaps per pole and might 

therefore be less tolerant of sheet rotors in which the rotor con-

ductor creates an inherently large magnetic airgap. 

iii) The eds, mds TFDM  

Both the 'C' and the 'L' core TFDM's are likely to operate 

most successfully in the eds and mds configuration with the conducting 

sheet/steel rivet type of rotor described in Section 1.3.2 above. 

The behaviour of the double sided 'L' core TFDM is likely to be very 

similar to the double sided axial flux disc motor, but the 'C' core 

motor can take on a modified form. Its straightforward shape is 

illustrated in Fig. 1.18(a), in which the flux is assumed to be driven 

normally across the airgap. An alternative form, however, is illus-

trated in Fig. 1.18(b): the magnetic paths of the two stators can be 

seen to be physically coupled, unlike any other form of double sided 

motor discussed so far, and the number of airgaps per pole has been 

reduced to one. 

There appear to be two sensible types of double-sided transverse 

flux disc motor: one uses two 'L' core stators; and the other, the 

modified 'C' core stators illustrated in Fig. 1.18(b). They can both 

be constructed from laminated components and use a simple rotor con-

struction. While being more complex in structure, and hence more 
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FIG. 1.17 	LAMINATED ROTOR FOR SINGLE SIDED 

'C' CORE TRANSVERSE FLUX DISC MOTOR 
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expensive, than single sided machines they do not suffer from the 

need for robust thrust bearings to accommodate the axial force 

between stator and rotor(like single sided machines) and offer the 

advantages of double sided operation discussed in Section 1.3.5 

above. 

iv) Reduced normal force between stator and rotor  

A net normal force often exists between the stator and rotor of 

a single sided disc machine. Two geometrical methods can be used to 

reduce the effect of this force. In the first, shown in Fig. 1.19(a), 

the outer edge of the rotor is used as the return path for the flux. 

This construction halves the net magnetic force between stator and 

rotor, and the motor may be considered as a hybrid disc/cylindrical 

type. In the second, illustrated in Fig. 1.19(b), the shape of the 

airgap becomes conical. The net axial force acting on the rotor 

shaft is therefore the resolved component of the normal force between 

the stator and rotor surfaces. Both of these methods of construction, 

of which numerous variations exist, retain the essential geometrical 

advantages of the single sided disc motor. 

It is also conceivable that the axial force between the stator 

'and rotor can be controlled by the electromagnetic design of the 

machine, as suggested in Section 1.3.2 above. But the extent to 

which this can be achieved must await the results of further work. 

1.7 Conclusions  

The purpose of this chapter has been to give an introduction to 

the topology of disc machines. It has attempted to identify alter-

native types of disc machines, examine their relative advantages and 

disadvantages, compare them with conventional cylindrical machines, 

and establish the general design criteria and constraints that might 

apply to them.Quantitative methods of comparison have been pursued 

wherever possible, although necessarily at a very general level. In 

so far as the quality of performance of a machine is frequently 

governed by 'second order' effects, such slot leakage, the conclusions 

provided by the various comparisons can do no more than indicate 

general trends. They are presented as such. 



rotor rotor 

stator 
core 

stator 
winding 

iron 	conductor 

a. hybrid disc / cylindrical motor 

rotor 	rotor 
conductor iron 

stator 
winding 

stator 
core 

69 

b. 'conical' motor 

FIG. 1.19 
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The natural disc shaped derivative of the conventional cylindrical 

machine was shown to be the disc motor with axial flux paths. In 

general, it requires more copper and less iron than the cylindrical 

machine but has approximately the same total weight. The transverse 

flux disc. motor is very similar to the axial flux version in these 

respects, and therefore stands in the same relation as it does to the 

conventional motor. Both types of disc motor suffer a relatively 

high leakage reactance, especially with low pole numbers, but under 

these conditions their axial length is about half that of a cylind-

rical motor: they have short and flat profiles. The p.u. leakage 

reactance of double sided disc motors is less than that of single 

sided motors, but in this configuration they lose the simple face,to-

face construction and the short axial length which has been the 

attractive feature of disc machines in most of the restricted applica-

tions for which they have been used. An interesting property of the 

double sided motor is its power to weight ratio. It appears to have 

a weight which is some 10% lower than an equivalent cylindrical 

machine. This feature seems worthy of further investigation. 

The theoretical optimum relationship between the inner and outer 

core diameters of a disc machine was found to be D /D. = VT. o . 
Departure from this ratio in either direction can probably be justi-

fied for particular cases, but it gives an indication of the general 

shape that a disc motor should take. 

Perhaps the most important difference between cylindrical and 

disc machines is the effect of the normal forces between stator and 

rotor. These forces largely cancel themselves out in a cylindrical 

machine, but are present as a thrust load on the shaft bearings in a 

single sided disc motor. Some physical designs were suggested which 

reduce this effect and in some applications the fluid dynamic thrust 

forces of pumps and fan can be used to counteract these forces. But 

in any event they can often be accommodated by normal thrust bearing 

assemblies and need not cause insurmountable problems. 

At a technical level, therefore, disc motors do not present 

serious disadvantages with respect to cylindrical machines that are 

not compensated for in some applications by their own special features. 
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To some extent, the move from cylindrical to disc motor simply 

exchanges one set of constraints for another, the former however 

being more familiar to the motor designer. The big difference between 

them lies in their respective suitabilities for economic manufacture. 

As little or no attention appears to have been given to the 

transverse flux disc motor, the relative merits of cylindrical and 

disc machines would have been judged with respect to the axial flux 

form of disc motor, which requires inherently expensive manufacturing 

methods. It is probably for this reason that disc motors have not 

achieved widespread use. This drawback seems to disappear with 

transverse flux disc machines, and there are reasons to suggest that 

they need be no more expensive to manufacture than cylindrical 

machines if a development and investment programme can be justified 

to establish large-scale manufacturing techniques. 
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CHAPTER TWO 

Reluctance Motors 

2.1 Introduction 

When a discrete piece of magnetically soft iron is placed in 

a magnetic field, a force or torque is exerted on it which tries to 

move it to the position in which the energy stored in the magnetic 

field is maximised: this is consistent with the potential energy 

of the system as a whole being minimised. This is a general desc"rip-

tion of the way in which reluctance forces manifest themselves. For 

example, if a shaped iron rotor is situated in a magnetic field, as 

shown in Fig. 2.1(a), it will experience a torque tending to align 

its axis of minimum reluctance - its 'direct' axis - in the direction 

of the magnetic field. If pivoted and .free to rotate, the rotor will 

come to rest in this aligned position; the airgap flux density, and 

hence the airgap-field-stored energy are thus maximised. The same 

type of force is exerted in the linear arrangement illustrated in 

Fig. 2.1(b). In this case the iron slug, which is displaced from 

its symmetrical pcsition by a distance x, experiences a force which 

acts to return it to the position which is symmetrical with respect 

to the magnetic field, i.e. when x - 0. 

Reluctance forces of this type can be explained qualitatively 

in terms of the magnetic poles, the so-called 'salient poles'. 

These are attracted to_fehe magnetic poles that are setting up the 

field in the same way that a piece of iron is attracted to a magnet. 

Quantitative assessment of reluctance forces. however, is usually 

most conveniently achieved through consideration of the change in 

stored energy (or cosnergy) associated with small displacements of 

the iron member with respect to the magnetic field. 

Pure reluctance forces are exploited in devices such as stepper 

motors which rely upon switched d.c. supplies to create a rotating 

field that drives a salient pole rotor in synchronism with it. They 

also occur as inciciental components of syn_ellr0n0us torque in conven-

tional synchronous machines which have salient poles. This thesis 
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is largely concerned with a third class of machines, however, which 

use reluctance forces to provide an essential feature of their 

operating characteristics. A full description for them is "induction-

start reluctance motors". This recognises the fact that they utilise 

induction torques for starting, but operate at synchronous speed 

under the influence of reluctance torque. They are commonly known as 

'reluctance' motors, and are hereinafter referred to as such. The 

concept of the reluctance motor can be understood with reference to 

Fig. 2.1(a). If the magnetic field is rotated slowly, the iron rotor 

will also rotate in step with the magnetic field. As the frequency 

of rotation is increased, the rotor will speed up and maintain syn-

chronism with the field for as long as the retarding torques on the 

rotor (friction, windage and load) do not exceed the reluctance torque. 

As the load on the rotor increases its direct axis will fall back with 

respect to the axis of the magnetic field; i.e. angle e in Fig. 2.1(a) 

increases. The reluctance toraue increases as e increases and under 

ideal conditions the reluctance torque is maximum when 0, in Fig. 2.1(a), 

is greater than 450. Fluctuations in mechanical load are accomodated 

automatically by adjustments to this angle. 

A different situation would exist if the iron rotor of Fig. 2.1(a) 

were inserted into an already-rotating magnetic field. As the poles 

of the magnetic field slipped past each end of the rotor, it would 

be subjected to forces which varied cyclically about zero at twice 

the slip frequency: there would be zero time-average rotational force. 

Reluctance torque is therefore an essentially synchronous property 

and a net unidirectional torque is only produced when there is zero 

slip between the rotor and the stator field. As an accelerating 

torque is not produced by reluctance action under asynchronous cond-

itions, it is clear that a self-starting reluctance motor that is to 

operate from a fixed frequency supply must rely upon an alternative 

torque-producing mechanism for reaching synchronous or near synchronous 

speed. 

The simplest form of reluctance motor which demonstrates the 

asynchronous-induction and synchronous-reluctance torque mechanisms 

is produced by modifying the magnetic circuit of the rotor of a 

standard squirrel cage induction motor. For if, for a 2-pole motor, 

two diametrically opposite portions of the rotor iron are machined 
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away, the rotor becomes magnetically salient and hence capable of 

producing synchronous reluctance torque; but also possesses a con-

ducting cage to provide asynchronous induction torques for starting 

purposes. Thus, after switch-on, the rotor accelerates under the 

influence of induction torques. As synchronism is approached, the 

induction torque falls off in a characteristic manner, but the rotor 

is subjected to pulsations of reluctance torque at twice the slip 

frequency as the stator field slowly sweeps past the salient rotor 

poles. Under favourable load conditions the unidirectional reluctance 

torque exerted during one quarter cycle is sufficient to accelerate 

both rotor and its coupled load into synchronism. At synchronous 

speed the fundamental component of rotor current is zero, induction 

torque is substantially zero and the motor maintains synchronism 

under the action of reluctance torque alone.. The maximum torque 

which the motor can exert before synchronism is lost, the 'pull-out' 

torque, is invariably greater than the effective torque that is 

produced by the motor in achieving synchronism, the 'pull-in' torque. 

Thus, it can be seen that reluctance effects can be used as the 

main torque producing mechanism in simple, robust, brushless syn-

chronous electric machines. 

It has been shown that reluctance forces are essentially magn-

netic forces exerted by magnetic fields on ferromagnetic materials 

placed in them. Historically, they were the first type of electro-

magnetic forces to be discovered and consequently formed the basis 

of the earliest types of motors, dating back to around 1830. Before 

investigating the design criteria for modern reluctance motors, 

therefore, it is interesting and instructive to review briefly the 

historical development of reluctance motors in the context of the 

general development of electric machines. 

2.2 The historical evolution of the reluctance machine  

A particularly interesting description of the development of 

reluctance motors has been given by Anderson
(1)

. And Cruickshank
(2) 

gave a brief but thorough review of the publications which trace its 

progress. Some of the early motors constructed by Wheatstone and 

others have also been catalogued and described by Bowers(3). This 



section is therefore intended to give but a brief description of 

reluctance motor development from the early days of electric motors 

through to the modern commercially produced versions. It outlines 

the varying fortunes of the machine against other advances in electrical 

engineering, and identifies the major steps in its development. 

The first electric motor ever made is often attributed to 

Professor del Negro of Padua University in 1830, just one year before 

Faraday discovered the principles of electromagnetic induction. By 

1840 Robert Davidson of. Aberdeen, who pioneered reluctance motors in 

Britain, had demonstrated an electrically driven railway vehicle; 

and at the same time W.H. Taylor of the U.S.A. was producing similar 

machines for driving small lathes. These early machines invariably 

relied upon the attraction of soft iron armatures by d.c. excited 

solenoids; the latter were switched sequentially to provide contin-

uous motion. The inherent drawback of these machines arises from 

the fact that the attractive forces between armature and solenoid 

fall off rapidly as the distance between the interacting iron sur-

faces increases; this means that effective forces can only be produced 

during a small displacement of the armature. Many ingenious con-

figurations were conceived to try and minimise this difficulty, 

including the "eccentric electromagnetic engines" of Wheatstone(3) 

and the 4-cylinder electric engine of Thomas Allan(3) 

During the second half of the nineteenth century, there appears 

to have been little electric motor development, but reluctance motors 

generally lost ground to d.c. machines. The lack of interest was 

probably due to the fact that there was no need for electric tractive 

power: the steam engine, with all its vested interests 'was a satis-

factory and fashionable source of primary power. The development of • 

electric machines that was undertaken was devoted mainly to the 

improvement of electric generators for use with llghting systems. 

The reciprocal nature of motors and generators appeared to have 

dawned quite slowly. Although Lenz realised this fact in 1838 and 

Gramme and Siemens some time later, it wasn't until 1873 that it was 

demonstrated publicly. This took place at the Vienna Exhibition, 

using two of Gramme's machines. 

73 
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Towards the end of the nineteenth century there was renewed 

interest in electrical machines. Bailey demonstrated the production 

of a rotating field by the interconnection of a two-phase supply 

and a two-phase distributed winding in 1879, and Tesla produced a 

viable form of induction motor in 1887. By the end of the nine-

teenth century most of the common types of electrical machines that 

we know to-day had been devised. Their respective developments were 

largely dependent upon the conflict between a.c. and d.c. systems 

which continued frcm the late nineteenth century (Silvanus P. Thompson 

published his vindication of a.c. generation and distribution in 1894) 

until well into the twentieth century. 

It has been said that important developments in electrical 

machines stopped at the turn of the century. What appeared to have 

taken place was a period of consolidation at the beginning of the 

twentieth century following the period of prolific invention in the 

1880's and 1890's. By 1900, both the squirrel cage and wound rotor 

induction motors had emerged and the salient pole reluctance motor 

developed as a close cousin of the former. It provided cheap and 

reliable synchronous drive which found applications in industrial 

processes where close speed control was essential. An amusing 

example of its application cited by Anderson
(1) 

was found in the 

manufacture of swiss rolls. It appears that "close speed control is 

essential in view of the negligible tensile strength of the material". 

As has been stated before, however, the performance of this form of 

motor was poor and it could not compete with the induction motor; 

it was only used where its choice was made inevitable by its brushless 

synchronous mode of operation. A typical rotor of the 'milled cage' 

salient pole reluctance motor (i.e. the rotor was produced by milling 

away arcuate portions of a squirrel cage rotor) is illustrated in 

Fig. 2.2(a). This type of motor was refined by the use of special 

rotor punchings, Fig. 2.2(b) illustrates a design that was in use 

before 1950, but the milling process is still occasionally used as 

an expedient method for small quantity production of special purpose 

motors. 

In 1923, Kostko, in America, was probably the first to realise 

that it was not the external shape of the motor that was important 

for reluctance motor operation, but its internal magnetic saliency
(4) 
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He proposed a design of rotor which was substantially cylindrical in 

shape but which incorporated internal flux guides or flux barriers 

in the form of appropriately positioned slits. The barriers are 

aligned in the direction of the flow of flux in the direct axis posi-

tion, but present additional reluctance to the flux when the rotor is 

in the quadrature axis position. A rotor lamination stamping 

proposed by Kostko is illustrated in Fig. 2.2(c). Kostko demon-

strated that this type of reluctance motor could produce an output 

which approached that of a similar size of induttion motor. For 

reasons unknown, Kostko's work appears not to have been followed up 

at that time. Instead, Trickey(5), Talaat
(6)

, Lin(7) and others 

continued to refine the salient pole reluctance motor, producing more 

sophisticated analyses and better design criteria. The main innova-

tion during this period (the 1930's through to the 1950's) was the 

purpose-made rotor stamping mentioned above. In 1956, however, 

rotor stampings which incorporated flux guides were brought into 

commercial production; an example designed by Risch(8)  is shown in 

Fig. 2.2(d). 

In the U.K., the work of Lawrenson
(9)  since 1962 has been 

directed towards the 'segmented' form of reluctance rotor; a typical 

rotor stamping is shown in Fig. 2.2(e). It is essentially the 

limiting version of the flux barrier configuration. The separate 

iron segments of the rotor are mounted on a non-magnetic arbor and 

the motor shaft is thereby excluded from the magnetic circuit of the 

rotor. This form of motor has characteristics which are comparable 

to equivalent induction motors, and is now in commercial production 

in sizes which range from fractional horse powers to more than 50 H.P. 

It is interesting to note that one of Wheatstones reluctance machines 

of 1840 consists of segments of iron fastened to a non-magnetic 

(wooden) arbor(3) 

In addition to these main developments, other configurations of 

reluctance rotors have been produced in recent years; they all claim 

performance characteristics that are comparable to the flux barrier 

and segmented machines. Fong
(10) in 1970 devised the so-called 

"essential barrier" reluctance rotor which uses a very simple form 

of rotor punching, and is distinguished from the designs of Kostko 

and Lawrenson by the fact that it requires half the number of barriers 
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per pole. A rotor stamping for a six pole "essential barrier" 

machine is illustrated in Fig. 2.2(f). Cruickshank et al
(2) 

reported 

an axially laminated anisotropic rotor in 1971. A typical four pole 

design is shown in Fig. 2.2(g). The principle of operation of this 

motor is very similar to that of the segmental rotor, but it also 

exploits the interlaminar reluctance of axially laminated rotor iron. 

While presented as a novel machine in this country, it also appears 

as a recommended reluctance motor design in a Russian Leaching text 
(11) 

book published in 1963 	. Lawrenson reported a 'semipole' reluctance 

motor
(12) in 1968 which does not appear to have been followed up. 

It is interesting in that it combines 'salient pole' and 'flux guide' 

features in the rotor, as can be seen in Fig. 2.2(h). 

Although many types of reluctance motor have been conceived and 

tested, as illustrated above, two main types appear to be in commercial 

production at the present time the simple salient pole motor, using 

special rotor lamination stampings, and the segmented rotor motor of 

Lawrenson. Some intermediate designs which use flux barriers to 

enhance the performance of the salient uole motor are also available. 

Between them they make a substantial contribution to the electric 

motor drives in use to-day. 

Reluctance effects were used to produce the very first motive 

power from electricity and magnetism, even before electromagnetic 

induction had been discovered and certainly before its exploitation 

(more than fifty years elapsed between Faraday's discovery and Tesla's 

first induction motor). During this century the role of reluctance 

torques has been in modified a.c. induction machines and in some 

synchronous machines. It is interesting to note, however, that recent 

developments in stepper motors, made possible by solid-state tech-

nology for suitable drive systems, indicate that pure reluctance 

torques are being exploited once more to produce viable machines for 

some present day applications. 
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2.3 Design considerations for reluctance motors 

The two principle types of reluctance motor which are in 

commercial use at the present time are 'salient-pole' and 'segmented-

rotor' machines. They are accordingly given the closest attention 

in the examination of disc reluctance motors below. Other types of 

reluctance motor such as the 'semi-pole', the 'essential-barrier' 

and the 'axially-laminated' which were mentioned in Section 2.2 above 

are given little further consideration. 

Now, before investigating the topology of disc-shaped reluctance 

motors, the design criteria for good cylindrical motors are examined 

in order that the implications of adopting a disc motor geometry can 

be studied critically. 

Three distinct modes can be considered to occur in the operating 

duty of a reluctance motor. These are the asynchronous run-up phase, 

the synchronisation cycle, and steady state synchronous operation. 

During the synchronisation cycle the reluctance torques, pulsating 

at a low slip speed, must take over from the induction torque and 

drive the rotor plus its coupled load. Into synchronism. This capability 

is a very important feature of a reluctance motor and usually determines 

its rated capacity. 

The synchronous torque characteristic of a reluctance motor is 

well known. The torque appears to vary in a substantially sinusoidal 

manner with respect to load angle; it is discussed in some detail 

by Stephenson
(13)• it synchronous speed reluctance motors are usually 

rated for steady state operation at two--thirds of the pull-out torque 

as this gives an efficient and stable operating point while allowing 

an adequate margin to handle load fluctuations without loss of syn-

chronism. The synchronous behaviour of a reluctance motor is controlled 

very largely by its direct and quadrature axis reactances, but the 

relatively large p.u. stator resistance of smaller machines also has 

an effect, and tends to reduce pull-out torque produced by a motor. 

Synchronous torque, T / expressed in watts, for a star connected 
r 	(2.3)  

reluctance motor is given by 

V2 	(X - X ) 

T
r 	2L 	

'd 
(X

d
X
q 
+ R

1
) 

r, 
,V0Xcixq  - R1) sin 2S 

+ Rl(Xd 
+ X ) cos 26 	R

1
(X

d 
- X

q
) 	(2.1) 



where V
L 
is the line voltage 

X
d 
and X are the direct and quadrature reactances respectively and 

include the leakage reactance components 

R
1 

is the stator phase resistance 

and cS is the load angle between phase voltage and the 

quadrature axis 

And when R
1 

= 0, the expression for pull-out torque reduces to 

Tpo l 
I R1=0 

2 
L 1 1 = 	(

X 
_ 
X 2 

q d 
(2.2) 

which illustrates the importance of a low value of Xq  to obtain a high 

pull-out torque. In order that the machine operates efficiently, 

however, a high value of Xd  is also desirable. 

The synchronising process of a reluctance machine is a very complex 

phenomenon, and a quantitative description of it is correspondingly 

difficult. The most precise criterion for synchronisation capability 

has been produced by Lawrenson and Mathur
(14)

. The essential problem 

is that the unidirectional reluctance torque produced during one quarter 

cycle must be sufficient to accelerate the rotor, plus its coupled 

inertia, against the load torque, from a sub-synchronous slip speed 

into synchronism. It is therefore desirable that the rotor achieves 

the lowest possible slip speed under the influence of its induction 

torques in order to minimise the speed difference through which the 

rotor must be accelerated by the reluctance torque. The synchronising 

capability of a reluctance motor is accordingly enhanced by constructing 

its rotor with a low electrical resistance. 

The properties of a good reluctance motor may therefore be summar-

ised as: 

i) high Xd, as close as possible to the value of Xm 
of the parent induction motor 

ii) low Xq  

iii) low R
2 

For reasons of stability at synchronous speed and acceptable asynchronous 

performance, however, there are indications that few benefits are 

obtained by increasing the value of the Xd/Xq 
ratio beyond 5 or 6. Also, 

SIS 
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there is a theoretical optimum value of R2, below which the synchronising 

performance of the motor deteriorates
(15)

, but this is rarely encountered 

in practical machines. 

The preceding remarks relate to the terminal characteristics of 

reluctance machines and to their effect on motor performance. It is 

now possible to investigate salient pole and segmented rotor reluctance 

motors and to examine the extent to which their respective geometries 

restrict the achievement of optimum parameter values. 

i) The salient pole reluctance motor  

The essential features of a salient pole reluctance motor are 

illustrated in Fig. 2.3(a): the direct and quadrature axes are indicated, 

and flux paths associated with each axis position are also shown. The 

variables which govern the axis reactances are identified in Fig. 2.3(a) 
(16) 

as gl, g2  and 13. Lawrenson 	expressed x
d and x , the armature 

reactance components of X
d 

and X , in the convenient form: 

x
d 

= k
d 
x
c 	

(2.4) 
x = k

g 
x
c 

where x
c 

is the magnetising reactance with a cylindrical rotor and 

uniform airgap of g
1
, the factors k

d 
and kq  being given by: 

k
d 

= gl 	cf3, 4.  sin (31T
)(1 - 

g2 	g2 

k =  gl 4. 0 	sin  117)  (1 - gl) 
g2 • 	Tr 	g2 

(2.5) 

The two axis reactances which control reluctance motor performance also 

include the stator leakage reactance, however, and can be written as: 

X
d 

= xd  + 

Xq  = xq  + x 
(2.6) 

where xn  is the stator leakage reactance. 

Equations 2.6 can be re-written as: 

X
d 

= x
c 
(k
d 
+ k

2
) 

Xq  = x
c 
 (kq  + kk

) 
(2.7) 
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where kt  = x/x
c 

and the expression for pull out torque, equation 2.2, takes the form: 

Tpol 
IR =0 
1 

V2 
L r  1 	1  
2x
c 

I  k
g 

+ k
k 

k
d 

+ k 1  
(2.8) 

. 
Expressions were also derived(16)  for the power factor at pull-out 

(cos Apo) and the magnetising current at pull-out (Im 
) for the case 

when the primary ces&cilca was zero. They are: 	
Po 

X
d 
- X 

cos (I) 	- 	q 
poi 	X

d 
+ X 

R
1
=0 	q 

[x2 + X2] 
d  

and Im  
V 

 
pol

R =0 	
XdXcl 

1 

(2.9) 

(2.10) 

The influence of and g1/g2  on the main characteristics of a salient 

pole reluctance motor, as predicted by the simplified analysis given 

above is summarised in Fig. 2.4 (k1  is taken to be 0.1 for Figs. 2.4(b), 

(c), (d) and (e)). Two main conclusions can be derived from this Figure: 

- the maximum 
Xd/Xq 

ratio, maximum pull-out torque and maximum 

per factor at pull-out are obtained when P, is between 0.2 

and 0.4. In these respects therefore, (3 should be around 0.3. 

- in contrast to this, the magnetising current of the motor, which 

may be taken as an indication of the quality of the machine, is 

very high at low values of (3, and judged on this criteria alone, 

should be set as close to unity as possible. The deeper signi-

ficance of the magnitude of the magnetising current concerns its 

operation as an induction motor. If the magnetising current at 

synchronous speed is high, the slope, d(Torgue)/d(slip), of the 

induction torque characteristic near synchronous speed will be 

low: the motor will therefore not achieve a very low slip speed 

under the influence of this torque component and its synchronis-

ing capacity will be correspondingly poor. This is the basic 

conflict which occurs in the design of salient pole reluctance 

motors: p should be large for good induction motor performance, 

and good pull-in characteristics, but should be small for good 
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synchronous performance. In practice, it has been found that 

a value of (3 of about 0.5
(16) 

gives the best compromise perfor-

mance. 

Concentrating on a value of of 0.5, the effect of the ratio 

g
1
/g
2 

and of the stator leakage reactance can be examined. From Fig. 

2.4(b) it is apparent that the value of the Xd/Xq  ratio is sensitive 

to gi/g2. A value of X
d/Xq 

= 3 can only be achieved if g
2 

is 20 times 

greater than gl; and gi/g2  = 0.25 limits Xd/Xq  to around 2. As g2  is 

increased, however, there is a significant increase in magnetising 

current, as indicated in Fig. 2.4(f). 

It was assumed that the stator leakage reactance was 10% of the 

magnetising reactance (k1  = 0.1) for the calculation of the X
d
/Xq, 

pull out torque, power factor and magnetising current characteristics 

in Fig. 2.4. Fig. 2.4(f), however, shows the variation of pull out 

torque for a range of values of k1  and there appears to be every 

incentive to minimise the leakage reactance of a reluctance motor. 

All the characteristics illustrated in Fig. 2.4 are'for the case 

when the stator resistance is zero. Departure from this ideal case 

will tend to reduce the pull-out torque that can be expected from the 

motor. 

The above discussion has brought out the factors which contribute 

to good and bad salient pole reluctance motor design. The quantitative 

aspects of the discussion were necessarily based on a relatively simple 

analytical method, but it is nevertheless sufficiently representative to 

enable the conclusions arising from it to be given full consideration 

in the topological investigation of disc reluctance motors which follows 

in Section 2.4. 

ii) The segmented rotor reluctance motor  

A simple version of a segmented-rotor reluctance motor is 

illustrated in Fig. 2.3(b). It can be seen that the rotor consists 

essentially of circumferential iron segments which extend over a sub-

stantial portion of the pole arc. When the interpolar space is co-

incident with the pole centre the iron segments provide a low reluctance 

path for flux through the rotor: this is the direct axis position. 



When the pole arc is opposite the stator pole centre the interpolar 

space creates a very high reluctance path: this is the quadrature axis 

position. Flux paths corresponding to these two positions are 

indicated on Fig. 2.3(b). The special feature of segmented rotor 

machines is that the flux invariably re-enters the stator iron to bypass 

the high reluctance presented by the interpolar space when the rotor 

is in the quadrature axis position. This is because it is generally 

easier for the flux to cross the motor airgap an extra two times than 

to negotiate the interpolar gap. 

It appears from the mode of operation of the segmented rotor 

machines that the pole arc to pole pitch ratio will be close to unity, 

and that its performance will consequently approach more closely that 

of its parent induction motor 

The effect of Q  on the performance of the primitive segmented 

rotor reluctance motor of Fig. 2.3(h) is illustrated in Fig. 2.5: 

kd  and kg, Xd/Xci, pull out torque, maximum power factor, and magnetising 

current at the point of pull out are shown. k
1 
is assumed to equal 

0.1 for all these calculations. Contrasting these results with similar 

results for the salient pole motor in Fig. 2.4, it can be seen that 

low magnetising current, high power factor and high pull out torque 

can all he achieved if a value of 13 of between 0.8 and 0.9 is adopted. 

The slight reduction in the maximum possible pull-out power that must 

be accepted with this value of 3 is more than compensated for by the 

improved synchronising capacity resulting from good induction motor 

performance. 

The results in Fig, 2.5 are derived from an approximate analysis 

of a very simple motor design. They are representative of the genera] 

form of the parameter changes that take place if B  is altered, but 

underestimate the quality of performance that can be achieved with 

segmented rotor machines. 

A practical design for a rotor segment is illustrated in Fig. 2.3(c). 

The features to be noted are: 

- tapered ends which tend to saturate in the quadrature axis 

position and hence increase interpolar reluctance without 

substantially affecting the direct axis reactance. 

9.1_ 
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a channel in the centre of the segment which serves two 

purposes: it further reduces quadrature axis reactance, 

and provides space for rotor conductors which are particularly 

effective in enhancing the pull-in capability of the machine 

in this position. The introduction of the channel can increase 

the pull-out torque by a factor of almost 2 without adversely 

affecting the pull-in power. 

The notable feature about the mode of operation, and geometry of 

the segmented rotor machine is that the direct and quadrature axis 

reactances can be changed almost independently. Greater freedom there-

fore exists in the choice of these parameters for good motor operation. 

This should be contrasted with the salient pole motor above in which 

X
d and Xq 

 were closely interdependent: i.e. a reduction in Xq  also 

brought about a reduction in Xd. 

Two main variables could be controlled in the design of a salient 

pole reluctance motor : f3. and g1 - /a
2 
 (assuming g

1 
was the minimum gap 

consistent with satisfactory mechanical clearance between stator and 

rotor). The more complex nature of segmental rotor inevitably intro-

duces a greater number of design variables. The most important ones 

are: 

- pole arc to pole pitch ratio 

y - channel width to pole pitch ratio 

g/g1 	airgap to channel depth ratio 

For good pull-in performance Lawrenson
(17) 

has reported that the pre-

ferred values for f3 and y are around 0.85 and 0.27 respectively, and 

that g/g1  need not exceed about 10, and shows no added benefit above 

25. 

Whatever the form of reluctance motor, there is always a conflict 

between the demands of the magnetic circuit of the rotor for good 

synchronising and good synchronous performance. In the segmented rotor 

machine this conflict is perhaps less apparent than in the traditional 

salient pole reluctance motor, but it nevertheless exists. The precise 

design of a machine will therefore depend upon the operating cycle it 

is expected to follow. For example, pull-in capacity can be enhanced 

if high inertia loads are to be synchronised, but only at the expense 

of a slight deterioration in synchronous performance - and vice versa. 
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The influence of the disc motor geometry on the important features 

of segmented rotor reluctance motor design which have been identified 

above can now be examined. 

2.4 General considerations for disc geometry reluctance motors 

Disc machines are very similar to cylindrical machines in that 

they are both rotating electrical machines, and the general principles 

of induction and reluctance motor operation consequently apply to both. 

However, the alternative geometry of the disc motor imposes some new 

constraints on its design while removing others which apply for 

cylindrical machines. Altogether it adjusts the relative importance 

of the many features which contribute to the quality of performance of 

an electrical machine. Chapter One attempted to identify the implications 

of disc geometries on the design of induction machines; this section 

outlines the principle effects which the adoption of a disc motor geometry 

has on reluctance motor performance. Sections 2.5 and 2.6 which follow 

identify in more detail preferred designs for single and double sided 

disc reluctance motors. 

Two general properties of disc motors which critically affect their 

performance as reluctance machines can be picked out from discussions 

given in Chapter One, and from the foregoing sections of the present 

chapter. They relate to the primary (stator) leakage reactance, and 

the secondary (rotor) resistance. In addition, the practical running 

clearances that are required between the stators and rotors of disc 

motors must also be considered. The effect of these three parameters 

on disc reluctance machines are now considered in turn. 

i) Primary leakage reactance 

The primary leakage reactance of a disc reluctance motor can readily 

be seen to be important. For it has been shown in Section 1.4.3 above 

that the end winding length, and hence leakage reactance of a low pole 

number disc motor is considerably greater than that of an equivalent 

cylindrical machine; and it has been shown in Section 2.3 above that 

the performance of a reluctance motor depends critically upon the 

ratio X
d
/X
q
. X

d 
and X

q 
include the primary leakage reactance in the 

manner of equaaon 2.6 above, i.e. 
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X
d 
 = x

d 
 x 

and X = x + x 
q 	q 1 

so that the larger x 
1
, the smaller the ratio of X

d 
and X 

q' 
For a four pole machine, say, the results of Section 1.4.3 above suggest 

that the end winding leakage reactance of a single-sided disc motor 

will be some three times greater than that of an equivalent cylindrical 

machine (this becomes a factor of six for 2-pole machines). If the 

leakage reactance of a conventional machine is taken to be 10% of the 

magnetising reactance (although higher values than this are often 

encountered in well-saturated machines), this implies that the leakage 

reactance of an equivalent disc motor (neglecting the slot leakage 

component) will be around 30% of the magnetising reactance. Typically, 

for an 
xd/xq ratio of 3.0, the increase in leakage reactance from 10% 

of x
c 
(see equation 2.4) to 30% of x

c would reduce the value of Xd
/X
q 

from around 2.5 to 2. Alternatively, for an 
xd/xq ratio of 6.0, the 

reduction in 
Xd/Xq 

for the same change in x
1 
 would be from approximately 

4 to 2.7. The implication of these figures is that a segmented rotor 

machine, with the generally higher 
xd/xq 

ratio than the Salient pole 

motor will suffer the greater degradation of reluctance properties 

when constructed in a disc geometry. One possible conclusion arising 

from these results is that to obtain the same 
Xd/xg 

ratio in cylindrical 

and disc machines the armature reaction component, xd
/x
q
, in the latter 

form would have to be greater in order to compensate for the higher 

level of leakage reactance. 

The electrically double sided disc motor was shown in Section 

to have a p.u. leakage_ reactance which was less than half that of a 

single sided motor. It would, therefore, appear in this respect to 

constitute the better form of disc reluctance motor, with a p.u. leakage 

reactance which is of the same order as conventional machines. 

The problem of high leakage reactance in disc machines can perhaps 

be alleviated slightly by special windings which have low leakage 

reactances. But there also appears to be a case for increasing the 

stator width so that the pole pitch to stator width ratio is reduced, 

and the end winding leakage reactance becomes a smaller proportion of 

the magnetising reactance. All the figures used immediately above 

.relate to a disc motor in which the outer core diameter, D
o
, is T 
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tiniestheinnercorediameter,D_If, for example, the ratio of 

Do/D
i 
is increased from IT to 2, in a single sided machine, x could be 

1 
decreased from 30% of x

c 
to about 25% of x

c 
and the deterioration in 

the 
Xd/Xq 

ratio by the leakage reactance component would be reduced 

accordingly. The reduction in available slot area at the inner peri-

phery of the core that is caused by increased stator width can be 

offset by deeper slots, for it was indicated in Section 1.5.2 above 

that this expedient would increase the total leakage reactance by a very 

small amount. 

It would appear therefore that a disc reluctance motor might 

have greater core widths and slot depths than would normally be used 

for an induction machine. Conceptually, this suggests that the motor 

becomes an 'iron' machine, and this is consistent with its operation 

as a reluctance motor. 

ii) Rotor resistance R
2 

It is known that the electrical resistance of the rotor cage of 

a reluctance motor should be low if it is to have a good synchronising 

capability
(15)

. Although this can normally be achieved, a physical 

limit is imposed on the size of a rotor slot in a cylindrical machine 

by the constriction of flux which occurs at the roots of the rotor 

teeth if the slots are made too deep. This constraint becomes most 

significant in smaller machines which tend to exhibit higher per unit 

values of resistance. In a disc motor there is no such limit on rotor 

slot depth . It would therefore appear possible to achieve lower 

values of rotor resistance in disc machines, and this might have special 

advantages for small motors. Of particular interest in this respect 
(18) 

is a 'Gramme Ring' type of winding for the rotor of a single sided 

disc reluctance motor: the winding would consist of 'Gramme Ring' 

turns around the rotor core which are shorted together by inner and 

outer end rings. This winding configuration presents two parallel 

paths for the rotor currents: one is in the plane that corresponds to 

a 'surface' winding; and the other is in the plane of the Gramme Ring 

winding (see Section 1.2 above). At high slip freauencies the rotor 

currents will be mainly confined to the surface winding paths, as the 

Gramme Ring paths, which enclose the iron rotor core, have a relatively 

it is interesting to note that this constraint on rotor slot depth 
in a cylindrical machine is exchanged for the constraint on slot 
width at the inner diameter of a disc motor. 
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high impedance due to a large inductive component. At low slit) frequencies, 

i.e. close to synchronism, the rotor slip frequency is small, the 

inductive reactance of the Gramme ring oaths approaches zero, and the 

rotor currents can circulate around the shorter Gramme Rina paths. 

According to Section 1.5.3 above, for Do/Di  = /T , the ratio of resistance 

of the surface winding and Gramme ring winding paths are as follows for 

a range of pole numbers: 

Pole Number. Resistance of Surface Winding 
Resistance of Gcamme Ring Winging 

1.7 

2 J..3 

3 1.0 

4 0.8 

5 0.7 

Substantial improvements to the synchronising ability of small 2 and 4 

pole single sided disc reluctance motors can therefore be expected if 

Gramme Ring type windings are used on their rotors. 

iii) Airgap length 

The rotor shaft of a cylindrical machine is mounted in bearings 

so that it is supported approximately concentrically inside the stator 

bore. It is a relatively simple matter to arrange the assembly of the 

motor casing and bearing housings so that a small running clearance 

between the stator and rotor surfaces can be used. In fractional horse 

Power machines this clearance is commonly around 0.020 in. 

It is more difficult to achieve such small running.  clearances in 

disc motors, by virtue of their geometry. For the planes of the stator 

and rotor surfaces must be set precisely with respect to the rotor axis, 

end float must be minimised, and the effect of any misalignment of the 

bearings is amplified at the outer diameter of the rotor. For example, 

a.misalignment of one degree in the running axis 	the rotor with respect 

to its true axis results in a displacement of almost 0.050 in. at a 

rotor diameter of six inches. So, while small running clearenees may be 

achieved in precision-made disc motors, in which the stator and rotor 

are mounted in the same housing, for applications in which the stator 
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and rotor are separate items and are mounted independently, much greater 

airgaps usually obtain. Sadler and Davy(19) recommended clearances of 

around 2 mm (0.080") for industrial drives of the latter type in which 

linear stators were used to drive disc rotors. In addition to this, 

two airgaps are required in double sided machines so that the effective 

magnetic airgap is approximately equal to twice the running clearance; 

and in many single sided motor applications the stator and rotor will be 

separated from each other by a screen, which also results in increased 

airgap. 

It may be concluded therefore that disc reluctance motors will 

often have to operate with larger airgaps than usually encountered in 

equivalent cylindrical machines, and this will have an adverse effect 

on their mean value of magnetising reactance, and on the X,/X ratio. 
a q 

For example, if the running clearance, gl, in a salient pole machine 

is doubled and g2, the airgap length in the interpolar region, remains 

the same so that the ratio g1 ' /a
2 
 changes from 0.l,say, to 0.2, then for 

a pole arc to pole pitch ratio of 0.5, it can be shown from equations 

2.5 that the 
xd/xq 

ratio is reduced by 25% from around 3.2 to 2.4. The 

mean value of the magnetising reactance is also reduced which further 

accentuates the impact of the leakage reactance on the 
Xd/Xq 

ratio. 

From this brief discussion on the effect of the disc motor geometry 

on the general behaviour of a reluctance motor it appears that the 

increased leakage reactance and increased airgap of most configurations 

can worsen their performance, but that it is physically possible to 

provide low resistance rotor cages for some of them in order to improve 

their synchronising capability. A combination of reduced rotor resistance 

and increased leakage reactance in disc motors may usefully serve to 

limit their starting currents to acceptable levels. 

Chapter One and Section 2.2 above suggest that innumerable designs 

for disc reluctance motors might he conceived. They would comprise 

various combinations of single or double sided axial or transverse flux 

stators, with sheet or cage rotors that have stationary or rotating backing 

iron and which incorporate one or more of the several types of reluctance 

features. Consideration is given to the likely alternatives in the 

following sections in order to identify the preferred configurations which 

offer good onerating characteristics and/or simple manufacturing methods. 



2.5 Single sided disc geometry reluctance motors 

It can be assumed that a sensible single sided disc reluctance 

motor uses a rotor with attached backing iron. For this configuration 

gives the simple face-to-face assembly of stator and .rotor with which 

disc motors are often identified. (Detached rotor backing iron would 

give the motor the same general construction as a double sided rotor 

without the benefits accruing from the use of two sets of stator windings: 

it is therefore not entertained as a viable alternative). At synchronous 

speed the rotor of a single sided motor therefore experiences a strong 

magnetic pull towards the stator, which must be accommodated by a thrust 

bearing on the rotor shaft. This appears to constitute its main dis-

advantage. 

Many alternative methods of introducing magnetic asyirmetry into the 

disc rotor could be employed; these might include salient poles, flux 

guides or barriers and discrete segments. It is generally the case that 

salient pole reluctance motors give the worst overall performance, and 

it has therefore been assumed that the single sided disc motor will use 

segmented or flux guided rotors. 

Several forms of disc motor stator have been identified, the axial 

flux stator in Fig. 1.2 and the 'L' core transverse flux stator in Fig.1.16 

being the most prominent. As the airgap flux patterns emerging from both 

these stators will, to a first order, appear the same to the rotor, they 

can be considered simply as alternative methods of construction for the 

same basic stator. The topological study of single sided disc reluctance 

motors can therefore concentrate on the rotor geometries which are most 

compatible with this airgap flux pattern. 

The 'C' core transverse flux stator in Fig. 1.12 is not considered 

to be a worthwhile alternative to the above stators for the present 

applications because it appears to offer no functional advantages to 

compensate for its greater constructional complexity. 

One principal form of rotor emerges as the most effective for use 

with a single stator, and this is a segmented rotor. Illustrated in a 

developed form in Fig. 2.6(a), it utilises axial (i.e. circumferential) 

rotor flux paths and the segments can be made from a circular strip-wound 

core. Its methods of construction are consequently very similar to those 

required for an axial flux stator, and typically, the laminated rotor 

segments could be cast in aluminium in a non--magnetic annular channel. 
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Gramme ring rotor current paths can be incorporated quite simply by 

this method. The performance of this type of motor is likely to be 

comparable to that of its cylindrical counterparts, with the exception 

of the effect of higher primary leakage reactance, and it can therefore 

be expected to function very effectively as a reluctance motor. A pro-

totype motor of this type is described in Chapter 5 where theoretical 

and experimental performance data are presented. 

Although the segmented rotor appears to be the simplest form for 

use with single sided motors (equivalent "essential barrier"(10) and 

"axially laminated"
(2) 

rotors require more complex methods of construction, 

and in any case approximate very closely to segmented rotors in the disc 

geometry) it is nevertheless relatively difficult to make, and is not 

well-suited to low-cost production methods. 

However one improved motor configuration also exists: it makes use 

of the stator and rotor shapes illustrated in Fig. 1.16. This is the 

motor which has the slightly cone shaped airgap and is able to utilise 

disc laminations for the rotor. For all intents and purposes, therefore, 

the rotor is the same as the rotor for a cylindrical machine, except for 

its non-uniform diameter. This being the case, it can be modified quite 

simply to include "essential barrier"(10)  reluctance features, which are 

illustrated in Fig. 2.2(f). As in the case of the induction motor, the 

present reluctance version can consequently be made, except for the 

stator windings, from single punchings or pressings. In addition, the 

thrust force on the rotor shaft becomes the resolved component of the 

normal force between the stator and rotor surfaces. As the optimum 

angle of the cone with respect to the airgap plane of a pure disc motor 

would be around 30° to ensure uniform loading of the magnetic circuits 

of the stator and rotor, there will consequently be a reduction in this 

thrust force of almost 15%. 

While more complex rotor shapes can be designed if solid iron is 

used instead of laminations, they would require relatively expensive 

production methods, and the cone shaped motor, with laminated rotor re-

mains the most likely contender for a cheap, effective disc reluctance 

motor. 
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2.6 Double sided disc geometry reluctance motors 

Three principle configurations for double sided stators were 

identified in Chapter 1. They consisted of: 

- two axial flux stators (Fig. 1.3(c)). 

- two 'L' core transverse flux stators (Fig. 1.16). 

- the 'C' core double sided transverse flux disc stator 

with interconnected magnetic circuits (Fig. 1.18). 

In so far as each of these configurations produces a rotating flux 

pattern which is directed normally across the airgap, they can therefore 

be considered simply as alternative methods of construction for one basic 

form of double sided disc motor. As with the single sided motor, diff-

erences between these stators that could be detected by the rotor would 

be, for present purposes, of a secondary nature. 

A double sided disc motor can be considered as a stator plus a 

rotor with detached backing iron, the backing iron being stationary and 

supplied with a winding to form the second stator. Flux therefore passes 

directly through the rotor which itself contains no backing iron. An 

induction rotor consists of conducting material, in the 'sheet' rotor 

case; or conducting material plus 'teeth' in the 'cage' rotor (Section 

1.3.2). Viewed in this way, it is apparent that a reluctance rotor that 

utilises the devices of flux guides, or flux barriers, or 'segments', 

cannot be conceived or constructed in a true double sided motor config-

uration. It seems therefore that the salient pole type of reluctance 

rotor is the only form of reluctance rotor that can be used with a double 

sided motor, and the general arrangement of it is illustrated in developed 

form in Fig. 2.6(b). The salient pole disc rotor can be considered to 

be derived either from a 'sheet' rotor, into which iron saliences have 

been inserted, or from the 'cage' rotor, from which some 'teeth' have 

been removed: the resulting form of rotor is the same. A rotor con-

structed by the latter method has been tested by Capaldi
(20) 

 , but a simpler 

method of manufacture is achieved by adding patches of steel rivets
(21) 

to a 'sheet' rotor. 

This form of rotor is equivalent to a low inertia reluctance machine 

described by Lawrenson
(22)

. It is the lowest inertia form of disc rotor, 

but its inertia clearly exceeds by a considerable margin that of its 
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cylindrical counterpart. However, the disc shape is likely to be a more 

stable configuration for higher speed operation than the salient pole 

version of the 'drag-cup' rotor. 

Section 2.4 above outlined the implications of leakage reactance 

and the two airgaps on the operation of double sided disc reluctance 

motors. It is therefore interesting to investigate the approximate 

characteristics that can be obtained from such motors. This will be 

done in terms of its X
d/

X
q ratio. In the first instance, it is assumed 

that the pole arc to pole pitch ratio, 13, is 0.5, that the running clear-

ance between one side of the rotor and a stator surface, 0.5g1, is 

0.020 inches (0.5 mm), and that the leakage factor kl  of equation 2.7 above 

is 0.15. The maximum theoretical value of X
d
/X

q that can be obtained if 

the distance between the stator surfaces, g2, is very large compared with 

g
1 (i.e. the rotor is infinitely thick, and g1

/g
2 = 0) can be calculated 

from equations 2.7 above to be 2.9. This reduces for thinner rotors to 

the results tabulated below: 

Rotor Thickness (inches) 

 

gl/g2 	X
d
/X
q 

     

1.0 0.04 2.7 

0.5 0.08 2.4 

0.25 0.16 1.8 

They indicate that rotors down to half an inch thick are approximately 

representative of 'infinitely thick' rotors, but the reduction in X
d
/X
q 

accelerates as thicknesses become one-quarter inch thick and less. Thick 

rotors are therefore required for an 
Xd/Xq ratio in excess of 2. If the 

rotor conductor. thickness is maintained equal to the thickness of the 

iron rotor portions its resistance will be very low, and this will help• 

to ensure that the motor has good synchronising properties. These 

results neglect the effect of fringe fields between the stator cores 

which will tend to increase the value Of Xq  more than the value of X
d 

and consequently reduce the X
d
/X
q 
ratio slightly. 

It appears therefore that double sided salient pole disc reluctance 

motors can never display 
Xd/Xq ratios greater than three (for 13 = 0.5), 

and that ratios in the range 1.5 to 2.0 are more likely to be feasible. 

The thick rotors which are required to achieve the upper section of the 
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range will, however, help to ensure good synchronising properties. 

These considerations do not make for a low cost machine. 

A significant practical advantage of the double sided reluctance 

motor compared to the single sided version lies in the fact that the 

normal forces between the rotor and the stator balance out under ideal 

conditions, to leave zero net thrust force on the rotor shaft. Never-

theless a magnetic force exists between the two stators which must be 

mounted and secured to withstand it. 

The design and analysis of a prototype double sided salient pole 

motor are described in Chapter 3, and experimental and theoretical 

results for it are reported in Chapter 4. 
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CHAPTER THREE 

The Design and Analysis of a Double Sided  

Salient Pole Axial Flux Disc Reluctance Motor 

3.1 Introduction 

e topological characteristics of disc reluctance 

motors in Section 2.6 above suggested that a double-sided reluctance 

motor, in which the normal forces on the rotor were largely self-

cancelling, could only operate with a salient-pole type of reluctance 

rotor. For this reason, the present chapter, and the following one, 

describe the analysis, design and testing of a prototype motor with this 

configuration. The design of the prototype is described before the 

analysis is undertaken in order that the features that must be taken into 

account are known more precisely. 

The behaviour of a reluctance motor contains three distinct operating 

modes: start-up, under the influence of induction torques; synchronisation, 

where the subsynchronous pulsations of reluctance torque try to synchron-

ise the rotor; and synchronous operation, relying on pure reluctance 

torque. Complete prediction of the performance of this type of motor 

under transient and steady state conditions therefore creates considerable 

difficulties. 

Arockiasamy
(1) 

developed a numerical technique for calculating the 

performance of electrical machines. It used a circuit approach, represent-

ing the machine by sets of electromagnetically coupled electric circuits, 

and solved the resulting voltage equations by step-by-step methods. 

This general method was adopted for the present analysis, but has been 

extended to take account of sheet rotors containing salient poles. These 

have a position-dependent effect on the magnetic circuit of the stator, 

and distort the current flow patterns in the rotor. Lawrenson et a1
(2) 

have described a similar method for segmented-rotor machines with discrete 

rotor conductors, but they adopted a two axis model for the motor. In 

the present case the stator phases have been treated separately in order 

to handle the space harmonics of the windings more readily. 
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Numerical methods enable complex problems to be solved more easily 

on a computer, and have therefore been used both for the calculation of 

the circuit parameters and for the solution of the machine equations. 

From the outset the method was designed for use with a digital computer. 

The result was computer programs which could handle a wide variety of 

motor designs and predict their performance under steady state, transient 

and fault conditions at both synchronous and asynchronous speeds. 

3.2 Description of prototype motor  

The general arrangement of the stators and rotor of an electrically 

double sided disc reluctance motor is illustrated in Fig. 1.3(a): a 

salient pole disc rotor is positioned between two stators which are 

interconnected so that the flux is directed normally across the airgap 

between them. 

The stators for a prototype motor were designed in a conventional 

manner. A stator core,• and a detailed semi-closed slot profile are 

shown in Fig. 3.1. The core was strip wound, like a swiss roll, using 

0.013 inch thick grain oriented silicon steel. Its principal dimensions 

are: 

Stator Core Dimensions 

Inner diameter = 4.0 in 

Outer diameter = 6.0 in 

Total depth 	= 2.0 in 

Each core contains 24 non-skewed, semi-closed radial slots which were 

machined individually. The uniform slot width of 0.33 inches gave a 

slot width:slot pitch ratio of approximately 0.5 at the mean stator 

diameter. Identical conventional double layer windings were inserted in 

both stators. The winding details are: 

Winding Details  

Number of moles = 4 

Number of phases = 3 

Coil details = 38 turns of 20 swg enamelled copper wire 

Coil pitch = 5/6 of pole pitch 
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The interconnection of the stator coils is illustrated in. Fig. 3.2. 

The windings on the two stators were connected together in the manner 

shown in Fig. 3.3, i.e. with two phases on one stator interchanged with 

respect to the other so that the direction of rotation of the mmf wave 

is the same for both stators when they are set up face-to-face. The 

line terminals consequently appear on one stator, and the floating star 

point appears on the other. The double layer winding in each of the 

two stators effectively gives a four layer winding for the production' 

of the airgap field, and the relative orientation of the two stators 

determines the shape of the airgap field. The stators were aligned so 

that slot number 1 of one stator was opposite slot number 24 of the other, 

and the resulting conductor pattern, which gives the best approximation 

to a sinusoidal winding distribution is illustrated in Fig. 3.4. 

The salient pole disc rotor for the prototype machine is illustrated 

in Fig. 3.5. It consists essentially of a copper disc into which four 

pairs of arcuate iron portions have been inserted in a symmetrical pattern. 

These are to interact with the four pole stator field. Each pair of 

inserts extends over half a pole pitch (i.e. P, = 0.5) which is generally 

recommended for the best all-round performance of a-salient pole reluctance 

motor. A rotor thickness of approximately 0.2 inches was chosen. 

Greater thicknesses could be used to achieve higher Xd
/Xq ratios but 

the chosen thickness enables the operating characteristics of this type 

of motor to be investigated satisfactorily and economically. 

Two additional features of the rotor design require comment; they 

were both included to minimise the rotor resistance. They are: 

- the thickened inner and outer rims of the conducting 

disc, (the average end ring factor according to the 

analysis of Russell and Norsworthy(3) is 3.2), 

- and the radial copper rib between each pair of iron inserts. 

The iron inserts were manufactured in the ideal arcuate shape for the 

prototype motor in order to facilitate the construction of a theoretical 

model which followed as closely as possible the physical shape of the 

rotor. The use of rivets for the rotor iron, as described in Section 

1.3.2, would have been simpler to make but more difficult to analyse. 
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Photographs of the prototype motor are presented in Figs. 3.6, 

3.7 and 3.8. Fig. 3.6 shows one stator mounted in its frame; Fig. 3.7 

shows the copper rotor with iron inserts; and Fig. 3.8 shows the motor 

in an 'exploded' view. 

3.3 Formulation of machine equations  

3.3.1 Voltage equations  

The voltage equations which describe the behaviour of an electric 

machine in terms of an equivalent set of coupled circuits can be written 

down quite easily, if at some length. They usually take the form: 

d 
v = iR + — (X) 

dt (3.1) 

where v = instantaneous circuit voltage 

i = instantaneous circuit current 

R = circuit resistance 

and A = the total flux linkage for each circuit 

Such equations are developed and explained in standard texts
(4) 

and have been written out in full by Lipo and Krause(5). The rate of 
th  

change of the total flux linkages for the q circuit in a set of n can 

be re-written as: 

tx 	
n 

 
dt q' = 
 r

L1 dt (ir Mrq ) 
= 

(3.2) 

where Mrq 
 is the mutual inductance between circuits r and q. 

In which case, the set of n equations representing the n circuits can be 

summarised by: 

(ir M 	) 
vq  = i R + 

q q 	rq 
(3.3) 

for all q = 1, 2,... n. 

In the present machine each of the stator phases is readily 

identifiable as a discrete circuit, but the rotor has no defined current 

paths. In order to overcome this problem, the rotor was 	represented 

by an equivalent electrical network. It is illustrated in Fig. 3.9 and 
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STATOR OF PROTOTYPE AXIAL FLUX DISC MOTOR 

FIG. 3.6 
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SALIENT-POLE ROTOR FOR DOUBLE-SIDED DISC 

RELUCTANCE MOTOR 

FIG. 3.7 
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EXPLODED VIEW OF PROTOTYPE DOUBLE-SIDED 

SALIENT- POLE DISC RELUCTANCE MOTOR 

FIG. 3.8 
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consists of a 16 loop curvilinear ladder network arranged around the 

active annular section of the rotor. Each loop is coupled resistively 

with adjacent loops, and inductively with all others. This equivalent 

circuit model of the rotor is discussed further in Section 3.5 below. 

The inductance terms that need to be inserted in equation 3.3 above 

therefore include the self and mutual inductances of the stator phases, 

the mutual inductances of the stator phases with the rotor loops, and the 

self and mutual inductances of the rotor loops. The self and mutual 

leakage inductances of the stator phases must also be included;  the sheet 

rotor is assumed to produce negligible leakage flux. 

By exploiting  the symmetry of each pole of the rotor, voltage 

equations for just four of the rotor loops need be considered. These 

loops are illustrated in Fig. 3.10. Together with the three stator 

phases, these enable the machine to be represented by seven voltage 

equations. 

The three voltage equations representing  the stator phases can be 

written as follows: 

▪ . vR  = i_RR +—(3. 	+iM +iM ) 

	

R dt R RR 	y Ry 	B RB 

a

d . 
t 

(1
R
LRR  + 

iYLRY 
+ i

B
L
RB
) 

16 d 
+ 	dt (1rMrR)  
r=1 

d . 
vY  = iR + 	+ 	+iM ) 

	

Y Y at R YR Y YY 	B YB 

+d 
d 
 (iL + 	+iL) 

	

t R YR 	Y YY 	B YB 

16 

(irMrY)  
r=1 

. 
• iR+ 

d 
 (1M +iM +iN) 

	

B B dt R BR 	Y BY 	B BB 

(i
R
L
BR 

+ 
iYLBY 

+ i
B
L
BB
) 

16 a 
(irMrB)  

r=1 

(3.4(a)) 

(3.4(b)) 

(3.4(c)) 



122 

where v, i, R, M and L are phase quantities, 

suffices R, Y and B refer to the red, yellow and blue phases 

repectively, 

and 	r = 1, 2, ... 16 refers to the 16 notional rotor loops. 

The voltage equation for the q
th 

rotor loop takes the form: 

vq 

	

	 R. 
	) 	iq-lb 	iq+1 b 

= iq (2
Rb 
 + R

oer 
q 	q 

16 
. 

+ (irMqr) 
r=1 

d 	. 
+ (1

RqR 
+ 
iYMqY 

+ i
B
M
qB
) (3.5) 

where Rb  is the bar resistance of the q
th 

loop 
q 

R
oer 

is the outer end ring resistance of the q
th 

loop 
q 

and Rier is the inner end ring resistance of the q
th 

loop 
q 

These resistive elements of the rotor loops are indicated in Fig. 3.9. 

The voltage equations, comprising three stator and four rotor 

equations of the type written out in equations 3.4 and 3.5 above, can be 

manipulated more conveniently in matrix format: 

[v] 	= [R] [i] 	EM1  [i]1dt 
	 (3.6) 

- where [v] and [i] are column matrices. In the present case their order 

is seven, and elements 1, 2, 3, 4 refer to rotor loops, the fifth, sixth 

and seventh elements representing the red, yellow and blue phases 

respectively. 

- where the resistance matrix [R] can be written by inspection as: 
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[R] 

where 

= 

RI, 

RT 
 

-Rb 
 
12 

0 

Rb4,5 

0 

0 

0 

= 
r 

0 
Rb12 	 b16,1 

R
T 	

-P 	0 
)3
2,3 2 

-Rb2,3 	R
T3 

 
-Rb3,4 

0 	-Rb3,4 	R
T4 

 

0 	0 	0 

0 	0 	0 

0 	0 	0 

Rb 	+ Rb 	+ R
oerr r-1,r 	r,r+1 

0 

0 

0 

0 

RR 

0 

0 

Rierr 

0 

0 

0 

0 

0 

RY 

0 

0 

0 

0 

0 

0 

0 

R
B 

the numerical subscripts to the bar resistances Rb  refer 

to the rotor loops between which the bar is situated. 

- where the inductance matrix, [M], can be written in full, as 

shown on the following page. 
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There are four distinct groups of terms in this inductance matrix: 

- the left upper 4 x 4 block contains the self and mutual 

inductances of the rotor loops; these affect the magnitude 

and phase of the rotor currents, but do not depend upon the 

angular position of the rotor. 

- the right upper 4 x 3 block and the left lower 3 X 4 

block contain the mutual inductances between stator and 

rotor circuits; their cyclical variation with rotor position 

is responsible for the production of asynchronous (induction) 

torque. 

- the right lower 3 x 3 block contains the total stator phase 

inductances (the main inductances plus their respective 

leakage inductances) which are modulated by the rotor 

saliency and are responsible for the synchronous (reluctance) 

torque component. 

3.3.2 Torque equations  

The equation for electrical torque, Te, which can be derived by 

the application of the principle of virtual work to an expression for 

the energy stored in a set of mutually coupled coils is: 

n 	n 
T
e 	

1 
	iriq CIT (Mrq)  

r=1 q=1 
(3.7) 

where the suffices r and q relate to quantities for the r
th  and q

th 
of 

a set of n coils. 

Thus the electrical torque produced by a motor can be obtained from 

its circuit model providing the circuit currents, and the variation of 

the circuit inductances with rotor position are known. For the present 

application its advantage lies in the fact that both induction and re-

luctance torque components are calculated by the same method. 

From the circuit model of the motor, described in Section 3.3.1 above, 

its total electrical torque is given by the expression: 
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T 	
= 2 R de 	RR 	2 Y de 

i2 d (m  ) 	1.i2 d 	1 .2 d 
(m  ) e 	 (MYY) 	T 18 	E3 

+— (M ) + 	— (M ) + i 	— (M  BR)  R Y de RY 	Y B d8 YB 	B R dO BR 

4 	4 	4 
+ 4 1 i 1 — (M ) + 4 1 i i —, (M ) + 4 1 i i 	(M ) n R de nR 	n Y du nY 	n B de nB 

	

n=1 	n=1 	n=1 

(3.8) 

where subscripts 1, 2, 3 and 4 refer to the four rotor loops which are 

considered explicitly. 

3.3.3 Mechanical equations  

The equation which relates the dynamic performance of the motor 

to the electrical torque produced by it takes the well known form: 

T
e 

= Tb + JkU 
	

(3.9) 

where T
e 
is the electrical torque produced by the motor 

T
b 

is the total retarding torque produced by the load, and 

by the friction and windage forces 

Jkis the total moment of inertia of the rotor plus the 

coupled load 

and 	6 is the angular acceleration of the rotor 

If the electrical torque produced by the motor can be calculated 

from equation 3.8 above, it is a relatively simple matter to predict its 

dynamic performance from equation 3.9. Solution of this equation, however, 

requires both the motor currents and the variation with position of the 

self and mutual inductances of the machine to be known. The first task 

therefore is to calculate the parameters of the equivalent circuit of 

the machine; this is done in Sections 3.4 and 3.5 below. The voltage 

equations (3.6 above) can then be solved for the motor currents, as 

explained in Section 3.7 below, and this ultimately enables the electrical 

and mechanical performance of the motor to be predicted. 
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3.4 Calculation of the stator circuit parameters  

The manner in which the circuit parameters of the stator are 

calculated is described in this section. The required parameters are: 

- the self and mutual inductances of the stator phases 

- the self and mutual leakage inductances of the stator phase 

and - the resistance of each phase winding 

(The mutual inductances of the stator and rotor circuits are calculated 

in Section 3.5). 

Measured values for the resistance of the stator windings, and for 

their leakage inductances were inserted into the theoretical model of 

the motor. Two reasons suggested that there was little to be gained 

from the use of theoretical values for these parameters: 

- it is difficult to ascertain the true temperature of the 

windings during a test sequence (the windings were 

encapsulated), and hence it is difficult to allow for their 

increase in temperature in resistance calculations. More 

reliably, the resistance can be measured during the exper-

imental work. 

- leakage inductances are notoriously difficult to calculate 

precisely, even if the physical arrangement of the windings 

is assumed to be similar to the ideal configuration used 

for the calculations-- In the present.case the two stators 

were enclosed in steel frames (see Fig. 3.8) and the 

proximity of the iron has an effect on the leakage fields 

which is very difficult to predict. The self and mutual 

leakage inductances of the stator windings were therefore 

measured in the operating environment in order that reliable 

results could be used in the computations. 

The main problem is to calculate the self and mutual inductances of 

the stator phases, and a difficulty arises because of the presence of the 

iron segments in the rotor. These create a non-uniform magnetic airgap 

and cause the stator inductances to be sensitive to rotor position. 
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The method used for these calculations has been designed to be 

"computer-friendly". It therefore relies heavily upon the principle of 

superposition, treating each phase winding coil-by-coil and summating 

the effects of the separate coils to find the overall properties of the 

winding. The principal steps in this procedure are as follows: 

i) calculation of the flux density distribution produced by 

one short pitched stator coil in a uniform airgap 

ii) calculation of the flux density distribution produced by 

a complete phase winding by summing the effects of the 

individual coils in the correct space-phase relationship 

iii) modification of the flux density distribution in the 

uniform airgap to account for the effects of the iron 

rotor inserts. This is done for a range of rotor 

positions 

iv) calculation of the self and mutual inductances of the 

stator phases by summing the appropriate flux linkages 

for each winding. This is also done for a range of rotor 

positions 

The calculations for each of these steps is described in detail 

below. 

i) Calculation of the flux density distribution produced by a short  

pitched coil in a uniform airgap  

Fig. 3.11 illustrates a short pitched coil XY which spans 13 ° (electrical). 

The current in each slot is assumed to be uniformly distributed across 

the width of the slot in an infinitely thin layer on the stator surface
(6) 

It therefore produces a trapezoidal instantaneous flux density distribution 

in an effective airgap of length 'g'. Flux densities b1 
and b2 

are 

indicated in Fig. 3.11; b1 
is greater than b2 

if 	is less than the pole 

pitch. 

By applying Ampere's Law, i.e.c6H.dt = I to the closed loop ABCD in 

Fig. 3.11, the following expression can be written down: 

b g 4- gr.) 	b
2
(g + g.) 

1 	1  = N
c 
i 	(3.10) 

Poo 



assumed distribution 
of slot current slot pitch, DC 

stator slots 
A 

airgap 
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D 	I 
/3p ( e  elec.)  

, 
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flux density 
distribution 

bi 

b2 
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• 

TRAPEZOIDAL FLUX DENSITY DISTRIBUTION FROM 

SHORT PITCHED STATOR COIL 

FIG. 3.11 



i.e. A
l 

• u D
m W (360)  

360 - 0 
A
2 

= Ti Dm W ( 360 P) 

f3p  
(3.12(a)) 

(3.12(b)) 
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where N
c 
is the number of turns per coil 

g is the airgap, including an allowance for the slot 
 openings by the use of Carters Coefficient (7)  

gi  is the equivalent airgap length of the flux path in 

the stator core 

and 	i is the coil current 

In fulfilment of the condition that the flux leaving one pole must 

enter an opposite pole, i.e. Div B = 0, the following equation also 

holds for the present case: 

b1A
1 
- b

2
A
2 

= 0 
	

(3.11) 

where A
l 
and A

2 
are the active stator areas which correspond to a uniform 

flux density loading of b1  and b
2 
respectively. 

where D
m 

is the mean stator diameter 

and W is the width of the stator core 

Equations 3.10, 3.11 and 3.12 can be solved for b1 and b2
, so that: 

N i p 	360- 5  
b = c o 	P) 	(3.13(a)) 1 	(g +gi  .) 	

360 

N i p 0P 
b 
	

c o p 
• (g .4- gi) . 	360 

which may be simplified to: 

(3.13(b)) 

b
1  = Bc (360 - 	) 

b2 = B (13 ) 
c p 

.Nip 
c o  

where Bc - 360(g + gi) 
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For subsequent calculations the stator airgap is subdivided into 

360 radial segments, each segment subtending an angle of 10  at the 

centre of the motor, and being denoted by subscript 'm', so that: 

bm = b
1 for m = 1, 2 ... 

bm = b2 for m = 	+ 1 ... 360 

ii) Calculation of the flux density distribution produced by a phase  

winding in a uniform airgap  

The flux density distribution produced by a complete phase winding 

is obtained by summating the effects of each of the constituent coils at 

every radial segment, m. Thus for the winding of the test motor, which 

is shown on Fig. 3.4, the flux density which exists at each radial segment, 

m, due to each phase winding can be written down by inspection as: 

B 	= b
m 	

+ b(m_a ) 	- 
b(m-6a) 

- b
(m-7a)  

+ 
b(m-12a) 

+ b
(m-13a) 

- b (m-18a)  - b(m-19a) 

+ bm 	- b (m-5a) - b (m-6a) + b (m-11a) 

+ b (m-12a) - b(m-17a)  - b(m-18a) + b  (m-23a) 
	(3.16(a) 

BYm 
= b

(m-4a) 
+ b 

(m-5a) 
- b

(m-10a) 
- b (m-11a) 

+ 
b(m-16a) 

+ 
b(m-17a) - b  (m-22a) - b  (m-23a) 

+ b (m-4a) 	(m-9a) (m-3a) 
+ b 	- b 	- b (m-10a) 

+ b (m-15a) + b(m-16a) - b (m-21a)  - b (m-22a) (3.16(b)) 

BB • - b (m-2a) - b (m-3a) + b (m-8a) + b (m-9a) 

- b (m-14a) 
 - b (m-15a) + b (m-20a) + b (m-21a)  

- b (m-a) 	- b (m-2a) + b (m-7a) + b (m-8a) 

- b (m-13a) 
 - b (m-14a) + b (m-19a) + b (m-20a) 

	(3.16(c)) 
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where BR  , By  , BB  are the flux densities at segment m due to the red, 

yellow and blWe phTse winding respectively, and a is the slot pitch. 

The relationships in equation 3.16 depend upon the precise winding 

configuration that is under consideration, and include the effects of 

all winding space harmonics. 

iii) Calculation of the flux density distribution in a non-uniform  

airgap  

The iron rotor inserts in the motor under consideration create a 

non-uniform airgap, and the flux density is increased in the reduced air-

gap regions under them. As they are symmetrically positioned for one pole 

with respect to another, their effect can be taken into account by 

increasing the flux density of each of the radial segments that coincide 

with them by a using factor which corresponds inversely to the reduction 

in the airgap in this region. Thus the flux density of each radial segment, 

*m, is increased by a 'gap factor', Kgm, which is given by: 

g +gi 

gm 	g + gi  - tr  

where tr 
is the thickness of the iron insert. 

It is particularly important that 'gi' appears in this expression, for 

without it K would be infinite when there was zero clearance between 
gm 

stator and rotor, i.e. when g - t
r 

= 0. As a result, in a practical 

machine, where g - t
r 
is small compared with g, K

gm 
 would tend to over-

estimate the local intensification of flux density under the iron inserts. 

The modified flux density distribution produced by each phase winding 

when the iron rotor inserts are present can therefore be given in the 

form: 

B.  =- B
R 

Kgm  
m 

B' = BY gm 

	

Ym 	
Ym m g 

BB = B
B 
 K 

	

m 	gm 
m 

(3.18(a)) 

(3.18(b)) 

(3.18(c)) 



the position of the rotor varies. 

of rotor position, but K and 
gm 

for a range of rotor positions 

reference position, m = 1, say 

Thus B
R 

, B
Y 

and BB are independent 

hence B'R 
	Y 

and  and B' must be evaluated 
B m 
M . If K 

gm  m
is de

m 
 fined with respect to a 

- the flux density distributions produced 
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But Kgm  must be defined with respect to a reference position on the 

stator, and will vary for each radial segment of the stator surface as 

by each phase winding when the rotor is displaced from the reference 

position by an angle '6r'are given by: 

B' = B k 
R
m 	

Rm  g(m -6r) 

B' = B k 
Y
m 	Ym  g(m-45r) 

B' = B k 
B
m 	

Bm  g(m -6r) 

(3.19(a)) 

(3.19(b)) 

(3.19(c)) 

for m = 1, 2, ... 360. 

.The Sr= 0 position used for computations was when the trailing edge of 

a pair of iron inserts was opposite slot 1 of stator 1 (see Fig. 3.4). 

These flux density distributions enable the flux linkages, and hence 

inductances of the stator windings to be calculated. 

iv) Calculation of the self and mutual inductances of the stator  

phase windings  

The self inductance of a coil which comprises discrete conductors 

can be defined in simple terms as the flux linkage with itself per amp 

of current through itself. Similarly, the mutual inductance of the coil 

with another is equal to the linkage of flux produced by the first coil 

with the second coil, per amp of current flowing through the first coil. 

These definitions apply strictly when the coils consist of infinitely 

thin line conductors so that all the turns of a coil are linked by all 

the flux coupling it; it can be assumed to apply on average in the 

present case where the coils are embedded in the stator slots. The self 

and mutual inductances of the stator phase windings can therefore be 

calculated by summating the flux linked with each coil in a phase winding. 

By this method the self inductance of the red phase winding, M , 
RR 

can be obtained from the following summation series: 



N A 
c s 
iR 

MRR 
 

M = RY 	iY  

N A 
c s 
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a+a 	5a+a 	6a+a 	lla+a 
r 	

1 
P 	

1 
P 	r 	

1 
P 	r P + 1 B' - 	B' - 	B' + 	B' Rm 	Rm 	 Rm mac 	m=5a 	m=6a Rm  m=lla 

12a+a 	17a+0 	18a+a 	23a+a 
• P 	P r P 	 P 

Rm 	B' } (3.20) 

where As is the surface area of one radial segment. 

Similarly, the mutual inductance between the red and yellow phases, MRy, 

can be obtained from: 

+ 1 	B' - 1 
Rm 	B' - 1 

Rm 	B' + 
Rm m=l2a 	m=17a 	m=18a 	m=23a 

4a+a
P 
	5a+ 	10a+a 	lla+a 

P P 	, P
1 	B! + I B' - 1 	B' - 1 	B' Rm 	 Rm 	Rm m=4a 	m=5a Rm 

 m=10a 	m=lla 

16a+a 	17a+0 	22a+0 	23a+a 
P P 	P 	P 

+ 1 	B' + 1 B' - 1 B' - 1 B' Rm 	Rm 	Rm Rm m=16a 	m=17a 	m=22a 	m=23a 

3a+a 	4a+a 	9a+a 	10a+a 
r 	

1 
P 	r 	

1 
P 	r 	

1 
P 	r P + 1 B' + 	B' - 	B' - 	B' Rm 	 Rm m=3a 	m=4a Rm  m=9a 	m=10a Rm  

15a+a 	16a4$ 2 21a+a 	2a+a 
P 

Rm 	
P + 	

• 

B1  + 	B'
Rm 

- 	B'Rm  - 	B' L 	Rm m=15a 	m=16a 	m=21a 	m=22a 
(3.21) 

Similar expressions can be written down for the other stator inductances. 

The limits of summation depend upon the winding configuration of the motor. 

3.5 Calculation of the equivalent rotor circuit parameters  

3.5.1 General method  

The circuital representation of the rotor, the rotor model, requires 

a notional electrical network or mesh to be superimposed on the physical 

rotor geometry, as shown in Fig. 3.9. This network is then treated as 

follows: 
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- a regular pattern of currents is defined for a selected 

set of conducting circuits in the network. These must 

be capable of a unique solution. 

- the resistance values of the resistive elements in the 

equivalent network are calculated from a knowledge of the 

physical dimensions and the electrical properties of the 

portion of the rotor they represent, and of the current 

distribution within them. 

- the self and mutual inductances of the selected circuits 

are calculated from a knowledge of their respective magnetic 

circuits and current distributions. 

With the resistances, and self and mutual inductances of the rotor 

circuits fully determined, these circuit parameters can be inserted in 

the set of voltage equations (equations 3.6 above) which describe the 

performance of the motor. 

3.5.2 Factors which affect the choice of rotor model 

Decisions need to be made regarding four principle features of the 

rotor model: 

i) the physical shape of the conducting circuits which make 

up the equivalent electrical network representation of 

the rotor 

ii) the number of such circuits 

iii) the current pattern in the network 

iv) the physical representation of the conductors which 

comprise the network 

And there appear to be two prime considerations which affect the 

choice of these features. Firstly, it is important to maintain a close 

relationship between the electrical network and the physical rotor that 

it represents. This facilitates the interpretation and understanding 

of computed results and permits intermediate checks on the validity of 

the model to be undertaken more readily. It is achieved by choosing a 

network configuration which conforms to the natural geometry of the 

rotor, and by using a current pattern which reflects as closely as possible 
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the anticipated directions of current flow in the rotor. Secondly, it 

is desirable to choose the simplest electrical network that is consistent 

with effective rotor representation. Not only is it usually inadvisable 

to introduce undue complexity into any problem, but in the present method 

of solution each extra rotor circuit adds another equation to the set 

of simultaneous voltage equations that must be solved. 

3.5.3 Description of the rotor model  

With due regard for the considerations discussed above, the 

circuit model which was adopted to represent the rotor of the present 

double-sided salient pole disc reluctance motor is illustrated in Fig. 3.9. 

It can be seen to consist of sixteen conducting loops, each of which 

subtends 22.5° at the centre of the rotor, and which together make up a 

curvilinear ladder network around the active annulus of the rotor. Each 

loop consists of two radial bars and an inner and outer end ring portion. 

All loops carry a circulating current and they are arranged symmetrically 

around the iron portions set into the rotor. Adjacent loops are coupled 

resistively via the common radial bars, and all loops are coupled 

inductively via the common magnetic circuit provided by the stators. The 

loops are also coupled inductively with the stator phase windings. The 

resistances and the self and mutual inductances of the rotor loops are 

independent of rotor position if the effects of the slot openings are 

assumed to be negligible. In contrast, the mutual inductances of the 

rotor loops and the stator phases vary cyclically with rotor position. 

This feature is common to all induction motors. 

Because four loops designated 1, 2, 3 and 4 form a symmetrical pattern 

which is repeated four times, once for each pole of the motor, the following 

relationships exist between the rotor currents: 

i
1

= 	= 

	

-i5 	i9 	-i
13 

i = -i6  = i = -i14  

i3 	

6 	10 	14 

i3 = -i7 = ill  = -115 

i4 = -i8 
= i12 = -i16 

(3.22) 

and just four equations can be used to describe the rotor behaviour 

completely. 
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Explanation of the present theoretical method has so far stated, 

without justification, that four rotor equations, repreSenting four 

conducting loops per pole are used in the analysis. No evidence has 

been presented to indicate that this representation is adequate, and 

intuition might in fact suggest otherwise. For the radial conductors in 

the notional rotor loops are approximately one inch wide, and to represent 

these by line conductors gives a coarse model for the complex rotor under 

consideration. 

There is no theoretical upper or lower limit to the number of loops 

by which the rotor can be represented. But there is every incentive to 

minimise the number of loops in order to reduce the computer time required 

for a solution of the machine equations. While the solution of these 

equations is described in detail in Section 3.7 below, it is sufficient 

at this stage to note that it requires the repeated inversion (usually 

many hundreds of times) of an n x n matrix, where n is the number of 

equations, and equals seven in the proposed analysis. As the computer 

time required to invert a matrix is proportional to more than the square 

of its order it is especially desirable that the minimum number of equations 

be used. 

Preliminary investigations indicated that the simple rotor model, 

in which one radial rotor bar was represented by a line conductor, was 

indeed unsatisfactory, but an improved version was devised which raised 

the accuracy of the model to an acceptable level, without increasing:  

the number of equations that need to be used. Results from the simple 

model, from the improved model, and from test work on the prototype 

motor are presented and discussed in Appendix I. 

The technique used in the improved model was to subdivide the 

extensive bar conductors comprising each rotor loop into a concentric 

set of parallel-connected 'filament coils'. So that while parameters 

from only .four rotor coils were finally required in seven machine equa-

tions, these parameters were calculated from the filament coils in a way 

that allowed for a non-uniform current distribution across the rotor 

conductors. The filament coils were assumed to be connected in parallel; 

the voltage equation for each filament coil was written down in terms of 

its resistance and self and mutual inductances; and this set of equations 

with an arbitrary excitation was solved for each of the filament currents. 
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These filament currents represent the current distribution across the 

rotor loops. It can now be taken as a better approximation than point 

conductors that this shape of current distribution will apply when all 

the coils are excited. From them the a.c. resistance of the loops is 

calculable, and their self and mutual inductances can be evaluated with 

due allowance for their distributed currents by a method described by 

Carter(8) 

It can be seen that by this method the rotor parameters are calculated 

from the filament coils just once (or a few times if the effect of slip 

frequencies are to be taken into account) but that the step-by-step 

solution of the machine equations uses parameters relating to only four 

rotor loops. 

It should be noted that this method is not unlike that used for the 

calculation of stator parameters in Section 3.4 above. In.that case the 

effect of each stator coil connected in series contributed to a single 

equation for each phase. In this case the effect of each filament coil 

connected in parallel contributes to a single rotor loop equation. 

1 The maximum width of a radial rotor bar is IZ-of  the rotor circum- 

ference which subtends 22.5° at the centre of the rotor. The right hand 

radial bar of rotor loop number three (see Fig. 3.12 (a) and (b)) is this 

width as it is unrestricted by an iron rotor insert. The left hand bar 

of rotor loop number two, however, is 5° wide, due to the presence of the 

iron inserts. The size and position of each of the radial bars which . 

make up rotor loops number one to four are tabulated below in terms of 

the 360 segments into which the rotor is subdivided (segment number one 

is at the trailing edge of a pair of iron inserts): 

Loop Number 

L.H. 

Extent of Radial Bars 

To 
Nos) 

Width 
(°) 	• 

Bar 
Width 
(°) 

R.H. Bar 
From 	To 
(segment Nos) 

From 
(segment 

1 350 360 11 21 25 5 

2 21 25 5 46 56 11 

3 46 55 10 57 78 22 

4 57 78 22 80 90 11 
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In the general case the right and left hand bars of a rotor loop 

have unequal widths. They are subdivided into a set of filament coils 

therefore in the manner shown in Fig. 3.12(c). The width of a filament 

coil in the right hand bar is made equal to one segment, i.e. one degree, 

and its width in the left hand bar and the end rings is scaled according 

to their respective widths. 

From the tabulated details of the radial bars immediately above 

it is evident that one pole pitch of the rotor is effectively divided 

into a total of 49 filament coils. This gives a better representation 

for the rotor than point coils, but is not as good as 49 separate rotor 

loops: this is because a particular current distribution has been forced 

in the rotor bars. (A uniform distribution of current in the rotor con-

ductors was also tried but was found to be less apt). However, the 

improvements in predicted results which were achieved while retaining a 

small number of.rachine equations by this method justified its application 

to the present case. 

3.5.4 Assumptions for rotor model  

Several assumptions were made in order that it was feasible to 

construct a theoretical rotor model: 

- infinitely permeable and infinitely resistive rotor iron 

inserts 

- radial current flow in the active annular section of the 

rotor. (The low resistance end rings help to ensure that 

this assumption applies) 

- one dimensional current variations, i.e. there is no var-

iation of rotor currents within the thickness of the rotor. 

This assumption is supported by the fact that the rotor half 

thickness, (2.5 mm) is approximately one quarter of the skin 

depth of copper at 50 Hz 

- zero rotor leakage: the rotor loops were assumed to generate 

no leakage flux. 
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3.5.5 Calculation of filament coil parameters  

The filament coil method of calculating the current distribution 

in conductors with a finite cross section has been used quite widely. 

For example, Popovitch(9) devised analytical methods for simple conductor 

geometries; and Sylvester
(10) calculated the geometric mean distances of 

the filaments numerically in order to compute the inductances of each of 

the filaments. But the present complex geometry does not permit direct 

use to be made of previous experience. However, a novel method is devised 

below for calculating numerically the flux density distribution produced 

by a filament coil when it is situated in a non uniform airgap, and from 

this the filament coil inductances can be computed. 

The four rotor loops that cover one pole pitch are illustrated in 

developed form in Fig. 3.12. The centre points of the bars Ai, A2  ... An  

are denoted by al, a2, ... an  respectively. Bars Al  and A2  together with 

end ring interconnections make up loop 1; in general bars Ar and Ar+l 
form the radial sections of loop r. In the case of loop 1, an iron insert 

is enclosed by a conducting loop. The bar conductors have restricted 

widths w
1 
and w2 

and are separated by non conducting but infinitely per-

meable iron portions. A different geometry exists for loop 3 where the 

radial bars meet at their inner edges. w4  is the unrestricted bar width 

of 22.5° but w
3 
is restricted to 10° by an iron portion. 

The filament coils are illustrated in Fig. 3.12(c) for loop 1 only: 

they are determined in the following manner: 

- wr 
is defined for each loop by the physical geometry of 

the rotor 

- the conducting section of the right hand bar is divided 

into filaments, 	each of which is one radial segment 

(1°) wide. The whole rotor loop is divided into this 

number of filament coils, their width in the left hand bar 

and in the end ring regions being scaled accordingly. 

- the shape of the filament coils at the corners is assumed 

to be elliptical, the circumference of an ellipse being 

given approximately by 11.5(a+b)-iab] 
(11) , where 'a' and 

'b' are its major and minor semi-axes 
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the filament coils so formed comprise a set of concentric, 

parellell-connected coils which are assumed to be connected 

to a common voltage source. 

Filament coil no. 1 is innermost. The calculation of the filament 

coil parameters was undertaken as follows: 

i) Filament resistance  

Each concentric filament coil is subdivided into eight sections, 

numbered I, II ... VIII, as shown in Fig. 3.12(c). The resistance of 

each section can be calculated separately and added together to give the 

total filament coil resistance for the q
th 

 filament, say, in the form: 

qI 4. 
2,
qII 	

... 	
2'qVIII 

pc 1  sI 	sII 	
s
VIII 

q 
 

(3.23) 

where pc  is the volume resistivity of the rotor conductor, and Q and s, 

the length and cross-sectional area respectively of each section, can be 

calculated simply from the rotor geometry. 

ii) Filament inductance  

Each filament coil can be considered to consist of an infinitely 

thin conductor, in which case the "flux linkage per amp" definition for 

inductance holds (see Section 3.4 above). The problem of calculating 

filament inductances therefore lies in calculating the flux density dis-

tribution produced by a filament coil in the non uniform airgap of the 

motor. In general terms this is the problem of calculating the flux 

density distribution produced by a short-pitched coil in a non-uniform 

airgap. The computer-oriented method which was developed to accomplish 

this makes use of the 360 radial segments into which the airgap of the 

machine is subdivided. It is assumed that for each segment 'm', the 

effective magnetic airgap is given by 'g
m
', and the normal flux density pre-

vailing over the segment is 'bm'. 

Ampere's Circuital Law can then be applied to 359 separate paths 

which pass through segments 1 and m, where m = 2, 3, ... 360. Typical 

paths of Integration are shown in Fig. 3.13. For a filament coil which 

consists of N
f 

turns (in the present case Nf = 1) and carries a current i, 
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and is situated in segments ml  and m2, Ampere's Law for the 359 separate 

paths take the form: 

b
l
P

g
l 

b
m
g
m  

• 	

0 for m = 2, 3, ... in 	(3.24(a)) 

	

o 	Po 	 1 

b
l
g
l 

b
m
g
m = Nfi for m = m1+1, m1+2 ... m2 	(3.24(b)) 

	

Po 	Po 

b
l
g
l 

P 

b
m
g
m and 	• 0 for m = m2+1, m2+2 + ... 360 	(3.23(c)) 

	

Po 	o 

Equations 3.24 may be re-arranged in the form: 

b
1
g
1 b

m 	for m = 2, 3 ... m1 and m = m2
+1, m

2
+2 	360 (3.25(a)) 

g 

b
1
g
1 and b

m 
= — 

g 	P 
( 	N

fi
) for m = m

1
+1, m

1
+2 + 	in 

 m o 
(3.25(b)) 

' Equations 3.25 represent 359 expressions of Amperes Law which can be 

added together for all values of m, so that: 

m1 
r1 1 

m=2 
b
m 

= b
l
g
l 

 
m=2 gm 

12  bm  = , 	72 1 (
b
l
g
l N i)  

ro 
m +1 

g
mo m=m1

+1 
1 

360 	3601 

bm 
= b

1
g
1 m=1

2
+1 gm m=m

2
+1 

(3.26(a)) 

(3.26(b)) 

(3.26(c)) 

And equations 3.26(a), 3.26(b), 3.26(c) can also be added, to give: 

360 360 	b g 
b
m 

= b [1 + g 	
71 1 	1 3 4.  n 	72 	1 ( 1 1 N

f
i) (3.27] 

	

a 	'4  1 1 	0 L  
m=1 	m=2 -m m=m2

+1 gm 	m=m +1 gm Po 1 

From the fundamental relationship: 

div B = 0 	(3.28) 



i.e. 	b = K. 
 1 
— for in  = 2, 3 ... ml  and 

in 	
Kb 
 g
m 

(3.31(a)) 

m = m2+1 m2+2 ... 360 
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it can be seen that the algebraic sum of all the flux crossing the 

airgap of a machine must equal zero. 

360 
i.e. 

m=1 b
m 

= 0 
	

(3.29) 

In which case the right hand side of equation 3.27 equals zero, and can 

be solved for b
1 

in the form: 

m
2 

p
o 
N
f
i / 	

1 — 
m=m

1
+1 in 

b
1 

- 	
360 	= Kb 	

(3.30) 

1 +g
1 
1 1 	 . 
2 gm 

Equation 3.30 illustrates that for a constant value of Nf 
and i, the flux 

density in segment 1 can be written in terms of the geometry of the air-

gap. Denoting the value of IDl  in equation 3.30 above by Kb, the values 

.of b
m 

can be obtained directly by substituting for b1 
in equations 3.25 

above: 

Po (Kbgr and 	b
m

N
f 	

for m = m
1
+1 ... m

2 gm 
(3.31(b)) 

The self and mutual inductances of the filament coils which comprise 

each rotor loop can now be calculated. The self inductance of the q
th 

filament coil Mqq  in a given rotor loop which extends physically between 

segments m
1 
and m

2 
of the rotor is given by: 

Mgg = dA 	b
mq 	

(3.32) 
meal 

 

where dA is the area of one segment and bmq 
is the flux density at segment 

m which is produced when filament q is excited by one amp, and is given 

by equation 3.31 above. 

and the rth filament coil which extends between rotor segments m l  and m' 1 	2 

Similarly, the mutual inductance Mqr 
between the q

th filament above, 



• is given by: 
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m' 
2 

M
qr 

= dA 	b 
 

m=m' 
1 

(3.33) 

 

iii) Voltage equations for the filament coils  

The purpose of subdividing each rotor loop into a set of filament 

coils was stated above to be to calculate the current in each filament 

coil, and then to use the filament coil currents to represent the dis-

tribution of current across the flat bar conductors of the rotor loops. 

The filament coil currents can be calculated by writing down the voltage 

equation for each of the parallel connected filaments in terms of its 

resistance and inductances calculated above. Thus, for the p filaments 

comprising a rotor loop the voltage equations can be written in the form: 

v1 
	1

R
1 
+ jw(i

1
M
11 

+ 
i2M12 

+ 	+ iq + 	+ ipM1p) 

v
2 

= i
2
R
2 
+ jw(i1M21 + 

i2M22 
+ 	+ 

iqM2q 
+ 	+ i M ) 

P 2P 

v = i R + jw(i1Mql + i2Mq2 
+ 	+ i M + 	+ i M ) q q q 	 q qq 	P qP 

v = i R + jw(i1Mpl + 
i2Mp2 

+ 	+ i M + 	+ i M ) 	(3.34) 
P p 	 q 	P-  PP- 

where vl  = v2  = 	v = 	vp  because all the filaments are assumed to 

be connected in parallel and excited from the same voltage source. Sinu-

soidal excitation was assumed for these calculations. Equations 3.34 can 

be written in matrix format: 

[v] 	= [R] [i] 4-  jw[M] (1] 	(3.35) 

and can be solved for the filament currents by rearranging in form: 

[i] = [v]1[R] + jw[M]1-1 	(3.36) 

and inverting the impedance matrix. 
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The resistance matrix [R] contains terms on the major diagonal only, 

and the inductance matrix [M] is symmetrical about the major axis, for 

M12 = M21' 
Equation 3.36 can be solved by assuming an arbitrary voltage 

•  
level for the voltage matrix and using conventional matrix inversion tech-

niques. The filament coil currents so calculated give the distribution 

of current across the rotor bars in terms of the total loop currents. 

3.5.6 Calculation of rotor parameters  

The rotor parameters which are required for substitution into the 

voltage equations which describe the performance of the machine relate 

to the conducting loops into which the rotor has been subdivided. These 

parameters are: 

- the bar and end ring resistances of the rotor loops 

- the self and mutual inductances of the rotor loops 

- the mutual inductances of the rotor loops with the stator 

phase windings 

Their calculation uses the filament coil currents described above to 

give the distribution of the currents in the bars. As this current disr 

tribution depends upon the frequency of the currents in the rotor loops, 

the calculations were made for p.u. slip speeds of 1.0, 0.8, 0.6, 0.4, 

0.2 and 0.0 and the parameter values for intermediate speeds were obtained 

by linear interpolation between the computed values. 

The methods of calculation used for the above sets of parameters 

were as follows: 

i) Bar and end ring resistances  

The impedance of a rotor loop, loop q, say, at the slip frequency 

under consideration can be obtained from the equations relating to its 

constituent filament coils, equations 3.35 and 3.36 above in the form 

v 
Z = 7-- = R + jw M q 
	1 	q 	q 

q 

(3.37) 

where Zq  is the impedance of rotor loop q 

v is the arbitrary voltage applied in equation 3.36 above 
q 
i is the sum of all the filament currents flowing in the 
q 
loop under the influence of voltage v 
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and R and WM are the real and imaginary parts of the loop 

impedance 

'R q' is therefore the a.c. resistance of the complete rotor loop. 

For the purposes of the machine voltage equations (3.6 above), the 

end-ring and radial bar components of this total a.c. loop resistance, 

R , are required. These were obtained approximately by dividing the 

total a.c. resistance in proportion to the d.c. resistances of the com-

ponent parts. Thus if R' and R denote d.c. and a.c. resistances respect-

ively, and suffices: 

q denotes the total loop q 

br denote the right hand bar of loop q 
q 

b 	 " left 	II II 

Rq  

oerq 	" outer end ring of loop q 

ier 	inner " II 	 II 

q 

the following relationships can be written: 
Rio  

Rb  = R  Rq 	(3.38(a)) 
rq 	q 

11,1)  

Rb  = ea R 
R' q  

ba 

R' 
oer 

Roer 
- 	R
qR' 

R! ier 
and R. 	- ----q- R 

ler 	R' 	q 
q 	q 

(3.38(b)) 

(3.38(c)) 

(3.38(d)) 

ii) Self and mutual inductances of the rotor loops  

The simple definition of inductance in terms of "flux linkage per 

amp" can be written as: 

M = X 	 (3.39) 

with the usual notation. It applies to discrete circuits in which the 

current distribution in the conductors is known. Inductance calculated 

by this method is a function of geometry, and is constant providing 

that: 
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- the relationship between flux and current is linear, i.e. 

when the magnetic materials in the relevant magnetic circuit 

are operating under linear conditions 

- the current distribution is defined 

The first of these two limitations has been taken into account by the 

assumption that all the iron paths are unsaturated. The second is part-

icularly relevant to the present case, however, in which the rotor loop 

currents are non-linearly distributed across the flat rotor bars and 

end rings. The definition of inductance can be extended to cover this 

situation, and takes the form
(8)

: 

M = 	EX6i 	(3.40) 

where A is the flux linking with each elemental portion 'Si' of the total 

current i. 

This relationship can be used in conjunction with the rotor loop 

and filament coil parameters calculated and described above. Thus for 

the q
th 

rotor loop (excited by a voltage vq  which is the same for all 

loops) which has been subdivided into'p' filaments the total loop current, 

i , is given by: 

(3.41) 
r=1 rq 

where i
t 

is the current flowing in the r
th 

 filament in the q
th 

loop. 
q 

Furthermore, the flux density distribution created by the q
th 

loop 

in each segment 'm' is given by: 

bm 	
=for in  = 1, 2,... 360 

q 	r=1 bmrq 
(3.42) 

where bm 
is the flux density produced by the r

th  filament of loop q 
ra 

in segment m. 

Substituting these parameters into the definition of inductance 

given in equation 3.40 above, the mutual inductance between the q
th 

and 

s
th loops can be written as: 

m
2r 

M
qs =  (. )2 l G 	irq 

(dik 	b ms)1 (Ai 
q r=1 m=mlr 

 

(3.43) 
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where the r
th 
 filament coil in the q

th 
loop (there are a total of 'p' 

filament coils in the loop) spans the rotor segments mix  and mgr, and 

is linked by the total flux that is produced between these segments 

by the s
th 

loop. 

The different impedances of the different rotor loops - some com-

prise copper conductors, others enclose iron inserts - result in different 

total currents being driven around the loops when excited by the same 

voltage. The current scaling factor in equation 3.43, (-1) enables the 

filament coil currents to be used to give the current disiribxition across 

the loop conductors, but scales them so that the same total current flows 

in each loop. The assumption implicit in this method of calculating 

the mutual inductance between rotor loops is that the distribution Of 

current across the loop conductors is the same whether it is driven by 

an external source, or by an internal emf induced by an incident time-

varying flux field. 

The general expression for mutual loop inductances, equation 3.43 

above, covers the special case of self loop inductances when q = s. 

However, the self inductances of each loop is also calculated by equation 

3.37 above where it appears in the imaginary part, WM , of the loop 

impedance Z . 

As stated above, four rotor loops are necessary to describe the 

behaviour of the rotor, because of its symmetrical pole pitch pattern. 

It should be noted however that it is necessary during the calculation 

of the mutual inductance of four rotor loops to consider more than four 

loops. This arises because adjacent loops share a common conducting bar 

in which loop currents are distributed, and over which the generated 

flux density is also distributed. The mutual inductance of one loop with 

an adjacent loop is therefore not the same as with a non-adjacent loop , 

of the same type. Referring to a rotor loop which encloses an iron 

segment as an 'iron loop', and one that contains copper only as a 'copper 

loop', it can be seen that for the rotor under consideration, with the 

rotor model described above, there are eight types of inductances: 

- self inductance of an iron loop 

- mutual inductance of an iron loop with an adjacent iron loop 

- mutual inductance of an iron loop with a non-adjacent iron loop 
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- mutual inductance of an iron loop with an adjacent copper loop 

- mutual inductance of an iron loop with a non-adjacent copper loop 

- self inductance of a copper loop 

- mutual inductance of a copper loop with an adjacent copper loop 

- mutual inductance of a copper loop with a non-adjacent copper loop 

With reference to Fig. 3.9, it can be seen that in order to calculate: 

- the mutual inductance of an iron loop with a non-adjacent 

iron loop 

- and, the mutual inductance of a copper loop with a non-

adjacent copper loop 

a total of seven loops must be considered. 

3.5.7 Calculation of the mutual inductances of the stator phase  

windings and rotor loops  

The technique for calculating the so-called 'stator-rotor' 

inductances is derived from the methods described above for calculating 

the stator inductances, Section 3.4 above, and the rotor inductances, 

Section 3.5.6 above. The linkage of the flux density distribution 

created by each rotor loop (equation 3.42) with the phase winding of 

.each stator phase was computed by the summation methods set out in 

equations 3.20 and 3.21 above. 

These inductances depend upon rotor position and vary cyclically 

as the rotor moves; the computations were consequently repeated for a 

range of rotor positions. 

3.5.8 Conclusions 

This concludes the descriptions of the methods used to calculate 

the equivalent circuit parameters of a disc reluctance motor with a con-

ducting sheet rotor that contains iron portions to create salient poles. 

The method is designed for programming on a digital computer. The air-

gap was represented by a 360 element array which defined the length of 

the effective magnetic airgap in each of the 10  segments. As described 
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above, inductance calculations could then be made using summation procedures 

between easily defined limits. A flow chart of the program which calculates 

all the stator and rotor parameters is illustrated in Fig. 3.14. 

The circuit model which has been adopted represents the behaviour of 

the motor by an equivalent electrical network, and the circuit parameters 

of this network relate to the primary interactions within the main air-. 

gap of the motor. Secondary effects, notably fringe fields at the edge 

of the airgap also affect the behaviour of the machine, and the manner 

in which they were taken into account in the present model is described 

below. 

3.6 Treatment of fringe fields 

Fringe flux fields commonly occur in electrical machines at dis-

continuities or irregularities in their iron circuits which are carrying 

flux. They arise because of the imperfections of iron and air as magnetic 

conductors and insulators respectively. A strict treatment of fringe 

fields usually requires analytical or numerical methods to be employed. 

Circuital methods for machines analysis require that secondary field 

effects, such as fringe fields, be taken into account by appropriate 

factors, and these are usually based on field considerations. The common 

example of this is Carters Co-efficient(7) which allows for the way in 

which slot openings in the airgap of a machine tend to increase the 

effective magnetic length of that gap. 

In the present case, the main fringe fields occur at the inner and 

outer diameters of the machine where the flux crosses the airgap. The 

effect of the fringe field is particularly important in the motor under . 

consideration because the pole width is small compared to the length 

of the airgap. The pole width/airgap ratio is in fact between 3 and 4: 

for conventional machines it is more typically between 100 and 200. 

The effect of a fringe flux field is to leave the uniform flux density 

within the airgap substantially unchanged, but for extra flux to traverse 

the airgap at the edges. 	Hence the total flux crossing the airgap is 

greater than predicted by a method which assumes a uniform flux field 

within the confines of the airgap. For this reason, although fringe 

fields leave the theoretical and experimental values of airgap flux 
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density unaffected, the theoretical value of the total flux crossing the 

airgap - and hence the related inductances - must be amended to allow 

for the fringe flux. A corollary of this is that search coils which are 

placed in the airgap for the purpose of measuring flux linkages, and 

hence inductances, must be remote from the edges of the stator by suffic-

ient distance that the fringe flux is enclosed. 

Two ways can be used to compensate for the fringe flux, both of 

which assume that the flux density is uniform within the airgap of the 

machine and zero outside it. Either the theoretical stator width can 

be increased by an amount, such that the total flux crossing the enlarged 

stator width is equal to the actual airgap flux plus the fringe flux: the 

predicted flux density is equal to the actual flux density in this ease. 

Or the stator width can remain unchanged, but the length of the airgap 

be reduced so that an increased flux density is used to account for the 

extra flux: the predicted flux density is therefore intentionally greater 

than the actual flux density. Bolton
(12) 

used the former method, finding 

that for a certain range of linear motor geometries the stator width 

should be increased by the length of the airgap to give satisfactory 

results. This method might be preferred because the predicted and actual 

flux densities should be the same. For the present analysis, however, 

the method of reducing the effective airgap was used. This was because 

the iron inserts in the rotor produced variable fringe fields around the 

stator, and if the 'stator width' method were used, the width of the 

stator would have to vary around the machine. By using the 'reduced 

airgap' method a fringe factor could be calculated for each of the 360 

airgap segments, and could be included in the array which defined the 

airgap data in the computer program. 

The effect of the fringe fields on all the inductances that appear 

in the voltage equations (equations 3.6 above) must be taken into account. 

The manner in which this was accomplished for the stator, stator-rotor, 

and rotor inductances is now described. 

i) The effect of fringe fields on the stator inductances  

A cross section through the two stators showing the two cores, their 

end windings and the airgap between them in a position remote from the 

iron rotor inserts is illustrated in Fig. 3.15(a). The shape of the 
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fringe fields is also indicated and it can be seen that the majority 

of the fringe flux links the main windings and-therefore contributes to 

their self and mutual inductances. It was found that the effect of the 

fringe flux could be taken into account by recognising that, as shown 

in Fig. 3.15(b) the two stator cores are like the teeth of a doubly 

salient device, with the end windings in the 'slots' either side of them. 

And therefore a modified Carter Co-efficient can be applied. With ref-

erence to Fig. 3.15(b), it can be shown that according to Carter(7): 

YI 	y
s 

- k w s 
	

(3.44) 
o  

where y' is the effective width of the stator surface 

y
s 

is the slot pitch 

k
o 
is Carter's Coefficient 

and w
s is the slot width 

By symmetry, the distance of the centre of the end winding bundle from 

the stator core was assumed to be equal to half the slot width. 

Also, it can be seen from Fig. 3.15(b) that: 

y
s 

= W + w
s 	

(3.45) 

so that the effective increase in stator width due to fringing, y/W is 

given by: 

This factor was used to reduce the airgap length in positions from which 

the iron inserts were absent so that the total predicted airgap flux 

included the fringe flux. 

It was difficult to measure precisely the effective position of the 

centre of the 'slot' containing the end windings, but the two possible 

extreme positions gave fringe factors of 1.42 and 1.51: an average rounded 

value of 1.5 was used for computations to support experimental work 

described in Chapter 4 below. Approximate numerical field solutions also 

indicated that this was a reasonable value. 
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In the area of the iron rotor inserts the above method cannot be 

applied, because of the geometry of the situation: the mid-point of the 

airgap between the two stator cores is no longer equivalent to an iron 

surface of infinite width. An approximate numerical field solution 

indicated that the main flux crossing the gap in these regions was 

increased by around 10% by fringe flux. A fringe factor of 1.1 was 

therefore used. 

In the calculation of the stator inductances therefore the natural 

magnetic airgap at each position of the machine was reduced by the 

following fringe factors, k
fm 

k
fm 

= 1.5 when segment m contains no rotor iron 

k
fm 

= 1.1 when segment m contains rotor iron 

ii) The effect of fringe fields on rotor inductances 

For the calculation of the rotor inductances the stator cores act 

as magnetic paths for the flux that would be generated if each hypotheti-

cal rotor loop were excited in turn. The fringe flux under these condi-

tions appears to depend upon the position of the rotor end ring conductors 

with respect to the inner and outer edges of the core. If the end rings 

were assumed to be infinitely thin conductors, aligned with the inner 

and outer diameters of the cores and situated half way between the two 

cores, there would be no fringe flux. In reality the end rings have 

finite width, the current is distributed across them, and there is a 

certain amount of fringe flux. The rotor end rings and the position of 

the notional filament coils were illustrated in Fig. 3.12(c). Any flux 

generated elsewhere around the stator will tend to fringe across the 

airgap in the region of the rotor loop under consideration and will link 

to a varying degree with the currents flowing in the filament coils of 

the rotor loop shown. The calculation of a fringe factor for these 

conditions depends upon: 

- a knowledge of the fringe fields at the edges of the stators 

- a knowledge of the current distribution in the filament coils 

- the arc subtended by each filament coil in the end ring region 
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The fringe field in the region of the stator core was calculated 

theoretically by an approximate numerical method; and the theoretical 

filament coil currents were used to give the end ring current distribution. 

The results obtained by this method were as follows: 

Rotor Loop No. Fringe Factor 

1 1.05 

2 1.05 

3 1.10 

4 1.10 

The rotor inductances calculated on the assumption of zero fringe flux 

were increased by the above factors to allow for the fringe fields. 

As might be expected from the symmetry of the rotor, fringe factors for 

loops 1 and 2 are the same, as are those for loops 3 and 4. For the 

mutual inductances between loops, the average of the fringe factors for 

the individual loops was used. 

iii) The effect of fringe fields on stator-rotor inductances  

Fringe factors for the mutual inductances between the stator 

phases and the rotor loops are identical to those for the self inductances 

of the rotor loops. This is because the shape of the fringe field at 

the edges of the stator core is the same whether the flux is caused by 

excitation of a stator phase or by a rotor loon at another position in 

the airgap. 

3.7 Solution of the machine equations 

The set of voltage equations which describe the reluctance motor 

under consideration as an equivalent electrical network was expressed 

in matrix form by equation 3.6 above as 

[v] 	= 	[R] [i] 4' a-1[1,1mill 

The [R] and [M] matrices contain the equivalent circuit parameters, the 

calculation of which has been described in Sections 3.4 and 3.5 above. 

In order to predict the performance of the machine, therefore, it is now 

necessary to solve this equation for the motor currents [i] when a spec-

ified set of voltages [v] are applied to it. A knowledge of the motor 
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currents enables the electrical torque produced by the motor to be 

estimated (Section 3.3.2, equation 3.7) and hence the dynamic behaviour 

of the motor (Section 3.3.3, Equation 3.9). 

The difficulties surrounding the general solution of equation 3.6 

can be seen by expanding the time-differential term, i.e. 

r 
[v) 	[R][i] + t[M] dt  [i] 	[i] dt u411 

[v] = [R] [i]  + UM] 	+ [i] 	[m] 	1at (3.47) 

dO 
for 	 r it can be seen that the final term in equation 3.47, 	[MI 	-, , is 

in general the product of two variables, thus making the equation non-

linear. 

Arockiasamy
(1) 

developed numerical "step-by-step" methods for solution 

of equations of the type given in 3.47 above, and applied them with 

success to induction motors and single phase variable airgap reluctance 

motors. There is in essence no difference between the equations governing 

those machines and the present equations, and the same general methods of 

solution have therefore been used here. 

Numerical step-by-step procedures need make no assumptions of sinu-

soidal variation with time of voltage and current and therefore are 

ideally suited for prediction of transient behaviour. By considering 

the change iii motor parameters over small time intervals, equation 3.6 can 

be re-written in the form: 

[v] ,  + [v]" 	[I]; + [i]" 	[m]"1/1" 	[1,1] 1 	'  
(R1 2 	2 	At 

(3.48) 

where superscripts ' and " indicate quantities prevailing at the beginning 

and end of the time interval respectively. 

It can be seen that the average values of [v] and [i] over the time 
r 

interval are taken, and that the term 
dt  {[MI [i]l is expressed in a finite d 

difference form-. After specifying a set of initial conditions, the 

principle of this method of solution is to apply equation 3.48 to success-

ive time intervals, for the duration of the period under consideration: 

the values prevailing at the end of one time interval become the starting 

values for the next interval. The basic requirement of the method is to 

calculate lir for each time step, the other parameters being known, or 

determinable. Thus, equation 3.43 can be re-arranged in the form: 
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[1] " - 
[v]'+[vl"   	[MP UP 

- 	2 	2 	At 
(3.49) 

 

/ [B] 	[M]"  
1  2 ' At ' 

The denominator of this equation is a matrix in its own right, the inverse 

of which is required for a solution. But it also contains [M]" which is 

the cause of the non-linearity of equation 3.49. The physical meaning 

of the non-linearity is as follows: in order to calculate the currents at 

the end of a time interval, the machine inductances at the end of that 

time interval are required. These inductances depend upon the rotor 

position at that time which clearly depends upon the angle of rotation 

during the time interval. This in turn depends upon the average torque 

produced by the motor, which however depends upon the motor currents at 

the end of the time interval - and these are the parameters that were to 

be calculated. 

Two methods were adopted by Arockiasamy
(1) 

to overcome the intrinsically 

non-linear nature of the machine equations. These were a "constant speed" 

solution, and a full transient solution. 

i) The "constant speed" solution  

This method provides a solution to the machine equations for any fixed 

motor speed. Equation 3.47 is therefore linearised by this expedient, 

de/dt being made constant. In terms of equation 3.49, it means that the 

rotor position is known at every instant in time, which enables [Mr to 

be determined. The solution at constant speed can therefore be used to 

predict the steady state performance of the motor at that speed. 

ii) Transient solution  

The transient solution to the machine equations uses an iterative 

procedure within each time interval to overcome the non-linear nature of 

the equations. As the dynamic characteristics of the rotor depend upon 

its coupled load, the voltage equations (3.6) must be solved in conjunction 

with the torque equation (3.7) and the mechanical equation (3.9). The 

procedure is as follows: 

1) the speed of the rotor at the end of a time interval At, is 

given by: 

Te - Tb 
u" 	uI 4. 	 At 

J
k 

(3.50) 



0" = 0' u' u" 
At (3.51) 

2 
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if At is sufficiently small for the rate of angular acceleration to be 

deemed constant, 

where u" is the speed at the end of At 

u' is the speed at the beginning of At 

T
e 

is the average electrical torque exerted during At 

T is the average total load torque during At 

and 	J
k 

is the moment of inertia of the rotating parts 

An estimate for the value of T
e 
is obtained by extrapolating from the 

results of previous time steps. 

2) the rotor angle at the end of the time interval is given by: 

where 0' is the rotor angle at the beginning of At 

and 	0" is the rotor angle at the end of At 

3) the matrix [M]" can therefore be written down, and equation 3.49 

solved for (ii" 

4) inserting [i]" into the torque equation enables the average 

electrical torque produced during the time interval to be calculated and 

compared with the value estimated at (1) above. If this value is the 

same as the estimated value (within prescribed limits) the next step of 

the procedure can be started; if it is not, it is inserted as the new 

estimated value of torque for a second iteration. This procedure is 

repeated until the test for convergence is satisfied at each step. 

The time-step length, At, used for the above computations, was set 

as a fixed fraction of the period of the sinusoidal applied voltage. 

It was found that step lengths of up to one-twentieth of this period 

could be used without an unacceptable loss of precision, and without 

signs of numerical instability. More sophisticated methods of determining 

and varying step length are available, such as the Runge-Kutta-Merson 

4th Order variable step length method, but their added complications did 

not appear to be justified for the present work. 
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It can be seen that the "transient solution" to the machine equa-

tions, described above, can be used to simulate the behaviour of a motor 

under any conditions that are programmed into it. Fault and transient 

conditions can be investigated in this way. In Chapter 4 it is used to 

simulate the behaviour of the motor from the instant at which the supply 

is switched on until it reaches synchronous speed. 

Flow charts for the computer programs which were written to under-

take the above "constant speed" and "transient" solutions are given in 

Figs. 3.16 and 3.17. . 

Chapter 4, which follows, provides theoretical results from comput-

erised solutions of the methods described above, and compares them with 

experimental data obtained from a prototype motor. 
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CHAPTER FOUR 

Theoretical and Experimental Performance 

of the Double-Sided Salient Pole Axial Flux 

Disc Reluctance Motor 

4.1 Introduction 

The double-sided salient pole disc reluctance motor with axial 

stator flux paths was identified in Section 2.6 above as one of the 

preferred types of axial flux disc reluctance motor. A method of analysis 

for this type of motor was derived in Chapter 3; and the purpose of the 

present section is to verify experimentally the validity of that method. 

Also, the intention is to use these theoretical and experimental results 

to suggest the quality of performance that might be achieved from 

improved designs of motors of this type. 

The method of analysis that has been described above can handle 

steady state and transient, synchronous and asynchronous performance of 

the reluctance motor. An attempt has therefore been made to prove that 

the computer model can perform satisfactorily under these various condi-

tions by comparing the performance predicted for them with the results 

achieVed in practice. In addition, the calculated values for the stator 

and rotor parameters were also checked by measurements. These parameter 

values were in fact the first to be checked as the ultimate success of 

the computer model depended upon its ability to calculate the equivalent 

circuit parameters of the motor. 

Unless otherwise stated, all tests were carried out with the rotor 

illustrated in Fig. 3.5 which was 0.190 inches thick situated in the 

middle of a 0.285 inch airgap between the two stators. 

4.2 Calculation and measurement of the equivalent circuit parameters  

of the motor 

The following reluctance motor parameters appear in the voltage 

equations which are used to describe its behaviour: 
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i) Resistance of stator phase windings 

ii) Self and mutual inductances of the stator phase windings 

iii) Self and mutual components of the stator leakage inductances 

iv) Self and mutual inductances of the notional rotor loops 

v) Resistive components of the equivalent electrical network 

of the rotor 

vi) Mutual inductances of the rotor loops and the stator phase 

windings 

The extent to which the computer model is capable of predicting these 

parameters reliably is demonstrated in this section. Each of the above 

sets of parameters is considered in turn. 

4.2.1 Resistance of stator phase windings  

The four pole phase winding on each stator of the test motor con-

sists of 8 coils connected in series, each coil being made up of 38 turns 

of 20 swg enamelled copper wire. The windings of the two stators are 

connected in series. 	The value of the resistance of a complete motor 

phase can be calculated theoretically
(1) 

by: 

= L
mc 

N
ph 

R
s 
(1 + at) 
	

(4.1) 

where L is the length of the mean conductor 
me 
N
ph 

is the number of turns per phase 

R
s 

is the resistance per unit length of the conductor 

a is the temperature co-efficient of resistance 

and 	t is the temperature rise of the windings 

The value of resistance predicted by this method for a 40°C temperature rise 

is 4.8 Q. The measured value of 5.2 Q was used in the computer model, 

however, because it is difficult to estimate and allow for the effective 

operating temperature of encapsulated windings. 

4.2.2 Self and mutual inductances of stator phases  

The important feature of the self and mutual inductances of the 

stator phases of a reluctance motor is that they are modulated by the 

position of the iron rotor inserts. The effect of these inserts was 
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introduced for the static measurement of stator inductances by means 

of a dummy rotor. This consisted of the iron rotor inserts supported 

in a non-magnetic and insulating disc. It enabled the magnetic circuits 

of the rotor to be used in isolation from the electric circuits. 'Open 

circuit' tests could therefore be carried out at standstill. The stator 

inductances were measured by the use of airgap shadow windings which 

extended outside the stator core diameters by a distance of one-quarter 

of an inch in order to enclose the fringe flux (see Section 3.6 above). 

An approximate numerical field solution of the fringe fields indicated 

that this was the appropriate position for the shadow coils. 

Accurate calculation of the self and mutual inductances of the 

stator phases relies upon the ability to predict precisely the flux 

density distribution in the airgap of the machine when the iron inserts 

are present. Some preliminary measurements were therefore made using a 

proprietary Hall probe flux meter to check this aspect of the computer 

model: 

Fig. 4.1 illustrates measured and computed flux densities in a 

uniform airgap of 0.25 inches when the red phase is excited. The 

maximum flux density level is predicted accurately but the detailed 

slot effects are not taken into account by the model. 

Fig. 4.2, Fig. 4.3 and Fig. 4.4 illustrate the flux density distribution 

in an airgap of 0.25 inches for red, yellow and blue phase excitation 

respectively when the position of the iron inserts correspond to 

the 6
r 

= 0 rotor position (see Section 3.4 above). The effect of 

the iron rotor inserts on the flux density distribution can be 

seen to be taken fully into account by the computer model. 

Preliminary measurements and calculations were also made for the 

self and mutual inductances of the stator windings when the two stators 

were set with a uniform airgap of 0.3 inches between them. The induct-

ances were measured; calculated with the computer model; and calculated 

theoretically on the assumption that the windings were sinusoidally dis-

tributed. The results were as follows: 
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Measured Inductance 	Theoretical Inductances 

Computer Sinusoidal 

	

Model 	Winding 
Distribution 

(H) 
	

(H) 	(H) 

Blue Phase 
Self Inductance 0.28 0.26 0.32 

Blue/Red Phase 
Mutual Inductance -0.13 -0.12 -0.16 

Blue/Yellow Phase 
Mutual Inductance -0.13 -0.12 -0.16 

There is close agreement between the measured values and the results of 

the computer model which take the actual winding distribution into account; 

but the results based on the assumption of perfectly sinusoidally dis-

tributed windings are somewhat higher. 

The variation of the self and mutual inductances of the stator 

phases with rotor position is illustrated in Figs. 4.5 and 4.6: predicted 

and measured results are shown. It can be seen that the computed results 

correlate well with the experimental data. 

4.2.3 Self and mutual components of the stator leakage inductances  

As stated in Section 3.4 above it is difficult to calculate pre-

cisely the 16,ge reactances of a stator winding. Measured values, 

which allow for the operating environment, were therefore used in the 

computations. They were: 

self component of stator leakage inductance = 0.0165 H 

mutual component of stator leakage inductance = -0.0046 H 

These components were the same for all phases, and were substantially 

independent of motor airgap and rotor position, 



•  

■•• •••• • •■•• • 

0 I 	I 	I 

INDUCTANCE 
( H.) 
.08 

r 

.04 
4 
PHASE 	RESULTS 

predicted measured 

red 	 • 

blue 

.02 - 
yellow 	 0 ••=, 

o 
• .47 

• 

0 	4 - - 
.06 

4 

0 
	

20 	40 	60 	80 
ANGULAR POSITION 
OF ROTOR (0  mech.) 

VARIATION OF SELF INDUCTANCES OF 
STATOR PHASES WITH ROTOR POSITION 

174 

FIG. 4.5 



0 

.01 

.02 

.03 

.04 

( H.) 

0 
,.. 

.01 

.02 

.03 

.04 

• (H.) 

.01 

0 

.02 

.03 ' 

.04 
INDUCTANCE 
( H.) 

VARIATION WITH ROTOR POSITION OF 
MUTUAL INDUCTANCES BETWEEN STATOR 
PHASES 

10 	20 	30 • 40 	50 	60 70 	80 	90 	(*mech.) 

10 	20 	30 	40 	50 	60 	70 	80 90 	( 0  mech.) 

ANGULAR 
POSITION 
OF ROTOR 

(° mech.) 

10 20 30 40 50 60 70 80 90 

BLUE- RED 

PHASES 

'ELLOW -BLUE 
PHASES 

RED- YELLOW 
PHASES 

175 

0 

FIG. 4.6 



4.2.4 Self and mutual inductances of rotor loops  

Measurement of the rotor parameters presents considerable 

difficulties. This is because there is no access to the notional elements 

which make up the equivalent electrical network of the rotor. It is 

possible to measure the parameters of a physical reproduction of the 

equivalent network, but this gives no indication of whether that network 

is a valid representation of the rotor. 

The first aspect of the rotor model that was checked was the fila-

ment coil method of predicting the current distribution in the rotor 

bars. This was achieved by placing an aluminium sheet in the airgap 

between two laminated iron cores as shown in Fig. 4.7. The aluminium 

sheet was slit along four-fifths of its length to force transverse current 

flow under the iron blocks. In Fig. 4.7(c) the flux density distribution 

measured across the aluminium plate when it was excited is compared with 

the predictions for it from a filament coil analysis. An acceptable 

level of agreement can be seen to exist. The discrepancy might well 

arise from the theoretical assumption of zero flux leakage from the ends 

of the iron blocks. On the basis of these results it can be assumed -

that the filament coil method is capable of giving a good estimate of 

the current distribution across a wide conductor; and the theoretical 

distribution of currents across the bars of the notional rotor loops 

was therefore utilised to enable the circuit parameters of the loops 

to be measured experimentally. The principle of the method is to re-

place the bar conductors of the rotor loops by a discrete coil so that the 

total flux linkage of the coil carrying the total loop current is equal 

to the total flux linkage of the rotor loop with distributed currents. 

Exprep--,..5. mathematically, the total flux linkage of a set of 'n' parallel 

connected concentric coils which is subjected to a uniform magnetic field 

normal to the plane of the coils is given by:.  

X
c 

= bW 	y26i2  + 	yr(Sir  + 	y 
n 
 6. ) 
in 

n 
= bW I yr6ir  

r=1 

where b is the flux density of the incident field 

W is the width of the coil 

y
r 
is the breadth of the r

th coil 

6. is the current in the r
th 

filament coil 
it 
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If ym  is the breadth of an equivalent coil, its total flux linkage, Am, 

is given by: 

n 
A
m 

= bW y
m 	6. it 
r=1 

And for A = 
C 

(4.3) 

Oir r=1 r 

ym 

 

(4.4) 

 

/ 6. ir r=1 

Hence a single coil which spans ym  can be substituted for the set of con-

centric coils described above, for the purposes of inductance calculations. 

Computation of the dimensions of single coils that were equivalent 

to rotor loops 1 and 1, using their theoretical current distributions, 

gave the following results: 

Rotor Loop 	Coil Span 
Number 	(in degrees) 

 

Position on Rotor 
(in degrees) 

     

	

From 	To 
1('iron' loop) 
	

27 	355 	22 

3('copper' loop) 
	

15 	51 	66 

Rotor inductances measured by means of these equivalent coils are com-

pared below with their theoretical values. 

Rotor Inductance 

Self Inductance of Loop 1 

Mutual Inductance, Loops 1 & 3 

Mutual Inductance, Loops 1 & 9 

Mutual Inductance, Loops 1 & 11 

Measured 	Computed 
(H) 	(H) 

2.16 x 10
-7 

2.61 x 10
-7 

-5.04 x 10-9 -6.13 x 10-9 

- 1.91 x 10
-8 -2.84 x 10-8 

-5.51 x 10-9 -6.18 x 10-9 

The level of agreement between the two sets of results gives some indica-

tion that the computed parameters for the rotor model are representative 

of the rotor characteristics. 
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• 4.2.5 End ring and bar resistances of rotor loops  

No way could be devised to measure the resistances of the bar and 

end ring components of the rotor model. These were the only elements of 

the model which could not be measured directly or indirectly, however, 

and the shape of the asynchronous torque curve of the motor will give 

some indication of the precision with which they were computed. 

4.2.6 Mutual inductances between rotor loops and stator phases 

These inductances were measured by exciting each of the stator 

phases in turn and measuring the flux linkage with the equivalent single 

coil versions of the rotor loops (see Section 4.2.4 above) for a range 

of rotor positions. The theoretical and experimental results are 

illustrated in Fig. 4.8 for two loops: rotor loop 1 which contains an 

iron portion; and rotor loop 3 which is plain copper. Close correlation 

can be seen to exist between predicted and measured results in both cases. 

The rotor inductances and resistances, and the stator rotor induct-

ances were calculated by the filament coil method for a range of slip 

frequencies, i.e. 1.0, 0.8, 0.6, 0.4 and 0.0 per unit slip. The percen-

tage changes in the various parameters between unity and zero slip are 

summarised below: 

Parameter 	Percentage Change in Value 
between Unity and Zero Slip 

Rotor Inductances: 

Self inductance of 
rotor loop 1 
(encloses iron segment) 

Self inductance of 
rotor loop 3 
(plain copper) 

Mutual inductance of rotor 
loops 1 and 2 

Mutual inductance of rotor 
loops 1 and 3 

Mutual inductance of rotor 
loops 3 and 7 
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Rotor Resistances: 

Rotor Bar between 
loops 1 and 2 
	

0.5% 

Rotor Bar between 
loops 3 and 4 
	

8.7% 

Outer end ring resist- 
ance of loop 1 
	

0.4% 

Outer end ring resist- 
ance of loop 3 
	

8.2% 

Stator-Rotor Inductances: 

Maximum mutual inductance 
between rotor loop 1 and 
the red phase 
	 0% 

Maximum mutual inductance 
between rotor loop 3 and 
the red phase 
	

1.9% 

It is noticeable from these results that the larger parameters which 

dominate the performance of the motor - those associated with the 'iron' 

loops - are least sensitive to rotor frequency. This is because the 

circulating currents are constrained to narrow rotor bars in which there 

can be little variation in current distribution with the frequency of 

excitation; and the infinitely permeable iron rotor segments ensure that 

the flux distribution is substantially independent of rotor frequency. 

This leads to the conclusion that it is probably an unnecessary refinement 

to make these parameters slip dependent. Such a precaution is possibly 

more necessary in a sheet rotor induction motor, for as can be seen above, 

the resistance of the 'copper' 1oOps varies by almost 10% between unity 

and zero slip frequency. 

This concludes the comparison of the theoretical and experimental 

values of the static motor parameters. The following sections investigate 

its dynamic performance. 

4.3 Steady state performance  

4.3.1 Introduction  

This section is concerned with the steady state performance of the 

double sided salient pole disc reluctance motor under synchronous and 
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asynchronous conditions: measured and predicted performances are com-

pared. 

The motor was arranged with the 0.19 inch thick rotor situated 

centrally in an airgap of 0.285 inches between the two stators; this 

left a mechanical clearance of .047 inches between the rotor and each 

of the stator surfaces. The benefits to be gained from using smaller 

airgaps are assessed theoretically in the conclusions at the end of this 

section, but to achieve them in practice would require many precautions 

to be taken in manufacturing the motor assembly. These would appear 

to include ground stator surfaces, bored-in-line bearing housings and a 

rigid, precise rotor assembly. 

The motor tests were carried out with the series-connected stators 

supplied from a line voltage of 300 V rms. As illustrated in Fig. 4.9, 

the stator windings were then loaded at around 3,500 A/in
2
, and the 

rapidly increasing level of iron losses indicated that the stator core 

was operating at an acceptably high flux density. Under these conditions 

it exhibited an Xd/Xq ratio of 1.4, when unloaded it could achieve syn-

chronism from start-up within two revolutions of the rotor, it was able 

to synchronise twice its own inertia against rated synchronous torque, 

and it operated stably at synchronous speed. 

4.3.2 Asynchronous performance  

The steady state torque vs speed and current vs speed character-

istics of the motor at speeds from standstill to a p.u. slip of 0.2 are 

shown in Fig. 4.10. At speeds above 0.2 slip the reluctance torque 

pulsations become noticeable, and this speed range has therefore been 

excluded from the present results. 

The main conclusion that can be deduced from these results is that 

the correlation between the theoretical and experimental characteristics 

is quite good. There is particularly close agreement between the torque 

characteristics, but the predicted phase current is some 15%-20% less 

than measured. These results can be taken as a general vindication of the 

method used for modelling the conducting circuits of the rotor. The 

shape of the torque speed curve is indicative of a "high resistance" 

rotor. In the present case it is caused by a low value of Xm/R2, the 
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small magnetising reactance being a result of the large airgap between 

the stators. The value of the Xm/R2 ratio for an induction motor which 

is "equivalent" to the present reluctance motor, i.e. one obtained if 

the iron inserts are 'spread' uniformly around airgap, and the rotor 

copper is redistributed uniformly, can be shown to be approximately 4. 

The computer model predicted a torque vs speed curve which was almost 

identical to that shown in Fig. 4.10 when fed with input data for the 

"equivalent" induction motor. 

An estimated power balance for the asynchronous operation of the 

present reluctance motor is shown in Fig. 4.11. The main purpose of 

this diagram is to show that a large proportion of the input power is 

dissipated as stator copper losses - approximately half the total input 

power is accounted for in this way. It is a direct result of the high 

magnetising current required to drive flux across the large airgap of 

the machine, and makes it impossible to achieve a good efficiency from 

a motor of this type. 

4.3.3 Synchronous performance 

At synchronous speed the induction torque of the motor is sub- 

• stantially zero, and the drive is produced by the reluctance effect of 

the salient rotor poles interacting with the stator field. In terms of 

the torque components identified in equation 3.8, the variation with 

angular position of the mutual inductances between the stator phases 

and the rotor loops is zero; the only inductances which vary with rotor 

position are the self and mutual inductances of the stator windings which 

are modulated by the iron rotor portions. 

The synchronous characteristics of the motor, with respect to load 

angle are illustrated in Fig. 4.12. The load angle concerned is the angle 

between the applied voltage and the quadrature axis (or induced voltage, 

in excited synchronous machines). The choice of load angle, and the 

reason for non-zero torque at zero load angle are discussed in detail 

in Section 5.3.2 below. The torque can be seen in Fig. 4.12 to increase 

in a predominantly sinusoidal manner with increasing load angle, the 

current, power factor and efficiency increasing in step with it. The 

steady state synchronous behaviour of the motor can be predicted by the 

computer model which has been described above. It is more economic in 
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terms of computer time, however, to use the standard two axis represen-

tation of the motor to obtain its theoretical behaviour at synchronous 

speed. The method of doing this is described in Section 5.3.3 and the 

theoretical results in Fig. 4.12 were obtained by this method. The motor 

current and torque at pull-out, as calculated by the computer model, are 

also shown in Fig. 4.12, and agree very well with the other predictions. 

These predictions are generally in close agreement with the measured 

results, although they appear to overestimate by almost 10% the pull-out 

torque which can be produced by the motor. This is mainly caused by a 

theoretical underestimation of the quadrature axis reactance of the 

motor. It is interesting to note that the direct and quadrature axis 

reactances which were derived from the single phase quantities calculated 

by the computer model agree well with the measured values, while those 

calculated by the theoretical method suggested by Lawrenson
(2) 

seriously 

overestimate the direct axis reactance. 

Method of Calculation 	X
d
(01 

The results are as follows: 

Xq  (S2) 	Xd/Xq 

By analytical method 47.2 27.5 1.72 

From computer model 38.6 28.4 1.36 

Measured results 38.4 29.5 1.30 

This is because the variable fringe fluxes around the stator periphery 

cannot be taken into account by the analytical method. 

The normal steady-state synchronous operating point for a reluctance 

motor is often taken to be at two-thirds of its pull-out capacity. At 

this point, which is indicated on Fig. 4.12, the motor is producing a 

torque of 1.6 Nm (250 watts) at a power factor and efficiency of 0.3 and 

34% respectively. The direct-on-line starting current of the motor can 

be seen, from Fig. 4.10, to be some two-and-a-half times the current at 

its synchronous operating point. 

It is interesting to investigate the improvements in performance 

that might be gained if the motor were to be constructed to very close 

tolerances, and the running clearances between the stators and rotor 

reduced to 0.020 inches, say. According to the theoretical method used 

above the motor parameters and its performance at two thirds of its pull-

out capacity would be: 
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• 

Running Clearance (in) 

Test Motor 

.045 

Improved Motor 

.020 

X
d 
(Q) 38.6 65.1 

Xq  (0) 28.4 37.2 

X
d/Xq 

1.36 1.75 

2 
At 3- pull-out capacity 

Torque (Nm) 1.6 2.1 

Phase current (A) 4.7 2.9 

Power factor (p.u.) 0.29 0.38 

Efficiency (%) 
	

34 
	

56 

It appears that a reduced running clearance would enhance the performance 

of the test motor but nevertheless, even with these improvements the 

motor would still have the characteristically poor performance of a salient 

pole reluctance motor. 

4.4 Transient performance 

4.4.1 Introduction and experimental method  

In the present context the transient performance of the reluctance 

motor includes its behaviour from the instant at which the supply is 

switched on at an arbitrary instant in time until it achieves stable 

synchronous operating conditions. It therefore includes asynchronous 

acceleration under the influence of electrical transients, the synchron? 

isation process and the attainment of a stable synchronous state. In the 

general case the synchronisation process takes place before the electrical 

transients have died away. 

The starting sequence of a reluctance motor therefore creates 

suitably arduous conditions under which to assess the effectiveness of 

a theoretical method which purports to handle the transient performance 

of a motor, and was consequently used as a test sequence in this case. 

The experimental behaviour of the motor was monitored from the instant 

of switch on to synchronous speed; and the theoretical performance, for 
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the same starting conditions, was computed. The experimental and 

theoretical results are presented and discussed in Section 4.4.2 below. 

The motor voltages and currents during the starting sequence were 

monitored by conventional techniques on a U-V recorder; and the motor 

torque characteristic was obtained by a photographic method. A six inch 

diameter disc which had three hundred equal divisions engraved around 

its periphery was attached to the motor shaft. This disc was photographed 

at a rate of 1000 frames per second during the starting sequence of the 

motor. Angular displacement versus time data were obtained from the 

film which was processed numerically to provide, in conjunction with the 

moment of inertia of the rotating parts, the torque versus speed char-

acteristic of the motor. 

4.4.2 Comparison of experimental and theoretical results  

For the transient starting sequence described in the previous 

section the motor was set up in the manner described in Section 4.3.1 

above, and when switched on was connected direct-on-line to a 300 V rms 

3-phase supply. No external load was coupled to the motor shaft. The 

predicted and measured variations in current and torque with respect to 

time from the instant of switch on are plotted on Fig. 4.13. The pre-

dicted current, in Fig. 4.13(b) can be seen to be cophasal with the 

measured current; but as found in the steady state performance in 

Fig. 4.10 the peak amplitudes of the predicted currents are some 15% less 

than measured. It appears from Fig. 4.13(b) that current transients due 

to switch on have largely died away after six cycles; and distortion of 

the theoretical current waveform thereafter is due to second harmonic 

modulation by the salient poles. The apparent freedom of the measured 

current waveform from this distortion was thought to be due to the effect 

of the leakage reactance of the variable autotransformer which was con-

nected between the 415 V, 3 phase supply and the motor. For as shown in 

Fig. 4.14 the voltage waveform appearing at the motor terminals was non-

sinusoidal, unlike the theoretical applied voltage waveform, and this may 

be attributed to harmonic voltage drops across the leakage reactance of 

the variable autotransformer. This effect, however, did not appear to 

be sufficiently serious to warrant re-winding the motor for direct opera-

tion from a 415 V supply. 
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The predicted and measured torque versus time characteristics are 

compared in Fig. 4.13(a) and display some measure of agreement. The two 

torque characteristics become progressively out of phase however. This 

is inevitable, as any error between the predicted and measured torque 

during the run up period will give an accumulating error between the 

angular displacements of the theoretical_ and actual rotors. For example, 

0.2 secs after switch-on, the theoretical and experimental angular dis-

placements of the rotor were 1004° and 1054° respectively. 

The frequency of reluctance torque pulsations, fr, at a slip speed, 

s, can be shown to be equal to: 

f
r 

= (— - s) 2p 	(4.5) 

for a 2p pole motor connected to an fHz supply. 

At the right hand end of Fig. 4.13(a) the frequency of torque 

pulsation,when the measured motor speed is 20 Hz, also corresponds to 

a motor speed of 20 Hz from equation 4.5 above; the torque pulsation in 

that area of Fig. 4.13(a) is therefore due to reluctance torque at a 

slightly subsynchronous speed. It is impractical to illustrate more of 

the torque vs time characteristics as the torque pulsations become very 

slow and would require a long time axis to display them. The synchron-

isation process is displayed more effectively on a torque vs speed curve 

(which is derived from the torque vs time results) as shown in Fig. 4.15. 

In this graph also, the theoretical and measured reluctance torque pulsa-

tions become out of phase at subsynchronous speeds, for the reasons given 

above, but the computer model otherwise gives a sensible prediction of 

the transient behaviour of the motor. 

The synchronisation process of a reluctance motor is an essentially 

transient phenomenon. It is a vital part of reluctance motor operation 

as the rating of the motor is largely determined by the coupled load 

that it can drive into synchronism. Given a set of operating conditions, 

such as load inertia, friction and windage torques, line voltage and 

starting conditions, the computer model can simulate the behaviour of 

the motor during the synchronisation cycle. This can be useful for a 

study of the behaviour of a given motor design under prescribed conditions, 

but does not easily help to evaluate the maximum synchronising capability 

of a motor. It could only be achieved by repetitive running of the 
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computer programme for a range of starting conditions, friction losses 

and coupled loads, until its maximum capability was discovered. Apart 

from the expense, in terms of computing time, that is involved in an 

exercise of this nature, it is in any case an unsatisfying approach to 

the problem. A less arduous solution was offered by Lawrenson and 

Mathur (3). They established a synchronisation criterion which defines 

the maximum inertia that a reluctance motor can synchronise for specified 

motor parameters and load conditions. This criterion is explained in 

Section 5.3.3 below, but results from it are compared with experimental 

performance in Fig. 4.16. It can be seen that excellent agreement exists 

between the synchronising capability of the motor for a range of load 

inertias and supply voltages with a constant friction torque of 0.51 Nm. 

This shows again that the prediction of the motor parameters by the 

computer model is acceptable and indicates that the synchronisation crit-

erion is reliable. The full-load torque of this motor was established 

as 1.6 Nm in Fig. 4.12. At this load torque, its predicted synchronisable 

inertia is indicated in Fig. 4.16: it can synchronise a total inertia of 

 includes 
 

0.023 Kgf.m, which ncludes the inertia of its own rotor of 0.013 Kgf.m. 

4.5 Conclusions  

Conclusions can be drawn on two aspects of the work presented in 

this Chapter: on the quality of performance that can be obtained from a 

double sided salient pole disc motor; and on the effectiveness of the 

theoretical method of analysis. 

The conclusions about the quality of motor performance have a 

negative slant. Following the conclusions in Section 2.4, and the fore-

going results, it appears that the double sided disc reluctance motor will 

be inferior to an equivalent cylindrical machine. This is for three 

reasons: 

i) The disc motor contains a second airgap which makes the 

machine generally worse and reduces the xd/xq ratio. 

ii) The disc motor usually has a high end winding leakage 

reactance which serves to reduce the Xd/Xq 
ratio. This 

is especially the case for low pole number machines. 
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iii) The high inertia of the disc rotor, higher than the 

equivalent cylindrical rotor, reduces the inertia of 

the coupled load that can be synchronised. 

The performance of the prototype motor which possessed these defects 

to a relatively high degree has been shown to be unimpressive. At its 

synchronous operating point its power factor and efficiency were 0.3 and 

35% respectively, and it could synchronise just as much again as its own 

rotor inertia. By improved designs it has been shown that the operating 

power factor and efficiency might be raised to say 0.4 and 60%, but its 

performance is inherently limited to the low standard which is character- 

istic of salient pole machines. The disc geometry appears to aggravate 

the design problems with this type of motor. As shown in Section 2.6, 

however, the salient pole rotor is the only type of reluctance rotor 

that will operate with the double sided stator configuration. 

The use of double sided disc reluctance motors is therefore likely 

to be limited to applications where both brushless synchronous operation 

and a disc rotor geometry are essential. Typically these might occur 

when the rotor shaft must be allowed a degree of eccentric movement; or 

when a reduced rotor shaft length is at a premium. 

The computer model which was described in Chapter 3 has been shown 

in this Chapter to be capable of predicting the performance of a sheet 

rotor salient pole reluctance motor under arduous operating conditions. 

It is noticeable, however, that this type of method cannot easily be 

used to establish design criteria for these motors. It seems therefore 

that the appropriate function of this theoretical method is for the 

simulation of the behaviour of a given motor design under prescribed 

operating sequences. These may include transient and fault conditions. 

It does not therefore supplement the analytical methods for the prediction 

of motor behaviour, but rather complements them by extending the range 

of conditions under which the motor performance can be predicted. The 

analytical methods, which are in many cases very approximate, are there-

fore essential to aid the initial understanding of motor behaviour, and 

to establish criteria for their design. 

In the present case the computer model has been shown to be capable 

of simulating the behaviour of a complex motor - the rotor has no defined 
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current paths and contains asymmetrically positioned iron inserts -

under arduous transient conditions. For this, computation of the motor 

parameters is the important process. The 'filament coil' model of the 

rotor circuits appears to have been particularly successful in deriving 

adequate rotor parameter values without increasing beyond four per pole 

pitch the number of notional rotor coils - and hence equations - that 

need to be considered. 
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CHAPTER FIVE 

Theory and Performance of a Single-Sided  

Segmented-Rotor Axial Flux Disc  

Reluctance Motor  

5.1 Introduction 

A segmented rotor reluctance motor was identified in Section 2.5 

as one of the more attractive forms of single sided disc reluctance motor. 

Together with the 'essential barrier' machine of Fong(1) and the axially 

laminated reluctance motor of Cruickshank(2) the segmented rotor reluct-

ance motor design provides a standard of performance which is superior 

to that of the salient pole machine. But between these three types of 

machine there is perhaps little to distinguish them in terms of their 

performance. The segmented rotor configuration has been chosen for the 

disc motor geometry, however, because the manufacturing processes 

required for its construction would be very similar to those for the disc 

induction motor. The strip wound core required for an induction rotor, 

would be divided into segments for the reluctance rotor. 

The cylindrical form of the segmented rotor machine has been given 

considerable attention by Lawrenson et a1(3,4,5,6,7,8,9,10,11,12,13) since 

the early 1960's. A method of analysis, and design criteria for it are 

consequently well established. Some special features of the disc reluct-

ance motor alter its quality of performance, however, so that, although 

it seems that Lawrenson's analytical methods(6) can be adopted, the per 

unit values of several important parameters bear a different relationship 

to each other. Important in this respect is the leakage reactance of 

disc shaped stators. But the general area of application of disc shaped 

motors also has an influence on another motor parameter - its airgap -

and this has an impact on the machine inductances. The geometry of a 

single sided motor makes it very suitable for special duty as a "gland-

less drive". The rotor can be attached to .a pump impeller and be situated 

in, for example, a toxic fluid and be driven by the stator which is 

situated outside the pump chamber. The stator therefore drives the rotor 

through a static screen, obviating the need for a liquid seal around 

a rotating shaft. The screened-rotor motor described by Russell and 
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Norsworthy
(14) 

is an example of the way in which this type of drive has 

been achieved using conventional cylindrical motors: a simpler arrangement 

appears to be feasible using the disc motor geometry. Furthermore, a 

brushless synchronous disc motor such as the segmented-rotor machine under 

consideration has two possible advantages over an asynchronous motor for 

this application: 

- the speed of the rotor is fixed by the supply frequency 

and is therefore known under most conditions. This may 

be especially important if the speed cannot be monitored 

by other means. Loss of synchronism can be detected by 

harmonics which appear in the supply lines at twice the 

rotor slip frequency. 

- the level of thermal dissipation in the rotor of a syn-

chronous reluctance motor will usually be lower than in 

an induction motor. Such considerations may be important 

in vacuum systems. 

For these areas of application, however, the disc motor is inevitably 

required to operate with a larger magnetic airgap than is usually encoun-

tered in conventional cylindrical machines. 

The main purpose of this chapter therefore is to investigate the 

quality of performance that can be achieved from a large airgap segmented 

rotor reluctance motor. 

The design of a prototype motor is described in the following 

section, and in subsequent sections various aspects of the motor perfor-

mance and behaviour are investigated theoretically and experimentally. 

These include the direct and quadrature axis reactances; the synchronous 

and asynchronous performance; the synchronising ability; and the normal 

force which exists between the stator and rotor. These investigations 

serve to confirm that the method of analysis is applicable to disc motors, 

and enable the potential of this type of motor to be assessed. All tests 

were carried out with two airgap settings: around 0.045 in (1.1 mm) and 

0.095 in (2.4 mm). (The precise airgap length is defined for each set 

of tests). These airgaps cover the range within which single sided 

motors might be required to operate. 
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5.2 Motor design  

A single sided segmented rotor disc reluctance motor comprises a 

stator and a rotor. One of the two stators that were used for the double 

sided motor tests in Chapter 4 was also used for the present motor, and 

a description of it was given in Section 3.1. 

The rotor consists of three main components: the iron segments, 

the conducting circuits and the support structure. Design details of 

one of the iron rotor segments are shown in Fig. 5.1. Values of f3 (pole 

arc:pole pitch ratio) and y (channel width:pole pitch ratio) recommended 

by Lawrenson
(6) 

for good all round performance were adopted for the 

present design, i.e. a = 0.85 and y = 0.27. 

One additional slot was provided either side of the central channel for 

the purpose of accommodating conducting rotor bars. In conventional 

segmented rotor designs most of the benefit is derived from the channel 

when its depth is some ten times the main airgap length; no observable 

improvements are made when the above ratio exceeds 25. For the present 

large airgap motor such ratios are not feasible, and consequently the 

depth was set at 0.3 inches. This was sufficient to accommodate the 

rotor conductors, and gave ratios of channel depth to airgap length in 

the range 3-7 for the tests that were carried out on the motor. The 

four segments were of laminated construction, being made from a single 

circular strip wound core (0.013" lamination strip) which was machined 

into four of the segments illustrated in Fig. 5.1. 

The rotor cage is illustrated in Fig. 5.2. It was machined from a 

solid copper disc, the non-uniform radial bars being arranged to fit in 

the channels, slots and interpolar gaps of the rotor segments. The 

average surface resistivity of this rotor was designed to be approximately 

one-half the value of the salient pole rotor of the double sided motor 

described in Section 3.1. A low resistance rotor was chosen to give 

improved synchronisation properties. 

The four rotor segments were fitted into the rotor cage so that 

their non-slot and non-channel portions were flush with the airgap side 

of the copper grid, and this assembly was supported in a thick aluminium 

alloy disc which was recessed to accept the rear portions of the iron 

segments that protruded from the rear surface of the copper grid. The 
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assembly is shown in section in Fig. 5.3. i\ non-magnetic support plate 

was used to preserve magnetic isolation between the rotor segments. 

Photographs of the components of the rotor are shown in Fig. 5.4. 

5.3 Direct and quadrature axis reactances  

The segmented rotor motor is just one form of synchronous reluctance 

motor. Its performance can accordingly be defined in terms of the direct 

and quadrature axis reactances X
d and X. (Primary resistance R1 

must 

also be taken into account in small machines in which its per unit value 

is usually significant). However, the calculation of X
d 
and X presents 

particular problems in the segmented rotor machine because of the 'flux 

reversal' which occurs under most operating conditions. This phenomenon 

implies that the rotor assumes a magnetic potential with respect to the 

.stator, which makes the normal analytical concept of airgap mmf inapp-

licable. 

The main problem in the analysis of the present machine therefore 

lies in the calculation of its direct and quadrature axis reactances. 

A method for undertaking this, which is due to Lawrenson and Gupta
(6) i

s 

described briefly. 

To overcome the problem presented by the magnetic potential of the 

rotor segments, the analysis of the machine is undertaken in terms of 

stator and rotor potential functions. Thus, the calculation of the air-

gap flux density distribution can be made via the relationship 

B
a 

= Aa (Ps - P
r 
) 

a 
 (5.1) 

where, at any angular position a in the airgap: 

B
a 
 is the flux density 

A
a 

is the airgap permeance 

P
s 	

the magnetic potential of the stator 

and P
r 

is the magnetic potential of the rotor 
a 

 

The airgap permeance A
a
, is effectively the function 1where g

a 
is the 

g, 
airgap length at a. It can be expressed in the form or a Fourier series 

which takes account of the shape of the rotor segment - not&bly the inter- 
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polar gap and the central channel. Typically, it takes the form: 

poR 	co 
Aa g 	

- y(1 - c) 	{sin n(311-  - (1 - c) sin nyffi] 
n=1 

Wt 
x {cos 2np 	

2p 
(5.2) 

where R is the radius of the machine 

g is the airgap length 

g
1 
is the channel depth 

c = g/ (g + gl) 

and n is an integer which defines the order of rotor permeance 

harmonics 

The stator magnetic potential P
s 

is the well known result for the airgap 

mmf distribution: 

00  K 
N 

P
s 

= 6 uI [K
1 
 cos (pa - wt) ± 	(-1)

K  6k±1 
6k±1 

k=1 

	

x cos 1(6k±1)pa ± wtll 	(5.3) 

where I = the maximum current 

N = the turns per pole and phase 

K
1 

= product of pitch and distribution factors 

k = an integer defining harmonics of stator potential 

The peak value of the rotor potential, P
r
, is derived by establishing 

the condition that the algebraic sum of the flux entering the segment is 

zero. It takes the form:- 

r 	7T 	- 1(1 - c)-1-2g hip/irRk 

2A{ (1 - c) sin 
2 
 - sin 2 --I 71 

	

.sin p6i 	(5.4) 

where A = the peak value of stator potential 

h' = effective rotor segment depth 

= half the interpolar distance 

The rotor potential has a sign which varies cyclically from one pole to 

the next, and can therefore be considered as a wave of rotor potential 

which is given by: 

1‘.  
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A 4 	1
— 	

,mPAT 

	

Pr = Pr Tr — 	sin 	cos mp(a - 6) 	(5,5) 
- 	n=1,3,5... 

The complete expression obtained for the flux density distribution B
a
, by 

substituting expressions 5.2, 5.3, 5.4 and 5.5 in equation 5,1 is given 

below: 

to 

	

Ba  = ID [K1  cos (pa - wt) + 	G(+)  cos{ (Gk + 1)pa - wt} 
k=1 

	

- 	G(-) cos{ (6k - 1)pa + wt}] 	\ 
k=1 

ro 

1  21- i 	niSn - (1 - c) sin nril x 
n=1 

cos (2n ± 1)pa - (2n ± 1)wt - 2npS - nnl 

+ 	1 G
(+) 

2-
14sin nn - (1 - c)sin nyIT} x k=1 n=1 

cos (2n ± 6k ± 1)pa - (2n ± 1)wt 	2np6 - 

IC
(-) 	

{sin On- (1 - c) sin ny7r} x 
n  k=1 n=1 

cos 1(2n ± 6k T 1)pa - (2n T 1)wt - 2n0 - nffll 

oo 
1. 

IF [K]n1 	y(1 - c) 	--- sin (14N/2) x 
P1=1. 

cos (pma - mwt - mpS - m'rr/2) . 

to 	to 
f 

+ K1 	isin 	 W - (1 - c) sin nyrr sin(m2) x r 1

n  m m=1 n=1 

cos{ (2n ± m) (pa - cot - 1)6 - n/2)11 	(5.6) 

6Np R 
where D = 	° 	- y(1 - c) gli 

61411 R •  E = o  g71-' 

F = gTS—T 

24alp
o
R 
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G+ = (-1)
k 

K(6k±1)
/(6k±-1) 

and 
P
r

Tr 

6NKII 

The generated voltage can be calculated from the airgap flux density. 

Taking into account the fundamental and all higher harmonics it can be 

written as: 

Tr/2jp 
e 	= -- 2pN 	(dt 	 K.B.da) 

q=1 q 	j=1 -1T/2jp  3 3  
(5.7) 

From the full equation for generated voltage which is obtained by sub-

stituting for the flux density from equation 5.6 into equation 5.7, the 

terms contributing to the fundamental component can be picked out and 

an equation written for the instantaneous terminal voltage. The inductive 

component in this equation takes the form: 

X
eff 

= x
c
{D' 	F'" - (E" + F"') cos 20.} 

	
(5.8) 

where x 
	24p(K

1
N)2wR 

i.e. the magnetising reactance of a round rotor, uniform airgap machine. 

D' 	= 	- y(1 - c) 

E" 
	1 

{sin (3ir - (1 	c) sin 

and F"' 
2HK 1  [70 	y(1 - c)isin 

2  
(341- 

 

co 	co 
1 r 	 . mftrr, 

A- 	—Isin W37i - (1 - c) sin nyTr} sin ? ' 
m=1 n=.1 mn  

with 2n - m = ±1 

P 1r r 
6NKI 

And the values  (:)fd and x are obtained from  equation 5.8 wher".1 = 
and 

-5
-respectively. 

and H 
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The separate leakage reactance of the windings must be added to 

the armature reaction values of x
d 

and xq  to give: 

X
d 

= x
l 

+ x
d 

Xq  = x1  xq  

Refinement of the above method of calculating the direct and quad-

rature axis reactances of a segmented-rotor motor is usually required in 

order to take account of the fringe fields which occur at the discontin-

uities of the iron surfaces of the rotor segments. In particular the 

inter-segmental spacing, the effective depth of the segments, and the 

width of the channel are modified by the fringe fields. Lawrenson and 

Gupta(10)  used numerical methods to obtain solutions to the field patterns 

in these regions for a wide range of dimensions, and in much the same 

way as Carter's Coefficient is usually presented, provided a series of 

graphs from which appropriate fringe factors can be obtained. In the 

present case allowance was also made for fringe flux passing between the 

stator and rotor cores at their inner and outer peripheries in the manner 

described in Section 3.6. 

Thus the details of the prototype motor could be inserted in equation 

5.8 and its direct and quadrature axes calculated for a range of magnetic 

airgaps. These predictions were compared with measured values for the 

motor. 

The two axis reactances were obtained from standstill measurements. 

This was achieved by using a 'dummy rotor' which consisted of the iron 

rotor segments embedded in a non-magnetic and non-electrically conducting 

disc. Each stator phase was excited separately and its self inductance 

and mutual inductances with the other phases were measured. The direct , 

and quadrature axis positions of the rotor for each phase were identified 

as the rotor positions at which the phase exhibited maximum and minimum 

reactance. The single phase quantities so measured were transformed into 

the reactances X
d 
and Xq  by the conventional method. 

Predicted results and measured inductances are compared in Fig. 5.5. 

These are values of Xd  and X , i.e. they include the winding leakage 

inductances, and the measurements were made using the actual stator windings. 

The leakage reactance was also separated from the magnetising component 
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by using airgap shadow windings and is indicated on Fig. 5.5. It was 

found to be substantially independent of rotor position and is therefore 

the same for the direct and quadrature axis inductance components. 

The theoretical and experimental results are clearly in close agree-

ment. The predictions were made with the assumption that the disc motor 

was equivalent to a cylindrical motor with bore diameter equal to 
1 (Do 	 2 + Di) and core width equal to 	(Do 	1 - D.), where Do and Di are the 2  
external and internal diameters of the disc motor core. This assumption 

appears to be amply justified. 

The dominating role of the leakage reactance , especially in the 

quadrature axis reactance can be seen in Fig. 5.5 . Its deleterious effect 

on the Xd/Xq ratio is also shown. This ratio lie s between about 2.0 and 

3.0 for the airgap range under consideration: for conventional segmented 

rotor machines values of 5 or 6 are more typical. For the airgap sizes 

under consideration the Xd/Xq ratio is as follows: 

Airgap 	Xd/Xq (inches) 

	

.043 	2.5 

	

.095 	1.9 

There is a noticeably small decrease in the Xd/Xq ratio for a large increase 

in airgap. 

5.4 Synchronous characteristics  

The phasor diagram for a synchronous reluctance motor is illustrated 

in Fig. 5.6. From it the synchronous characteristics of the motor can be 

derived in terms of Xd, Xq  and Brand for this reason the successful 

method of calculation of Xd and Xq  described in the previous section is 

particularly important. 

Three angles are indicated on Fig. 5.6: the power factor angle 

between voltage and current, (;); the torque angle between the direct axis 

andthestatorrarafwave,L1
;and the load angle, d, which is commonly used 

for synchronous machines, between the applied and induced emf;. The torque 
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angle Si  is most directly associated with the physical action in reluct-

ance motors, and is used by Lawrenson in his analyses(3,6). From Fig. 

5.6 it can be seen that the three angles are related: 

=+ -22 
	 (5.10) 

The synchronous torque characteristics with respect to 6 and Si  are there-

fore different because the power factor of the motor changes with load. 

The torque characteristic with respect to the load angle, 6, has the pre-

dominantly sinusoidal shape normally associated with reluctance torque. 

The torque characteristics of the present motor are therefore calculated 

in terms of the load angle 6. (Stephenson discusses and compares the 

two angles, 6 and S
i
, in an extended correspondence article

(15)
). 

With reference to the phasor diagram in Fig. 5.6 the phase current 

can be calculated in terms of X
d
, X

q
, R

1
, 6 and the phase voltage V, 

for I = 1/1d2  +  q 

and V sin 6 = I
ci
X
q 
- I

d
R
1 

V cos 6 = I
d
X
d 
+ I

q
R
1 

Solving equations 5.12 for Id  and 	substituting into 5.11 and simplify- 

ing gives the result: 

I = 	
V 	

12R
1 
 (X
d 
 - X )sin 26 - (X2  - X2)cos 26 

IY(X X + R2) 
q 

d q 
+ 2R2  + X

d 
 x2} f (5.13) 

This enables the synchronous power output, 
Pout' 

to be derived, for: 

P
out 

= P - 3I2 
in 	

R
1 

= 31V cos (I) - 3I2R1  

Substituting from equation 5.13, and noting that I cos = I cos 6 - Id 
sin 6, 

the expression for P
out 

can be expressed as: 

3V2(X

d + R

- X

1) 

) 

2- Pout 2(X
d
X
q 	

r 
1 	

2 	
• 

IR. (X
d 	

X 
q 
)COS 26 + 

(XdXq 
- R

1 
 )sin 26 - R

1(X - X )/ 2 
 

(5.15) 
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The notable feature of this expression is that the synchronous power is 

non-zero when the load angle is zero, unless R1 
is zero, i.e. 

P 	
I 0=0 	

3v2R
1
X
q
(X
d 
 - Xq) 

out 	(X
d  Xq 

 + R2)2  
 1 

(5.16) 

And when R
1 is zero, equation 5.15 reduces to give the well-known 

expression for pull-out torque as: 

3V2  1 1 
2X - 5{7)  pull-out 

q 
(5.17) 

A further parameter of the machine at synchronous speed, the power 

factor, can also be calculated with reference to the phasor diagram, 

Fig. 5.4, and can be shown to be: 

cos ,4) = 1 
	

(2R1(X,
a 
 - X 

q  )sin 26 - (X2 - X2)cos 26 + 2R2  + X2  + X2]1/2  

2R
1 
 + (X

d 
- X

q
) sin 26 

d q 1  d 

(5.18) 

The results given in equations 5.13, 5.15 and 5.18 above enable the 

current, torque and power factor of the reluctance motor to be calculated 

for a range of values of 6 at synchronous speed. 

Calculations were therefore carried out and the theoretical results 

obtained are compared with experimental results in Figs. 5.7, 5.8, 5.9 

and Fig. 5.10. All tests were carried out at a phase voltage of 50V rms 

in order to maintain a similar airgap flux density level for both airgap 

settings. At this voltage the motor currents were approaching their 

thermal limits, but the iron cores of the stator and rotor were operating 

at flux densities of about 0.3T - 0.5T. 

Taking each of the Figures in turn, it can be seen that: 

Fig. 5.7: Torque  

The torque vs load angle characteristics for the two airgaps are 

very similar in shape and magnitude. Viewed simply, in terms of equation 

5.17, it can be seen that for a fixed voltage the pull out torque is largely 

dependent upon Xq  - especially if X. 
is considerably greater than X . 

In the present motor therefore, where X changes very slowly with airgap, 

the pull out torque does not change greatly as the airgap is changed. 
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As predicted in equation 5.16 the torque characteristic does not 

pass through the origin; torque is zero when 6 is between -5° and -10°. 

This shift in the torque characteristic causes the pull-out torque to 

occur at a load angle of around 30°. A typical operating point, which 

is indicated on Fig. 5.7 at two-thirds of the pull-out torque, therefore 

seems to occur at a load angle of around 10°. 

At pull-out the motor is producing 200-250 watts, which would give 

a usable steady state power output of around 150 watts. 

Fig. 5.8: Power Factor  

The two power factor characteristics of the motor with 0.043 inch 

and 0.095 inch airgaps are seen to intersect at a small positive load 

angle of just over 3°. The stator 2R losses associated with the larger 

magnetising current for the bigger airgap setting appear to dominate 

the real power intake at low output levels, and give the larger airgap 

motor the better power factor. As power output increases with load angle 

however, the smaller airgap motor setting achieves the better power 

factor, but in the operating region, 6 = 10°, power factors of the two 

machines are very similar, and not much less than their maximum values: 

Airgau 

 

Power Factor in 	Maximum 
Operating Region 	Power Factor 

= 10°) 

     

	

0.043 in 	0.5 
	

0.6 

	

0.095 in 	0.45 
	

0.55 

Fig. 5.9: Efficiency 

The effect of the motor airgap 

clearly in Fig. 5.9, which compares  

on motor performance is indicated 

the synchronous e[ficiencies for the 

two airgaps. A maximum efficiency exceeding 65% can be achieved with 

the smaller airgap of 0.043 in compared with 55% for the 0.005 in gap. 

It is interesting to notice that with the present motor design the 

efficiency characteristics are remarkably flat, and that an efficiency 

within 5% of the maximum vaLue is obtained for values of load angle, 6, 

from about 5° to pull out, i.e. when less than half the pull cut torque 
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is.being produced. 

The flatness of efficiency curve is apparently due to the opposing 

effects of increased power output with load angle which tends to increase 

the efficiency; and increased stator I2R losses due to the higher Phase 

current that is drawn as load angle increases, which tends to reduce the 

efficiency. 

From Fig. 5.9 it can be seen that typical efficiencies that might 

be expected from large airgap reluctance motors operating at two-thirds 

of their pull out power are: 

Airgap 	Efficiency at 
(inches) 	Operating Point 

(%) 

	

0.043 	65-70 

	

0.095 	5055 

Fig. 5,10: Phase Current 

The phase current increases slowly as power output and load angle 

increase. The ratios of the currents when the motor is running light and 

close to pull out are as follows: 

Airgap 
(inch) 

0.043 

0.095 

 

Current at Pull Out 
Current Running Light 

 

1.71 

1.29 

the smaller change for the large airgap setting being due to its smaller 

change of reactance from the dir.•ect to the quadrature axis positions. 

The increase in current that is required for the larger airgap is 

less than proportional to the increase in airgap because of the buffering 

effect of the stator resistance and leakage reactance. Hence for an 

increase in airgap by a factor of 2.2 from 0.043 in to 0.095 in the current 

increases by some 50%. 

A well designed motor usually operates near its optimum magnetic and 

electric loadings, i.e. the flux density in the core will be close to the 
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saturation level, and the current density in the windings will be near 

its thermal limit. In conventional small airgap machines it is possible 

to use a 1:1. tooth width to slot width ratio with which the tooth iron 

can operate near .its saturation level and the output of the machine can 

be maximised (see Section 1.5.2) - without the copper and iron losses in 

the stator causing an unacceptable temperature rise. In the present case, 

the large airgaps with which the motor has been tested prevent this cond-

ition being achieved. For the greater copper losses associated with the 

higher magnetising current reduce the flux density level that can be 

set up in the airgap. In general, therefore, the stator designed Eor 

use with a large airgap will have narrower teeth than usual, and a corresp-

ondingly reduced backing iron section. The prototype motor was designed 

with a 1:1 tooth to slot width ratio so that tests with small airgaps 

might also be undertaken. For large airgap tests therefore the iron 

circuit was underloaded and the output of the motor was limited by stator 

I2R losses. It is interesting, however, on the basis of experimental 

results obtained for it, to estimate the maximum synchronous output that 

might be obtained from the prototype motor if for each airaap setting it 

were to operate at its maximum permissible current loading. This loading 

depends largely upon the operating environment and cooling conditions, 

and for the present purposes a current density of 3,000 A/in2  (4.65 A/mm2) 

has been chosen. This sets the steady state operating current of the 

motor at 3.8 Amps, and implies a total stator copper loss of around 100 

watts. 

From the results in Fig. 5.10 which give the motor current for a 

phase voltage of 50V rms, the approximate voltages for the motor at the 

different airgap settings if they are to operate on 3.3A rms at two-

thirds pullout power are: 

Airgap 
(in) 

0.043 

0-095 

Phase Voltage 
(V,rms) 

65 

45 

The steady state synchronous outputs that can be achieved from the 

motor under these conditions, assuming that their power factors and 

efficiencies do not change from the values obtaining at 50V phase are 
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illustrated in Fig. 5.11. Both torque and power are indicated on the 

ordinate axis of the graph. 

The advantages of the smaller airgap are very pronounced; and the 

steady state operating conditions at two-thirds pull out power are as 

follows: 

.airgap 	Power Output 	Power 	Efficiency 
(inches) 	at Operating Point 	Factor 	(%) 

(watts) 	(p.u. ) 

.043 270 .53 67 

.095 120 .43 50 

More than twice the output is obtainable with the smaller airgap compared 

to the larger; but the performance of both should perhaps be compared with 

that of the same motor operating with a small airgap of 0.020 inches, say. 

According to predictions for this condition, using the above methods, a 

segmented rotor disc motor with a 0.020 inch airgap could operate from 

a phase voltage of 90V rms and at two-thirds of its pull out power would 

provide 600 watts. This would be achieved at a power factor and efficiency 

of 0.75 and 80% respectively. 

The steady state synchronous operation of a segmented rotor disc 

motor with a large airgap is therefore significantly inferior to its usual 

mode of operation but can nevertheless achieve operating characteristics 

which are far from unacceptable. 

5.5 Synchronising ca:Dability  

The steady state synchronous performance of a large airgap segmented 

rotor disc motor has been discussed in the previous section. It is also 

necessary, however, to investigate the synchronising capability of this 

motor, i.e. the load and inertia that can be synchronised by it. For in 

most applications the motor must be capable of achieving synchronous 

speed when supplied from its rated voltage and coupled to its rated load. 

It is well known
(16) that the ultimate rating of a reluctance motor is 

often determined by its synchronising ability. 
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This section therefore investigates the synchronising capability 

of the prototype motor experimentally, and compares it with predictions 

from a theoretical method. 

Lawrenson and Mathur
(13) 

published a "pull-in criterion" for 

reluctance motors in 1973. It enables the maximum inertia that the motor 

can synchronise to be calculated for specified load torque conditions. 

A knowledge of the motor's two axis reactances and primary resistance, 

and the slope of the asynchronous torque characteristic near synchronous 

speed are required. This method is deemed to be an improvement on 

earlier methods, notably by Talaat
(17)

, Douglas
(18) 

and Burian
(19)

, because 

it takes into account the fact that the asynchronous torque of a salient 

pole machine is negative at zero slip
(15)

. For this reason it has been 

used to estimate the pull-in performance of the present prototype disc 

reluctance motor, and is described briefly below. 

Lawrenson and Mathur(13)  identified a 'limiting synchronisation 

cycle', in which the greatest inertia can be synchronised against a given 

load: it is illustrated in Fig. 5.12. It is the case in which the 

reluctance torque is still just equal to the load torque by the time the 

rotor has achieved zero slip, but with the rotor at a load angle S in the 

unstable region of the reluctance torque characteristic. This cycle gives 

the largest possible accelerating torque in the attempt to achieve syn-

chronisation, and leads to synchronous running directly, or after pole 

slipping once. Other typical successful and unsuccessful synchronisation 

attempts are also indicated on Fig. 5.12. 

To arrive at a quantitative evaluation of the synchronising perfor-

mance, it is necessary to define the asynchronous torque characteristic 

near to synchronous speed, the reluctance torque characteristic at syn-

chronous speed, and the initial and final conditions for the synchronisa-

tion cycle. The latter cause the most difficulties. The asynchronous 

torque, Ta, can be expressed as: 

T
a 

= Agt  + Bs -•C 	(5.19) 

and an expression for reluctance torque, T
r
, can be written in the form: 

T
r 

= D cos 26 	E sin 26 - C 	(5.20) 
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d26 
Ta + Tr  

' - T
b 
 = J

k dt2 
(5.21) 
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where A and B are constants which are most reliably obtained from exper-

imental data, and C, D and E are given in the full expression for reluct-

ance torque in equation 5.15 above. 

The coefficient C which appears in the expressions for synchronous 

and asynchronous torque is worthy of comment. Equation 5.19 shows that 

the asynchronous torque intercept at zero slip has a negative value, 

and is not zero as would be expected with cylindrical rotor machines. 

The physical meaning of this term is that power is required to rotate 

a salient pole rotor at very low slip speeds. This power supplies the 

copper losses in the primary windings which are due to the modulation 

of the stator currents by the rotor saliency. The same term C appears 

in the expression for synchronous torque, equation 5.20. It indicates 

that the losses in the stator winding resistance cause the maximum torque 

in the motoring (positive) mode to be less than that in the generating 

(negative) mode. 

The equation of motion for the motor and its load during synchron-

isation can be written as: 

where Tb  is the load torque 

T' = T
r 

+ C 

J = moment of inertia of rotor plus coupled load 

A change of variables puts equation 5.21 into a more convenient form, for 

dO 
dt 

and 
d26 = ds 
dt2 	dt = 

ds 
do 

(5.22) 

Thus the equation of motion can be expressed in terms of s and 0, which 

are the imrortant va-riables during synchronisation: 

ds 
T
a 

+ T' - T 	s 
r b 	k do 

(5.23) 

The solution of equation 5.23 between appropriate limits establishes the 

synchronisation criterion that is required. Decinitio'l of the limits is 

described below. 
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Expressing equation 5.20 in the form: 

T
r = K cos 2(5 m4x - 6) - c 
	

(5.24) 

where K = 167 + E2. and 6 	= 1tan-1 
E
— the angles which appear on 

max 2 	D 
Fig. 5.12 can be shown to be: 

71-  = _ _ 6 6
i 4 max 

- 1  tan
-1  6

f 
6
max 2 

and 6' = 	- 6 f - 25 

[K2  - (T
b + C)2] 1 

Tb  + 

(5.25(a)) 

(5.25(b)) 

(5.25(c)) 

As explained above, the conditions at the end of the synchronisation 

attempt are: 

6 = 0 and 6 = 6' 
	

(5.26) 

But in order to obtain an analytical solution to equation 5.23, a cosin-

usoidal relationship between s and 6 was assumed, in the form: 

s
o
. cos (S 	6_ 	26

1
) 
	

(5.27) 

where s
o 

is the slip at the beginning of the synchronisation cycle. 

From which the load angle at the beginning of the cycle is given by: 

6o 	- f  + 201) 
	

(5.28(a)) 

and by using equation 5.19 with the condition that T + T' 	Tb -  0 at a  

the beginning of the cycle, the value of s
o 

can be shown to he: 

1 
[- B + .132  + 4i\(Tb  + C - T' 

2A 	 r
o 

(5.28(b)) 

where T' is the value of T' corresponding to slip s . 
ro 	

o 

Hence, equations 5.26 and 5.28 define the limits for the solution 

of equation 5.23, which gives a value for the maximum inertia J1._ 	, that 

can be synchronised under given load conditions as: 
	MdX 

r 
J
k 	

2 
--Ts  I- D sin 25

o 
+ E cos 250 + Bso 	o 	2J 

+ C - °\ 7
1 

(5.29) 
max  
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Predictions using this criterion are compared with experimental evidence 

below. 

The asynchronous performance of the motor was tested near synchronous 

speed to assist in calculating the synchronising capability of the motor 

(for calculating the constants A and B in equation 5.19). The torque vs. 

slip curves are shown in Fig. 5.13. Their shape indicates that the rotor 

resistance is sufficiently low for the motor to reach a small slip under 

the influence of induction torque. In accordance with equation 5.19 

the induction torque characteristics approach zero torque at a small pos-

itive slip speed. It can also be seen that the experimental curves are 

approximately asymptotic to the predicted negative values of torque at 

zero slip. 

Theoretical and experimental results for the synchronising performance 

of the prototype motor are presented in Figs. 5.14 and 5.15 for the air-

gaps of 0.043 inch and 0.095 inch respectively. The motors were tested 

for a range of load torques and coupled inertias. There is some agreement 

between the experimental and theoretical results under most conditions, 

although significant errors are seen to emerge for the higher inertia 

tests on the motor with the 0.043 in airgap. The most probable reason 

for this is the onset of saturation in the stator teeth
(20) 

The significance of the synchronising performance of the motor is 

brought out by comparing it with the steady-state synchronous performance 

of which it is capable. For if a motor is to start up under full lead 

and at rated voltage it is essential that it is capable of synchronising 

under these conditions. Or conversely, the rated output of the motor 

can be no more than the load which it can synchronise. 

The steady state synchronous output of the motor which was estab-

lished in the preceding section (two-thirds of the pull out power at 

rated voltage) is compared below with the synchronising capability of the 

motor against a friction load (i.e. no added inertia): 

Airgap 	Rated 	Rated Synchronous 	Synchronising 
Voltage 	Output 	Capability 

(in) 	(V,rms)' 	(watts) 	(watts) 

0.043 65 270 120 

0.095 45 .120 35 
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It can be seen that in neither case does the synchronising capability 

of the motor permit its full synchronous output to be utilised if start-

up is undertaken in the manner specified above. Indeed, with the airgap 

of 0.095 inches, the motor is able to do little more than synchronise 

itself against the bearing friction torque. It is in this respect 

therefore that the penalties associated with the large airgaps of the 

motor under consideration are most noticeable. 

However, taking the motor with an airgap of 0.043 inches, operating 

at a synchronous power of 120 watts, after synchronising itself it is 

still capable of an efficiency greater at 50%, but its power factor is 

slightly less than 0.4. Its current at this operating point is less 

than the rated value, 3.4 Amps instead of 3.8 Amps. A case therefore 

exists for its nominal rated voltage to be increased so that the steady 

state current at synchronous speed, after synchronising the maximum load 

of which it is capable is 3.8 Amps. This will increase the specific 

output of the motor, but do little to improve its power factor and 

efficiency as it will still be operating at a small load angle. 

The inevitable conclusion arising from the theoretical and exper-

imental evidence presented above is that the output capability of a large-

airgap segmented-rotor disc reluctance motor is very poor compared with 

a conventional machine. This is for three main reasons: high leakage 

reactance, high I2R losses and a high self inertia of the rotor. Some 

reductions in these quantities can clearly be achieved by better design, 

but the inherent disadvantages of a disc geometry for this type of motor 

appear to be serious. 

The disc motor is however a special type of motor which would be used 

in specialised applications for which its geometry gives it particular 

suitability. Having established that its performance when operated in a 

conventional way is poor, therefore, the problem that presents itself is 

how to overcome these drawbacks so that it can be used effectively when 

required. 

Voltage boosting during synchronisation provides the most convenient 

way of enhancing the synchronising capability of a reluctance motor. 

Providing that the magnetic circuit of the motor is designed to permit 

this without excessive saturation - and this is quite possible as the 
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normal airgap flux density of the motor will be relatively low two 

ways of voltage boosting suggest themselves: 

i) If the motor is driven from a solid-state supply it is clearly 

possible to provide it with a voltage boost facility. If the supply 

were a variable frequency drive, then running the motor up to speed 

synchronously might also overcome the problem. 

ii) An alternative method uses a star-delta switch, of the type 

used for starting induction motors. By this method the motor would 

typically be star connected during run-up from standstill to a sub-

synchronous speed from which it will not synchronise. Switching the 

stator windings to a delta connection at this stage boosts the line 

voltage by a factor of VT and the synchronising torque by a factor of 3. 

Once synchronism has been achieved the windings can be restored to their 

star connected configuration for normal running. Preliminary tests 

on the prototype motor have shown that this procedure gives a very 

positive synchronising torque, and that once synchronised, the re-

switching from delta to star connection can be accomplished, under full 

load, without loss of synchronism. 

These methods of overcoming the poor synchronising of a large airgap 

disc reluctance motor effectively increase its cost, but at least they 

make its use technically feasible. Its adoption for potential applica-

tions therefore rests on purely economic considerations, and will clearly 

depend on the cost of alternative solutions. 
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5.6 Normal force 

A magnetic force exists between the stator and rotor of a single 

sided disc motor. This force is not self cancelling, as in cylindrical 

machines, and manifests itself as a net force to be accommodated by thrust 

bearings on the rotor shaft. It is therefore an important feature that 

must be taken into account in the design of disc motors. 

The problem is to calculate the force between the stator, and a rotor 

which consists of a conducting grid and magnetically anisotropic iron 

circuits. This section discusses methods of predicting these forces and 

presents a comparison between theoretical and experimental results. 

Two principal methods are available for calculating the electro-

magnetic forces. The first is generally applicable and relies upon the 

principle of Maxwell's stresses. (It is discussed in some detail by 

Carpenter
(21)). The second is less generally applicable and uses the 

principle of conservation of energy, usually via the method of 'virtual 

work'. Harris
(22) 

has identified some of the conditions under which it 

may be used. Appendix 2 shows that under most practical conditions, it 

can be applied to machines that have rotor saliency, but it is given no 

further consideration in the present section. 

According to the first Maxwell stress system, the time average force 

between two electromagnetically coupled units may be written as: 

T T 
F
n 	17T  f-Pf l[bn(x,t)]2  - [bt(x,t)]21 dt dx 	(5.30) 

o o o 

where p is the number of pairs of poles 

T is the period of time 

T is the pole pitch of the fundamental 

W is the uniform width of the units 

b
n
(x,t) and b.r  (x, t) are the normal and tangential 
components of flux density respectively which 

vary with position, x, and time, t. • 

In most analyses of electrical machines, and in the present case, the 

flux is assumed to traverse the airgap normally so that the tangential 

component of flux density, bt(xf t), is zero. Thus, when the normal com-

ponent of flux density varies sinusoidally in space and time, equation 



5.30 reduces to: 
B2 
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Fn = 2pW p 2p
o  

(5.31) 

 

where B
N is the rms value of the flux density. 

These relationships were applied in two ways for the prototype 

segmented rotor motor: 

i) True airgap flux density  

The airgap flux density distribution derived by Lawrenson and Gupta 

presented in equation 5.6 above gives, within the limits of the stated 

approximations(6) the true flux density distribution in the airgap of 

the segmented rotor motor. It takes account of the stator winding harmonics 

and the rotor permeance harmonics, and of the flux which bypasses the 

interpolar gap by re-entering the stator core. 

The normal force between the stator and rotor was therefore calculated 

directly by programming equation 5.6, feeding in parameters and operating 

conditions for the prototype motor, and computing the time average force 

over a cycle for a range of load angles. 

ii) Two axis model  

The airgap flux density distribution in the segmented rotor 

reluctance motor was represented by direct and quadrature axis components 

in the manner of the conventional two axis model of a machine. This 

method assumes fundamental components of stator mmf only, and recognises 

the direction of the airgap flux paths only in so far as they affect the 

calculated values of the two axis reactances Xd and X . By consideration 

of the phasor diagram for the two axis model of the motor in Fig. 5.6, 

an expression for the normal force was derived as follows. 

Working in rms quantities, the airgap voltages v
am 

and V
qm 

 induced 

by the rotating direct and quadrature axis airgap flux density components 

are given by: 

V = I x dm' 	d d 

V = I x qm 	q q 

(5.32 (a) ) 

(5.32(b)) 



Iq  = V (Rt + XdXq )  

(Xd sin 6 + R1  cos 6) 
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but, using e = 132,v (usual notation), 

V dm = Bd  w 2T f.4pk
w 
N = Kv  Bd  

V 	= Bq  W 2T f 4pk
w N = Kv Bq gm 

where Kv  = 2T f 4pkw W N p 

(5.33(a)) 

(5.33(b)) 

From equations 5.32 and 5.33, 

✓ I
d
x
d  B

d 	
dm (5.34(a)) • K
V 	

K
V 

✓ I x 

Bq 	 (5.34(b)) ▪ K
V 	

K
V 

The resultant normal flux density, BN, is related to Bd  and Bq  by 

B = B2d  + Bq 
 (5.35) 

so that substituting from equations 5.34 into 5.35 gives: 

Bz = K
v 

1 	r 2 2 + + -2 21 N 	 z- lIdxd 
	qq 

Expressions for Id  and Iq  derived from Fig. 5.6 are: 

(Xq  cos 6 - RI  sin 6) 
Id = V • (RI + XdXq) 

(5.36) 

(5.37(a)) 

(5.37(b)) 

Substituting the values of Id and Iq  from equations 5.37 into equations 

5.36, and remembering that the normal force is B2
N
/2p

o 
 per unit area, the 

normal force exerted between stator and rotor is given by: 

p T W 
	 2 

Fn = " 
	

(R2  +V  X X )z  ixd(X cos 6 - R sin 6)2 + X2q(Xd  sin 6 R cos6)2] 
o v 	1 	d 	

S 

 q 

(5.38) 

p T W 
The factor --P-- which appears in equation 5.38 can be re-arranged into 

2  
a more convenient t form. Substituting for KV 

the factor becomes: 

1 
64 p

0 
 W T

p 
 f210(KwN)2 
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Comparing this with an expression for the magnetising reactance of a 

conventional machine, with uniform magnetic airgap, g: 

Pow 
Xc  = Tr2g 24p Tp W (K N)

2 (5.39) 

K. . 1 it can be seen that the above factor is equal to- 3 
WK where x = — . c g 

Hence, the expression for normal force can be written in the form:. 

Z  3 1 	V  Fn  n 	 {x2  (X cos 	- R sin S)) 2  + x2  (X sin S+ R cos 6)21 2w K
c 
 (R2  + X

d
X
q
)2 	d q 	1 q d 

 1 
(5.40) 

It is interesting to note that when primary resistance and leakage 

reactance are zero, the normal force is independent of load angle, and is 

given by: 

3V2  

F"IR
1
=0 	

2WK 

x1=0 

(5.41) 

Equation 5.40 is an expression for the normal force in a reluctance motor, 

derived from conventional two axis theory. It was used to predict the 

forces present in the prototype motor. 

Theoretical and experimental results of the normal force investigation 

are presented on Fig. 5.16. Results from both the theoretical methods 

described above are shown in this figure. The general conclusion is that 

both methods give commendable agreement with experiment, especially in the 

motoring region, but they deserve individual comments. The simple two 

axis model gives its best agreement with practice with the larger airgap 

of 0.090 inches. Predictions can be seen to depart further from experi-

ment with the smaller airgap of 0.040 inches especially as the rotor 

approaches the quadrature axis position in both the motoring and generating 

regions. It is under these conditions that the harmonic distortion of the 

airgap flux pattern becomes most severe, and evidently cannot be handled 

effectively by the two axis model. It would appear that this model could 

not be applied with confidence for airgaps less than 0.040 inches. 

Use of the true airgap flux density distribution, however, appears 

to predict normal force equally competently at both airgap settings. The 

shapes of the theoretical and experimental force characteristics are very 
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similar in both cases, and the theory overestimates the force consistently 

by around 15%. There are no reasons to suggest that this method could 

not be used for even smaller airgaps. 

The two theoretical methods deserve comparison in two respects. 

i) Transient Forces  

The results presented in Fig 5.16 are time-average forces. There 

are indications however that the normal force has a pulsating component. 

This is predicted by calculations using the true airgap flux density, 

which show a strong pulsation at twice the fundamental frequency. The 

most probable cause of this is a backward rotating field of fundamental 

frequency interacting with the main field. The backward rotating field 

appears to be produced by interaction of the second permeance harmonic with 

the fifth mmf harmonic. Clearly the two axis model does not predict this 

aspect of the normal force characteristic. It can therefore be used for 

calculating time-average forces, but not peak forces. Experiments have 

not been performed to investigate this aspect of normal force and it is 

therefore not discussed further in this thesis. It deserves investigation, 

however, as the life of a thrust bearing will depend upon the magnitude 

and frequency of these pulsations. 

ii) Computational complexity  

It can be seen from equation 5.40 that normal force predictions 

from the two axis model are very simple to make. They can be tackled 

by hand, or with a short computer program. The method is useful, there-

fore, bearing in mind how closely it predicts the forces for larger airgaps. 

Calculations from the true airgap flux density could not be contemplated 

by hand, however, as it was found that some 5 winding harmonics (including 

the fundamental) and 40 permeance harmonics needed to be inserted into 

equation 5.6 to give reliable results. Computations at not less than 20 

intervals in a voltage cycle were required to obtain the time average 

force. The results shown on Fig. 5.16 were obtained by making calculations 

at six load angles and for each airgap setting the computation absorbed 

over 300 minutes of c.p.u. time on an ICL System 4-70 computer. This 

method is therefore expensive to use and apparently need only be resorted 

to for very small airgap segmented rotor machines. 
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Two features of the normal forces present in a disc reluctance motor 

can be extracted from Fig. 5.16. These are the magnitude of the force 

with respect to the output of the motor, and the variation of the force 

with load angle at synchronous speed. For the prototype motor operating 

from a phase voltage of 50V the size of the normal and tractive forces 

are summarised below: 

Airgap 	Normal Force 	Tractive Force 	Normal Force  
Setting 	at 6 = 10° 	at 6 = 10° 	Tractive Force 
(in) 	(Kgf) 	(Kgf) 

0.040 30.5 1.6 19 

0.090 18.5 1.6 11.5 

From these results it appears that the normal force is between 10 and 20 

times greater than the tractive force. The normal force is therefore 

large, but there seems to be no reason why it could not be accommodated 

by conventional thrust bearings in many applications. It is interesting 

to compare simple expressions for normal and tractive force. Equation 

5.41 above gives the normal force produced by a motor that possesses no 

primary resistance and leakage reactance and is driven from a constant 

voltage supply, i.e. 

3V2 

2n1R1=0 2wko  

X
1
=0 

(5.41) 

The tractive force produced at pull out by the same motor, in which the 

direct axis reactance is assumed to be very large compared to the quad-

rature axis reactance is given by simplifying equation 5.17 as: 

3V2g 

	

= 	 (5.42) 
TP01R

1 
=0 	2wk

c 

X1=0 

where gq  is the effective airgap of the quadrature axis, and according 

to previous representation, is given by 

gq = kg 
	 (5.43) 

	

Hence the torevue 
	

is gq  times the normal force where g , in metres, 

is a very small number. 
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The variation of normal force with load angle can be observed in 

Fig. 5.16. The force reduces in the motoring region as load angle 

increases. The reduction is caused by a fall in the airgap voltage as 

an increasing current increases the voltage drop across the primary 

resistance and leakage. reactance. For the prototype motor a reduction' 

in normal force of between 25% and 30% can be seen to occur as the motor 

load increases from zero to pull-out. As shown in equation 5.41 above 

the force would be constant if the primary resistance and leakage reactance 

were absent. And this condition might be approached in large machines 

in which these parameters have low per unit values. 
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CHAPTER 6 

General Conclusions  

On the basis of the studies described in the five preceding 

chapters of this thesis the following observations on disc motors can 

be made. 

1. Disc-geometry machines constitute a class of electric machines, 

in addition to the conventional class of cylindrical machines, which 

utilise continuous rotary motion for the interconversion of electrical 

and mechanical energy. In general there are equivalent disc machines 

for the many varieties of cylindrical machines, but the "double-sided" 

disc machine also exists. 

2. The "double-sided" disc motor can be considered as a special 

machine which is suitable only for special applications. The single 

sided motor on the other hand, by virtue of the simple and separate 

arrangement of stator and rotor can reasonably be considered as a serious 

contender for some of the drive applications now met by cylindrical 

machines. 

3. Traditionally disc machines have been excluded from many uses 

for two principal reasons: 

- the high cost of manufacture 

- the normal force between stator and rotor 

The transverse flux disc motor designs which utilise pre-punched lamina-

tions for the stator core construction appear to open the path for the 

development of low cost disc motor designs. In many cases the normal 

forces can be accommodated by standard thrust bearing arrangements. Other 

methods of reducing and eliminating the normal forces are under consider-

ation. 

4. Conventional methods of analysis for cylindrical machines apply 

equally well, in many cases, for disc machines. Design criteria cannot 

be carried over with equal success, however, and new ones for disc 

motors are required. Stator design - specifically slot depth and stator 
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width - requires optimisation so that the motor operates under accept-

able thermal conditions. 

5. Further development of disc motors, along the aforementioned 

lines appears to be worthwhile, in order to establish whether commerc-. 

ially viable units are feasible. 
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Appendix 1  

Justification of Improved Rotor Model  

A description of the theoretical rotor model in Section 3.5.3 of 

the main text stated that the use of a "simple" model gave unsatisfactory 

torque predictions, while an "improved" model, which required the same 

number of rotor loops, produced more representative results. This 

appendix presents theoretical and experimental evidence to support this 

statement. As described in Section 3.5.3, the "simple" model represented 

the radial bar conductors by infinitely thin conductors, while the 

"improved" model subdivided the rotor loops into concentric, parallel-

connected filament coils. 

The rotor parameter values by the two models are compared below: 

i) Loop resistance  

Loop No. 	Loop Resistance (00) 

Simple Model 	Improved Model 
(slip=0) (slip=l.0) 

1 25.7 37.4 38.1 

2 25.7 37.8 38.4 

3 15.0 18.6 19.9 

4 15.0 18.0 19.4 

It can be seen that the resistance of the loops which contain iron 

segments, loops 1 and 2, is predicted to be almost 50% higher by the 

improved model, than by the simple model. The difference is less marked 

for loops 3 and 4, but is still in the order of 25%. The "improved" 

model, unlike the "simple" model, can also take account of the rotor slip 

frequency on current distribution in the rotor loop conductors, and its 

effect on rotor resistance. The resistances of loops 3 and 4 decrease 

by almost 8% from standstill to synchronous speed. 
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ii) Self and mutual* inductances of rotor loops  

Loop Parameter Inductance (H) 

Simple Model. 	Improved Model 

M11 

M
22 

M33 

M44 

M
12 

M13 

M14 

23 

M24 

M34  

2.5 x 10
-7 

2.6 x 10 7 

10.6 x 10-8 

11.4 x lo-a 

-2.6 x 10
-8 

-9.8 x 10-9 

-1.1 x 10-8 

-1.0 x 10-8 

-1.1 x 10
-8 
 

-4.1 x 10 9 

2.6 x 10
-7 

2.6 x 10
7 

4.1 x 10
-8 

4.0 x 10-8 

-2.6 x lo-a 

-6.2 x 10-9 

-6.2 x 10-9 

-5.5 x 10
-10  

-6.3 x 10-9 

8.0 x 10-9 

The inductances of the 'iron' rotor loops, i.e. M11,  M22 and  M12 
are approximately the same with both models. This can be explained by 

the fact that the current is largely constricted within a relatively 

narrow conductor (the radial rib between two segments) and the flux is 

concentrated through the iron insert. 	On the other hand, there is 

considerable reduction in the values of inductances of 'copper' loops, 

loops 3 and 4, predicted using the 'improved' model compared with the 

simple model, because of the incomplete linkage of the flux generated 

by one loop with the currents distributed over the extent of a wide 

radial bar. 

iii) Mutual inductances between rotor loops and stator chases  

The peak values of the mutual inductances between the rotor loops 

and the stator phases are tabulated below: 
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Parameter 	Inductance (H) 

Simple Model 	Improved Model 

	

M1Y1 M1B 
	4.3 x 10

-5 	
4.6 ::: 10

-5 

	

M2R' M2Y' M2B 
	4.3 x 10-s 
	

4.7 x 10
-5 

	

M3R' M3Y1 M3B 
	1.7 x 10

-5 	
1.0 x 10

-5 

	

M4R' M4Y' M4B 
	1.8 x 10

-5 	
1.0 x 10

-5 

Noticeable here are the reduced mutual inductances of loops 3 and 

4 with the stator phases when predicted using the improved model. This 

again is thought to arise from the greater distribution of the current 

in the 'copper' loops. 

The most conclusive evidence of the superior quality of the improved 

model is gained from Fig. A1.1 in which asynchronous torque vs speed curves 

for the motor tests reported in Section 4.3.2 are illustrated. It can be 

seen that while the predictions from the improved model are almost co-

incident with the test results, the simple model results are indicative 

of underestimated rotor resistances. The results for theoretical and 

measured phase currents in Fig. A1.1 do not show the improved model in 

as favourable a light. It can be seen that the theoretical currents 

predicted by the simple model are closer to the measured results than 

those of the improved model. The fact that the simple model currents 

are greater than the improved model currents is consistent with an under-

estimation of the rotor resistance by the simple model. 

However, it is apparent from the results presented in Fig. A1.1 

that the improved model gives a reasonable representation of the rotor 

impedance while a simple model, with four rotor loops per pole, is unsat-

isfactory for most purposes. 
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Appendix 2  

Energy Methods for the Calculation of  

Normal Forces in Disc Reluctance Motors 

The normal force between stator and rotor of a segmented rotor disc 

reluctance motor was investigated in Section 5.6. Experimental results 

were compared with theoretical predictions that were made on the basis 

of the first Maxwell stress system. Correlation was found to be good. 

The Maxwell stress method is the fundamental method for calculating 

magnetic forces, and it offers a useful physical picture of the mechan-

isms of force production. A second general method of calculating forces 

also exists which is often called the 'energy method'. It complements 

the Maxwell method, and is sometimes more convenient to apply, but does 

not give as useful a physical explanation of the mechanisms involved. 

The energy method is based on the principle of virtual work. If a 

force, F, is acting on part of a magnetic system, and if this part is 

allowed a small displacement 6x, say, then work, 6w, will be done: 

6w = F 6x 	 (k2.1) 

The displacement 6x may increase the stored energy of the system-by an 

amount 61.1rti, and voltages induced in coils in the system would also require 

some electrical energy Ne  to be supplied. The balance of energy exchanges 

caused by the displacement 6x can therefore be written as: 

6we 
= 6w + 6101

m 
	 (A2.2) 

where SIR = F 5x. i.e. the electrical energy input to the system supplies 

the increase in stored energy and mechanical work done. Carter
(1) 

has 

shown that if the current to the system is held constant the electrical 

energy is divided equally between the stored energy and mechanical work 

done so that 

6w
m 

= F 6x 

6win  
and F = 

6x 
(A2.3) 

i.e. the mechanical force is equal to the rate of change with respect to 

displacement of the stored energy. 
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The field-stored energy in a constant current system is given by: 

A 
Wm f idA 	(A2.4) 

where X is the flux linkage of the system. A linear relationship exists 

between flux linkage and current in air cored systems, and exists approx-

imately in iron cored systems operating under unsaturated conditions, the 

constant of proportionality being inductance, L, so that: 

A = Li 	 (A2.5) 

Substituting equation A2.5 into A2.4 gives: 

X 
W
m 	

X f 	dX 

and W =1 —2  = 1 — i2  L 
m 2  L 	2 

(A2.6) 

Equation A2.6 is the well known expression for the stored energy in 

an inductive system, and it can be combined under the prescribed constant 

current conditions with equation A2.3 above to give: 

F 
1.2 dL 

- 2 1  dx 
(A2.7) 

The mechanical force existing in a simple magnetic system can therefore 

often be calculated from a knowledge of the dependence of the inductance 

of the system on its airgap. This forms the basis of the energy method 

for calculating forces in magnetic systems. 

In complex systems, however, such as provided by electrical machines, 

the energy method must be used with caution. It is not generally applic-

able. Harris
(2) 

has identified the conditions under which it may be 

applied and has pointed out its limitations. In fact the energy method 

appears to be inapplicable to the present prototype segmented rotor disc 

reluctance motor because it contains secondary conductors with non-zero 

resistance (c.f. "Class 2", Harris
(2)

), but in reality it means that the 

method can be used for steady state conditions only, in which the airgap 

is constant. Under transient conditions, in which the airgap is changing, 

energy dissipation in the rotor conductors would make the method inapplicable. 

Harris
(2) made no mention of the use of energy methods in salient pole 

machines; but Boldea and Nasar(3,4)  presented theoretical results for the 

normal forces in a linear segmented rotor machine. This is identical to 
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the problem presented by the present disc motor, as they neglected entry 

and exit edge effects. But direct use of their method produced results 

which did not agree with the theoretical or experimental results presented 

in Section 5.6 above. A closer investigation of the application of the 

energy method to salient pole machines is therefore presented below. 

It is found that it can be used, and from the two axis model of the 

machine an expression for the normal force is derived by the energy method. 

This expression is identical to that derived in equation 5.40 by the 

Maxwell stress method. 

By inspection of Fig. 5.6, the total reactive VA of the motor can 

be expressed as: 

VAr = 3{Id(xd  + xl) + Ie}iq  + 3fIq(xq  + xl) - IdR}Iq  

= 3{12(xd  + x1q  
) + I2(x

q  + x1  )1 •  

The airgap field-stored energy, Wm, is therefore given by: 

3 	2 

	

m= 
	(Id  x + I

2
q  X ) 2wd 	q 

This can be seen to be in the form: 

WM 
= and 

+ Wmq  

where W
md 

= —3 
d  
12 X 

2w 	d 

and 	W 	= 	I2  x 

	

mq 	2w q q 

(A2.9) 

(A2.10(a)) 

(A2.10(b)) 

(A2.10(c)) 

The fundamental assumption of the two axis model of a salient pole 

machine is that it can be represented by two machines with uniform airgaps 

gd and g
q, say, for the direct and quadrature axis machines respectively. 

The behaviour of the actual machine is then obtained by superposition of 

the behaviour of the two uniform airgap machines. Hence equations A2.10(b) 

and A2.10(c) can be re-written in the form: 

W 	= 3— 12  (-9.i 
md 	2w d gd  

k 
W 	12  (--C) 
Wing 	2W q g 

where k
c 

was defined at equation 5.39. 

.(A2.11(b)). 

(A2.11(a)) 
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According to equation A2.7 the normal forces exerted by the direct and 

quadrature axis machines are given by: 

3  1 ,, 2 d  (u  S  ) I Fnd = 2W d 	=d Id=const 

k 
3 12 d F

nq = IT)  q dg g  q q Iq 

(A2.12(a)) 

(A2.12(b)) 

The total normal force between the stator and rotor is given by: 

(A2.12(c)) F
n 

= F
nd 

+ F
nq 

3k 
Hence Fn 2w c 

 11
2d 
_EL (1  ) 	12 d 11 1 1 
dgd gd q dg 	11  

3k 12  12  • 
And F

n 
= 	

2W Lc:  ' 5727, 
c / d 	ql 

2 
'd q 

3 	II2x2  + 12x21 
- 2w kc  dd 	gq 

(A2.13) 

(A2.14) 

Substituting for Id 
and I

q, 
using equation 5.37, equation A2.14 expands 

to: 

3 	1 	V2  
k Fnl 	2w 	2  1X2d(Xq  cos 6 - R, sin 6)2  

= 
• 2  X X c (R  1  + d  )  q 

+ X2(X
d 
 sin 6 + R1  cos 6)21 q  

(A2.15) 

which can be recognised to be identical to equation 5.40, the expression 

for normal force derived by the Maxwell Stress method. 

Energy method of Boldea and Nasar  

Boldea and Nasar
(3)(4) adopted a different approach to that described 

above for the calculation of normal forces in a reluctance motor. They 

also used the energy method, but proceeded from equation A2.9 above with 

the step: 

x a2  + X a2 
3 	2 	r  d d 	q qi 

F = I 
2W 	ag 	2 4. a2 II ad q I=const 

(A2.16) 
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X cos 6 - R
1 
 sin 6 

where a
d 

- 
R2  + X X 
1 	d q 

X sin 6 + R
1 
 cos 6 
 

R2  + X X 
1 	d q 

a 
q 

(A2.17(a)) 

(A2.17(b)) 

This results in an expression which is not readily simplified. However, 

it disagrees with the equation derived by the Maxwell's stress method, 

and this casts doubt on its validity. 

Further points which question the validity of the method are set 

out below. 

i) Fig. A2.1 compares normal force calculations using Boldea and 

Nasar's method with those presented in section 5.6 above. They can be 

seen to disagree with the experimental results, and with two independent 

sets of theoretical results. 

ii) Fig. A2.2 illustrates three sets of theoretical results for the 

linear reluctance motor considered by Boldea and Nasar. Two observations 

can be made: 

a) normal forces, calculated independently using Boldea and 

Nasar's method, do nzt agree with the results published 

by Boldea and Nasar. 

b) normal forces calculated by the Maxwell Stress method, 

which proved succeE:3ful for the prototype disc motor 

in section 5.6 above differ from both the other two. 

iii) It can be shown that the expression derived by Boldea and Nasar 

predicts that normal force is independent of leakage reactance, and is 

therefore independent of the airgap voltage. The principal steps which 

indicate this are as follows: 

Differentiating equation A2.16 numerically, and allowing superscripts 
g 	Ag 

+ and - to denote parameter values at airgaps of g + 
A 
 and g - 
2 	2 

respectively, 

(X  - X1  )(a
+
d

2  ) + !X
q 
 - x
1q  
)(a+)2 

- 	r  
F 	

3 I2 

n 
= - 	 —1( 	 ] 2w Dg 

(a+
d
)
2 + (a+q)

2 

(X-d  - X1  ) (ad) 2  + (Xq  - X1  ) (aq) 2  

(a-)2 	(a-)2 
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_ 3 	1 [12x 	4. I2x  ] F
n - 2w kc  d dm 	q qm 

(A2.22) 
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- - 

3 	I2 	
x
d 	
(a+
d
)2 + x

+(a+)2 	X 
q q 	d

(a
d) 

2 + X
q 
 (a
q 

 ) 2 

= - — _ [ 	] [ 	] 2W Dg   
(ad)

2 
 + (a+ 

 

	

)
2 	ra 12 + (a

g

)2 

q 	' '  

	

. 	
(a
+
)
2 
+ (a

+
)
2 	

(a
d
) 2  + (Cr) 2  d 	 q  

- x ( 	 q  ] + X [ 
1 

	

1 
(a
+
)
2 
+ (a

+
)
2 	(ad)

2 
 + (a)2  

d 	q 	q 

0 (A2.18) 

The terms in xl  cancel out, and the normal force is dependent only on Xd 

and Xq: the partition of Xq  into x and xl, and Xd  into xd  and xl, is 

apparently irrelevant. 

iv) Use of the Boldea and Nasar expression for normal force would 

seem to predict different normal forces for equivalent salient pole and 

segmented rotor machines, for example. This is because the variation of 

x
d 
and x with g depends upon the rotor geometry. These differences are 

q 
not taken into account in the two axis model, upon which the method is 

based. The predicted normal force for any type of reluctance motor 

should therefore be identical for specified values of Xd, Xq and x1. 
This means, in the present context, that the normal force must he indep-

endent of the variation of x
d 
and xq  with g. 

Evidently, to start by differentiating xd and xq  with respect to g, 

and to end with equation Ai 9 above, the analysis should proceed as 

follows: 

dx 	dx , 
F
n 

= - 
2W 

  iId dg2 	d  dgd dg  II
d
= const + 1q dg  dg 'I =constl 	

(A2.19) 
q

I
q  

dx
d 	

kc  
Butdg 	g2  = 	(gk' - k

d  ) 
	 (A2.20(a)) 

and 1  (gk'd k -  = 
dgd 

	
- 
k2 	d) 
	 (A2.20(b)) 

d 

dx
d dg 	

k 	x2  
so that 	 - 	(A2.21) 

dg dg
d 	g

c 

d 	
kd 

c 

where k'
d  = d 

— (c
d 
 ); similar expressions apply for the q-axis. 

g  

Substituting equation A2.21 into equation A2.19 now gives: 

and this is identical to equation A2.9. 
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The evidence of the four points outlined above suggests that the 

energy method described in this Appendix can be recommended in preference 

to that put forward by Boldea and Nasar (3) . 
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