Impact of DC Breaker Systems on Multi-
Terminal VSC-HVDC Stability

Wenyuan Wang, Student Member, IEEE, Mike Barnes, Senior Member, IEEE, Ognjen Marjanovic,
Member, IEEE, and Oliver Cwikowski, Student Member, IEEE

Abstract—The use of VSC-HVDC grids for offshore wind farm
integration will require the use of dc breaker systems and they, at
present, will require dc reactors to limit the rate of rise of fault
current. The introduction of large dc reactors throughout a VSC-
HVDC system can have significant impact on its stable operation
and will require additional control. This paper analyses this
problem and proposes a PSS-like control (DCPSS) to aid dc grid
stability and cope with this effect. A generalized analytical model
for studies on dc voltage control is presented. Key stability and
transient performance issues caused by the use of the dc reactors
in a multi-terminal system, are investigated by analyzing poles,
zeros and frequency responses of both open-loop and closed-loop
models. Design and location identification methods for the DCPSS
are provided. Excellent damping enhancement is achieved by this
controller. The analytical studies and time-domain simulations in
this paper are performed based on two VSC-HVDC models.

Index Terms—VSC-HVDC, multi-terminal,
breaker, droop control.

stability, DC

|I. INTRODUCTION

HE wuse of VSC-HVDC for offshore wind-farm

interconnection typically becomes cost-effective after 60
to 100 km. At present point-to-point connections are used —
one wind farm connection to shore via one dedicated link, with
power ratings in the range of 500 to 1000 MW. As the number
of such links grows, and wind-farm sites reach multi-GW
power ratings, the use of multi-terminal VSC-HVDC (MTDC),
or even HVDC grids, becomes attractive to improve reliability,
security and potentially to reduce capital cost.

At present, fault clearance for point-to-point systems is
undertaken by ac side breakers. For large dc grids, this will be
impractical since the entire dc grid would need to be de-
energised. The disruption caused by such an event would most
likely be prohibitive. HVDC circuit breakers (DCCB) to
isolate faulted lines individually would be needed, such as the
design shown in Fig. 1. Thus substantial research has been
undertaken by major manufacturers in developing dc breakers,
and very good progress is being made in developing full-scale
commercial devices [1, 2].

All such devices to date however rely on a relatively large
dc reactor to help limit the rate of rise of faulted current and
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Fig. 1. ABB Proactive VSC-HVDC Circuit Breaker [1].

the rate of reduction of dc voltages. This reactor is also likely
to be required for fault detection algorithms [3]. The minimum
size of the dc reactor depends on the breaking time of the
DCCB, and its maximum current breaking rating, which is
directly linked with the cost of the breaker. On the other hand,
the dc reactor size is also limited by its cost, and, possibly, the
extra conduction loss and stability requirement of the dc grid.
Values in the order of 100 mH per pole for 320 kV systems
are typically used in previous published work [1, 4].

However large dc reactors will extend the electrical distance
between converter stations, have a detrimental effect on the dc
voltage control and even affect the stability of HVDC grids. A
number of excellent papers exist analyzing dynamics of multi-
terminal grids [5-9], but none yet examine the impact of this
new component. The stability in the level of dc grid can be
interpreted as dc voltage stability. The main target of dc
voltage control is to cope with the transient power imbalance
in the dc grid and maintain the voltages of all terminals within
an acceptable level range. Droop control, which enables a
distributed control and a relatively high reliability, has been
suggested as the most feasible dc voltage control strategy for
MTDC [6-8, 10]. As such, droop control will be used as the
benchmark control in this paper for the study of the impact of
the dc reactor on MTDC dynamics.

The purpose of this paper is to address the limitations
imposed by the dc reactor on the stability and dynamic
performance of MTDC systems, and show how control can be
improved to cope with such issues. This paper approaches
these problems from the perspective of both pole-zero analysis
and frequency-response analysis, to provide a comprehensive
review of the issues. A generalized analytical model for dc
voltage stability studies is described in Section II. In Section
111, the stability limitations imposed by the dc breaking system
are demonstrated and analysed in a simple and generic four-
terminal MTDC system. In Section IV, the new dc voltage
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Fig. 3. (a) Typical steady-state characteristics of the V-P droop and the droop
with a power deadband. (b) Droop controller implementation.

damping control is proposed to enhance the transient
behaviour of systems with large dc reactors. The selection of
the controller location and the performance of this damping
control are generalized and demonstrated using a more
complex seven-terminal MTDC system.

Il. GENERALIZED ANALYTICAL MODELLING

A generalized mathematical model is derived here in order
to perform detailed analytical studies regarding the dc voltage
stability of a VSC-HVDC grid.

A. Modelling of onshore converter dynamics

An average-value VSC model shown in Fig. 2, where the
switching dynamics are not explicitly represented, is employed
here, as such high-frequency dynamics are of little concern in
terms of the dc grid stability. On the ac side, the VSC is
modelled as a controlled voltage source. The dc-side VSC
model is represented as a controlled current source, based
upon the power balance principle and the equivalent circuit
typically used for modular multilevel converter (MMC)
systems [11].

The converter ac current is typically controlled in a dg-
synchronous system. A phase-locked loop (PLL) is controlled
to enable the alignment of the d-axis and the voltage vector at
the point of common coupling (PCC), in order to minimize the
coupling between active and reactive power control. For a
relatively strong ac system, the g-axis current and reactive
power control are likely to have a very limited impact on the
active power transfer, since the g-axis PCC voltage is normally
maintained to be zero by the PLL [10, 12, 13]. Therefore, the
g-axis related controllers are not included here in the analytical
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model for dc voltage stability study, as the focus of this paper
is dc system dynamics, not very weak ac system connection.

The dc voltage droop, with its steady-state characteristic and
controller implementation shown in Fig. 3, will be employed
for the onshore converter stations (OSC) under investigation to
form a closed-loop model. The droop with deadband control,
which enables the converter power to remain unperturbed
when the local dc voltage is within the defined range, can be
modelled as a droop controller or an active power controller,
depending on the operating condition. For the commonly
proposed voltage-power (V-P) droop control [7, 10, 12, 14],
the active power reference P is manipulated by the droop dc
voltage controller, and, therefore, the active power control
system acts as part of the plant model of the droop control.
This section focuses on deriving a state-space model to
represent this plant model, based on the system and the
notations shown in Fig. 2.

The system dynamics related to the d-axis current can be
represented by the following differential equations:

dai, 1 1 R . .
=_Ae, ——Av, ——Ai, + wAi 1
e Rt R UR L 1)
dAi R. . .
o _ iAVd —iAvsd ——Aig + oA, 2
a Lo LY

where “A” refers the deviation from the linearized point,
(R+jwl) is the aggregated impedance of transformer and arm
reactor, and (Rs+jwLs) is the equivalent grid impedance [10].
The system dynamics associated with the d-axis filter bus
voltage can be derived as:
dAv, 1

. 1 .
=—Ai, ———AIi_, + wAV 3
d¢ ¢, ° c a )

Assuming the converter is not connected to a very weak ac
system, the drift of the g-axis PCC voltage is likely to be well
controlled by the PLL. Therefore, the small-signal form of the
inverting power of the VSC can be approximated as:

P =v,i, +vqiq = AP =V, Ai, +i,Av, 4

Please note that inverting power orientation (P>0, inverter)
and per-unit values are used through the paper.

The equivalent converter capacitor C,q is derived based on
the total energy stored in the sub-modules [15]. The equivalent
arm inductance L, is also modelled in the dc side with its value
given by L,=(2/3)L4m, as suggested in [11] for average-value
MMC models. Assuming the ac power at the PCC is equal to
the dc side power, the dynamics of the dc link capacitor can be
linearized as:

dAv,, Aj P P
T &— AV, ——2—AP (5)
dt C  CoVero CeqVego

where the subscript “o0” refers to the operating point (OP). The
voltage vy across Ceq and L is the dc voltage to be controlled.



A very small capacitance C, is modelled to enable vy to be a
state variable to facilitate the generalized modelling.

dAi, _ AV M R, dAV, Al A

d L L L % dt C,

a a a

(6)
The dynamics of the integrators in the two PI controllers for
the ig current and active power control can be described by:

dAX,
dt

dAx,,
dt

=k;, (AP" - AP), =k, (Ai; -Ai,) ()
where the xp and Xxjy are the two state variables of the two
integrators. Based upon the active power controller structure
and equation (4), the iq4 reference can be represented as:

Al = K, [ AP” = (Vg Al +igpAV, ) |+ A%, (®)

To enable the state-space formulation, AP and Aiq" in (7)
need to be substituted with (4) and (8) respectively.

A first-order transfer function (TF) with a time constant z, is
used to represent the VSC modulation control. This enables
the VSC ac voltage e4 to become a state variable and therefore
facilitates the mathematical modelling. The dynamics related
to this state variable can then be described as:

dﬁted :%(Ae; —Ae, ) = o
i[k ( Ay — Ay )+ Ax, — @LAT, +Av }—iAe
., p1\ 2ld d id q d T, d

where the voltage reference Aey is calculated based on the
current controller structure. Note that Aig~ in (9) needs to be
substituted by (8) for the final state-space formulation.

Based on the 9 differential equations above, a 9™-order
state-space model is then readily constructed for the j on-
shore converter terminal (OSC) in a MTDC system, in the
form of (10), where P,-* is the power reference of the j"
converter, iy is the dc current injected into the j" converter
from the dc grid, d; denotes the disturbance vector ([vs Vq iq
is]" in this case). The corresponding 9 state variables are listed
as shown in (11). The matrices associated with Avye; and
Al are extracted in order to facilitate the integration of the
VSC model and the dc network model.
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Fig. 5. DC network model integrating multiple line models.

normally does not participate in dc voltage control. From the
viewpoint of DC system control, a wind farm side converter
(WFC) has similar behavior as an OSC in active power control
mode, provided no significant wind power oscillation occurs.
An identical dc link model to the OSC is applied for the WFC,
while for simplicity, the ac side is modelled as a controlled
power source with a time constant representing the simplified
dynamics of wind turbine converters. The overall WFC
dynamics are also represented in the form of (10).

B. Modelling of dc network

The dc reactors will be located at the ends of each line in the
dc switchyard of the converter station. For a dc line modelled
by n = sections, as illustrated in Fig. 4, the dynamics of the dc
reactors and the @ sections can be represented by the following
(2n+3) differential equations:

dv_ . 1
(i) _ 1y :
“at | _C_(Il(j+1)_ll(i))
j=1,2,-+-,n-1 c (12)
dvc(O) _ 2 . . dvc(n) _ 2 . .
T_C_C(I"D_Ii”)' at _C_C("un)"o)
diy ;) 1 -
| =K(Vc<i>“’c<i—1>‘Rc'l(n)
j=12,---,n (13)
di, 1 di, 1
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dc dc

. . T H H
Xj:[Aed Ay Aig Ay Ay A% AV, AV, Alla] (11) where Lqc and Ry represent the inductance and the resistance

This paper focuses the dynamic relations between the dc
voltages and converter powers. The effect of the variables dj
will not be discussed. More input/disturbances and output of
interest can however be added in this model for other analysis.

Any offshore VSC station is controlled as the local slack ac
bus to absorb the power generated by the wind farm and

of the dc reactor respectively. Subsequently, the (2n+3)"-order
state-space model of the j™ line and the associated dc breaking
reactors can be written as:
o line line line
x=A"x+B"u, y=C/™x (14)
where the dc voltages at the two ends are used as input and the
dc currents out of the line are produced as output:
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By combining the analytical models of all the converter
terminals shown in the form of (10) and the dc network model
shown in (18) (equivalent to (16)), the overall open-loop state-
space model for the dc voltage stability studies can be derived
as shown in (19), where x; is the state variables of the i
converter model, Bg; is the j column of Bg, and Cg; is the j"
row of Cg, n is the total number of converter terminals, ng is
the number of state variables of xg.

In the following studies, the relevant open-loop transfer
functions are extracted from this multivariable model. The
closed-loop MTDC model will be formed by connecting droop
controllers to this MIMO model.

(18)

(19)

I1l. ANALYSIS OF STABILITY AND PERFORMANCE ISSUES

A four-terminal VSC-HVDC system, with its topology and
the nominal power flow shown in Fig. 7, is employed as the
candidate system to demonstrate the stability and performance
issues revealed in this section. Each converter station is rated
at 1000 MW, 320 kV, and a symmetrical monopole topology
is used. The nominal dc reactor of 100 mH per pole is selected
for the dc breaker system.

A. Stability and controllability issues

The droop control is essentially a proportional dc voltage
controller. Root locus analysis based on the plant model is
very effective to analyze controllability and to determine the




60 T T T T T T 60 T T T T i
|

400 K=66.7
i
204 |

-400]

Imag Axis
I S A,
Imag Axis

N
=}
S

-60!

|
-60 -50 -40 -‘30 -20 -10 0 10 -50 -llo -‘30 -‘20 -‘10 ‘0 10
Real Axis Real Axis
(@) (b)
Fig. 8. Root loci of the transfer function of vqc(s)/P1*(s) in low-frequencies,
without dc reactor (a), with dc reactor of 100 mH (b).

200
«— —>
XXXXBIWO 000 000000 OO0 HKEDOXX X
2 100F AT
< 000000000000000000
g 7
£ OF X
j=2)
< —>
E 000000000000000000
-100f —
XXXXBK0 000000000 00 MEIANXX X
«— —
< 200 L L L L Il Il
-8 -6 -4 -2 0 2 4 6
Real Axis

Fig. 9. Trajectories of the dominant poles and zeroes of the open-loop TF
Vaea(S)/P3 " (s) as OSC3’s inverting power varies from 0.85 pu to -0.45 pu.

700

600

I
500 }
I

400F -

Imag Axis

0
-15 -10 -5 0 5 10
Real Axis

Fig. 10. Root loci of the plant model vqc3(s)/P3"(s) for three dc inductor sizes.

appropriate droop gain. For a particular VSC terminal, the
plant of its droop controller is the transfer function (TF)
between its power reference Pj*(s) and the local dc voltage
Vgei(s), which can be directly extracted from the MIMO model.
The controllability analysis is performed based upon the open-
loop plant models of the dc voltage control, in order to present
the general stability issues imposed by the dc reactor, despite
the controller parameterization. The limitations imposed by the
dc reactor on the dc voltage controllability and stability are
investigated by analysing the loci of poles and zeros.

With respect to vy control using OSCL1, the root loci of the
plant model v (S)/P1 (s) is show in Fig. 8 (a) and (b), for the
four-terminal model without and with consideration of the dc
reactors in the system, respectively. Only the low-frequency
dominant poles and zeros out of the hundreds in the system are
shown here for clarity. Including the 100 mH dc reactors
significantly worsens the controllability of the system, since
there are right-half-plane (RHP) poles and zeros located close
to each other, as shown in Fig. 8 (b).
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It is acknowledged in [16] that, large peaks of sensitivity in
a transfer function are unavoidable when RHP poles are close
to RHP zeros, and, therefore, such systems will be very
difficult to stabilize and a high-order controller will have to
used. The root loci in Fig. 8(b) suggest that, when there is no
other converter in vy control mode, the dc voltage is
uncontrollable by OSC1 using droop control, despite the droop
gain setting. In fact, the dc reactor imposes a severe constraint
for all types of dc voltage control using OSC1, including dc
slack bus control and voltage margin control. An increased
number of converters need to be configured in dc voltage
control mode in order to stabilize the dc system installed with
dc reactors. It is possible that dc slack bus control using only
one converter is not feasible for such dc systems.

For a MTDC system with dc breaker systems, its dynamics
are likely to be quite sensitive to the variations of the power
flow condition of the network. This is demonstrated by Fig. 9,
where the trajectories of the dominant poles and zeros of the
plant model vge3(s)/P5 () of dc voltage control using OSC3 are
shown, for a range of power flow scenarios, in which the
powers of OSC3 and OSC1 are varied while the powers of
OSC2 and WFC1 are kept constant.

The dominant poles and zeros migrate towards the RHP as
the rectifying power of OSC3 increases. Especially, the low-
frequency zeros are highly sensitive to the power flow of the
local terminal as well as the dc network. This effect is mainly
caused by the underlying nonlinearity in (5). Such non-
linearization is inevitable as essentially the dc side control of
VSC relies on the ac side d-axis current control, which is
directly correlated with active power rather than dc current.
The RHP poles impose a lower bound of the dc voltage control
bandwidth. The RHP zeros however imply high-gain
instability and an upper bound of the bandwidth [16].

This robustness issue with respect to the converter power
flow exists, even without including large dc reactors in the
model. However, the increase of the inductances in the dc
system significantly worsens this issue by amplifying the
sensitivity of the poles/zeros to the power flow. It is preferable
to implement voltage droop control for the converters which
usually operate as inverters. For better robustness, droop
control is also suggested to be applied to the converters which
are likely to experience power reversals. The converter may
need to change its control mode in case of extreme power flow
changes. More advanced robust controller design may be
required to ensure the stability of a dc grid where the power
flow could vary significantly and frequently.

For three settings of the dc reactor size, root loci of the plant
model Vges(S)/P3 (s) regarding the dc voltage control using
OSC3 are shown in Fig. 10. This analysis demonstrates that,
larger size of dc inductance implies tighter constraints on the
boundaries of droop control gain. This low-gain instability
feature has been briefly explained in [10]. As the unstable
poles move towards the RHP as the inductance increases, a
high-gain controller may have to be employed to obtain a
stable system. Furthermore, for the 200 mH and 300 mH
scenarios, it is very difficult to achieve a satisfactory dynamic
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performance since the damping of the dominant closed-loop
poles would be excessively low due to the location of the
zeros. This clearly shows that, the control requirement imposes
a bound on the maximum dc reactor size, which is also
dependent on the specific network topologies and power flow
condition.

It should be noted that, for a HVDC grid which has larger
equivalent capacitances and resistances, the dc system will be
more stable and better damped, and therefore may allow dc
reactors with higher ratings to be utilized.

Generally, to improve the stability of dc grids with large dc
reactors, voltage droop control systems with carefully designed
bandwidth/gains and selected location, should be adopted by
more converters, particularly for inverters.

B. Dynamic performance issues

Frequency-response analysis is employed here to intuitively
address the dynamic performance issues caused by large dc
reactors. This analytic tool is very useful in interpreting the
damping, the robust performance and the key oscillating
frequencies of a complex dynamic system.

With three types of m-model configuration of the cables, the
frequency responses of the open-loop model vy (s)/Py (S) are
shown in Fig. 11. Given the frequency range of interest, cable
models of appropriate fidelities for dc grid stability study can
be determined based on such analysis. The single-n cable
models are sufficiently accurate up to 100 Hz. Case C is used
for dynamic studies of the four-terminal model. Similar results
can be obtained by performing the frequency-response analysis
for other transfer functions extracted from the MIMO plant
model. Given that this paper focuses on the slow transients
below 50 Hz, the multiple-r model is selected for simplicity,
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as the more detailed frequency-dependent model does not
provide more insightful information of the low-frequency
transients.

The low-frequency peak at 21.1 Hz in Fig. 11 implies that
the dc voltage at OSC1 could be highly sensitive to the power
reference change of OSC1 at such a frequency. If dc voltage is
controlled by other terminals, the closed-loop bandwidth may
need to be higher than 21.1 Hz in order to damp the resonance
peak. This low-frequency resonance of the open-loop model
will be reflected in the closed-loop model.

The frequency responses of the transfer functions between
the four terminal voltages and the power deviation of OSC1 of
a closed-loop model are shown in Fig. 12. In this closed-loop
system, OSC3 uses droop control with a gain of 15, OSC2
employs droop control with a power deadband (deadband vy
range: 0.92-1.06 p.u.), and OSC1 is in power control mode.
Since the analytical model is based on the nominal OP, OSC2
is modelled in the same way as it is in power control mode.

In a MTDC system with dc reactors, the dynamic behaviors
of dc voltages at different terminals may differ significantly.
This is mainly due to that the increase of dc inductances
effectively slowing down the propagation of dynamic changes
of dc currents from one terminal to another. As shown in Fig.
12, the frequency peaks of transfer functions associated with
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OSC1 and OSC2 are much higher than those with OSC3 and
OSC4. The frequency-domain peak is a very effective
performance measure of the closed-loop system behaviour, in
this case, the responses of dc voltages to a power disturbance.
Larger frequency-domain peaks normally indicate poorer
transient performance and robustness [16]. This indicates a
serious performance issue, that the dc voltages of the terminals
in active power control mode could lack damping. Global dc
voltage control, which is implemented based on several local
Vge Measurements, may not be able to ensure satisfactory
performance of all the dc terminal voltages when the
resonance peaks resulting from the meshed dc circuit exist.

A time-domain simulation was performed to verify the
frequency-response analysis, with the dc voltage responses to a
fault at the PCC bus of OSC1 shown in Fig. 13. The fault,
which results in a 50% sag of the ac voltage at PCC1, occurred
at 0.1 s and is cleared after 150 ms. All the electromagnetic
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simulations are performed on an average-value VSC model
using DIgSILENT PowerFactory. In case of the sudden power
variation of OSC1, the dc voltages of OSC1 and OSC2
experienced severe oscillations, especially when OSC2 was in
the power deadband mode. In contrast, the dc voltages of the
OSC3 and WFC1 are much better damped. This confirms the
frequency responses shown in Fig. 12. Furthermore, the key
oscillation frequency in Fig. 13 agrees very well with
frequency domain results. Please note that, for a more
complete analysis of the disturbance rejection performances of
the dc voltage control as would be required for an actual
implementation, the frequency responses with respect to the
transfer functions between the dc voltages and the power
variations of all the converters need to be evaluated.

When OSC3 operates in droop control mode while other
OSCs are in power control mode, the impact of the dc reactor
size on the frequency response of the TF between vy, and the
power deviation of OSC1 is shown in Fig. 14. For systems
with larger dc reactors, the frequency-response peak tends to
be larger and located at lower frequency, and this implies that,
the oscillations of the corresponding dc voltages in case of
power imbalance in the dc system are more severe. Similar
behaviors can be observed from the TFs between dc voltages
and power variations of other terminals. The frequency-
response analysis is verified by the simulation provided in Fig.
15, which shows the dc voltage responses to the change of
power reference of OSC1. Increasing the dc reactor could
significantly deteriorate the dynamic dc voltage performance
of the converters which do not participate in dc voltage
control. The issue could be alleviated by engaging the under-
damped converters with transient dc voltage control.

The next section will provide a new transient dc voltage
controller to tackle the dynamic performance issue.

IV. DC VOLTAGE DAMPING CONTROLLER

A dc damping controller similar to a power system stabilizer
(PSS), termed as a DCPSS, is developed in this paper to
provide transient damping for dc voltage and improve the
stability of the dc network by modifying converter power
control using a supplementary stabilizing signal. A typical
closed-loop MTDC model with such damping controllers is
illustrated in Fig. 16. During transients, the voltages of the dc
grid are regulated by the droop control together with the
DCPSS to reject the power disturbances coming from other
terminals. In steady states, an OSC equipped with the DCPSS
behaves like a typical converter in the active power control
mode. As the speed deviation is normally used by the PSS in
generator systems, the locally measured dc voltage, which is
the indicator of power balance in dc system, acts as the input
for the DCPSS.

As shown in Fig. 17, the DCPSS controller is comprised of
a bandpass filter (BPF), a phase compensator, and a stabilizer
gain. The bandpass filter not only allows the vy oscillations to
pass as the washout in the PSS, but also prevents the damping
controller from reacting to fast dynamics above certain



frequency threshold. The phase compensation is designed to
compensate the phase difference between the PSS output and
converter power output, in order to produce a component of dc
current roughly in phase with the vg variations.

To demonstrate the generalization of the modelling method
and the analysis approach presented in Section Il and IlI, a
more complex seven-terminal MTDC model, with its
schematic diagram shown in Fig. 18, is employed for the
studies on the DCPSS. DC reactors of 100 mH are utilized in
the model. The system is also built in PowerFactory to perform
time-domain simulations.

Singular value analysis has been used to select the DCPSS
location, cross-verified with participation factor analysis. The
methods can also be directly applied to identify the appropriate
location for dc voltage droop control.

The singular value method, which is the equivalent
frequency response for multivariable systems and provides
insightful information on the gains between multiple output
and input [16], and is employed here to assess the gain
between the dc voltages of all the terminals and the power
reference of a particular VSC terminal. A singular value plot
shows the gains between the Euclidean norm of the output
vector and that of the input vector in frequency domain [16].
An OSC with large singular values in the frequency range of
interest implies that the dc voltages of the overall system is
likely to be sensitive to the power variation of this OSC, and,
therefore, it can be a desirable site for the DCPSS.

When OSC1 and OSC2 operate in droop control mode with
droop gains of 7 and 15 respectively, and OSC3-5 operate in
power control mode, the singular values between the vg. vector
and the power set-points of the selected terminals, are shown
in Fig. 19 for this closed-loop model.

The singular value between the all the terminal voltages and
the power of OSC3 has the highest peak. This shows that the
OSC3 is suitable for the installation of the DCPSS, because
the power of OSC3 generally has a larger impact on the dc
voltage around the resonant frequency (18.3 Hz). Additionally,
WFCs have relatively lower impact on the dc voltages at low
frequencies, which indicates a relatively good disturbance
rejection capability of the system regarding the wind power
changes.

Participation factor analysis has been adopted for the
identification of PSS in a multi-machine system [17, 18]. The
participation factors corresponding to the ith mode eigenvalue
can be interpreted as [19]:

¢nil//in ]T

where y and ¢ are the left and right eigenvectors respectively.
The element pj; reflects the relative participation of the jth state
in the ith eigenvalue (mode) [19].

In the participation factor method, firstly the dominant
oscillating modes need to be identified by computing the
eigenvalues. It is observed that the dc terminal voltages are the
state variables which generally have large participation factors
in the poorly damped eigenvalues, in analogy to the frequency

P; =[¢1i‘//i1 $Via (20)
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Fig. 19. Singular value plots of the closed-loop models with all the dc

terminal voltages as output and the power of selected terminal as input
(OSC1: Kdroop=7; OSC2: Kdroop=15).

TABLE |
SELECTED PARTICIPATION FACTORS FOR THE SEVEN-TERMINAL SYSTEM
Eigenvalues | OSC1 0sc2 0SC3 0sC4 0OSC5
-1.694115 0.047 0.037 0.367 0.101 0.100
-4.074127 0.005 0.003 0.062 0.229 0.323
-5.354150 0.068 0.014 0.161 0.051 0.045
-4.844290 0.030 0.348 0.021 0.003 0.003

in ac system [18]. Therefore, the participation factors
associated with the dc voltages of each converter terminal are
calculated for the modes of interest.

For the seven-terminal system, with respect to the vq. of the
OSCs, the participation factors corresponding to the low-
frequency poorly damply modes are calculated as shown in
Table I. OSC3 is selected as the desired converter station for
the installation of DCPSS, due to its significant participation in
the most poorly damped mode. The frequency of this mode is
identified as the same with the frequency of the singular value
peak in Fig. 19. This participation-factor method yields an
identical DCPSS location as the singular-value approach.

It should be noted that, the candidate terminal, which is
identified as the suitable site for the DCPSS using the methods
above, requires further controllability analysis using root locus
or frequency response based on the plant model. The next
procedure is the parameterization for the DCPSS. The
frequency range of interest can be identified by observing the
frequencies where the singular value peaks occur, such as the
15-25 Hz range shown in Fig. 19. A wider frequency range is
suggested for the bandpass filter as the frequency-domain
peaks may vary with the operating condition of the system.
Although the DCPSS is used to enhance the damping of
selected modes of oscillations, phase compensation is designed
for a range of frequencies rather than a single frequency. To
compensate the lag of the power control loop, the phase lead
can be designed disregard the control of other terminals. With
the BPF and the compensator ready to use, the gain of the
DCPSS is selected by performing root locus analysis, to
identify the point where sufficient damping is achieved [19].

V. TEST OF DAMPING CONTROLLERS

The performance of the proposed damping controllers are
evaluated using transient simulations of the seven-terminal
model. The configured control modes and droop gains for the



TABLE Il
CONTROL MODES AND DROOP GAINS OF OSCs FOR CASE 1 AND 2
0sC1 0sc2 0sc4 0SC5
Case 1 Karoop: 7 Karoop: 15 P control P control
Case 2 Karoop: 7 Karoop: 15 Karoop: 10 P control
TABLE Il
DCPSS PARAMETERS FOR TWO CASE STUDIES
Parameter Case 1l Case 2
Gain Kpss 12.1 8.5
Te 0.0282 0.0279
a 0.10 0.07
BPF Range 15-35Hz 15-35Hz

OSCs in the two case studies are shown Table II. In Case 1,
OSC1 and OSC2 are selected to operate in droop control
mode. In Case 2, another droop controller is added for OSC4
to strengthen the dc voltage stability. OSC3 is selected as the
site for DCPSS. The parameters of the damping controller,
shown in Table Ill, are designed based on the methodology
discussed in Section IV.

For a sudden loss of 250 MW wind generation at WF2 in
Case 1, the selected responses of dc voltages and powers are
compared in Fig. 20, with OSC3 operates in three control
modes: power control, droop vg. control and the DCPSS
control. The power imbalance in the dc network caused by the
wind farm is shared by the terminals in droop control.

The transient simulations show the feasibility of the location
and design of the DCPSS. The damping of the dc voltage of
OSC3 is significantly improved by replacing the conventional
active power control with the DCPSS. The performance of the
DCPSS is slightly better than vy, droop control, as shown by
the dc voltages of both OSC3 and OSC4 as well as the power
variation of OSC3, in that the power of OSC3 is utilized more
efficiently by the DSPSS to damp the poorly damped modes
than the droop control. Furthermore, unlike the droop control,
the steady-state power of OSC3 remains as the pre-transient
level when the DCPSS is adopted.

The damping improvement is however limited for the dc
voltage of OSC4, as the oscillations in OSC4 cannot be
directly sensed by the damping controller located at OSC3 due
to the large electrical distance between the converters. The
responses of OSC3 and OSC4 to a fault at the PCC bus of
OSCS5 are shown in Fig. 21, with three types of control applied
to OSC3. The fault at PCC5, which resulted in a 70% voltage
drop, occurred at 0.1 s and was cleared after 200 ms. When
OSC3 was in power control mode, and the MTDC stability
was maintained by three OSCs out of five, the transient voltage
of OSC4 was controlled within an acceptable range however
the dc voltage of OSC3 experienced severe oscillations. The
comparison of the controllers for OSC3 clearly demonstrates
the damping enhancement provided by the DCPSS, as both the
amplitude and duration of the dc voltage oscillations are
significantly reduced.

DC Voltage OSC3 (p.u.)

DC Voltage OSC4 (p.u.)

90

P control
Droop control ]
DCPSS control | |

85 MVA N\

800

750F 1

Inv Power OSC3 (MW)

70! I I I I I I I I I
0 0.2 0.4 0.6 0.8 1 12 1.4 16 18 2

Time (s)
Fig. 20. Responses of the dc voltage and power of OSC3 and OSC4 to a loss
of 250 MW generation in wind farm 2, with three types of control applied to
OSC3 (Case 1: OSC1 and OSC2 in droop mode).
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Fig. 21. Responses of the dc voltage and power of OSC3 and OSC4 to a fault
occurring at PCC5, with three types of control applied to OSC3 (Case 2:
OSC1, OSC2 and OSC4 in droop control).

Generally, the damping of the system can also be improved
by utilizing a more widespread distributed dc voltage control,
as shown by Fig. 20 and Fig. 21. However, it is worth noting
that purely increasing the number of vy, controllers does not
necessarily improve the damping performance as the location
and design of the controller also matter.

The use of the DCPSS has several advantages over
incorporating more terminals in droop control. Firstly, the
power transfer for the converter with DCPSS control is only
perturbed during the fast dc transients. Therefore, this feature
facilitates the power flow control and allows the DCPSS to be
used for converters connected with relatively weak ac grids,



TABLE IV
Low-FREQUENCY MODES WITH AND WITHOUT DCPSS (CASE 1)
Without DCPSS With DCPSS
freq (Hz) C freq (Hz) C
18.31 0.015 22.61 0.117
23.89 0.036 45.22 0.126
46.34 0.017 52.23 0.087
TABLE V
Low-FREQUENCY MODES WITH AND WITHOUT DCPSS (CASE 2)
Without DCPSS With DCPSS
freq (Hz) Damping ¢ freq (Hz) Damping ¢
18.63 0.041 13.03 0.279
23.09 0.049 22.13 0.125
46.34 0.017 47.29 0.043

unlike the droop control, which is normally attached to the
terminals supported by strong ac systems. Furthermore, with
appropriate location and the phase compensation, the poorly
damped poles are more effectively targeted by the DCPSS than
droop control, and, therefore, better damping performance can
be achieved. The DCPSS controller can also be employed by
multiple converters simultaneously.

The enhancement of the damping on the critical modes is
also demonstrated by the analytical results shown in Table IV
and V, for the application of DCPSS in Case 1 and Case 2,
respectively. The oscillating frequency and the damping ratio
for the poorly damped modes are calculated for the closed-
loop MIMO model with and without the DCPSS in OSC3. As
the location of the DCPSS is selected to target the low-
frequency modes with the poorest damping, the damping of
such modes is improved most dramatically. Furthermore the
DCPSS also has a very positive impact on the damping for the
modes of a range of frequencies. In fact, the DCPSS can not
only enhance the dynamic performance but also enlarge the
stability margins. The modes in dc systems are generally less
damped than those in a typical power system, mainly due to
lack of the equivalent inertia (capacitance). This eigenvalue
analysis agrees well with the time-domain simulations.

VI. CONCLUSION

Regarding dc voltage stability, a generalized formulation of
analytical modelling of MTDC systems including the key
dynamics of VVSC stations and dc network has been developed.

Based on the four-terminal analytical model, root locus and
frequency domain analysis have been adopted to identify the
fundamental stability and performance issues related to the dc
reactors. The controllability regarding the dc voltage control
can be significantly degraded by the use of dc reactor. This
component also has a detrimental effect on the robustness of
MTDC dynamics to the power flow variation. The high
sensitivity of the dynamics to the operating point could impose
a serious robustness issue, despite the controller types. For a
MTDC system which does not have a widespread dc voltage
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control, the use of a large dc reactor could result in undesired
oscillations of dc voltages and even instability.

The DCPSS controller has been proposed to enhance the
dynamic performance of the dc voltage control in a dc grid.
The transient simulations and eigenvalue analysis for the
seven-terminal HYDC model have demonstrated the excellent
performance of the damping controller. The selection methods
for the DCPSS are also effective for the droop control.

Further work is required to improve the robust stability of
the dc grids with dc breaking systems. This paper suggests
reducing the number of converters in constant active power
control mode, applying DCPSS control to more converters,
and employing a more widespread droop control.

The modelling, design and analysis approaches presented in
this paper provide a framework on stability studies for more
complex MTDC systems.

APPENDIX
TABLE VI
MTDC SYSTEM PARAMETERS
DC inductance Lgc 100 mH
Arm inductance Lam 45 mH
Transformer reactance 0.15 pu
Transformer X/R ratio 30
Equivalent dc capacitance Ceq 98 LF
Equivalent switching time constant z, 82 s
Cable resistance per km per pole 0.0113 Q/km
Cable inductance per km per pole 0.46 mH/km
Cable capacitance per km per pole 0.28 piF/km

Current controller gains (Kp1, ki)
Power controller gains (Kp2, Kiz)

(1.12,11.77) pu
(0.05, 78.54) pu

For the j" converter model, the parametric representations
of the matrices in (10) are:
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