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Abstract—Flux-reversal bearingless slice motor with direct sus-
pension current (DC-FRBLM) is a novel slice bearingless motor.
The robust rotor structure of the DC-FRBLM brings benefits
including high compactness and ease of manufacturing. However,
the disparate frequencies of torque current and suspension
currents cause undesirable suspension force-coupling in different
radial directions. This feature leads to rotor vibrations and poses
challenges for suspension control. To addresses these issues, an
advanced magnetic field model and a suspension decoupling
control strategy based on this model are proposed in this
paper. The proposed model incorporates a precise double-salient
permeance model, accounting for variations in rotor magnetic
potential and leakage flux. The accurate calculation of the active
radial force is achieved using the Maxwell stress tensor method,
which agrees well with the finite element analysis (FEA) results.
Then an analysis is conducted to identify the magnetic field
components responsible for suspension force-coupling. Further-
more, the decoupling strategy based on the proposed analytical
model effectively reduces force fluctuation and mitigates rotor
vibrations. Experimental results on a prototype of DC-FRBLM
validate the improved levitation performance achieved by the
proposed decoupling strategy.

Index Terms—Analytical model, decoupling control, flux re-
versal, magnetic field, radial force, slice bearingless motor.

I. INTRODUCTION

BEARINGLESS motors combine magnetic levitation bear-
ings and conventional motor, providing advantages such

as no pollution, no lubrication, no direct contact rotor and an
almost unlimited lifetime [1]. Furthermore, compared to mag-
netic levitation bearings, bearingless motors exhibit superior
characteristics related to cost-effectiveness, reduced weight
and simplicity of construction [2]. These unique advantages
have gained considerable interest for bearingless motors in
applications including bioreactor mixers [3], artificial hearts
[4], transportation [5].

Among various types of bearingless motors, the permanent
magnet (PM) slice bearingless motor has garnered extensive
attention, due to its simple construction and low drive system
requirements [6]. Notable research has been conducted to
explore different variations of the PM slice bearingless motor,
including interior PM bearingless slice motor [7], consequent-
pole bearlingless motor [8], homopolar bearlingless motor [9],
Vernier PM motor [10] and flux-reversal bearingless slice mo-
tor [11]. The flux-reversal bearlingless motor features simple
rotor structure and relatively high torque density, granting it
an advantage in applications characterized by high operating
temperatures or the need for disposable rotors. Based on

the flux-reversal bearlingless motor, the novel DC-FRBLM
proposed in [12] inherits the benefits of simple rotor structure.
Additionally, it adopts a consequent-pole stator design, which
mitigates the risk of demagnetization and enables suspen-
sion using direct current (DC). This design also achieves
decoupling of the suspension current control from the rotor
angle. However, the difference in frequency between the torque
current and the suspension current in the DC-FRBLM results
in amplified suspension force-coupling in x-y axis, leading to
a degradation in levitation performance.

Various advanced control methods have been employed in
bearingless motors to address the challenge of force-coupling
[13]–[16]. These control strategies rely on accurate suspension
force models, as it plays a crucial role in enhancing suspension
control performance and simplifying control strategy design.
Consequently, obtaining an accurate suspension force model
for the DC-FRBLM is imperative to improve the levitation
performance. The suspension force model is typically derived
from the magnetic field model [2]. According to [17], magnetic
field models can be categorized as numerical, 1-D analytical
and 2-D analytical models. While numerical methods, such as
FEA, and 2-D analytical methods, such as magnetic network
[18] and subdomain model [19], provide precise predictions of
the magnetic field, they lack clear physical meaning, making
them less suitable for control strategy design. Conversely, 1-D
analytical methods, including Magneto-motive force(MMF)-
permeance model [20] and equivalent magnetic circuit model
[21] are widely employed in bearingless motors analysis [16],
[20] thanks to the concise expressions and clear physical
interpretations.

However, the widely used simplifying 1-D magnetic field
model, such as the MMF-permeance model, exhibits limited
accuracy when applied to the DC-FRBLM due to its double-
salient air-gap structure and complex magnetic field harmon-
ics. To further improve the accuracy, this paper proposes an
advanced magnetic field model based on the MMF-permeance
model. The proposed model incorporates additional details,
including an accurate representation of the double-salient air-
gap permeance, variation in rotor magnetic potential, and the
consideration of leakage flux. Based on the proposed model,
the radial force is accurately calculated, and a decoupling
strategy is designed to enhance the performance of suspension
control. The subsequent sections of this article are organized
as follows: Section II introduces the topology and operation
method of the DC-FRBLM. In Section III, the advanced
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magnetic field model is derived and verified using the FEA
model. Section IV focuses on the calculation of the active
radial force. The designed decoupling strategy based on the
analytical model to address force-coupling in the x-y axis is
also presented in Section IV. Furthermore, Section V verifies
the effectiveness of the decoupling strategy through experi-
ments. Finally, the conclusions are summarized in Section VI.

II. TOPOLOGY AND OPERATION PRINCIPLE

As depicted in Fig. 1, the proposed DC-FRBLM comprises
a stator with six slots and a rotor with ten teeth. The
electromagnetically-active components of the DC-FRBLM in-
clude concentrated windings, a slice rotor and a consequent-
pole stator. The stator teeth are mounted with PMs featuring
consistent polarities on each tooth and alternating polarities
on adjacent teeth. Moreover, Fig. 1 provides a definition of
the α-β coordinate system, the d-q coordinate system and
the x-y coordinate system. Fig. 2 illustrates the principle of
passive stabilization in both the axial and tilt directions. The
x-y axis remains stationary, aligning with the α-β axis, which
represents the direction of suspension current. Meanwhile, the
d-q axis, signifying the direction of torque current, rotates at
an electrical frequency corresponding to ten pole-pairs. The
phase currents in Fig. 1 can be defined as (1):

iM = iS,M + iT,M

iS,M = IS cos
(
φS + 2mπ

3

)
iT,M = IT cos

(
ωet+ φT − mπ

3

) (1)

where iM is the current of the M th phase, with M =
A,B, ..., F corresponding to m = 0, 1, ..., 5. IS , IT are current
amplitude of the suspension current and torque current, φS , φT

are the current phase and ωe is the electrical frequency of
torque current.

The suspension current, which is DC, generates a non-
uniform magnetic field, resulting in the creation of a control-
lable suspension force, as shown in Fig. 3. Driven by the phase
current, the primary air-gap flux density Bm consists of three
distinct components as:

Bm(θs, t) = Bpm(θs, t) +BS(θs, t) +BT (θs, t) (2)

where θs is the mechanical angle. Bpm, BS and BT are the
flux density of the air-gap produced by the PM, iS,M and
iT,M .

According to [1], the controllable radial force is generated
through the harmonic combinations of magnetic field with
pole pairs differing by one, all rotating at the same speed.
In the proposed DC-FRBLM, Bpm comprises odd harmonics
which include both static components and rotating compo-
nents regulated by the rotor teeth. BS consists of static even
harmonics, while BT comprises rotating odd harmonics. The
generation of the controllable radial force is contingent upon
the interaction between BS and the static components of
Bpm, while the torque is generated through the interplay of
the rotating components of Bpm and BT . However, as the
controllable radial force relies on the static magnetic field,
the presence of the rotating magnetic field induces force
fluctuations and coupling along the x-y axis. To minimize the

Fig. 1. The structure of the proposed DC-FRBLM.

Fig. 2. Passive stabilization. (a) Passive force generation in axial direction.
(b) Passive torque generation in tilt direction.

Fig. 3. Flux density distributions and suspension force. (a) Open circuit
magnetic field. (b) IS = 4.9 A, φS = 0 deg, IT = 0 A.

adverse effects of force-coupling, it is crucial to obtain an
accurate model for the radial force and implement an effective
decoupling strategy.

III. ADVANCED MAGNETIC FIELD MODEL

The active radial force of x-y axis can be calculated by the
Maxwell stress tensor method as shown in (3). The designed
parameters of the DC-FRBLM are defined in Table I.{

Fx(θs) =
lr
2µ0

∫ 2π

0
Bm

2(θs, t) cos θsdθs

Fy(θs) =
lr
2µ0

∫ 2π

0
Bm

2(θs, t) sin θsdθs
(3)

Fx and Fy are active radial forces in x-y axis. The calcu-
lation of radial force relies on the magnetic field analytical
model. However, the conventional MMF-permeance model
[20] does not suit the DC-FRBLM and tends to result in
substantial errors in magnetic field calculation. To improve
analytical model accuracy, this section introduces an advanced
magnetic field model. For simplification, the following analy-
sis is based on the preconditions [22]:

1) Both air-gap flux density, air-gap permeance and MMF
keep constantly in the radial direction.

2) The permeability of stator and rotor cores is regarded as
infinite, hence the potential drop in the core is ignored.
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TABLE I
THE KEY PARAMETERS OF THE DESIGNED DC-FRBLM

Parameters Values Parameters Values

Turns of windings per
phase, Ns

60 Arc angle of stator iron
pole, θfe

24 deg

Thickness of magnet, dpm 5 mm Rotor slot depth, drt 5 mm
Outer radius of stator, rs 71 mm Inner radius of rotor, rr 73 mm

Average radius, r 72 mm Outer radius of rotor 88.4 mm

Arc angle of magnet, θpm 15 deg Arc angle of rotor teeth,
θmt

18 deg

Arc angle of the notch, θno 6 deg Stack length, l 10 mm
Number of stator teeth, Zs 6 Number of rotor teeth, Zr 10
Relative permeability, µr 1.05 Air-gap length, g0 2 mm
Residual flux density of

magnets, Br0
1.07 T Rated torque 0.79 N·m

Rated speed 400 rpm Rated force 25.7 N
Rated current 6.5 A

A. Air-gap Permeance

DC-FRBLM is double-salient, and the expression of its air-
gap permeance Λ can be written as:

Λ(θs, t) =
µ0

δr(θs, t) + δs(θs)− g0
(4)

where δs and δr are equivalent air-gap lengths of the slotted
stator and rotor. Furthermore, (4) can be expanded as:

Λ(θs, t) =
µ0

g0
ksr(θs, t)λr(θs, t)λs(θs) (5a)

ksr(θs, t) =
1

λs(θs)+λr(θs,t)−λr(θs,t)λs(θs)
(5b)

λs(θs) = g0/δs(θs), λr(θs, t) = g0/δr(θs, t) (5c)

where λs and λr are relative permeance of slotted stator and
rotor. To facilitate the analysis, only half of the period of λs

and λr is taken into account. The air-gap in Fig. 4(a) is divided
into three regions by the red dash line, and the influence of
the notch is ignored. In regions I and III, λs remains constant,
while in region II, it varies due to the impact of the stator
tooth edge. The variation of λs in region II is neglected in
regular model which leads to error in Bpm calculation of DC-
FRBLM. The path of λs in region II forms a 90-degree bend,
and the maximum radius of the quarter arc is constrained to
0.5g0. The expression of δs can be written as:

δs(θs)=


g0 0 ≤ θs ≤ θs0
g0 +

(
π
2 − 1

)
rs(θs − θs0) θs0 < θs ≤ θs1

π
4 g0 + rs(θs − θs0) θs1 < θs ≤ θs2
g0 + dpm/µr θs2 < θs ≤ π

Zs

(6)

{
θs0 = 0.5θfe − θ0, θs1 = 0.5g0/rs + θs0
θs2 = θs0 +

dpm

µrrs
+
(
1− π

4

)
g0
rs
, θ0 = 0.25g0/rs

(7)

where θ0 is the fringe angle of permeance model. The bound-
ary angle between region I and II is θs0, and the boundary
angle between regions II and III is θs2. The similar analysis
can be performed on δr, giving:

δr(θr)=


g0 0 ≤ θr ≤ θr0
g0 +

(
π
2 − 1

)
rr(θr − θr0) θr0 < θr ≤ θr1

π
4 g0 + rr(θr − θr0) θr1 < θr ≤ θr2
g0 + drt θr2 < θr ≤ π

Zr

(8)

Fig. 4. Permeance path of the air-gap, black short dashed lines indicate
the shortest permeance path. The light blue area indicates the PMs which is
neglected temporarily. (a) Only stator slotting. (b) Only rotor slotting.

Fig. 5. Air-gap permeance analytical model. (a) Waveforms. (b) Harmonic
spectra.

{
θr0 = 0.5θmt − θ0, θr1 = 0.5g0/rr + θr0
θr2 = θr0 +

drt

rs
+
(
1− π

4

)
g0
rs
, θr = Ωt− θs

(9)

where Ω is the mechanical speed.
In the regular model, the coefficient ksr is typically assumed

to be constant, i.e., 1. However, as demonstrated in [22],
this simplification can lead to significant deviations in some
scenarios. From (5b), it is evident that ksr deviates from
1 when both λs and λr are not equal to 1. This condition
occurs when the PMs are situated opposite to the rotor slots
in DC-FRBLM. In this case, the simplifying ksr to 1 would
result in substantial errors in the calculation of permeance
and flux density, as this region corresponds to the main area
of Bpm. Consequently, it is essential to consider the precise
value of ksr in the proposed model. To facilitate analysis, ksr
is transformed to polynomial expression as shown in (10).{

ksr(θs, t) ≈ 1− ksrmax [λs + λr − λrλs − 1]

ksrmax =
(g0+drt)(g0+dpm/µr)
g0(g0+drt+dpm/µr)

(10)

The permeance Λ can be expressed as (11) by substituting
(5)-(10) to (4). Detailed derivation process and the definition
of kpr is shown in Appendix.

Λ=

∞∑
ns=0

∞∑
nr=0

kpr(nr, ns) cos (nrZrθr ± nsZsθs) (11)

The waveform and harmonic spectra of Λ obtained from
both the proposed model and FEA results are shown in Fig. 5.
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And the conventional model of permeance is included for
comparison. The result of the proposed model agrees well with
the FEA result, especially for DC and 10th harmonic.

B. No-load Air-gap Flux Density

The leakage flux in DC-FRBLM has a negligible impact
on the no-load magnetic field, due to the consequent-pole
design. To obtain the accurate analytical model, the differential
magnetic network method [23] is employed in this section. The
differential magnetic circuit associated with N pole magnet of
DC-FRBLM is depicted in Fig. 6. For simplicity, the rotor slot
is temporarily omitted. The magnetic circuit can be divided
into two parts based on the flux direction: the magnet circuit
and the iron circuit. The magnet circuit originates from the
magnet and primarily encompasses the magnet area. The iron
circuit starts from the rotor iron and covers the entire air-gap.
It is important to note that the iron circuits of the N and S pole
magnets are symmetrically reversed and cancel each other out.
Additionally, there are two leakage paths shown in Fig. 6. The
main flux of the magnet circuit can be calculated as:

dΦNT = RmBr0

Rm+RgT
rldθs

dΦm = Bpmsrldθs =
RgT

Rg
dΦNT

RgT =
RgRlNRlN2

RlN2RlN+RlN2Rg+RgRlN

(12)

where ΦNT is the total flux of the air-gap, Φm is the main flux
of the air-gap, RgT is the total flux reluctance of air-gap, Rm

is the self-reluctance of the PM, Rg is the reluctance of the
average air-gap, RlN and RlN2 are the tangent reluctance with
different directions on the surface of the stator. A quadratic
polynomial is used to fit RlN and RlN2 in DC-FRBLM as
shown in (13). RlN has a larger value at the junction between
the magnet and stator iron, while RlN2 has a larger value at
the notch. And both RlN and RlN2 are nearly zero in the
middle of the PMs. The coefficient kl1 and kl2 are set to 600
and 800, respectfully.

Rg = g0/(µ0rl), Rm = dpm/ (µrµ0rl)
RlN = dl1/(µ0rl), RlN2 = dl2/(µ0rl)

dl1 = kl1r
2
s(θs − θs0)

2
, θp = 1

2θfe + θpm

dl2 = kl2
[
rs (θp − θs) +

(
π
2 − 1

)
g0
]2 (13)

Due to the symmetric design of the stator, the flux density
in the middle of the notch is zero. A fractional function of θs
is used to describe the flux density at the notch. Combining
(12)-(13), the flux density in the air-gap of the magnet circuit
can be expressed as:

Bpms(θs)=


0 0 < θs ≤ θs0

Br0
µrg0
dm

+ 1 + g0
dl1

+ g0
dl2

θs0 < θs ≤ θp

Bg0
rsθno+g0
rsθno

(
g0
dN

− g0
dS

)
θp < θs ≤ π

Zs

(14)


dN=rs (θs − θp)+g0, dS=rsθno + 2g0 − dN
Bg0 =

Br0dpm

(µrg0+dpm)+g0dpm/dl3

dl3 = klN2

(
π
2 − 1

)2
g0

2

(15)

Fig. 6. Differential magnetic circuit of DC-FRBLM with N pole magnet.

Fig. 7. No-load flux density analytical model. (a) Waveforms of Bpm. (b)
Harmonic spectra of Bpm.

Fig. 8. Integration path for Ampere’s law with A phase winding excitation.

where Bpms is the no-load flux density ignoring the rotor
slotted effort. The flux density Bpm which further considers
the rotor slot effort is calculated by (16).

Bpm(θs, t) = Bpmsλrksr (16)

The waveform and harmonic spectra of Bpm are shown in
Fig. 7. For comparison, the results of the conventional model
are also included in Fig. 7. It can be observed that the error
of the 3rd, 9th and 15th harmonics between the FEA results
and analytical model are within 3.9%.

C. Armature Reaction Field
The armature reaction field is excited by the suspension

current and torque current. The corresponding flux density can
be obtained as:

BS(θs, t) = FSΛ, BT (θs, t) = FTΛ (17)

where FS and FT are the MMF of iS,M and iT,M . The MMF
distribution per ampere-turn of each phase can be obtained as:

AM (θs) =

∞∑
n=1

ka (n) cos

[
n

(
Zs

6
θs −

mπ

3

)]
(18)

This article has been accepted for publication in IEEE Transactions on Transportation Electrification. This is the author's version which has not been fully edited and 

content may change prior to final publication. Citation information: DOI 10.1109/TTE.2024.3370242

© 2024 IEEE. Personal use is permitted, but republication/redistribution requires IEEE permission.
See https://www.ieee.org/publications/rights/index.html for more information.



IEEE TRANSACTIONS ON TRANSPORTATION ELECTRIFICATION 5

Fig. 9. The flux lines distribution results from FEA. (a) Consider the rotor
slot effort. (b) Ignore the rotor slot effort

where M = A,B, ..., F matches m = 0, 1, ..., 5. The flux
lines originating from the stator teeth and entering the rotor
represent the main armature reaction field, which play a key
role in producing torque and radial force. While the flux lines
that begin at one stator tooth and terminate at the adjacent
stator tooth are the magnetic leakage, which mainly occurs in
the stator notch. The magnetic leakage at the notch causes
the variation in MMF of the armature reaction field. The
conventional MMF model usually ignores the MMF variation
for simplification [20]. To enhance the accuracy of the
magnetic model, the MMF model in the notch is obtained
by applying Ampere’s law to the model depicted in Fig. 8,
giving (19). The FEA results of the flux lines distribution at
the stator notch are shown in Fig. 9. The flux lines enclosed in
the pink dashed box are the magnetic leakage, which remain
nearly identical in scenarios both with rotor and without rotor
slots. Consequently, it can be inferred that the inclusion or
exclusion of rotor slots has minimal impact on the derivation
of the MMF model for the armature reaction field. In the
subsequent analysis, the rotor is considered as slot-less since
the slot effect of the rotor has minimal impact on the MMF
model. The magnetic field intensity HAB and HDE can be
regarded as constant.

HAB −HCD − (rs−dpm)θDE

g0+dpm
HDE = 0

⇒ AA,(CD) =
HCD(g0+dpm)

NsIS
= θno+2θ02−θs

θno+2θ02

(19)

{
HCD = HAB − rs−dpm

g0+dpm
θDEHDE

HAB = NsIS
g0+dpm

, HDE = NsIS
(rs−dpm)(θno+2θ02)

(20)

θDE = θs − (0.5θfe + θpm − θ02) , θ02 =
g0 + dpm

2 (rs − dpm)
(21)

θ02 is the fringe angle of the MMF model. Half period of
AA can be expressed as (22). To calculate the coefficient ka
in (18), Fourier expansion is performed on (22), giving (23).

AA(θs) =


1− 1/Zs 0 < θs ≤ θa1
θa2−θs

θgap+2θ02
− 1/Zs θa1 < θs ≤ θa2

−1/Zs θa2 < θs ≤ π
θa1 = 0.5θfe + θpm − θ02, θa2 = θa1 + θno + 2θ02

(22)

ka(n) =
2 [cos (nθa1)− cos (nθa2)]

πn2 (θno + 2θ02)
(23)

Fig. 10. Waveform of the MMF excited by windings. (a) MMF with IS=-6.5
A, IT =0 A (b) MMF with IS=0 A, IT =6.5 A

The MMF of the armature reaction can be calculated as

FS (θs) =
∑
M

NsAM iS,M=

3NsIS
∞∑

n=0

{
ka(6n+ 2) cos

[(
n+ 2

6

)
Zsθs + φS

]
+ka(6n+ 4) cos

[(
n+ 4

6

)
Zsθs − φS

]}
(24a)

FT (θs) =
∑
M

NsAM iT,M=

3NsIT
∞∑

n=0

{
ka(6n+ 1) cos

[(
n+ 1

6

)
Zsθs − ωet− φT

]
+ka(6n+ 5) cos

[(
n+ 5

6

)
Zsθs + ωet+ φT

]}
(24b)

Considering that Zs=6, FS is composed of even harmonics,
while FT is composed of odd harmonics. The permeance Λ
comprises even harmonics as well. It can be concluded that the
BS calculated by (17) consists of the 0th harmonic, namely
DC component. According to Gauss’s theorem, the magnetic
potential of the rotor will adjust to offset the DC component,
which can be interpreted as an additional MMF Far added to
FS , as shown in (25). Since the magnetic drop in the rotor
core is neglected, Far remains constant across the air-gap but
varies with the rotor position. The accurate flux density of
the suspension armature reaction field BS

′ can be obtained as
(26). ∫ 2π

0
(BS + FarΛ) dθs = 0

⇒ Far = −
∫ 2π
0

BSdθs∫ 2π
0

Λdθs
= −BS,0

Λ0

(25)

BS
′ = BS + FarΛ (26)

The subscript 0 represents the DC component. The wave-
forms of FS and FT are shown in Fig. 10, which proves the
correctness of the analysis on Far.

IV. SUSPENSION FORCE COUPLING ANALYSIS AND
DECOUPLING CONTROL STRATEGY

A. Active Suspension Force Analysis

Based on Section II, the active radial force is generated by
the combinations of BpmBS and BTBS . (3) can be rewritten
as (27). By substituting (16), (17) and (26) to (27), the active
radial force is expressed as (28) and (29).{

Fx(θs) =
lr
µ0

∫ 2π

0
(BpmB′

S +BTB
′
S) cos θsdθs

Fy(θs) =
lr
µ0

∫ 2π

0
(BpmB′

S +BTB
′
S) sin θsdθs

(27)
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Fig. 11. Active suspension force of FEA results and analytical model with
id=iy=0 A. (a) x-axis force with ix=-6.5 A, iq=0 A. (b) y-axis force with
ix=-6.5 A, iq=0 A. (c) x-axis force with ix=-6.5 A, iq=4.9 A. (d) y-axis force
with ix=-6.5 A, iq=4.9 A.

Fig. 12. The average error of x-axis active radial force analytical model with
a different order.

[
Fx

Fy

]
=

[
Kxx Kxy

Kyx Kyy

] [
ix
iy

]
(28)



Kxx=
N∑

n=0
(kxx(n)cn + kxdx(n)cnid + kxqx(n)sniq)

Kxy=
N∑

n=0
(kxy(n)sn + kxqy(n)cniq + kxdy(n)snid)

Kyx=
N∑

n=0
(kyx(n)sn + kydx(n)snid + kyqx(n)cniq)

Kyy=
N∑

n=0
(kyy(n)cn + kyqy(n)sniq + kydy(n)cnid)

cn = cos (nZrΩt) , sn = sin (nZrΩt)
(29)

N is the max order of suspension forces considered in the
model, ix and iy are suspension current in x-y axis, id and iq
are torque current in d-q axis.

Table II presents the calculation results of the coefficients
in (29). The accuracy of the proposed model is proved via
FEA, as shown in Fig. 11. The electrical angle in Fig. 11 is in
sync with ωe. The radial force calculation results based on the
proposed analytical model exhibit good agreement with the
FEA results, while the results based on conventional model
have significant errors, degrading the effect of decoupling
strategy. The proposed analytical model exhibiting a notable
20.3% enhancement in the accuracy of suspension force pre-
diction of the DC-FRBLM in x-y axis, compared with the
regular magnetic field model. Fig. 12 illustrates the accuracy
of the calculation results in relation to parameter N. It can be
observed that as N increases, the accuracy of the calculated

Fig. 13. The control diagram of the DC-FRBLM.

TABLE II
VALUE OF ACTIVE RADIAL FORCE COEFFICIENT

Order kxx kxy kyx kyy Unit
0 -4.7049 0 0 -4.7049 N/A

1 0.8946 -0.8946 -0.8946 -0.8946 N/A

2 0.0537 0.0537 0.0537 -0.0537 N/A

3 0.1045 -0.0204 0.0204 0.1045 N/A

Order kxdx kxdy kydx kydy Unit
0 -0.0776 0 0 -0.0776 N/A2

1 -0.3439 0.3439 0.3439 0.3439 N/A2

2 -0.0434 -0.0434 -0.0434 0.0434 N/A2

3 -0.0029 0 0 -0.0029 N/A2

Order kxqx kxqy kyqx kyqy Unit
0 0 -0.0405 0.0405 0 N/A2

1 0.3414 0.3414 0.3414 -0.3414 N/A2

2 0.0447 -0.0447 -0.0447 -0.0447 N/A2

3 0.0011 -0.0014 0.0014 0.0011 N/A2

forces improves. The higher-order harmonics of Fx and Fy

above the 3rd can be ignored in control for DC-FRBLM.
In Fig. 7(b), the dominant static harmonics in Bpm are the

3rd, 9th, and 15th harmonics. And there are rotating harmonics
generated by the regulation effort of the rotor teeth in Bpm,
such as the 1st and 19th harmonics. The average values of Fx

and Fy are determined by the static harmonics of Bpm and B′
S .

While the interaction between B′
S and rotation harmonics of

Bpm and BT can cause the force fluctuation, resulting force-
coupling in x-y axis. Furthermore, as observed in Fig. 11(a)(c),
an increased in iq exacerbates suspension force-coupling,
resulting in a deterioration of suspension control performance
and amplified rotor vibration.

B. Control Method
To mitigate the suspension force-coupling in DC-FRBLM,

a suspension decoupling strategy based on the proposed an-
alytical model is implemented, as shown in (30). The con-
trol block diagram of DC-FRBLM is illustrated in Fig. 13.
Suspension force references F ∗

x and F ∗
y are determined by

the proportional-integral-derivative (PID) controller and trans-
formed into suspension current references using (30). As the
x-y axis aligns with the α-β axis, no coordinate transformation
is required in suspension control. The speed of DC-FRBLM
is regulated by a proportional-integral (PI) controller, with id
is set to zero. Both suspension current and torque current are
controlled by PI controllers, and the outputs of the current
loops are superimposed on the α-β axis.{

ix
∗ =

KyyFx
∗−KxyFy

∗

KxxKyy−KxyKyx

iy
∗ =

KxxFy
∗−KyxFx

∗

KxxKyy−KxyKyx

(30)
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Fig. 14. Simulation results of the active suspension force with decoupling
strategy. (a) x-axis active suspension force. (b) y-axis active suspension force.
(c) Suspension current of ix. (d) Suspension current of iy .

The effectiveness of the decoupling strategy is evaluated
using simulation in a FEA model with the suspension current
derived from the decoupling strategy as the excitation. In these
simulations, the load current iq was set to 4A. The resulting
waveforms of the simulation results, in conjunction with the
suspension currents in the x-y axis, are presented Fig. 14. For
comparison, the simulation results based on the regular model
are also included in Fig. 14. By comparing these different
results, it can be learned that through DC suspension currents
can produce controllable radial forces, they simultaneously
manifest substantial force fluctuations and coupling between
the radial force along the x-y axis. In contrast, the proposed
strategy can mitigate radial force fluctuations by introducing
harmonics currents. It can be observed that the decoupling
strategy based on the proposed model significantly reduces the
fluctuation of the radial force in the x-y axis compared to the
original radial force generated by constant suspension currents.
In contrast, the decoupling strategy based on the regular model
shows limited effectiveness due to the lower accuracy of the
regular model. Furthermore, the calculation of compensatory
suspension current is contingent upon the rotor angle position.
To ensure an accurate evaluation of the impact of the proposed
decoupled strategy, an angle sensor is adopted in Fig. 13 to
attain precise rotor angle information.

V. EXPERIMENTAL RESULTS

Experiments were carried out on the test platform to validate
the effectiveness of the decoupling strategy, as depicted in
Fig. 15. The radial displacement of the DC-FRBLM rotor is
limited to 400 µm by the upper and lower motor covers. Two
three-phase half-bridges with 10 kHz switching frequency are

Fig. 15. Experimental setup.

TABLE III
THE CONTROL PARAMETERS

Levitation loops Current loops Speed loops
Proportional gain 6 0.524 12

Integral gain 40 295.3 42
Derivative gain 0.018 – –
Sampling time 1× 10−4s 1× 10−3s

employed to drive DC-FRBLM, enabling the generation of
both suspension and torque currents. Levitation control and
torque control are implemented using the TMS320F28335
DSP with a calculation frequency of 10 kHz. The outer
surface of the rotor is designed as a detection target to
acquire the rotor displacement by eddy current sensors. And
a magnetic encoder is employed for rotor position detection.
The control parameters are detailed in Table III. To ensure
a fair comparison, the following experiments will utilize the
same control parameters as specified in Table III.

A radial force measurement experiment was conducted on
the DC-FRBLM at standstill to verify the accuracy of the pro-
posed suspension force model. The measured results, shown in
Fig. 16, closely match the predictions of the proposed radial
force model, which validated the model’s high accuracy. The
experimental results of Fig. 16 (a) and (b) were obtained
under the control conditions of iq=0 A, ix=-3 A, iy=0 A,
while those of Fig. 16 (c) and (d) were obtained under the
control conditions of iq=-2 A, ix=-3 A, iy=0 A, respectively.
The experimental results of Fig. 16 (e) and (f) were obtained
under the control conditions of iq=-2 A, ix=-3 A, iy=-3 A.
It’s noteworthy that, although the results in Fig. 16 (b) and
(d) may appear to align with the regular model, the results
in Fig. 16 (e) and (f) with iy injection exhibit differences.
The proposed analytical model consistently maintains higher
accuracy compared to the regular analytical model, leading to
an enhancement in suspension control performance.

The experimental results illustrating the rotor movement
during the start-up procedure are presented in Fig. 17. The
control procedures are consistent across the waveforms based
on different analytic model during the rotor levitation start-
up phase. However, variations in the precision of employed
analytical models result in different rotor start-up trajectories.
Notably, the control strategy based on the proposed analytical
model significantly mitigates overshoot in rotor movement
compared to the strategy based on the regular analytical model.
The response speed of the different waveforms remains similar
since the parameters of the PID controller for suspension are
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Fig. 16. Radial force measured from experiment. (a) X-axis force with iq=0
A, ix=-3 A, iy=0 A. (b) Y-axis force with iq=0 A, ix=-3 A, iy=0 A. (c)
X-axis force with iq=-2 A, ix=-3 A, iy=0 A. (d) Y-axis force with iq=-2
A, ix=-3 A, iy=0 A. (e) X-axis force with iq=-2 A, ix=-3 A, iy=-3 A. (f)
Y-axis force with iq=-2 A, ix=-3 A, iy=-3 A.

uniform.
Fig. 18 shows the rotor movements and trajectory during

rotation. Additionally, the experimental results with the de-
coupling strategy based on the regular radial force model are
presented for comparison. The speed in the experiment is 100
rpm, corresponding to a period of 0.6s, and the load current
iq is 3.0 A. The waveforms of Fig. 18 (c) and (d) exhibit
a repeating cycle of 0.6s, aligning with the rotational period
of the rotor. Each period encompasses ten micro-vibrations
with the frequency of 16.667Hz, equaling to the electrical
frequency. Via applying proposed decoupling strategy, the
fluctuations in x-y axis are reduced by 44.3% and 48.5%. The
max fluctuations in Fig. 18(c) are 45.8 µm and 69.7 µm in
x-y axis respectively. And the max fluctuations in Fig. 18(d)
are 25.5 µm and 35.9 µm. Furthermore, Fig. 18(a) (b) demon-
strate a good improvement in rotor vibration reduction. The
machining errors of the rotor introduce difference in balanced
point calibration and suspension control performance in x-axis
and y-axis.

The step response of rotor movement is examined and
shown in Fig. 19 to further analyze the impact of rotor
displacement on the decoupled strategy control performance.
Comparing the suspension control based on the regular model,
the proposed model demonstrates a reduction in rotor displace-
ment fluctuations in x-y axis by 22.4% / 33.8%, and 19.1% /
41.9% before and after the step event, respectively. The radial
force-coupling effect leads to increased displacement fluctua-
tion in the y-axis as the rotor deviates from the balanced point
in the x-axis after step response happens. And the decoupling
strategy effectively mitigates the interaction between the x-
y axis. As depicted in Fig. 19, the response speed of the
rotor movement is close across the control strategies based
on different analytical model since they share the same set

Fig. 17. The experimental results of the rotor movements during start-up
procedure. (a) X-axis movement. (b) Y-axis movement.

Fig. 18. Experimental results of rotor movements and trajectory. (a) Control
strategy based on the regular model. (b) Control strategy based on the
proposed model. (c) Control strategy based on the regular model. (d) Control
strategy based on the proposed model.

Fig. 19. Step response of rotor movements. (a) Control strategy based on the
regular model. (b) Control strategy based on the proposed model.

of control parameters for the PID controller. However, the
adjustment time of the strategy based on the proposed model is
notably reduced compared to the strategy based on the regular
model.

In Fig. 20, the suspension performance is evaluated across
speeds ranging from 250 rpm to 400 rpm. During the ac-
celeration phase, the maximum displacement fluctuations in
the x-y axis with the control strategy based on the regular
radial force model are 45.7 µm and 62.0 µm, respectively.
On the other hand, the control strategy based on the proposed
model achieves maximum displacement fluctuations of 39.6
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Fig. 20. Experimental results at the condition of variable speed. (a) Control
strategy based on the regular model. (b) Control strategy based on the
proposed model.

µm and 39.5 µm in the x-y axis. These results demonstrate
the improved performance of the proposed model in reducing
displacement fluctuations during acceleration.

VI. CONCLUSION

In summary, this paper introduces an advanced magnetic
field model for precise calculation of the active radial force in
DC-FRBLM and addresses the force-coupling issue. The pro-
posed model incorporates a precise double-salient permeance
model and accounts for leakage flux, resulting in improved ac-
curacy compared to the regular analytical model. FEA results
confirm the effectiveness of the proposed model. Additionally,
the paper analyzes the fluctuation and coupling of the suspen-
sion force in the x-y axis caused by the rotating magnetic
field. To mitigate rotor vibration, a decoupling strategy based
on the radial force model is designed and experimentally
validated. The results demonstrate the effectiveness of the
decoupling strategy across various operational scenarios. In
conclusion, the proposed model and decoupling strategy offer
advancements in understanding and controlling DC-FRBLM,
leading to improved levitation performance and reduced rotor
vibration.

APPENDIX

To facilitate the derivation, two functions are defined as:

f1 (n1, n2) =

{
1 |n1| = n2

0 else
(A1)

fc(n1, n2) = cos [n1Zr (Ωt− θs)± n2Zsθs] (A2)

The Fourier expansion of λs and λr is expressed as (A3).
λs (θs) =

∞∑
ns=0

ks(ns) cos (Zsnsθs)

λr (θs, t) =
∞∑

nr=0
kr(nr) cos [Zrnr (Ωt− θs)]

(A3)

Then (10) can be expanded as (A4).

ksr=1+ ksrmax

2

∞∑
ns=0

∞∑
nr=0

ks
′(ns)kr

′(nr)fc(nr, ns){
ks

′(0) = ks(0)− 1, ks
′(ns) = ks(ns)

kr
′(0) = kr(0)− 1, kr

′(nr) = kr(nr)

(A4)

(A5) can be obtained by substituting (A3), (A4) into (5a).

Λ = µ0

g0
ksrλrλs =

µ0

2g0

∞∑
ns=0

∞∑
nr=0

kr(nr)ks(ns)fc (nr, ns)

+
∞∑

ns1=0

∞∑
nr1=0

∞∑
ns2=0

∞∑
nr2=0

wnfc (nr1 ± nr2, ns1 ± ns2)

=
∞∑

ns=0

∞∑
nr=0

kpr(nr, ns)fc (nr, ns)

wn = ksr maxµ0

8g0
kr

′(nr2)ks
′(ns2)kr(nr1)ks(ns1)

(A5)


kpr(nr, ns) =

µ0

2g0
kr(nr)ks(ns)+

ksr minµ0

8g0
kr

′′(nr)ks
′′(ns)

ks
′′(ns) =

∞∑
ns1=0

∞∑
ns2=0

ks
′(ns2)ks(ns1)f1 (ns1 ± ns2, ns)

kr
′′(nr) =

∞∑
nr1=0

∞∑
nr2=0

kr
′(nr2)kr(nr1)f1 (nr1 ± nr2, nr)

(A6)
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