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Review of laterally loaded monopiles employed as
the foundation for offshore wind turbines

S. P. H. Sgrensen!;K. T. Brgdbak?; M. Mgller?; and A. H. Augustesen?

Aalborg University, February 2012

Abstract

The monopiles foundation concept is often employed as the foundation for offshore
wind turbine converters. These piles are highly subjected to lateral loads and
overturning moments due to wind and wave forces. Typically monopiles with
diameters of 4 to 6 m and embedded pile lengths of 15 to 30 m are necessary. In
current practice these piles are normally designed by use of the p—y curve method
although the method is developed and verified for small-diameter, slender piles. In
the present paper a review of the existing p—y curve formulations for piles in sand is
presented. Based on numerical and experimental studies presented in the literature,
advances and limitations of the current p—y curve formulations are outlined. The re-
view focuses on the design of monopile foundations for offshore wind turbine converters.

1 Introduction

It is a predominating opinion that the
global warming is caused by the emission
of greenhouse gasses. Therefore, it is of
high political interest to reduce the emis-
sion of greenhouse gasses. This can be
accomblished by investments in renewable
energy. Wind power is a very competi-
tive source of renewable energy, and there-
fore the market for both onshore and off-
shore wind farms is expected to expand.
In 2008, the wind energy capacity in the
world was approximately 120 GW of which
Europe accounted for 65 GW. In 2030,
the wind energy capacity in Europe is ex-
pected to reach 400 GW corresponding to
an increase of 515 % compared to the ca-
pacity in 2008. Currently, the majority
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of wind turbines are placed onshore due
to lower construction costs onshore than
offshore. However, dense populations and
built-up areas limit the number of suitable
locations on land. Therefore, the develop-
ment of offshore wind farms are enforced.
In 2011, the offshore wind energy capac-
ity in Europe was approximately 4 GW,
while the capacity in 2030 is expected to
increase to approximately 150 GW. (see
WWW.ewea.org)

Several concepts for offshore wind turbine
foundations exist, for instance, monopile
foundations, gravitational foundations,
bucket foundations, tripods, jacket foun-
dations, and floating foundation concepts.
The choice of foundation concept primar-
ily depends on site conditions and the
dominant type of loading. At moderate
water depths the most common founda-
tion principle is monopiles, which are sin-
gle steel pipe piles driven open-ended into
the soil. According to LeBlanc et al.
(2009) monopiles installed recently have



diameters around 4 to 6 m and a pile slen-
derness ratio, L/D, around 5 where L is
the embedded pile length and D is the
outer pile diameter.

For offshore wind turbine foundations the
serviceability and fatigue limit states are
often governing for the design. The foun-
dations should be designed such that the
accumulated rotation is less than the re-
quirements of the wind turbine producer.
Often the rotation due to installation is
not allowed to exceed 0.25° and the accu-
mulated rotation due to loads is restricted
to 0.25°. Furthermore, the foundation
should be designed such that resonance
with the rotor frequency, the blade passing
frequency, and the energy rich frequency of
the environmental loads is avoided. Hence,
the stiffness of the foundation for offshore
wind turbines is of great importance. The
blade passing frequency and the rotor fre-
quency of the wind turbine are typically
in the range of 0.5-1.0 and 0.17-0.33 Hz,
respectively. Monopile foundations for off-
shore wind turbines are typically designed
such that the first natural frequency of the
structure is between the blade passing fre-
quency and the rotor frequency.

In current design of laterally loaded off-
shore monopiles, the winkler model ap-
proach is normally used. Further, p—y
curves are typically used to describe the
interaction between pile and soil. A p—y
curve describes the non-linear relationship
between the soil resistance acting against
the pile wall, p, and the lateral deflec-
tion of the pile, y. Note that there in the
present paper is distinguished between soil
resistance, p, and ultimate soil resistance,
py- The soil resistance is given as the re-
action force per unit length acting on the
pile. The ultimate soil resistance is given
as the maximum value of soil resistance.

Several formulations of p—y curves exist
depending on the type of soil. These for-
mulations are originally formulated to be
employed in the offshore oil and gas sec-

tor. However, they are also used for off-
shore wind turbine foundations, although
piles with significantly larger diameter and
significantly smaller slenderness ratio are
employed for the foundation of these.

In the present paper the formulation and
implementation of p—y curves for piles in
sands proposed by Reese et al. (1974),
O’Neill and Murchison (1983), and design
regulations of organs such as the Ameri-
can Petroleum Institute and Det Norske
Veritas API (API, 2000; and DNV, 2010)
will be presented and analysed. However,
alternative methods for designing laterally
loaded piles have been proposed in the lit-
erature. Alternative approaches can gen-
erally be classified as follows:

The limit state method.

The subgrade reaction method.

The elasticity method.

The strain-wedge method.

The finite element /difference method.

Model tests

Simplest of all the methods are the limit
state methods considering only the ulti-
mate soil resistance (e.g. Hansen, 1961;
Broms, 1964; Petrasovits and Award,
1972; Meyerhof et al., 1981; Prasad and
Chari, 1999; and Zhang et al., 2005).

The simplest method for predicting the
pile deflection is the subgrade reaction
method, e.g. Reese and Matlock (1956)
and Matlock and Reese (1960). In this
case the soil resistance is assumed linearly
dependent on the pile deflection. Small-
and full-scale tests though substantiate a
non-linear relationship between soil resis-
tance and pile deflection. The subgrade
reaction method must therefore be consid-
ered too simple and highly inaccurate. In
addition the subgrade reaction method is



not able to predict the ultimate lateral pile
resistance.

The p—y curve method assumes a non-
linear dependency between soil resistance
and pile deflection and is therefore able to
produce a more accurate solution. In both
the p—y curve method and the subgrade re-
action method the Winkler approach, cf.
section 2, is employed to calculate the lat-
eral deflection of the pile and the inter-
nal forces in the pile. When employing
the Winkler approach the pile is consid-
ered as a beam on an elastic foundation.
The beam is supported by a number of un-
coupled springs with spring stiffness’ given
by p-y curves. When using the Winkler
approach the soil continuity is not taken
into account as the springs are considered
uncoupled.

The elasticity method, e.g. Banerjee and
Davis (1978), Poulos (1971), and Pou-
los and Davis (1980), includes the soil
continuity. However, the response is as-
sumed to be elastic. As soil is more likely
to behave elasto-plastically, this elasticity
method is not to be preferred unless only
small strains are considered. Hence, the
method is only valid for small strains and
thereby not valid for calculating the ulti-
mate lateral pile resistance.

The strain-wedge method was originally
proposed by Norris (1986) and was orig-
inally able to predict the respons of flexi-
ble piles exhibited to lateral loading. Since
then, the model has been developed fur-
ther by, for instance, Ashour et al. (1998)
and Ashour and Norris (2003) such that
it can account for, among others, layered
soils and soil liguefaction. The strain-
wedge method links the traditional Win-
kler approach with the three-dimensional
behaviour of soils determined from triaxial
tests.

Another way to deal with the soil con-
tinuity and the non-linear behaviour is
to apply a three-dimensional finite ele-
ment /difference model (e.g. Abdel-

Rahman and Achmus, 2005; Fan and
Long, 2005; Lesny and Wiemann, 2006;
Sgrensen et al., 2009; Lin et al., 2010;
and Sgrensen et al., 2010). When apply-
ing a three-dimensional numerical model
both deformations and the ultimate lat-
eral resistance can be determined. Due
to the complexity of a three-dimensional
model, substantial computational power
is needed and calculations are often very
time consuming. Phenomena such as lig-
uefaction and gaps between soil and pile
are at present hard to handle in the mod-
els. Hence, anumerical modelling is a use-
ful tool but the accuracy of the results is
highly dependent on the applied constitu-
tive soil models as well as the calibration
of these models.

Model tests can be conducted to inves-
tigate the behaviour of laterally loaded
piles. Model tests at large scale are very
expensive. Hence, small-scale tests are of-
ten preferred. When conducting small-
scale tests at normal stress level, the fric-
tion angle of the soil is high and Young’s
modulus of elasticity is low compared to
the soil properties for full-scale tests. To
overcome this issue, small-scale tests can
be conducted in either a centrifuge or
in a pressure tank in which an overbur-
den pressure can be applied to the soil.
Small-scale tests have been conducted by,
for instance, Barton et al. (1983), Geor-
giadis et al. (1992), Verdue et al. (2003),
Sorensen et al. (2009), LeBlanc et al.
(2010a), LeBlanc et al. (2010b), Klinkvort
and Hededal (2010), and Brodbak et al.
(2011). When conducting small-scale tests
appropriate scaling laws are necessary for
the scaling to full-scale. Scaling laws ap-
plicable for laterally loaded piles have been
proposed by several authors (e.g. Gudehus
and Hettler, 1983; Peralta and Achmus,
2010; Leblanc et al., 2010a; and Bhat-
tacharya et al., 2011).

In this paper the Winkler model approach
and the p—y curves proposed by Reese et
al.  (1974) and Murchison and O’Neill



(1984) are presented in detail. These p—y
curves are valid for piles situated in cohe-
sionless soil materials. The limitations of
the Winkler model approach and the p-—
y curves are discussed. Further, research
within the field of laterally loaded piles
situated in sand is presented. The paper
adresses monopile foundations for offshore
wind turbines.

2 p—y curves and Winkler
approach

As a consequence of the oil and gas in-
dustry’s expansion in offshore platforms in
the 1950s, models for designing laterally
loaded piles were required. The key prob-
lem is the soil-structure interaction as the
stiffness parameters of the pile, F,, and
the soil, Fs, may be well known but at the
soil-pile interface the combined parameter
E,, is governing and unknown. In order
to investigate the soil-pile interaction, a
number of field tests on fully instrumented
flexible piles have been conducted and var-
ious expressions for various soil conditions
have been derived to predict the soil pres-
sure acting on a pile subjected to lateral
loading.

Historically, the derivation of the p—y
curve method for piles in sand is as fol-
lows:

e Analysing the response of beams on
an elastic foundation, the soil is
characterised by a series of linear-
elastic uncoupled springs, introduced
by Winkler (1867).

e Hetenyi (1946) presents a solution to
the beam on elastic foundation prob-
lem.

e McClelland and Focht (1958) as well
as Reese and Matlock (1956) suggest
the basic principles in the p—y curve
method.

e Investigations by Matlock (1970) in-
dicates that the soil resistance in one
point is independent of the pile defor-
mation above and below that exact
point.

e Tests on fully instrumented test piles
in sand installed at Mustang Island
are carried out in 1966 and reported
by Cox et al. (1974).

e A semi-empirical p—y curve expression
is derived based on the Mustang Is-
land tests, cf. Reese et al. (1974).
The expression becomes the state-of-
the-art in the following years.

e O'Neill and Murchison proposes a
new p—y curve formulation with a tan-
gent hyperbolic shape.

e Murchison and O’Neill (1984) com-
pare the p—y curve formulations pro-
posed by Reese et al. (1974), with
the expression by O’Neill and Murchi-
son (1983) and two simplified ex-
pressions (also based on the Mus-
tang Island tests) by testing the for-
mulations against a database of rel-
atively well-documented lateral pile
load tests. The formulation of O’Neill
and Murchison (1983) was found to
provide better results compared to
the original expressions formulated by
Reese et al. (1974). The expres-
sion of O’Neill and Murchison (1983)
was later adopted by design regula-
tions of organs such as the American
Petroleum Institute (API) and Det
Norske Veritas (DNV).

Research has been concentrated on deriv-
ing empirical (e.g. Reese et al. 1974)
and "analytical” (e.g. Ashour et al. 1998)
p—y curve formulations for different types
of soil giving the soil resistance, p, as a
function of pile displacement, y, at a given
point along the pile. The soil pressure at
a given depth, x;, before and during an



excitation is sketched in fig. 1b. The pas-
sive pressure on the front of the pile is in-
creased as the pile is deflected the distance
y; while the active pressure at the back is

decreased.
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(a) Pile bending due
to lateral loading.

o g5

(b) Stresses on a pile before and dur-
ing lateral excitation.

Figure 1: Distribution of stresses before and dur-
ing lateral excitation of a circular pile. p; denotes
the net force acting on the pile at the depth ¢,
after Reese and Van Impe (2001).

An example of a typical p—y curve is shown
in fig. 2a. The curve has an upper hori-
zontal limit denoted by the ultimate soil
resistance, p,. The horizontal line implies
that the soil has an ideal plastic behaviour
meaning that no loss of shear strength oc-
curs with increasing strain. The subgrade
reaction modulus, E,,, at a given depth, x,
is defined as the secant modulus p/y. E,,
is thereby a function of both lateral pile
deflection, y, depth, =, as well as the phys-
ical properties and load conditions. Ep,
does not uniquely represent a soil prop-
erty, but is simply a convenient parame-
ter that describes the soil-pile interaction.
E,, decreases with increased deflection, cf.
fig. 2b. A further examination of the
shape of p—y curves is to be found in sec-

tion 3.

Since the soil-pile interaction is three-
dimensional and highly nonlinear a sim-
plified and convenient way to obtain the

(a) p—y curve.

>y
(b) Variation of subgrade re-
action modulus.

Figure 2: Typical p—y curve and variation of
the modulus of subgrade reaction at a given point
along the pile, after Reese and Van Impe (2001).

soil resistance along the pile is to apply
the Winkler approach in which the soil
resistance is modelled as uncoupled non-
linear springs with stiffness F),, acting on
an elastic beam as shown in fig. 3. By
employing uncoupled springs layered soils
can conveniently be modelled.

M
gL e

AI""T »

Ip Epyi “Epy

—wWwWw— <—>
Epy.’ AE py2

p

E AEPJ"3

‘py3
v

Figure 3: The Winkler approach with the pile
modelled as an elastic beam supported by non-
linear uncoupled springs.

The governing equation for beam deflec-
tion was stated by Timoshenko (1941).
The equation for an infinitesimal small ele-
ment, dz, located at depth x, subjected to
lateral loading, can be derived from static
equilibrium. The sign convention in fig. 4
is employed. N, V, and M defines the ax-
ial force, shear force and bending moment
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in the pile, respectively. The axial force,
N, is assumed to act in the cross-section’s
centre of gravity.

Equilibrium of moments and differentiat-
ing with respect to x leads to the following
equation where second order terms have
been neglected:

d’M  dV d%y
— —-N—5 = 1
dz?  dx dx? 0 (1)
Following relations are used:
M = E, I,k (2)
av
dr -p (3)
p(y) = —Epyy (4)

E, and I, are the Young’s modulus of elas-
ticity of the pile and the second moment
of inertia of the pile, respectively. k is the
curvature strain of the beam element.

Figure 4: Sign convention for infinitesimal beam
element.

With use of (2)—(4) and the kinematic as-
sumption k£ = % which is assumed in
Bernoulli-Euler beam theory the govern-
ing fourth-order differential equation for
determination of deflection is obtained:

4 2

T N Byy=0 ()

Epl,
In (5) the shear strain, -, in the beam is
neglected. This assumption is only valid
for relatively slender beams. For short and
rigid beams the Timoshenko beam theory,
that takes the shear strain into account,

is preferable. The following relations are

used:
V= GyAn (6)
_dy
dw

Gy and A, are the shear modulus and the
effective shear area of the beam, respec-
tively. w is the cross-sectional rotation as
defined in fig. 5. In Timoshenko beam the-
ory the shear strain and hereby the shear
stress is assumed to be constant over the
cross section. However, in reality the shear
stress varies parabolic over the cross sec-
tion. The effective shear area is defined
so the two stress variations give the same
shear force. For a pipe the effective shear
area can be calculated as:

Ay = 2(D — i)t 9)

where ¢ is the wall thickness of the pipe.

Figure 5: Shear and curvature deformation of a
beam element.

By combining (1)—(4) and (6)—(8) two cou-
pled differential equations can be formu-
lated to describe the deflection of the Tim-
oshenko beam:

GAUi (ﬁ - w) —Euy=0 (10)

dz \ dx
d3w d%y
Eplpﬁ _Nw‘}'Epyy:O (].].)

In the derivation of the differential equa-
tions the following assumptions have been
used:
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e The beam is straight and has a uni-
form cross section.

e The beam has a longitudinal plane of
symmetry, in which loads and reac-
tions lie.

e The beam material is homogeneous,
isotopic, and elastic. Furthermore,
plastic hinges do not occur in the
beam.

e Young’s modulus of elasticity of the
beam material is similar in tension
and compression.

e Beam deflections are small.

e The beam is not subjected to dynamic
loading.

3 Formulations of p—y
curves for piles in sand

p—y curves describing the static and cyclic
behaviour of piles in cohesionless soils are
presented followed by a discussion of their
validity and limitations, cf. section 4.
Only the formulation made by Reese et
al. (1974), hereafter denoted Method A,
and the formulation proposed by O’Neill
and Murchison (1983) and implemented in
design regulations such as API (2000) and
DNV (2010), Method B, will be described.
Both p—y curve formulations are empiri-
cally derived based on full-scale tests on
free-ended piles at Mustang Island.

3.1 Full-scale tests at Mustang
Island

Tests on two fully instrumented, identical
piles located at Mustang Island, Texas as
described by Cox et al. (1974), are the
starting point for the formulation of p—y
curves for piles in sand. The test setup is
shown in fig. 6 and 7.

To install the test- and reaction piles a
Delmag-12 diesel hammer was used. The
test piles were steel pipe piles with diame-
ters of D = 0.61 m (24 in) and wall thick-
nesses of wt = 9.5 mm (3/8 in). The
embedded length of the piles were 21.0
m (69 ft) which corresponds to a slen-
derness ratio of L/D = 34.4. The piles
were instrumented with a total of 34 active
strain gauges mounted from 0.3 m above
the mudline to 9.5 m (32 ft) below the
mudline. The strain gauges were bonded
directly to the inside of the pile in 17 levels
with highest concentration of gauges near
the mudline. The horizontal distance be-
tween the centre of the two test piles was
7.5 m (24 ft and 8 in), cf. fig. 7. Between
the piles the load cell was installed on four
reaction piles. The minimum horizontal
distance from the centre of a reaction pile
to the centre of a test pile was 2.8 m (9
ft and 4 in). Hence, from each test pile,
two reaction piles were placed each with
an angle of approximately 28° from the di-
rection of loading. Hence, the total center
to center distance from each test pile to
the nearest reaction piles were 3.2 m cor-
responding to 5.2D. According to Remaud
et al. (1998), a trailing pile positioned re-
spectively 4D and 6D away from the lead-
ing pile has in general a reduction in stiff-
ness and capacity of 18 and 7 %, respec-
tively. Therefore, a minor effect from the
reaction piles must be expected. Neither
Cox et al. (1974) nor Reese et al. (1974)
mentions whether they account for group
effects in the analysis of the pile tests.

Prior to pile installation, two soil borings
were made, each in a range of 3.0 m (10 ft)
from a test pile. The soil samples showed
a slight difference between the two areas
where the piles were installed, as one bor-
ing contained fine sand in the top 12 m
(40 ft) and the other contained silty fine
sand. The strength parameters were de-
rived from standard penetration tests ac-
cording to Peck et al. (1953). The stan-
dard penetration tests showed large varia-
tions in the number of blows per ft. Espe-
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Figure 6: Plan drawing of the test setup for the Mustang Island tests, after Cox et al. (1974). Measures
in meter.
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Figure 7: Cross-sectional view of the test setup for the Mustang Island tests, after Cox et al. (1974).
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cially in the top 12 m (40 ft) of both bor-
ings the number of blows per 30 cm varied
from 10 to 80. From 12 to 15 m (40 to 50
ft) beneath the mudline clay was encoun-
tered. Beneath the clay layer the strength
increased from 40 to 110 blows per 30 cm.
From 18 m (60 ft) beneath the mudline to
the total depth the number of blows per
30 cm decreased from 110 to 15. The wa-
ter table was located at the soil surface,
implying fully saturated soil.

The piles were in total subjected to seven
horizontal load cases consisting of two sta-
tic and five cyclic. Pile 1 was at first sub-
jected to a static load test 16 days after
installation. The load was applied in in-
crements until a maximum load of 267 kN
(60000 1b) was reached. The maximum
load was determined as no failure occurred
in the pile. After the static load test on
pile 1 two cyclic load tests were conducted
with varying load amplitude. A maximum
of 25 load cycles were applied. 52 days
after installation a pull-out test was con-
ducted on pile 2. A maximum of 1780 kN
(400000 1b) was applied causing the pile to
move 25 mm (1 inch). After another week
pile 2 was subjected to three cases of cyclic
loading and finally a static load test. For
the cyclic loading a maximum of 100 load
cycles were applied. The static load case
on pile 2 was performed immediately after
the third cyclic load case which might af-
fect the results. Reese et al. (1974) do not
clarify whether this effect is considered in
the analyses.

3.2 Method A

Method A is the original method based on
the Mustang Island tests, cf. Reese et al.
(1974). The p—y curve formulation con-
sists of three curves: an initial straight
line, p1, a parabola, po, and a straight line,
ps3, all assembled to one continuous piece-
wise differentiable curve, cf. fig. 8. The
last straight line from (Y,pm) t0 (Yu,Du)

is bounded by an upper limit characterised
by the ultimate soil resistance, py,.

P
A
g
N I
B|--- ®© I :
i : !
1 1 1
Yk Yn W >

Figure 8: p-y curve for static loading using
method A, after Reese et al. (1974).

Ultimate soil resistance

The total ultimate lateral resistance, F,
is equal to the passive force, F),, minus
the active force, F,, acting on the pile.
The ultimate resistance can be estimated
analytically by means of either statically
or kinematically admissible failure modes.
At shallow depths a wedge will form in
front of the pile assuming that the Mohr-
Coulomb failure criterion is valid. Reese
et al. (1974) uses the wedge shown in fig.
9 to analytically calculate the passive ulti-
mate resistance at shallow depths, p.s. By
using this failure mode a smooth pile is as-
sumed, and therefore no tangential forces
occur at the pile surface. The active force
is also computed from Rankine’s failure
mode, using the minimum coefficient of ac-
tive earth pressure.

At deep depths the sand will, in contrast
to shallow depths, flow around the pile and
a statical failure mode as sketched in fig.
10 is used to calculate the ultimate resis-
tance. The transition depth between these
failure modes occurs, at the depth where
the ultimate resistances calculated based
on the two failure modes are identical.

The ultimate resistance per unit length of
the pile can for the two failure modes be
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Figure 9: Failure mode at shallow depths, after
Reese et al. (1974).
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Figure 10: Failure mode at deep depths, after
Reese et al. (1974).

calculated according to (12) and (13):

, Koxtan gy, sin 8

= 12
Pes =1 xtan(ﬂ — Q) COS (v (12)
tan 3
++7yr——""—(D —ztanfStana
7 tan(ﬁ - Sptr) ( B )

+ v x( Koz tan ¢y, (tan ¢y, sin f — tan a)
~ K,D)
Ped = KoD7'w(tan® § — 1) (13)
+ KD~z tan ¢y, tan’

pes 18 valid at shallow depths and p.q at
deep depths, v’ is the effective unit weight,
and (- is the angle of internal friction
based on triaxial tests. The factors a and
[ measured in degrees can be estimated by
the following relations:

a :% (14)
B =45° + % (15)

Hence, the angle 3 is estimated according
to Rankine’s theory which is valid if the

pile surface is assumed smooth. The factor
« depends on the friction angle and load
type. However, the effect of load type is
neglected in (14). K, and K are the coef-
ficients of active horizontal earth pressure
and horizontal earth pressure at rest, re-
spectively:

K, = tan®(45 — %) (16)

Ky=04 (17)

The value of Ky depends on several fac-
tors, e.g. the friction angle, but (17) does
not reflect that.

The theoretical ultimate resistance, p., as
function of depth is shown in fig. 11.
As shown, the transition depth increases
with diameter and angle of internal fric-
tion. Hence, for piles with a low slender-
ness ratio the transition depth might ap-
pear far beneath the pile-toe.

By comparing the theoretical ultimate re-
sistance, p., with the full-scale tests at
Mustang Island, Cox et al. (1974) found
a poor agreement. Therefore, a coefficient
A is introduced when calculating the ac-
tual ultimate soil resistance, p,, employed
in the p—y curve formulations:

Pu = Ape (18)

The variation of the coefficient A with
non-dimensional depth, z/D, depends on
whether static or cyclic loading is applied.
The variation of A is shown in fig. 12a.
The deformation causing the ultimate soil

resistance, y,, cf. fig. 8, is defined as
3D/80.

p—y curve formulation

The soil resistance per unit length, p,,, at
ym = D/60, cf. fig. 8, can be calculated
as:

Pm = Bpe (19)
B is a coefficient depending on the non-
dimensional depth /D, and whether sta-
tic og cyclic loading is considered. The va-
riation of B with non-dimensional depth is
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Figure 11: Theoretical ultimate resistance, pc,
as function of the depth. 7' = 10 kN/m? has been
used to plot the figure. The transition depths are
marked with circles.

illustrated in fig. 12b. Hence, cyclic load-
ing is taken into account by a reduction of
the non-dimensional constants A and B.
Cyclic loading only affects the p—y curves
significantly at depths from the soil surface
to x/D = 3.5.

The slope of the initial straight line, p;
as shown in fig. 8, depends on the initial
modulus of subgrade reaction, k, and the
depth z. This is due to the fact that the in-
situ Young’s modulus of elasticity also in-
creases with depth. Further, it is assumed
that the slope of the initial straight line
increases linearly with depth since labora-
tory test shows, that the initial slope of the
stress-strain curve for sand is a linear func-
tion of the confining pressure, cf. Terzaghi
(1955). The initial tangent stiffness of the

(a) Non-dimensional coefficient A for de-
termining the ultimate soil resistance, p,,.

B
O0 < 1 2 3

(b) Non-dimensional coefficient B for de-
termining the soil resistance, pm,.

Figure 12: Non-dimensional variation of A and
B, after Reese et al. (1974).

p-y curves is in the following denoted £y, .
The initial straight line is given by:

pi(y) = Epyy = kxy (20)

Reese et al. (1974) suggest that the value
of k only depends on the relative den-
sity /internal friction angle for the sand.
On basis of full-scale experiments values of
k for loose sands, for medium dense sands,
and for dense sands are 5.4 MN/m? (20
Ibs/in?), 16.3 MN/m? (60 lbs/in®), and 34
MN/m?3 (125 lbs/in®), respectively. The
values are valid for sands below the wa-
ter table. Earlier estimations of k has
also been made, for example by Terza-
ghi (1955), but according to Reese and
Van Impe (2001) these methods have been
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based on intuition and insight. Design reg-
ulations, e.g. API (2000) and DNV (2010),
recommend the use of the curve shown in
fig. 13. The curve only shows data for
relative densities up to approximately 80
%, which causes large uncertainties in the
estimation of k for very dense sands.
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Figure 13: Variation of initial modulus of sub-
grade reaction k as function of relative density,
after API (2000).

The equation for the parabola, po, cf. fig.
8, is described by:

paly) = Cy*/" (21)
where C' and n are constants.  The
constants and the parabola’s start point
(yk,pr) are determined by the following
criteria:

p1(yk) = p2(yk) (22)
P2(Um) = P3(Ym) (23)
apZ(ym) _ ap?»(ym) (24)
oy oy
The constants can then be calculated by:
n = Pm_ (25)
MYm
Pm
C
_ (= n/(n—1) 2

= () (21)

where m is the slope of the line, ps.

3.3 Method B

O’Neill and Murchison suggested a mod-
ified formulation of the p—y curves. The
modified expression is currently recom-
mended in the design regulations, e.g. API
(2000) and DNV (2010). In their modified
p—y curve formulation, the analytical ex-
pressions for the ultimate soil resistance,
(12) and (13), are approximated using the
dimensionless parameters C, Cy and Cj:

DPus = (Clx + C2D)0-’:] )

= min
Pu < pua = C3Doy,

(28)

The constants C1, Cy and C3 can be de-
termined from fig. 14.

%5 30 35 40 45
friction angle,@ [degrees]

(a) C1 and Cs.

12
100
Cs
80
T
= 60
(@)
40

20

%5 30 35 40 45
friction angle @ [degrees]

(b) Cs.

Figure 14: Variation of the parameters Cq, C2
and Cs as function of angle of internal friction,
after APT (2000).

A hyperbolic formula is used to describe
the relationship between soil resistance
and pile deflection instead of a piecewise
formulation as proposed by method A:

kx
Apy Y

ply) = Ap, tanh ( (20)
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The coefficient A could either be deter-
mined from fig. 12a or by:

A ( 3.0-0.84 > 0.9, static loading >

0.9 , cyclic loading
(30)
Since
kx
dp Ap
— |ymo= Apy,—— |, —o= kz (31
dy v ucosh%%) v (3D

the p—y curve’s initial slope is then similar
using the two methods, cf. (20). Also the
upper bound of soil resistance will approx-
imately be the same. However, there is
a considerable difference in soil resistance
predicted by the two methods when con-
sidering the pile deflection between y;, and
Yy as shown in fig. 15. The soil parameters
from tab. 1 has been used to construct the
p—y curves shown in fig. 15.

300 ;
k- —— - — —
P x=10m
2500~ T
0000 e
_ | s X=5m
E || 4
Z 1500- [ @
o !
I,
1000~ 1 - - —Method A
Method B
5001, -e-k ]
v om
—s-u
0 i i i i T T
0 005 01 015 02 025 03 0.35
y[m]
Figure 15: Example of p—y curves based on

method A and B. The points k, m, and u refers to

the points (yx,px), (Ym.pm), and (yu,pu), respec-
tively, cf. fig. 8.

Table 1: Soil parameters used for plotting the
p—y curves in fig. 15.

’7, gbtr D k
[kN/m’] [7] [m] [kN/m?
10 30 4.2 8000

3.4 Comparison of methods

A comparison of both static and cyclic p—y
curves has been made by Murchison and

O’Neill (1984) based on a database of 14
full-scale tests on 10 different sites. The
pile diameters varied from 51 mm (2 in.)
to 1.22 m (48 in.). Both timber, concrete
and steel piles were considered. The soil
friction angles ranged from 23° to 42°. The
test piles’ slenderness ratio’s are not pro-
vided.

Murchison and O’Neill (1984) compared
the p—y curve formulations formulated by
Reese et al. (1974), Bogard and Mat-
lock (1980), Scott (1980), and O’Neill and
Murchison (1983) with the full-scale tests
using the Winkler approach. The pre-
dicted pile-head deflection, maximum mo-
ment, M,q., and the depth of maximum
moment were compared according to the
error, F:

B |predicted value - measured value|

measured value

(32)
In the analysis it was desired to assess
the formulations ability to predict the be-
haviour of steel pipe monopiles. Multi-
plication factors were therefore employed.
The error, F, was multiplied by a factor of
two for pipe piles, 1.5 for non-pipe driven
piles and a factor of one for drilled piers.
When predicted values were lower than the
measured values the error was multiplied
by a factor of two. By using these fac-
tors unconservative results are penalised
and pipe piles are valued higher in the
comparison. In tab. 2 the average value
of E for static p—y curves are shown for
the four methods, and in tab. 3 the aver-
age value of E is shown for the cyclic p—y
curves. As shown, the formulation pro-
posed by O’Neill and Murchison (1983),
cf. method B, results in a lower average
value of E. The standard deviation of F
was not provided in the comparison.

In their comparison of the four p-y curve
formulations with the database of tests,
Murchison and O’Neill (1984) observed
that method A often predicted larger
displacement than what was measured.
Hence, method A seems to be conserva-



18

Table 2: Average values of the error, E, for the sta- jnfluence at large deflections. Murchison

tic pllej tests. The methods are compared for plle.-head and O’Neill (1984) state that the sizes of
deflection, maximum moment and depth to maximum . ;
the errors in tab. 2 cannot be explained

moment.
by parameter uncertainties. The amount
Pile-head ~Mmuyax Depth to  of data included in the database was very
deflection Mmax small due to the unavailability of appro-
Reese et priately documented full-scale tests and
al. (1974) 2.08 0.75 0.58 Murchison and O’Neill (1984) therefore
Bogard and concluded that a further study of the soil-
Matlock pile interaction was needed.
(1980) 1.95 0.73 0.52
Scott (1980) 2.31 0.58 0.37
O'Neill and 4 Limitations of p—y curves
Murchison
(1983) 1.44 0.44 0.40

The p—y curve formulations for piles in co-
Table 3: Average values of the error, E, for the cyclic hesionless soils are developed for piles with

pile tests. The methods are compared for pile-head de- digmeters much less than 4 to 6 m which

flection, maximum moment and depth to maximum mo- . .
’ P is often necessary for nowadays monopiles.

t.

e Today, there is no approved method for
Pile-head Mmax Depth to dealing with these large-diameter, non-
deflection Max slender offshore piles, which is why the de-

Reese et sign regulations are still adopting the orig-
al. (1974) 1.15 0.61 0.16 inal p—y curve formulations (Reese et al.,
Bogard and 1974; O’Neill and Murchison, 1983; API,
Mat]_ock 2000, and DNV, 2010)
1980 1.22 0.55 0.12
( ; ) The p—y curve formulations are derived on
O’Neill and . .

. the basis of the Mustang Island tests which
Murchison included only two identical piles and a t
(1983) 0.55 0.5 0.16 included only two identical piles and a to-

tive. In contrast method B were neither
found to be conservative nor unconserva-
tive.

Murchison and O’Neill (1984) analysed
the sensitivity to parameter variation for
method B. The initial modulus of sub-
grade reaction, k, the internal friction an-
gle, ¢, and the effective unit weight, 7/,
were varied. They found that a 10 % in-
crease in either ¢ or 4/ resulted in an in-
crease in pile-head deflection of up to 15

and 10 %, respectively. For an increase of

25 % in k an increase of up to 10 % of the
pile-head deflection was found. The sen-
sitivity analysis also shows that k£ has the
greatest influence on pile-head deflection
at small deflections and that ¢ has a great

tal of seven load cases. Furthermore, the
tests were conducted for only one pile dia-
meter, one type of sand, only circular pipe
piles, etc. Taking into account the number
of factors that might affect the behaviour
of a laterally loaded pile and the very lim-
ited number of full-scale tests performed
to validate the method, the influence of
a broad spectra of parameters in the p-
y curves are still to be clarified. When
considering offshore wind turbine founda-
tions a validation of stiff piles with a slen-
derness ratio of L/D < 10 is needed. It
is desirable to investigate this as it might
have a significant effect on the initial stiff-
ness which is not accounted for in the p—y
curve method. Briaud et al. (1984) postu-
late that the soil response depends on the
flexibility of the pile. Criteria for stiff ver-
sus flexible behaviour of piles have been
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proposed by various authors, for example,
Dobry et al. (1982), Budhu and Davies
(1987), and Poulus and Hull (1989). The
difference in deformation behaviour of a
stiff and a flexible pile is shown in fig.
16. A pile behaves rigidly when the follow-
ing criterion is fullfilled (Poulus and Hull,
1989):

N 0.25
L <1.48 <%> (33)

S

FE is Young’s modulus of elasticity of the
soil. The criterion for flexible pile be-
haviour is (Poulus and Hull, 1989):

N 0.25
L>4.44 <%> (34)

S

According to (33) a monopile with an
outer diameter of 4 m, an embedded length
of 20 m and a wall thickness of 0.05 m be-
haves rigidly if s < 7.6 MPa. In con-
trast, the pile exhibits a flexible behaviour
if £ > 617 MPa. Even dense sands have
FEs < 100 MPa, so the recently installed
monopiles for offshore wind turbines be-
have, more like rigid than flexible piles.

H H

T~ - "
! ! ’;
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! /
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Figure 16: Rigid versus flexible pile behaviour.

The current expression for the ultimate
soil resistance is an analytical expression
derived for a lateral pile translation. A
correction factor for the ultimate soil resis-
tance based on full-scale tests on flexible
piles is emloyed. However, as monopiles
for offshore wind turbines behave more
rigidly than flexibly the combination of the
analytical expression and the correction
factor might be a poor approximation of

the ultimate soil resistance for rigid piles.
Hence, the ultimate soil resistance needs
validation for large-diameter, non-slender
piles.

Only small pile-head rotations are accept-
able for modern wind turbine foundations.
The allowable pile rotation is provided by
the wind turbine supplier. Typically 0.5°
of accumulated plastic pile rotation is ac-
ceptable. Furthermore, it is of high im-
portance to avoid resonance of the wind
turbine with the blade frequency, the rotor
frequency and the energy rich frequency of
the loading. Hence, it is important to mo-
del the foundation stiffness correctly. Ap-
propriate values for the initial stiffness of
the p—y curves are therefore necessary.

When using the p—y curve method, the pile
bending stiffness is employed when solving
the beam on an elastic foundation prob-
lem. However, no importance is given to
the pile bending stiffness in the formula-
tion of the p—y curves. Hence, E,, is inde-
pendent of the pile properties. The valid-
ity of this assumption can be questioned as
E,, is a parameter describing the soil-pile
interaction.

When decoupling the non-linear springs
associated with the Winkler model ap-
proach another error is introduced, since
the soil in reality acts as a continuum.

The design regulations suggests the use of
a tangent hyperbolic p—y curve, cf. (29).
The reason for this is based on the compar-
ison reported by Murchison and O’Neill
(1984) of four different p-y curve formu-
lations. When using this approach, the
initial slope of the p—y curves and the ul-
timate soil resistance governs the shape
of the curve. However, the validity of
the tangent hyperbolic formulation can be
questioned.

The p—y curve formulation is based on full-
scale tests on piles installed in rather ho-
mogeneous soil. However, often piles are
to be installed in a strongly layered strat-
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ification. The effect of layered soil on the
soil-pile interaction therefore needs to be
investigated.

Offshore wind turbines are exposed to
cyclic loading from wind and waves. Dur-
ing the lifetime of an offshore wind turbine
(typically 20 years) the foundation will be
exposed to few load cycles of high load am-
plitude and 10% — 10® load cycles of low
to intermediate load amplitude. The p-
y curve formulations proposed by Reese
et al. (1974) and O’Neill and Murchison
(1983) are based on full-scale tests on piles
for the oil and gas sector. In these full-
scale tests, the pile behaviour for cyclic
loading with up to 100 load cycles was in-
vestigated. Hence, the behaviour of the
piles with respect to long-term cyclic load-
ing were not investigated. The accumu-
lated pile deflection and the change in pile
stiffness due to long-term cyclic loading
therefore needs to be adressed.

Around pile foundations in the offshore en-
vironment, erosion of soil material can oc-
Scour holes will
therefore form around the pile founda-
tions. Scour is especially an issue for co-
hesionless soil materials. Scour holes can
when they are fully developed be up to
1.3D (DNV, 2010). When a scour hole has
been formed, soil support is lost. Hence,
the p—y curves needs modification to ac-
count for scour.

cur due to turbulence.

In the following a number of assumptions
and not clarified parameters related to the
p—y curve method are treated separately.
The treated assumptions and parameters
are:

Shearing force between soil layers.

The ultimate soil resistance.

The influence of vertical pile load on
lateral soil response.

Effect of soil-pile interaction.

o Effect of diameter on initial stiffness
of p—y curves.

e Choice of horizontal earth pressure
coefficient.

e Shearing force at the pile-toe.
e Shape of p—y curves.

e Layered soil.

e Long-term cyclic loading.

e Scour effect on the soil-pile interac-
tion.

4.1 Shearing force between soil
layers

Employing the Winkler model approach,
the soil response is divided into layers each
represented by non-linear springs. As the
springs are uncoupled, the layers are con-
sidered to be independent of the lateral
pile deflection above and below that spe-
cific layer, giving that the soil layers are
considered as smooth layers able to move
relatively to each other without loss of en-
ergy to friction. Pasternak (1954) modi-
fied the Winkler approach by taking the
shear stress between soil layers into ac-
count. The soil resistance per length of
the pile is given by:

p) = By~ G2 (35)
where G is the soil shear modulus. The
traditional subgrade reaction modulus,
E,, = p/y, may indirectly contain the soil
shear stiffness as the p—y curve formula-
tion has been fitted to full-scale tests. Eb,,
cf. (35), is a modulus of subgrade reaction
without contribution from the soil shear
stiffness.

Belkhir et al. (1999) examines the signifi-
cance of shear between soil layers by com-
paring the CAPELA design code, which
can take the shear between soil layers into
account, with the French PILATE design
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code, which employes smooth boundaries.
The two design codes are compared with
the results of 59 centrifuge tests conducted
on long and flexible piles. Analyses show
concordance between the two design codes
when shear between soil layers is not taken
Furthermore, the analyses
shows a reduction varying from 5 % to
14 % in the difference between the max-
imum moments determined from the cen-
trifuge tests and the numerical simulations
when taking the shear between the soil lay-
ers into account. However, it is not clear
from the paper whether or not the shear
between soil layers is dependent on pile
properties such as pile diameter, slender-
ness ratio, etc. Furthermore, it is not clar-
ified whether the authors distinguish be-
tween E,, and Ep,.

into account.

4.2 The ultimate soil resistance

The p—y curve formulations according to
Method A and Method B are both depen-
dent on the ultimate soil resistance. The
method for estimation of p, is therefore
evaluated in the following.

Failure modes

When designing large-diameter monopiles
in sand, the transition between the pre-
sumed failure modes will most often occur
beneath the pile-toe, cf. fig. 11b. There-
fore, the ultimate soil resistance at shal-
low depths is governing for monopile foun-
dations for offshore wind turbines. How-
ever, several uncertainties concerning the
expression for the ultimate soil resistance
at shallow depths exist.

The prescribed method for calculating the
ultimate soil resistance at shallow depths
assumes that the pile is smooth, which
means that no skin friction appears be-
tween the pile wall and the soil, and fur-
ther the formation of a Rankine failure
is assumed. However, in reality a pile

is neither perfectly rough nor perfectly
smooth, and the assumed failure mecha-
nism is therefore not correct. According
to Harremoés et al. (1984) a Rankine fail-
ure takes place for a perfectly smooth wall
and a Prandtl failure for a perfectly rough
wall. Sketches of the two types of failure
are shown in fig. 17a and fig. 17b, re-
spectively. Due to the fact that the pile is
neither smooth nor rough a combination of
a Rankine and Prandtl failure will occur.

—

(a) Failure mode proposed by Rankine for
a smooth interface at shallow depth.

—

(b) Failure mode proposed by Prandtl for a rough
interface at shallow depth.

Figure 17: Rankine and Prandtl failure modes.

In (12) the angle a, which determines the
horizontal spread of the wedge, appears.
Through experiments Reese et al. (1974)
postulate that o depends on both the void
ratio, the friction angle, and the type of
loading. However, the influence of void ra-
tio and type of loading is neglected in the
expression of «, cf. (14).

Monopiles for offshore wind turbines are
non-slender piles with high bending stiff-
ness. The piles therefore deflect as almost
rigid piles. As the piles are exposed to ec-
centric loading, the pile deformation pat-
tern primarily consists of rotation around
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a point of zero deflection. Hence, the pile
deflection at the pile toe is negative. How-
ever, when calculating the ultimate soil re-
sistance according to method A and B the
rotational pile behaviour and hereby ne-
gative pile deflections beneath the point
of zero deflection is disregarded. For non-
slender piles, a failure mode as shown in
fig. 18 could potentially form. This fail-
ure mode is derived for a two-dimensional
case assuming a smooth pile surface. The
failure mode consists of stiff elastic zones
and Rankine failures.

H

Figure 18: Possible failure mode for a non-
slender pile at shallow depth, after Harremoés et
al. (1984).

Soil dilatancy

The effect of soil dilatancy is not included
in method A and B, and thereby the effects
of volume changes during pile deflection
are ignored.

Fan and Long (2005) investigated the
influence of soil dilatancy on the ulti-
mate soil resistance by use of a three-
dimensional, non-linear finite element mo-
del. The constitutive model proposed by
Desai et al. (1991) incorporating a non-
associative flow rule was employed in the
analyses. The finite element model was
calibrated based on the full-scale tests at
Mustang Island. The magnitudes of ul-
timate soil resistance were calculated for
two compactions of one sandtype with
similar friction angles (¢, = 45°) but dif-
ferent angles of dilatancy. The dilatancy
angles are not directly specified by Fan
and Long (2005). Estimates have therefore

been made by interpretation of the rela-
tion between volumetric strains and axial
strains. Dilatancy angles of approximately
22° and 29° were found. An increase in
ultimate soil resistance of approximately
50 % were found with the increase in dila-
tancy angle. In agreement with laboratory
tests, where the dilatancy in dense sands
contributes to strength, this makes good
sense. It should be noted that the dila-
tancy angle and the soil friction angle are
related such that soil materials with a high
value for the friction angle typically also
has a high value for the dilatancy angle.
Hence, the effect of soil dilatance might be
implicitly incorporated in the expression
for the ultimate resistance and the correc-
tion factor A. Further, it should be noted
that accurate determination of the dila-
tancy angles requires expensive soil tests,
for example, triaxial tests.

Alternative methods

Besides the prescribed method for calcu-
lating the ultimate soil resistance several
other formulations exist (e.g. Hansen,
1961; Broms, 1964; Petrasovits and
Award, 1972; Meyerhof et al., 1981; and
Prasad and Chari, 1999). Fan and Long
(2005) compared the methods of Hansen
(1961) and Broms (1964) with method B
and a finite element solution. In the com-
parison, the pile diameter, the friction an-
gle, and the coefficient of horizontal earth
pressure were varied. Hansen’s method
showed the best correlation with the finite
element model, whereas Broms’ method
resulted in conservative values of the ulti-
mate soil resistance. Further, a significant
difference between the finite element solu-
tion and method B was found. Method B
was found to produce conservative results
at shallow depths and non-conservative re-
sults at deep depths. The results of the
comparison are shown in fig. 19.

The expression of the ultimate soil re-
sistance formulated by Hansen (1961),
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Figure 19: Comparison of the ultimate soil resistance estimated by Broms’ method, Hansen’s method,
and method B with a finite element model, after Fan and Long (2005). puit/puit(fem) defines the ratio
of the ultimate soil resistance calculated by the analytical methods and the ultimate soil resistance

calculated by the finite element model.

Broms (1964), Petrasovits and Award
(1972), Meyerhof et al. (1981), and Reese
et al. (1974) all assumes the soil pres-
sure to vary uniformly with the pile width.
Prasad and Chari (1999) formulated an ex-
pression based on small-scale tests on rigid
piles instrumented with pressure transduc-
ers. They measured the variation of soil
pressure with depth and horizontal posi-
tion on the pile. The test piles had di-
ameters of 0.102 m and slenderness ra-
tios of 3-6. They determined failure as
the point in which the load-displacement
curves started to be linear. Hence, a hor-

izontal asymptote was not reached and it
can be argued whether or not their defi-
nition of failure is reasonable. Various re-
searchers have expressed criteria for pile
failure, for instance, LeBlanc et al. (2010).
They considered a horizontally loaded pile
to be in failure when the normalised pile
rotation, ©, exceeds 4 °. They defined the
normalised pile rotation as:

Pa
N3

Failure was by Prasad and Chari (1999)
found at pile displacements of 0.2-0.4D.

(36)
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Based on the load tests on rigid piles, they
formulated a new expression for the ul-
timate soil resistance for laterally loaded
rigid piles in which the ultimate soil re-
sistance depends on parameters such as
the friction angle, the pile diameter, the
pile length and the depth of the point
of zero pile deflection. Their expression
consists of three linear curves describing
the variation of the ultimate soil resis-
tance with depth. The expressions of
Hansen (1961), Broms (1964), Petrasovits
and Award (1972), Meyerhof et al. (1981)
and Prasad and Chari (1999) are sketched
in fig. 20. All except Prasad and Chari
(1999) postulate that the ultimate resis-
tance at the depth of zero pile deflection
is non-zero.

When calculating the ultimate soil resis-
tance according to method A and B, the
side friction as illustrated in fig. 21 is ne-
glected. To take this into account Briaud
and Smith (1984) has proposed a model
where the ultimate soil resistance, p,, is
calculated as the sum of the net ultimate
frontal resistance, (), and the net ultimate
side friction, F:

Pu = Q +F = (npmax + ngaa:) D (37)

Side friction
<

Side friction

Pile movement >

Figure 21: Side friction and soil pressure on the
front and the back of the pile due to lateral de-
flection.

where P, denotes the maximum frontal
soil pressure acting on the pile, 7,4, de-
notes the maximum shear stress acting on
the pile, and n and £ are dimensionless
constants. For circular piles Zhang et al.

(2005) recommends the use of (38)-(41) for
Prazs Tmaz, 1 and §.

Prge = Ky (38)
Tmaz = Kyx tan(d) (39)
n=0.8 (40)
£=10 (41)

Zhang et al. (2005) propose the side fric-
tion and frontal resistance to vary with
depth similar to the variation proposed by
Prasad and Chari (1999). They compared
their method with small- and large-scale
tests and found their method to be slightly
conservative as the pile capacities calcu-
lated by their proposed method in aver-
age was 8 % smaller than the meassured
pile capacities. Further, parameters such
as the embedded pile length, the slender-
ness ratio, the eccentricity ratio, e/L, and
the friction angle did not affect the accu-
racy of their method, cf. fig. 22.

The importance of including side friction
in the formulation of p—y curves is for the
model proposed by Zhang et al. (2005)
unaffected by the diameter since both the
ultimate frontal resistance and the net ul-
timate side friction vary linearly with dia-
meter. However, the ultimate frontal re-
sistance varies non-linearly with diame-
ter in the model proposed by Reese et
al. (1974). The importance of side fric-
tion might therefore be more significant for
large-diameter monopiles than for small-
diameter piles.

Summary

Several assumptions are employed when
calculating the ultimate soil resistance ac-
cording to Reese et al. (1974) and the de-
sign regulations, e.g. API (2000) and DNV
(2010). These methods do not account
for friction between pile and soil as the
pile surface is assumed smooth. Further-
more, the failure modes are determined
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Figure 20: Sketch of the expressions of ultimate resistance proposed by Hansen et al. (1961), Broms
(1964), Petrasovits and Award (1972), Meyerhof et al. (1981) and Prasad and Chari (1999), Zhang et

al. (2005).
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Figure 22: Error in percent between between the predicted pile capacity estimated by means of the
method by Zhang et al. (2005) and experimental tests, after Zhang et al. (2005)

for lateral pile translation. Hence, deflec-
tions beneath the point of zero pile deflec-
tion are accounted for in a very simplified
maner. Thus, the assumed failure modes
are inaccurate especially for non-slender
piles.

The dilatancy of the soil affects the soil
strenght, but it is neglected in the expres-
sions for the ultimate soil resistance.

Several methods for determining the ul-
timate soil resistance exist. The method
proposed by Hansen (1961) were found to
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correlate better with a finite element mo-
del than the methods proposed by Reese
et al. (1974) and Broms (1964). In order
to take the effect of side friction into ac-
count a model was proposed by Zhang et
al. (2005) based on the findings of Briaud
and Smith (1984) and Prasad and Chari
(1999). Predictions regarding the ultimate
soil resistance correlate well with labora-
tory and full-scale tests when using this
model.

4.3 The influence of vertical load
on lateral soil response

In current practice, piles are anal-
ysed separately for vertical and hor-
izontal behaviour. Karthigeyan et
al. (2006), Abdel-Rahman and Achmus
(2006), Achmus et al. (2009a), and
Achmus and Thieken (2010) investigated
the effect of combined static vertical
and lateral loading on the lateral and
vertical pile response in sand through
three-dimensional numerical modelling.
Karthigeyan et al. (2006) adopted a
Drucker-Prager constitutive model with a
non-associated flow rule in their numerical
modelling. Abdel-Rahman and Achmus
(2006), Achmus et al. (2009a) and Achmus
and Thieken (2010) all adopted the Mohr-
Coulomb constitutive model with a non-
associated flow rule. Further, they mod-
elled the soil stiffness as stress-dependent.

Karthigeyan et al.  (2006) calibrated
the numerical model against two different
kinds of field data carried out by Kara-
sev et al. (1977) and Comodromos (2003).
A concrete pile with a diameter of 0.6 m
and a slenderness ratio of 5 were tested,
cf. Karasev et al. (1977). The soil strata
consisted of stiff sandy loam in the top
6 m underlain by sandy clay. Comodro-
mos (2003) performed the tests in Greece.
The soil profile consisted of silty clay near
the surface with thin sublayers of loose
sand. Beneath a medium stiff clay layer
a very dense sandy gravel layer was en-

countered. A pile with a diameter of 1 m
and a slenderness ratio of 52 were tested.
A reasonable agreement between the field
tests and the numerical model was found.
Achmus and Thieken (2010) validated
their numerical model against the model
tests of Das et al. (1976) and Meyer-
hof and Sastry (1985). A good agreement
were found. Abdel-Rahman and Achmus
(2006) did not report whether their numer-
ical model was validated against exper-
imental tests. However, Abdel-Rahman
and Achmus (2006) and Achmus and
Thieken (2010) both used the commer-
cial three-dimensional finite element pro-
gramme ABAQUS and further they em-
ployed similar constitutive models. There-
fore, the numerical model employed by
Abdel-Rahman and Achmus (2006) is as-
sumed also to fit the static model tests
well.

To investigate the influence of vertical
load on the lateral response in sand,
Karthigeyan et al. (2006) modelled a
squared concrete pile (1200 x 1200 mm)
with a length of 10 m. Two types of sand
were tested, a loose and a dense sand with
friction angles of 30° and 36°, respectively.
The vertical load was applied in two dif-
ferent ways, simultaneously with the lat-
eral load (SAVL) and prior to the lateral
load (VPL). Compressional vertical load-
ing with values of 0.2, 0.4, 0.6, and 0.8
times the vertical pile capacity were ap-
plied. The conclusion of the analyses was
that the lateral capacity of piles in sand
increases under vertical loading. The in-
crease in lateral capacity depended on how
the vertical load was applied and on the
relative density of the soil. The highest
increase was in the case of VPL with a
dense sand. For the dense sand with a lat-
eral deflection of 5 % of the side length
the increase in lateral capacity was, in the
case of SAVL, of up to 6.8 %. The same
situation in the case of VPL resulted in
an increase of up to 39.3 %. Due to verti-
cal loads higher vertical soil stresses and
thereby higher horizontal stresses occur,
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which also mobilise larger friction forces
along the length of the pile. Therefore, the
lateral capacity increases under the influ-
ence of vertical loading.

Abdel-Rahman and Achmus (2006),
Achmus et al. (2009a) and Achmus and
Thieken (2010) analysed the effect of
combined vertical and lateral loading on
both the vertical and lateral pile stiffness
and capacity. Furthermore, they both
considered compressive as well as tensile
vertical loading. Abdel-Rahman and
Achmus (2006) modelled the behaviour of
hollow steel piles with pile diameters of
2.0 and 3.0 m and embedded pile lengths
of 20 m, Achmus et al. (2009a) modelled
concrete piles with diameters of 2.0 m
and pile lengths of 10 and 30 m, while
Achmus and Thieken (2010) modelled the
behaviour of reinforced concrete piles with
diameters of 0.5-3.0 m and embedded pile
lengths of 15 m. They all considered piles
installed in medium dense sand with a
friction angle of 35°. The vertical and lat-
eral loading was applied simultaneously.
Abdel-Rahman and Achmus (2006) found
that for axial compression the effect of
combined loading increases both the pile
lateral stiffness and pile lateral capacity,
allthough the increase was very moderate.
The vertical stiffness and capacity were
found to increase significantly. The effect
of combined loading was found to be
more significant for rigid than flexible
piles. This confirms the results reported
by Karthigeyan et al. (2006). For axial
tension no change were found in the
lateral pile stiffness. However, the lateral
pile capacity was found to decrease for
combined loading. The wvertical pile
stiffness was found to decrease, while the
vertical capacity was found to increase
for combined lateral and vertical loading.
The numerical modelling of Achmus et
al. (2009a), and Achmus and Thieken
(2010) confirmed the observations of
Abdel-Rahman and  Achmus (2006).
Furthermore they presented interaction
diagrams to be used for combined loading.

The above mentioned analysis of the ef-
fect of combined lateral and vertical load-
ing on the lateral pile behaviour empha-
size that both the vertical stiffness and ca-
pacity as well as the lateral stiffness and
capacity are positively affected when the
vertical loading is compressive. However,
the effect is small when the vertical and
lateral loads are applied simultaneously.
Foundations for offshore wind turbines are
exhibited to a constant vertical compres-
sive load originating from the selfweight of
the turbine and the foundation itself. In
contrast, the horizontal loading is cyclic.
Hence, the vertical loading is applied prior
to the lateral loading, and combined load-
ing might therefore significantly increase
the pile stiffness and capacity of monopiles
for offshore wind turbines. However, it
should be emphasized that combined load-
ing needs to be examined for cyclic load-
ing and that the above mentioned findings
needs to be examined further through ex-
perimental testing.

4.4 Effect of soil-pile interaction

No importance is attached to the pile
bending stiffness, F,I,, in the formula-
tion of the p-y curves. Hereby, E,, is
independent of the pile properties, which
seems questionable as Ep, is a soil-pile in-
teraction parameter. Another approach
to predict the response of a flexible pile
under lateral loading is the strain wedge
(SW) model developed by Norris (1986).
The method incorporates the pile prop-
The concept of the SW mo-
del is that the traditional parameters
in the one-dimensional Winkler approach
can be characterised in terms of three-
dimensional soil-pile interaction. The SW
model was initially established to ana-
lyse free-headed piles embedded in uni-
form soils. Since then it has been im-
proved such that it, for instance, can ac-
count for fixed pile head conditions, lay-
ered soils, soil liquefaction, pile group ef-

erties.
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fects, and cyclic loading (Ashour et al.,
1998; Ashour and Norris, 2000; Ashour et
al., 2002; Ashour and Norris, 2003; and
Lesny and Hinz, 2009).

The SW model parameters are related to a
three-dimensional passive wedge develop-
ing in front of the pile subjected to lateral
loading. The wedge has a form similar to
the wedge associated with method A, as
shown in fig. 9. However the angles o and
[ are given by:

a=Qn (42)

B =45+ %’” (43)
where ¢y, is the angle of mobilised internal
friction.

The purpose of the method is to relate
the stresses and strains of the soil in the
wedge to the subgrade reaction modulus,
E,,. The SW model described by Ashour
et al. (1998) assumes a linear deflection
pattern of the pile over the passive wedge
depth, h, as shown in fig. 23. The dimen-
sion of the passive wedge depends on two
types of stability: local and global stabil-
ity. To obtain local stability the SW model
should satisfy equilibrium and compatibil-
ity between the pile deflection, the strains
in the soil and the soil resistance acting on
the pile wall. This is obtained by an itera-
tive procedure where an initial horizontal
strain in the wedge is assumed.

After assuming a passive wedge depth the
subgrade reaction modulus can be calcu-
lated along the pile. Based on the calcu-
lated subgrade reaction modulus the pile-
head deflection can be calculated from
the one-dimensional Winkler approach.
Global stability is obtained when concor-
dance between the pile-head deflection cal-
culated by the Winkler approach and the
SW-model is achieved. The passive wedge
depth is varied until global stability is ob-
tained.

The pile bending stiffness influence the
pile deflection pattern calculated by the

/ .
ZEero Crossing

Figure 23: Linear deflection assumed in the SW-
model, shown by the solid line. The dashed line
shows the real deflection of a flexible pile. After
Ashour et al. (1998).

one-dimensional Winkler approach and
hereby also the wedge depth. Hence, the
pile bending stiffness influences the p—y
curves calculated by the SW-model.

The equations associated with the SW mo-
del are based on the results of isotropic
drained triaxial tests. Hereby an isotropic
soil behaviour is assumed at the site. The
SW model takes the real stresses into ac-
count by dealing with a stress level, de-

fined as:
Aoy,

N Aoy

SL (44)
where Aoy, and Aoypy are the mobilised
horizontal stress change and the horizontal
stress change at failure, respectively. The
spread of the wedge is defined by the mo-
bilised friction angle, cf. (42) and (43).
Hence the dimensions of the wedge de-
pends on the mobilised friction.

Although the SW model is based on
the three-dimensional soil-pile interaction,
and although it is dependent on both soil
and pile properties, there are still signif-
icant uncertainties related to the model.
The model does not take the active soil
pressure that occurs at the back of the pile
into account, which is a non-conservative
consideration. Furthermore, the wedge
only accounts for the passive soil pressure
at the top front of the pile and neglects
the passive soil pressure beneath the zero
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crossing point which will occur for a non-
slender pile, cf. section 4.2. The assump-
tion of an isotropic behaviour of the soil in
the wedge seems unrealistic in most cases
for sand. To obtain isotropic behaviour
the coefficient of horizontal earth pressure,
K, needs to be 1, which is not the case for
most sands.

Ashour et al. (2002) criticise the p—y curve
method as it is based and verified through
However, the
SW model, has according to Lesny et al.
(2007) been verified only for slender piles.

a small number of tests.

Ashour and Norris (2000) investigated by
means of the SW model, the influence of
pile stiffness on the lateral response for
conditions similar to the Mustang Island
tests. p—y curves at a depth of 1.83 m
are shown in fig. 24 for different values of
E,I,. The p—y curve proposed by Reese
et al. (1974) is also presented in the fig-
ure. It is seen that there is a good concor-
dance between the p—y curve formulation
proposed by Reese et al. (1974) and the
SW model for similar pile properties. It
should be noted that in fig. 24, the p—y
curve determined by means of the SW mo-
del depends on the pile bending stiffness
such that an increase in the pile bending
stiffness results in an increase in both the
stiffness and the ultimate capacity of the
p—y curves. For other pile and soil proper-
ties, Ashour and Norris (2000), found that
an increase in the pile bending stiffness led
to less stiff p—y curves. Hence, they con-
clude that the pile bending stiffness affects
the p—y curves, but that the effect is de-
pendent on the type of soil and the type
of loading. Furthermore, they found that
the effect of pile bending stiffness on the
SW p—y curves is more significant for dense
soils than for loose soils.

By means of the SW model Ashour and
Norris (2000) found that the pile bending
stiffness affects the shape of the p—y curves
significantly. Fan and Long (2005) inves-
tigated the effect of pile bending stiffness

500 — T .
i —— SW Model ]
————Reese et q!. (1974)
Ey,
. 0.1E,
0.0TE 1,
0 1 1 1
0 40 80 120

y [mm]

Figure 24: The influence of pile bending stiff-
ness, after Ashour et al. (2000).

on the soil-pile interaction for piles situ-
ated in sand by means of numerical mod-
elling. Fan and Long (2005) employed the
constitutive model proposed by Desai et
al. (1991). Both numerical models were
validated against field tests. They calcu-
lated p—y curves by integration of the nor-
mal and shear stresses in soil surrounding
the pile. Fan and Long (2005) did not find
an effect of the pile bending stiffness on
the shape of the p—y curves. In fig. 25
p—y curves calculated by means of the nu-
merical model by Fan and Long can be
observed for varying depht below soil sur-
face and varying pile bending stiffness. For
piles situated in clayey soil, Kim and Jeong
(2011) found similar results. They also in-
vestigated the effect of bile bending stiff-
ness by means of numerical modelling.

The conclusions of Fan and Long (2005)
as well as Kim and Jeong (2011) contra-
dicts the findings of Ashour and Norris
(2000). More insight into the effect of the
pile bending stiffness on the soil-pile inter-
action is therefore needed.

4.5 Effect of diameter on initial
stiffness of p—y curves

The initial modulus of subgrade reac-
tion, k, is according to API (2000), DNV
(2010), and Reese et al. (1974) only de-
pendent on the relative density of the
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Figure 25: Effect of pile bending stiffness, after
Fan and Long (2005).

soil. The dependency is shown in fig. 13.
Hence, the methods A and B do not in-
clude E,I, and D in the determination of
k. Different studies on the consequences of
neglecting the pile parameters have been
conducted over time with contradictory
Ashford and Juirnarongrit
(2003) point out the following three con-
clusions in a summarization of previous re-
search:

conclusions.

e Terzaghi (1955) analysed the effect
of pile diameter on the modulus of
subgrade reaction by consideration of
stress bulbs forming in front of later-
ally loaded piles. Terzaghi concluded
that by increasing the pile diameter
the stress bulb formed in front of the

pile is stretched deeper into the soil.
This results in a greater deformation
due to the same soil pressure at the
pile. Terzaghi therefore postulated
that the soil pressure acting on the
pile wall is linearly proportional to
the inverse of the pile diameter giving
that the modulus of subgrade reac-
tion, E,,, is independent on the dia-
meter.

e Vesic (1961) proposed a relation be-
tween the modulus of subgrade re-
action used in the Winkler approach
and the soil and pile properties. This
relation showed that £, is indepen-
dent of the diameter for circular and
squared piles.

e Pender (1993) refers to two reports
conducted by Carter (1984) and Ling
(1988). Assuming a simple hyper-
bolic soil model for the relationship
between soil resistance and pile de-
flection, they backcalculated values of
E;, and p, from field tests. In the
backcalculation they assumed that
Young’s modulus of elasticity of the
soil and therefore also the intial sub-
grade reaction modulus were constant
with depth. Based on the backcalcu-
lations they proposed an expression of
E;, which is linearly proportional to
the pile diameter.

Pender et al. (2007) comments on the re-
search of Carter (1984) and Ling (1988)
and their conclusion of E, varying lin-
early with pile diameter. Pender et al.
(2007) questions the validity of a constant
value of E with depth. Instead they pro-
pose Es to be proportional to either the
square root of the depth or to the depth.
They suggests that the findings of Pender
(1993) was due to a false assumption of the
variation of Young’s modulus of elasticity
with depth. They, conclude that Ej, is
independent of the pile diameter.

The conclusions made by Terzaghi (1955)
and Vesic (1961) concerns the subgrade re-
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action modulus, £, while the conclusions
made by Pender (1993) concerns the intial
modulus of subgrade reaction, E, . The
conclusions of Terzaghi (1955) and Vesic
(1961) might also be applicable for the ini-
tial modulus of subgrade reaction, k, and
the initial stiffness, E7 .

Based on the investigations presented by
Terzaghi (1955), Vesic (1961), Pender
(1993), and Pender et al. (2007), it must
be concluded that no clear correlation be-
tween the initial modulus of subgrade re-
action and the pile diameter has been re-
alised. Ashford and Juirnarongrit (2005)
contributed to the discussion with their
extensive study of the problem which was
divided into three steps:

e Numerical modelling by means of a
simple finite element model.

e Analyses of vibration tests on large-
scale concrete piles.

e Back-calculation of p—y curves from
static load tests on the concrete piles.

The finite element analysis was according
to Ashford and Juirnarongrit (2005) very
simple and did not account very well for
the soil-pile interaction since friction along
the pile, the effect of soil confinement, and
gaps on the back of the pile were not in-
cluded in the model. In order to isolate the
effect of the diameter on the magnitude of
E,,, the bending stiffness of the pile was
kept constant when varying the diameter.
The conclusion of the finite element analy-
sis were that the diameter had some effect
on the pile-head deflection as well as the
moment distribution. An increase in dia-
meter led to a decreasing pile-head deflec-
tion and a decreasing depth to the point
of maximum moment. However, Ashford
and Juirnarongrit (2005) concluded that
the effect of increasing the diameter ap-
peared to be relatively small compared to
the effect of increasing the bending stiff-
ness, F,l,.

The second part of the work by Ashford
and Juirnarongrit (2005) dealt with vibra-
tion tests on large-scale monopiles. The
tests included three instrumented piles
with diameters of 0.6, 0.9, and 1.2 m (12
m in length) and one pile with a diameter
of 0.4 m and a length of 4.5 m. All piles
were cast-in-drilled-hole and made up of
reinforced concrete. They were installed
at the same site consisting of slightly ho-
mogenous medium to very dense weakly
cemented clayey to silty sand. The piles
were instrumented with several types of
gauges, i.e. accelerometers, strain gauges,
tiltmeters, load cells, and linear poten-
tiometers. The concept of the tests were
that by subjecting the piles to small lat-
eral vibrations, the soil-pile interaction at
small strains could be investigated.

Based on measured accelerations, the nat-
ural frequencies of the soil-pile system
were determined. These frequencies were
in the following compared to the natural
frequencies of the system determined by
means of a numerical model. Two differ-
ent expressions for the modulus of sub-
grade reaction, E,,, were used: one that
is linearly dependent; and one that is in-
dependent on the diameter. The strongest
correlation was obtained between the mea-
sured frequencies and the frequencies com-
puted by using the relation independent of
the diameter. Hence, the vibration tests
substantiate Terzaghi and Vesic’s conclu-
sions. It is noticed that the piles were
only subjected to small deflections, hence
Epy =~ Ep,.

Finally, Ashford and Juirnarongrit (2005)
performed a back-calculation of p—y curves
from static load cases. From the back-
calculation a soil resistance was found at
the ground surface. This is in contrast to
the p—y curves for sand given by Reese et
al. (1974) and the recommendations in
API (2000) and DNV (2010) in which the
initial stiffness, E; , at the ground surface
is zero. The resistance at the ground sur-
face might be a consequence of cohesion in
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the slightly cemented sand or a result of
magnification of measurement uncertain-
ties when double-differentiating the strain-
gauge measurements.

Furthermore, a comparison of the results
from the back-calculations for the various
pile diameters indicated that the effects
of pile diameter on E were insignificant.
The three types of analyses conducted by
Ashford and Juirnarongrit (2005) there-
fore indicate the same: the effect of the
diameter on EJ  is insignificant.

Fan and Long (2005) investigated the in-
fluence of the pile diameter on the soil re-
sponse by means of numerical modelling.
They employed the constitutive model
proposed by Desai et al. (1991) and a
non-associative flow rule in their numer-
ical model. By varying the diameter and
keeping the bending stiffness, F,I,, con-
stant in their finite element model they in-
vestigated the influence of the pile diame-
ter on the initial subgrade reaction mod-
ulus. The results are given as curves nor-
malised by the diameter and vertical ef-
fective stress as shown in fig. 26. No sig-
nificant correlation between diameter and
initial stiffness is observed. It must be em-
phasised that the investigation considered
only slender piles.

For non-slender piles the bending stiffness
might cause the pile to deflect almost as
a rigid object. Therefore, the deflection
at the pile-toe might cause a significant
soil resistance near the pile toe. Thus a
correct prediction of the variation of initial
stiffness with depth is important in order
to determine the correct pile deflection.

Based upon a design criterion demand-
ing the pile to be fixed at the toe, Lesny
and Wiemann (2006) investigated by back-
calculation the validity of the assumption
of a linearly increasing E, with depth.
The investigation indicated that E, is
overestimated for large-diameter piles at
great depths. Therefore, they suggested
a power function, to be used instead of a
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Figure 26: Effect of changing the diameter, after
Fan and Long (2005).

linear relation, cf. fig. 27. A finite ele-
ment model was made in order to validate
the power function. The investigations
showed that employing the power func-
tion approach gave deflections more simi-
lar to the numerical modelling than by us-
ing the traditional linear approach in the
p—y curve method. However, it was em-
phasised that the method should only be
used for determination of pile length. The
p—y curves still underestimates the pile-
head deflections even though the parabolic
approach is used.

The above mentioned investigations all
made by means of cohesionless soils are
summarised in tab. 4. From this tabular
it is obvious that more research is needed.

Looking at cohesive materials the tests
are also few.  According to Ashford
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Table 4: Chronological list of investigations concerning the effects of diameter on the initial stiffness of the p—y curve
formulations.

Author Method Conclusion
Terzaghi (1955) Analytical Independent
Vesic (1961) Analytical Independent
Carter (1984) Analytical expression calibrated

against full-scale tests Linearly dependent
Ling (1988) Validation of the method proposed

by Carter (1984) Linearly dependent
Ashford and Juirnarongrit (2005) Numerical and large-scale tests Insignificant influence
Fan and Long (2005) Numerical Insignificant influence
Lesny and Wiemann (2006) Numerical Initial stiffness is

non-linear for long
and large-diameter piles

Pender et al. (2007) Analytical expression calibrated
against full-scale tests Independent

and Juirnarongrit (2005) the most signif-
icant findings are presented by Reese et
al. (1975), Stevens and Audibert (1979),
O’Neill and Dunnavant (1984), and Dun-
navant and O’Neill (1985).

[ peraele :EW’(—J Reese et al. (1975) back-calculated p—y

et curves for a 0.65 m diameter pile in order
= ——— to predict the response of a 0.15 m pile.
_ The calculations showed a good approx-
E " =kx imation of the moment distribution, but
the deflections however were considerably
underestimated compared to the measured
values associated with the 0.15 m test pile.

=

Depth

Based on published lateral pile load tests
Stevens and Audibert (1979) found that
deflections computed by the method pro-
_ posed by Matlock (1970) and API (1987)
E Initial stiffness £ were overestimated. The overestimation
increases with increasing diameter leading

Figure 27: Variation of initial stiffness, E,,,  to the conclusion that the modulus of sub-

as function of depth, after Lesny and Wiemann d . E . for i
. . . gradae reactlon, py, 1NCreases 10T mcreas-
(2006). The linear approach is employed in Reese

et al. (1974) and the design codes, e.g. API (2000) ing diameter.
and DNV (2010). The exponent a can be set to _ _ _ )
0.5 and 0.6 for dense and medium dense sands, By testing laterally loaded piles with di-

respectively. ameters of 0.27 m, 1.22 m, and 1.83 m in
an overconsolidated clay, O’Neill and Dun-
navant (1984) and Dunnavant and O’Neill
(1985) found that there were a non-linear
relation between deflection and diameter.
They found that the deflection at 50 %
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of the ultimate soil resistance generally
decreased with an increase in diameter.
Hence, E,, increases with increasing pile
diameter.

Kim and Jeong (2011) and Jeong et al.
(2011) investigated the effect of pile dia-
meter on the initial stiffness through nu-
merical modelling. They considered piles
situated in clay. They found that the in-
tial stiffness of the p—y curves increases lin-
early with the square root of the pile dia-
meter.

4.6 Choice of horizontal earth
pressure coefficient

When calculating the ultimate soil resis-
tance by method A the coefficient of hor-
izontal earth pressure at rest, Ky, equals
0.4 even though it is well-known that the
relative density/the internal friction angle
influences the value of K. In addition,
pile driving may increase the coefficient of
horizontal earth pressure K.

The influence of the coefficient of horizon-
tal earth pressure, K, is evaluated by Fan
and Long (2005) for three values of K and
an increase in ultimate soil resistance were
found for increasing values of K. The in-
crease in ultimate soil resistance is due to
the fact, that the ultimate soil resistance is
primarily provided by shear resistance in
the sand, which depends on the horizontal
stress.

Reese et al. (1974), and O’Neill and
Murchison (1983) and thereby also API
(2000) and DNV (2010) consider the initial
modulus of subgrade reaction k& to be in-
dependent of K. Fan and Long (2005) in-
vestigated this assumption. An increase in
K results in an increase in confining pres-
sure implying a higher stiffness. Hence, k
is highly affected by a change in K such
that k increases with increasing values of
K.

4.7 Shearing force at the pile-toe

Recently installed monopiles have diame-
ters around 4 to 6 m and a pile slender-
ness ratio around 5. Therefore, the bend-
ing stiffness, F,I,, is quite large compared
to the pile length. The pile curvature will
therefore be small and the pile will almost
behave as a rigid object as shown in fig.
28.

Figure 28: Deflection curve for non-slender pile.

As shown in fig. 28 there is a significant
negative deflection at the pile-toe. This
deflection causes shearing stresses at the
pile-toe to occur, which increase the total
lateral resistance. According to Reese and
Van Impe (2001) a number of tests have
been made in order to determine the shear-
ing force at the pile-toe, but currently no
results from these tests have been pub-
lished and no methods for calculating the
shearing force as a function of the pile toe
deflection have been proposed.

Due to rigid pile behaviour normal stresses
at the pile toe will inflict a bending mo-
ment on the pile toe resulting in a big-
ger pile stiffness and capacity. Research is
needed to establish a relationship between
the pile toe rotation and the applied mo-
ment at the pile toe.
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4.8 Shape of p—y curves

Currently, a tangent hyperbolic function
is employed to describe the shape of p—
y curves for piles in sand, cf. (29) and
O’Neill and Murchison (1983).  Other
shapes of p—y curves has also been pro-
posed to describe the relationship between
the soil resistance acting on the pile wall
and the pile deflection, for instance, Reese
et al. (1974), Scott (1980), PHRI (1980),
and Carter (1984). Reese et al. (1974)
suggested the use of a piecewise curve
consisting of an initial straight line, a
parabola, and a straight line. These three
curves were assembled into one continuous
piecewise differentiable curve, cf. Method
A. Scott (1980) proposed a p-y curve for
sand consisting of two straight lines. His
recommendation was based on centrifuge
tests of laterally loaded piles. The ex-
pression of Scott (1980) is not bounded
by an upper limit. Hence, the ultimate
soil resistance is not considered in that
method. Murchison and O’Neill (1984)
compared these three expressions with a
series of field tests on flexible piles and
found the tangent hyperbolic function to
fit best with the tests. Carter (1984) pro-
posed the use of a hyperbolic expression
for p—y curves in sand:

p(y)" = m (45)

where n is a dimensionless constant.
Carter (1984) proposed to use n = 1 for
sand and n = 0.2 for clay. Ling (1988) con-
firmed the hyperbolic expression by com-
parison with 28 full-scale tests on flexible
piles.

PHRI (1980) proposes the use of a p—y
curve formulation in which the soil resis-
tance is proportional with the square of
the pile deflection. Hence, this p—y curve
formulation is not bounded by an upper
limit. Terashi (1989) found a good agree-
ment between this p—y curve expression

and centrifuge tests on flexible piles sit-
uated in dense sand.

The accuracy of the p—y curves proposed
by O’Neill and Murchison (1983), Carter
(1984), and PHRI (1980) needs to be com-
pared and validated for non-slender piles.

4.9 Layered soil

The p—y curve formulations of Reese et
al. (1974), Murchison and O’Neill (1974),
etc. considers piles situated in homoge-
neous soil. However, the soil stratifica-
tion is rarely homogeneous. A few an-
alytical studies on the effect of layered
soils have been conducted, for instance,
Davisson and Gill (1963), Khadilkar et al.
(1973), Naik and Peyrot (1976), and Dordi
(1977). However, these analyses do not
consider the non-linearity of the soil.

Georgiadis (1983) proposed a new ap-
proach to develop p—y curves in a layered
soil stratification. The approach involves
the determination of an equivalent depth,
h, for all soil layers existing below the up-
per soil layer. The equivalent depth of
layer ¢ is determined by solving h; in the
following equation:

Fi+..+F . 1=F= (46)

H;
/ pudx + ...+
0

hi—1+H;—1 hq
/ pude = [ puds (47
h 0

i—1

where F] is the sum of the ultimate soil re-
sistance for layer 1, F;_; is the sum of the
ultimate soil resistance for the (i — 1)’th,
and Fj; is the sum of the ultimate soil re-
sistance for the i’th layer. Hy, H;_1, and
H; are the layer thickness of soil layer 1,
i — 1, and 4, respectively. h;_1 and h; are
the equivalent depth of the soil layers ¢ — 1
and 3.
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Georgiadis (1983) validated his method
against a field test at Lake Austin on a
pile with a diameter of 0.152 m and an
embedded pile length of 4.9 m. Hence, the
length to diameter ratio was 32.2 and the
pile can be considered as flexible. The soil
stratification at the site consisted of 0.38
m of stiff clay overlying a medium dense
sand layer. The proposed method for lay-
ered soil fitted the field test very well.

It should be emphasized that the method
of Georgiadis (1983) for deriving p-y
curves for layered soils is developed and
validated for flexible piles. The method
still needs validation for piles behaving
rigidly.

Based on numerical analyses Yang and
Jeremic (2005) as well as McGann et al.
(2012) investigated laterally loaded piles
situated in a layered soil stratification.
Yang and Jeremic (2005) modelled the
behaviour of a flexible square pile situ-
ated in a stratification of sand and soft
clay. They conducted numerical simula-
tions with both a sand-clay-sand and a
clay-sand-clay stratification. The analysis
of McGann et al. (2012) is based on circu-
lar piles situated in seismic areas exposed
to lateral spreading. They considered piles
installed in sands with a loose liquified in-
termediate layer.

Yang and Jeremic (2005) used von Mises
constitutive model to model the clay and
the Drucker-Prager constitutive model for
the sand. They modelled a pile with a
width of 0.429 m and a length of 13.7
m. Hence, the slenderness ratio was 31.9.
Similar to Georgiadis (1983) they found
that the upper layers affected the p—y
curves of the lower layers. Further, they
found that the lower layers also affected
the p—y curves of the upper layers in such
a way that the p—y curves of a stiff upper
layer are reduced near a soft intermediate
layer. The size of the reduction was found
to depend on the distance to the interlayer,
such that the largest reduction took place

at the interlayer. For the clay-sand-clay
stratification they found that the stiff in-
termdiate layer resulted in increased soil
resistance in the upper clay layer.

McGann et al. (2012) used the Drucker-
Prager constitutive model in their numer-
ical model. They modelled a circular pile
with a diameter varying from 0.61 m to
2.5 m. Similar to Yang and Jeremic (2005)
they found that the intermediate layer af-
fects the soil resistance of the upper layer.
According to McGann et al. (2012) the
stiff soil near the interface of the weaker
intermediate layer can be pushed into the
weaker layer as the pile deflects laterally.
This explains the reduction in the soil re-
sistance of the stiff soil layers.

Based on their numerical simulations, Mc-
Cann et al. (2012) presented an expres-
sion for the reduction of the soil resistance
of the upper and lower layer. The reduc-
tion depends exponentially on the distance
from the intermediate layer. Other pa-
rameters such as the pile diameter, the
depth of the intermediate layer, the fric-
tion angle of the upper and lower layers,
and the thickness of the intermediate layer
were also included in the expression for
the reduction. The analysis of McGann
et al. (2012) considered the intermedi-
ate layer as liquefied. Their expression is
therefore only validated for stratifications
with an intermediate layer which is lique-
fied. The expression might however also
be valid in stratifications where the inter-
mediate layer is significantly softer than
the upper and lower layers, for instance
stratifications with an organic intermedi-
ate layer.

4.10 Long-term cyclic loading

Offshore wind turbines are exposed to
cyclic loading from the wind and wave
forces. During the lifetime of an offshore
wind turbine the foundation will be ex-
posed to a few number of load cycles with
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large amplitudes due to storms and fur-
ther to 10%-108 load cycles with low or in-
termediate amplitudes. The ratio between
the minimum and maximum load in each
cycle, (., will vary with time. The ratio be-
tween the maximum load in each cycle and
the static pile capacity is in the following
denoted as (. When designing monopile
foundations for offshore wind turbines it
should be ensured that the accumulated
pile rotation is less than the value specified
by the wind turbine supplier. Similarly,
it should also be ensured that the nat-
ural frequency of the combined structure
is within the range specified by the wind
turbine supplier. Typically, the founda-
tion is designed such that the natural fre-
quency of the combined structure is within
the rotor frequency and the blade passing
frequency. According to LeBlanc (2009),
wind turbines are often designed such that
the rotor frequency is in the range of 0.17-
0.33 Hz, while the blade passing frequency
typically is in the range of 0.5-1.0 Hz. The
energy rich wind turbulence lies below a
frequency of 0.1 Hz, and the frequency of
extreme waves is typically in the range
of 0.07-0.14 Hz. When a pile is exposed
to cyclic loading, the stiffness of the soil
might change due to a reconfiguration of
the soil particles. Therefore, knowledge
regarding the influence of cyclic loading
on the stiffness of the soil-pile interaction
is necessary for accurate determination of
the accumulated pile rotation and of the
variation of the natural frequency for the
combined structure with time.

The p—y curve formulations proposed by
Reese et al. (1974) and O’Neill and
Murchison (1983) accounts for cyclic load-
ing by means of reductions of the empirical
factors A and B. Hence, the accumulated
pile deflection is accounted for, however, in
a very simplified manner. Changes in the
initial stiffness of the p—y curves is not ac-
counted for, since A only affect the upper
limit of soil resistance (Method A and B),
and B the soil resistance at a pile deflec-
tion of y = D /60 (Method A). The param-

eters A and B for cyclic loading are based
on few tests on flexible piles with up to
approximately 100 load cycles. Further,
the influence of relative density, installa-
tion method, number of cycles, etc. are
not included in the expression of A and B
for cyclic loading. Hence, these p—y curve
formulations are incomplete in describing
the cyclic pile behaviour of monopile foun-
dations for offshore wind turbines.

The behaviour of laterally loaded piles
subjected to cyclic loading has been inves-
tigated by means of experimental testing
and numerical modelling. The major find-
ings are summarised in the following. The
pile and soil properties as well as load-
ing conditions for the experimental test-
ing which is referred to regarding the be-
haviour of cyclically loaded piles are sum-
marised in tab. 5.

Long and Vanneste (1994) summarises
previous research regarding the behaviour
of cyclically loaded piles:

e Prakash(1962), Davisson and Salley
(1970), and Alizadeh and Davisson
(1970) considered the cyclic pile re-
sponse based on model and field tests.
Prakash (1962) and Davisson and Sal-
ley (1970) conducted model tests on
aluminium pipe piles with outer di-
ameters of 12.7 mm (0.5 in) and em-
bedded pile lengths of 0.533 m (21
in). Hence the slenderness ratio is
40 and the piles can be considered
as flexible. The piles were situated
in medium dense dry sand. Alizadeh
and Davisson (1970) conducted field
tests on a pile with an outer diame-
ter of 0.4 m and a slenderness ratio of
40. The pile was situated in a layered
soil consisting of silty sand to grav-
elly sand. Prakash (1962), Davisson
and Salley (1970) as well as Alizadeh
and Davisson (1970) concluded that
for 50 or more load cycles the cyclic
stiffness of the modulus of subgrade
reaction is approximately 30 % of the
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Table 5: Pile, soil and loading properties for the model and field tests used for investigation of the behaviour of
cyclically loaded piles.

Pile Embedded Slenderness Soil Gy Ce N
diameter pile length ratio compaction

D L L/D

fm] fm] [ H O F
Cox et 0.61 21.0 34 medium dense (-1)-  0-100
al. (1974)/ to very dense (-0.25)
Reese et
al. (1974)
Prakash 0.0127 0.533 40 Medium 100
(1962) dense
Davisson and 0.0127 0.533 40 Medium 4
Salley (1970) dense
Alizadeh and 0.400 16 40 Loose 0 100
Davisson (1970)
Little and 0.510- 29.6- 32-60 Medium 0- 21
Briaud (1988b) 1.065 39.0 dense 0.5
Long and 0.145- 3.8- 3-84 Loose to (-1.0)- 5-
Vanneste (1994) 1.430 39.0 dense 0.5 500
Lin and 0.145- 5.0- 4-84 Loose to (-1.0)- 4-
Liao (1999) 1.430 21.0 dense 0.1 100
Peng et 0.0445 0.400 9 Medium 02~ (-1)- 10000
al. (2006) dense 0.6  (-0.6)
Peralta and 0.060- 0.200- 3-8 Medium 0 10000
Achmus (2010) 0.063 0.500 dense
LeBlanc et 0.080 0.360 4.5 very loose 0.20- (-1.0)-  7000-
al. (2010a) to loose 0.53 1.0 65000
LeBlanc et 0.080 0.360 4.5 very loose 0.28- 0 100-
al. (2010Db) to loose 0.53 10000

static stiffness. ponential expression: p. = psN %

The cyclic soil resistance is denoted
D¢, the static soil resistance is denoted
ps, the number of load cycles is de-
noted IV and a is an empirical factor.
The expression was validated against
12 pressuremeter tests on model piles
sity of the soil, such that the stiff- with outer diameters of 34.5 mm (1.36
ness is reduced to 25 % of the sta- in) situated in dry sand. Further,

tic stiffness for. loose soils a,pd to 50 the expression was validated against
% for dense soils. The mentioned re- six field tests on pipe piles driven or

ductions in subgrade reaction modu- drilled into the soil. The piles had
lus was for 40 load cycles. outer diameters of 0.510 m to 1.065 m,

e Little and Briaud (1988b) proposed embedded pile lengths- of 29.6 to 39.0
to degrade the soil resistance in the m and slenderness ratios of 32 to 60.

p—y curve formulation with the num- The piles therefore exhibited a slen-
ber of load cycles by means of an ex- der pile behaviour. The pile slender-

e Broms (1964) similarly considered the
cyclic pile behaviour based on the
subgrade reaction method. He found
that the degradation of the static
stiffness depends on the relative den-
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ness ratio varied from 37 to 59. The
piles were installed in medium dense
sand.

Long and Vanneste (1994) analysed 34
field tests on piles exposed to cyclic lat-
eral loading. The pile dimensions were
D =0.145—-143 m, L, = 3.8 — 39.0 m,
L,/D = 3—84. Various pile cross-sections
and installation methods were used for the
34 field tests. The soil compaction var-
ied from loose to dense and the number of
load cycles varied from 5 to 500. Based on
back-analyses of the field tests, they pro-
posed to degrade the static p—y curve for-
mulation proposed by Reese et al. (1974)
in the following way to account for cyclic
loading:

pNn =p1x N7 (48)
yn = y1 x NOO (49)

where py is the soil resistance after N cy-
cles, p1 is the static soil resistance, yy is
the pile deflection after N cycles, y; is the
static pile deflection, and ¢ is a. dimension-
less parameter. The dimensionless param-
eter t was found to depend primarily on
(., but also the installation method and
the relative density were found to exhibit
a minor influence on ¢. They found that
t assumes the largest values for one-way
cyclic loading with (. = 0.0 — 0.5.

Lin and Liao (1999) proposed a method for
determination of the accumulated pile dis-
placement caused by mixed lateral load-
ing. Their method is based on the expres-
sion for the cumulative strains due to mix-
ing of different amplitude loads proposed
by Stewart (1986) and on Miner’s rule
(Miner, 1945). In their method, they as-
sume that the representative lateral strain
can be calculated from the pile deflection
as € = y/(2.5D). This relationship be-
tween the lateral strain and the pile deflec-
tion was originally suggested by Kagawa
and Kraft (1980). Lin and Liao (1999)
suggest that the relationship, R, between
the lateral strain after N cycles, ey, and

the lateral strain after one cycle, €, is
given as:

R, = i—N =1+tln(N)  (50)

1

where ¢ depends on the relative density,
the installation method, (. and the ratio
between the pile length and the pile/soil
relative stiffness, 1. They calibrated the
parameter t against 20 field tests on piles
with outer pile diameters of 0.145-1.43 m,
embedded pile lengths of 5.0-21.0 m and
slenderness ratios of 4-84. The installa-
tion method varied and further the soil
compaction varied from loose to dense.
They validated their method against the
field tests presented by Little and Briaud
(1988b). A reasonable agreement were
found with the tests. It should be noted
that the number of load cycles in the field
tests were limited to a maximum of 100
cycles.

Peng et al. (2006) invented a new test-
ing device for cyclic loading of laterally
loaded piles. By means of the new test-
ing device they conducted two-way cyclic
tests with 10000 cycles and both balanced
and unbalanced cyclic loading. They con-
centrated on the development of the inno-
vative testing device and only presented
few results from cyclic load tests. The
test results they presented were for a pile
with an outer diameter of 44.5 mm, an em-
bedded pile length of 400 mm and a slen-
derness ratio of 9. The pile was situated
in a dry sand with Ip = 71.7 %. The
loading frequency were varied from 0.45-
0.94 Hz. The applied cyclic loading had
¢ = 0.2—-06 and ¢, = (—-1) — (—0.6).
They concluded that the pile displacement
increases for increasing loading frequency.
Whether this was due to resonance be-
tween the natural frequency of the pile and
the loading was not discussed. They found
that the accumulated pile displacement is
significantly greater for unbalanced load-
ing than balanced loading, which is simi-
lar to the findings of Long and Vanneste
(1994) and Lin and Liao (1999). Further,
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they found that within 10000 load cycles
the accumulated pile deflection continued
to increase.

Lesny and Hinz (2007) proposed to mo-
del the cyclic pile behaviour by means of
a combination of finite element modelling
and cyclic triaxial testing. They imple-
mented the results from undrained, un-
consolidated, stress-controlled cyclic triax-
ial tests in the constitutive model. The
method for the finite element modelling of
the cyclic pile behaviour includes the fol-
lowing steps:

e At first the variation of load versus
number of load cycles is estimated.
The loading is divided into a number
of load levels each with a correspond-
ing number of load cycles.

e For varying load levels the induced
states of stresses in the soil is calcu-
lated by finite element analysis using
soil parameters for static loading.

e Triaxial tests are conducted according
to the determined stress conditions.

e The accumulated plastic strain per
load level is calculated, and their sum
is determined with use of Miner’s rule

(Miner, 1945).

e The soil properties are modified to ac-
count for the cyclic behaviour, and
the pile behaviour is determined by
means of finite element modelling em-
ploying the updated soil parameters.

The method proposed by Lesny and Hinz
(2007) needs to be validated against cyclic
tests on laterally loaded piles.

Achmus et al.  (2009b) analysed the
cyclic pile behaviour of non-slender large-
diameter piles through numerical mod-
elling employing the Mohr-Coulomb con-
stitutive model. = The cyclic behaviour
ofthe soil was implemented through a de-
grading soil stiffness. The formulation

proposed by Huurman (1996), which is
based on triaxial testing of cohesionless
soil, was applied to express the stiffness
degradation. Achmus et al. (2009b) pre-
sented a parametrical study on the accu-
mulation of pile deflection due to cyclic
loading in which the pile diameter, the
pile length, the loading eccentricity, the
relative density and (, was varied within
D=25-7bm, L =20—-40 m, e =
0 — 40 m, medium dense to dense sand
and ¢, = 0 — 0.6. For all the simulations
one-way loading with (. = 0 were applied.
Based on the parametric study they pre-
sented design charts relating the ratio be-
tween the static and cyclic pile deflection
(accumulation rate of deformation) with ¢,
for varying numbers of load cycles. They
found that the pile diameter, the embed-
ded pile length, and the relative soil den-
sity affect the accumulation rate of defor-
mation through their effect on the static
pile capacity and hence also their effect on
the normalized load.

Peralta and Achmus (2010) conducted a
series of 1-g tests on both flexible and
rigid piles in order to investigate the be-
haviour of cyclic loaded piles. The pile
dimensions was D = 60 — 63mm and
L =200 — 500mm. The pile material em-
ployed for the tests varied from steel to
high density poly-ethylene (HDPE). The
piles made of HDPE behaved as slender
piles due to the significantly lower Young’s
modulus of elasticity for HDPE. One-way
cyclic loading with (. = 0 were consid-
ered. For each test, the 10000 load cycles
were applied. They attempted to fit both
an exponential and a logaritmic expres-
sion for the accumulation of displacement
to the test results, as proposed by Long
and Vanneste (1994) and Lin and Liao
(1999), respectively. They concluded that
the exponential function for the displace-
ment accumulation fitted well with the ex-
perimental tests on rigid piles while the
logarithmic expression fitted the flexible
piles well. They presented a comparison of
the evaluation of accumulated pile deflec-
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tion for two equivalent irregular load pat-
terns: one in which the cyclic load ampli-
tude ascended; and one in which the cyclic
load amplitude descended. From the com-
parison it could be observed that the ac-
cumulated load displacement was approxi-
mately 25 % higher for the irregular cyclic
load pattern with ascending loads than the
pattern with descending loads.

LeBlanc et al. (2010a) and LeBlanc et al.
(2010b) investigated the cyclic behaviour
of non-slender piles through small-scale
testing at 1-g. They tested a pile with an
outer diameter of 80 mm and an embedded
pile length of 360 mm. The slenderness ra-
tio was hereby 4.5 implying rigid pile be-
haviour. They conducted tests at relative
soil densities of 4 and 38 %. The pile was
exposed to a series of cyclic load tests with
varying (p and (.. (, was varied between
0.2 and 0.53, while (. was varied from -1
to 1. The values of (; corresponds to loads
ranging from the fatigue limit state (FLS)
to the serviceability limit state (SLS).

LeBlanc et al. (2010a) considered the ac-
cumulated pile rotation and the change
in pile stiffness for continouos long-term
cyclic loading. Regarding the accumulated
pile rotation, they proposed the following
expression:

AB(N)
05

= Ty(GoID)T(C)NE (51)

where T, and T, are dimensionless func-
tions. They found that T} increases for
increasing values of both (; and Ip, while
they proposed a nonlinear variation of T,
with (.. For (. equal to either -1 or 1, e.i.
two-way cyclic loading with a mean value
of 0 and static loading, respectively, they
suggested that T, is 0, while for (. = 0, the
dimensional function T, assumes a value of
1. The maximum value of T, was proposed
to 4 at (. = —0.6, which implies that two-
way cyclic loading with (. = —0.6 give rise
to significantly larger pile rotations than
one-way cyclic loading.

In LeBlanc et al. (2010a) also the varia-
tion of pile stiffness, k = M /0, was inves-
tigated. They found that the pile stiffness
increases with the number of load cycles,
and further that the increase is indepen-
dent of factors such as (p, (., and Ip. It
seems questionable that the relative den-
sity should have no influence on the in-
crease in pile stiffness. Therefore cyclic
tests at higher values of relative density
are needed to further extrapolate the find-
ings from LeBlanc et al. (2010a).

LeBlanc et al. (2010b) investigated the ac-
cumulated pile rotation for piles exposed
to random cyclic loading. They found that
the sequence of loading has no significant
influence on the accumulated pile rotation.
Further, they found that the number of cy-
cles to neutralise IV reversal load cycles is
more than N. Based on that they con-
cluded that conservatively it can be as-
sumed that N load cycles are necessary to
neutralise N reversal load cycles. Based
on the experimental tests they proposed a
method to account for random cyclic load-
ing in the determination of the accumu-
lated pile rotation. They suggested to di-
vide a time-series of random cyclic loading
into a number of load sequences by means
of the extended rainflow method proposed
by Rychlik (1987). The accumulated pile
rotation of the the i’th load sequence, 6;,
can then be determined by means of the
following equations:

AY; :((Aai—l)l/o.sl

+ (0,1, N0 (52)
0; =A0; + max(ﬂs,l,...,em) (53)

where the subscript ¢ denotes the 7’th load
sequence. The equations are based on the
findings in LeBlanc et al. (2010a) and
Miner’s rule (Miner, 1945).

Achmus et al. (2010a) validated the nu-
merical model proposed by Achmus et al.
(2009b) against the small-scale tests re-
ported by LeBlanc et al. (2010a). A
reasonable agreement between the numer-
ical model and the experimental findings
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were found. However, further validation of
the numerical model is needed. It should
be noted that the cyclic soil behaviour
which they assumed in their numerical mo-
del was not based on the sand material
employed in the tests by LeBlanc et al.
(2010a).

Summary

The effect of continouos long-term cyclic
loading on the accumulated pile rota-
tion/deflection has been investigated ex-
perimentally for both slender and non-
slender piles. For slender piles several
model and field tests have been reported
in the litterature. The number of load
cycles have however for the majority of
these tests been less than 100. For non-
slender piles the experimental research on
the cyclic pile behaviour relies on model
tests. The majority of the researchers pro-
pose an exponential relationship between
the number of cycles and the accumulated
pile rotation. However, the research re-
veals opposing conclusions regarding the
effect of the relative density on the ex-
ponent relating the pile rotation with the
number of cycles.

The effect of continouos long-term cyclic
loading on the pile behaviour has been in-
vestigated through numerical modelling in
which the soil stiffness is degraded based
on triaxial tests (Lesny and Hinz, 2007;
and Achmus et al., 2009b). The prospect
of degrading the soil stiffness in the consti-
tutive models on the basis of triaxial test-
ing is an interesting idea. However, valida-
tion against experimental work (preferably
field tests) is needed.

Only few experimental pile tests have been
conducted regarding the accumulated pile
rotation for random long-term cyclic load-
ing. LeBlanc et al. (2010b) found that
the accumulated pile rotation is indepen-
dent of the loading sequence, which dis-
agrees with the findings of Peralta and

Achmus (2010). The influence of loading
sequence needs to be further investigated.
LeBlanc et al. (2010b) proposed a method
for determination of the accumulated pile
rotation based on the extended rainflow
method proposed by Rychlik (1987) and
Miner’s rule.

Research regarding the variation of the
stiffness of the soil-pile interaction with
long-term cyclic loading is needed. Re-
sults from LeBlanc et al. (2010a) indi-
cate that the stiffness increases logarith-
mically with the number of cycles and that
the increase is independent of the relative
density. However, the tests were only con-
ducted in loose to medium dense soil, and
hence a further investigation is needed for
dense to very dense soil.

4.11 Scour effect on the soil-pile

interaction

Around a vertical pile placed on the seabed
the water-particle flow from currents and
waves will undergo substantial changes
causing erosion of soil material. Hence,
local scour holes around these piles will
form. When large wind farms are built,
scouring can also take place on a more
global scale. The scour depth of local
scour holes can according to DNV (2010)
be up to 1.3 times the pile diameter.
Scour protection consisting of rock infill
can be employed to avoid the development
of scour. However, scour protection is very
expensive and on some locations it can
be hard to deploy due to the sea condi-
Det Norske Veritas provide regu-
lations for the possible depths of global
and local scour holes (DNV, 2010). Fur-
ther, they require that the p—y curves are
modified for the presence of scour. How-
ever, they do not provide any regulations
on how to modify the p—y curves for the
presence of global and local scour.

tions.

The International Organization for Stan-
dardization, ISO, and the American
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Figure 29: Reduction in effective vertical stresses and initial stiffness of the p—y curves due to global

and local scour, after ISO (2007).

Petroleum Institute, API, provides a sim-
ple method to account for local and global
scour in the p—y curve formulation (ISO,
2007; API, 2008) in which the effective
vertical stresses are assumed to vary with
depth as shown in fig. 29. The change in
effective vertical stress changes the value
of the ultimate soil resistance, cf. (28).
They only reduce the initial stiffness of the
p—y curves due to the presence of global
scour. In ISO (2007) and APT (2008) it is
stated that the method shown in fig. 29 is
not generally accepted.

When local and global scour takes place,
the effective soil stresses decrease. Hence,
the soil becomes slightly overconsolidated,
with the largest overconsolidation ratio in
the upper soil layers. As the soil be-
comes overconsolidated the soil strength
increases.
to take the overconsolidation effect into
account. Lin et al. (2010) modified the
p—y curve formulation proposed by Reese
et al. (1974) to account for the effect of
overconsolidation. Due to the overconsol-
idation the coefficient of horizontal earth
pressure increases, and further, the fric-
tion angle increases. These changes in the
soil properties were incorporated in the ex-
pression of p,, cf. (12) and (13). They

Hence, it is conservative not

compared the pile behaviour calculated by
means of a Winkler model approach for
the test piles at Mustang Island, cf. Cox
et al. (1974), for two conditions: one in
which the original friction angle and co-
efficient of horizontal earth pressure were
used; and one in which the overconsoli-
dated parameters were used. They found
a significant increase in p, when the soil
is considered to be overconsolidated. Fur-
ther, the maximum bending moment in
the pile decreased with 7 % when assum-
ing overconsolidated soil. Hence, for piles
installed without scour protection, the ef-
fect of overconsolidation should be incor-
porated in the design.

Achmus et al. (2010b) conducted a nu-
merical study of the effect of scour on the
lateral pile behaviour of non-slender large-
diameter piles. They employed the com-
mercial program ABAQUS and the Mohr-
Coulomb constitutive model. They incor-
porated cyclic soil behaviour by means of
the degradation stiffness method (Achmus
et al., 2007; Kuo, 2008). They varied pa-
rameters such as the pile diameter, the
scour depth, and the loading eccentricity.
They concluded that, the effect of scour in-
creases for decreasing pile slenderness ra-
tio. Further, they found that scour is more
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unfavourable for small loading eccentrici-
ties.

Due to changing sea conditions the scour
depth around unprotected monopile foun-
dations will vary with time. The process
in which the scour depth is decreasing is
termed backfilling. Currently, there is no
knowledge regarding the properties of the
backfilled soil material and how to incor-
porate this in a Winkler approach. Knowl-
edge regarding these issues are important
for the fatigue design of the steel material
used for the monopile.

5 Conclusion

Monopiles are an often used foundation
concept for offshore wind energy convert-
ers. They are usually designed by use of
the p—y curve method which is a versa-
tile and practical design method. Further-
more, the method has a long history of
approximately 50 years of experience.

The p—y curve method was originally de-
veloped to be used in the offshore oil and
gas sector and has been verified for flexi-
ble piles with pile diameters up to approx-
imately 2 m. However, for offshore wind
turbines, monopiles with diameters of 4 to
6 m and a slenderness ratio around 5 are
not unusual.

In the present review a number of the as-
sumptions and not clarified parameters as-
sociated with the p—y curve method have
been described. The analyses considered
in the review state various conclusions of
which some are rather contradictory. Im-
portant findings of this paper are sum-
marised as follows:

e When employing the Winkler model
approach, the soil response at a given
depth is assumed to be independent of
the deflections above and below that
given depth. Pasternak (1954) pro-
posed a modification of the Winkler

model approach in which the shear
stress between soil layers is accounted
for. However, the effect of involving
the shear stress between soil layers
seems to be rather small, and from
the analysis it is not clear whether the
results are dependent on pile proper-
ties.

The failure modes assumed when
dealing with the ultimate soil resis-
tance at shallow depth seems rather
unrealistic. In the traditionally em-
ployed methods the surface of the pile
is assumed smooth. Furthermore, the
method does not take the pile de-
flection pattern into account, which
seems critical for rigid piles.

Soil dilatancy affects the soil response
such that a large value of the dila-
tancy angle leads to large values of the
ultimate soil resistance. The effect of
soil dilatancy is neglected in the p—y
curve formulations. However, a re-
lationship between the soil dilatancy
and the friction angle exists. Hence,
the influence of soil dilatancy is im-
plicitly accounted for in the expres-
sions for p,.

Determining the ultimate soil resis-
tance by the method proposed by
Hansen (1961), seems to give more
reasonable results than the method
associated with the design codes.
Prasad and Chari (1999) presented
an expression for the ultimate soil re-
sistance which accounts for the de-
flection pattern for non-slender piles.
Zhang et al. (2005) modified the ex-
pression of Prasad and Chari (1999)
such that side friction is included.
Large-scale tests are needed to fur-
ther validate the expressions for the
ultimate soil resistance.

In current practice, piles are analysed
separately for vertical and horizontal
behaviour. The effect on combined
loading has untill now primarily been
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investigated by means of numerical
modelling. From this numerical work
it can be concluded that vertical load-
ing affects the horizontal pile stiffness
and capacity. Compressional vertical
loading has a minor positive effect on
the horizontal stiffness and capacity,
while tensile vertical loading decrease
the lateral pile capacity moderately.
The effect of combined loading on the
vertical stiffness and capacity is more
significant.

Analyses of the sensitivity of p—y
curves to pile bending stiffness, E,1,,
gives rather contradictory conclu-
sions. According to the Strain Wedge
model, the formulations of p—y curves
are highly affected by the pile bend-
ing stiffness. This is in contradiction
to the existing p—y curve formulation
and the numerical analyses performed
by Fan and Long (2005) as well as
Kim and Jeong (2011).

The initial stiffness is independent of
pile diameter according to the exist-
ing p-y curves. This agrees with
analytical investigations by Terzaghi
(1955), and Vesic (1961). Similarly,
Ashford and Juirnarongrit (2005)
concluded that initial stiffness is in-
dependent of the pile diameter based
upon an analysis of a finite element
model and tests on large scale con-
crete piles. Carter (1984) and Ling
(1988), however, found that the ini-
tial stiffness is linear proportional to
pile diameter.

Based upon a numerical model, Lesny
and Wiemann (2006) found that the
initial stiffness is over-predicted at
large depths when considering non-
slender large-diameter piles.

More research is needed regarding the
initial stiffness of p—y curves.

Fan and Long (2005) found from nu-
merical analyses that the initial stiff-
ness of the p—y curves as well as the

ultimate soil resistance increases with
an increase in the coefficient of hor-
izontal earth pressure. This effect is
not taken into consideration in the ex-
isting p—y curve formulations.

A pile which behaves rigidly will have
a negative deflection at the pile toe
causing shear stresses at the pile toe.
Further, pile rotation at the pile toe
will impose a moment on the pile
caused by vertical stresses acting on
the pile toe. These effects are not
taken into consideration in the exist-
ing p—y curve formulations.

For non-slender, large-diameter piles
the research regarding the shape of
the p—y curves is limited.

The p—y curves are developed for ho-
mogeneous soils. Few analyses have
been made on layered soils. Fur-
ther these analyses have been con-
ducted on flexible piles. Georgiadis
(1983) proposed a method to adjust
the p—y curve formulations for layered
soils in which an equivalent depth
is determined for the soil layers be-
neath the upper layer. McGann et
al. (2012) investigated the effect of
layered soil on the p—y curves and
found that both the soil layers above
and below an intermediate layer af-
fect the p—y curves of the interme-
diate layer. Based on the numerical
analyses McGann et al. (2012) pro-
posed a modification of the p—y curves
due to layered soil. Both the findings
of Georgiadis (1983) and McGann et
al. (2012) needs furhter validation
against tests on non-slender piles.

Cyclic loading is only in a very sim-
plified manor incorporated in the cur-
rent p—y curve formulations. The ac-
cumulation of pile deflection due to
long-term cyclic loading have been in-
vestigated by means of both numer-
ical modelling and small-scale tests.
Most researchers conclude that the
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pile deflection accumulates exponen-
tially with the number of cycles. Fur-
ther, factors such as the relative den-
sity, ¢ and (. affects the accumula-
tion.

For random cyclic loading LeBlanc et
al. (2010b) found that the accumula-
tion of pile deflection is independent
of the loading sequency, which is in
contrast to the findings of Peralta and
Achmus (2010).

The variation of the stiffness of
the soil-pile interaction with cyclic
loading needs further investigation.
LeBlanc et al. (2010a) suggested
that the stiffness increases logarith-
mically with the number of cycles in-
dependently of the relative density of
the soil. However, they only consid-
ered piles in loose to medium dense
sand. Hence, further investigations
are needed for piles in dense to very
dense sand.

For piles installed offshore without
scour protection both global and local
scour will take place. This changes
the soil-pile interaction. ISO (2007)
suggests a simplified method for mod-
ification of p—y curves due to scour-
ing. However, the method needs val-
idation. Lin et al. (2010) pointed
out that the soil becomes overcon-
solidated when scouring takes place.
Hence, the coefficient of horizontal
earth pressure and the friction angle
increases.

Due to changing sea conditions the
depth of the scour holes around un-
protected offshore piles will vary with
time. Knowledge is needed regarding
the properties of backfilled soil mate-
rial. Such knowledge can be essen-
tial for optimising the fatigue design
for monopiles designed unprotected
against scour development.
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