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Cycloidal Rotor Systems 

Robert Worthing 

 

Abstract  

 

Historically the development of the cycloidal rotor into a viable propulsion 

concept has been hampered compared to more conventional approaches due to 

limitations in computational modeling capability and availability of low mass high 

stiffness materials.  However, advancements in these areas have improved the 

viability of the cycloidal rotor over recent years, which has renewed interest in the 

cycloidal rotor in the quest to develop more efficient propulsion technologies.  The 

cycloidal rotor is a novel thrust generation technology suitable for crewed and 

uncrewed flight.  Thrust generation is created via blades rotating parallel to the 

rotor’s global rotation axis, pitching cyclically.  Precise thrust vectoring is achieved 

by controlling the blade cyclic pitch phase angle, enabling the cycloidal rotor to 

operate with a wide operational envelope in pure thrusting and forward flight 

applications.   

 

To date, all cycloidal rotor research has concentrated on mean rotor 

performance, which is essential in the preliminary design stage, but its applicability 

is limited during detailed design.  Standard rotorcraft are often subject to high levels 

of vibration emanating from a number of sources, with the rotor being a significant 

contributor.  Rotorcraft rotor blades operate in a highly unsteady aerodynamic 

environment, subject to fluctuating aerodynamic and inertial loading, generating 

large vibratory blade and hub loads, leading to problems such as component fatigue 

and passenger discomfort.  In comparison to standard rotorcraft, the vibratory 

response of the cycloidal rotor is little researched and understood. 

 

The current thesis presents the development of reduced-order computational 

aerodynamic models and computational fluid dynamic models (CFD) to characterize 

the vibratory response of a cycloidal rotor in hover with increasing blade cyclic pitch 

amplitude and varying rotor speed.  Experiments with a new four-blade cycloidal 
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rotor test rig were undertaken to investigate the efficacy of the reduced-order 

computational and CFD models in predicting the mean and vibratory hub loads.   

 

A method of rotor force sensor dynamic calibration was developed to take 

account of the test rig dynamic response and characterize the cycloidal rotor 

vibratory response fully for the first time.  The reduced-order computational model 

and 2D CFD analysis showed good agreement with experimental data in calculating 

mean rotor performance.  It was found that the rotor vibratory loads were dominated 

by the rotor 4/Rev vibratory response, which saw increased modulation with 

increasing blade cyclic pitch amplitude.  The correlation of computational model 

vibratory loads with experimental data improved with model fidelity, with both 

models showing broad agreement with the experimental data.  The computational 

models provided insight into the physical mechanisms behind rotor vibration, with 

blade wake interactions identified as having a strong influence on the overall rotor 

vibratory response. 

 

With high levels of cycloidal rotor vibration identified from initial tests, rotor 

vibration reduction was identified as a critical factor in cycloidal rotor optimization 

and further development in the future.  One such vibratory response reduction 

methodology is higher harmonic control (HHC).  The thesis describes the first 

known investigation into the use of HHC for mitigating cycloidal rotor vibration, 

providing a robust demonstration of the efficacy of HHC both computationally and 

experimentally, identifying that the inclusion of HHC successfully reduced the 

cycloidal rotor vibratory response in all cases.  Furthermore, it is shown that 

faithfully modeling the blade vortex shedding and stall behavior is key to accurate 

simulation of the rotor and rotor vibration control. 
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Chapter 1 – Introduction 

 

1.1. Introduction 

 

This chapter first outlines the motivation for the current cycloidal rotor 

research and the concept to be investigated.  Secondly, the research background and 

significance of the cycloidal rotor are outlined, and how the cycloidal rotor may be 

employed to meet the current and future requirements of the crewed and uncrewed 

flight aviation industry.  The current problems associated with cycloidal rotors have 

also been outlined, which has hampered their early development.  Addressing the 

challenges associated with cycloidal rotor design forms the basis of the current 

research question.  Finally, the main aims and objectives of the current research are 

defined.   

 

1.2. Research Motivation 

 

Following the development of the helicopter, considerable effort was devoted 

to the design of craft that had the hover, vertical take-off, and landing ability of a 

helicopter combined with cruise speed comparable to standard aircraft, now 

commonly called the Vertical Take-Off and Landing (VTOL) rotorcraft.  Numerous 

VTOL conceptual designs were developed during this period with varying degrees of 

success, with the notable exception being the Hawker AV-8A Harrier [1].  However, 

poor performance and handling hampered early VTOL development efforts, with 

power plants typically limited to piston engines and gas turbines.  In addition, craft 

development was often challenging due to the limited testing capability suitable for 

VTOL-specific applications. 

 

Over recent times interest in the electrification of propulsion systems has 

increased and seen renewed interest in the design of a wide range of efficient 

propulsion systems for crewed and uncrewed flight, one area being VTOL craft.  The 

VTOL capabilities remove the need for a craft launcher or runway, allowing operation 

in almost any location unaided.  
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With increased research and development into Urban Air Mobility (UAM) and 

an ever-expanding Unmanned Aerial Vehicle (UAV) market, there is still much scope 

to develop new propulsion technologies to be used in conjunction with or replace 

existing approaches.  The new propulsion technologies would seek to improve the 

craft’s overall operating efficiency, operational range, payload, forward flight speed, 

and rotor hovering efficiency.  The new technologies could be used for all-electric 

propulsion and hybrid-electric concept optimization, where improved endurance and 

operational capability are still sought.  In addition, the continual drive to reduce the 

environmental impact of the aerospace sector at all levels and scales to reduce CO2 

emissions by 75% by 2050 [2,3] adds considerable pressure to develop other 

technologies to address the shortfalls of traditional propulsion approaches. 

 

Uses for UAV systems are numerous, including but not limited to emergency 

surveillance, crowd control, and observation.  The increasing trend of system 

miniaturization in UAV development has seen that the scaling of conventional crewed 

flight propulsion concepts often results in lower aerodynamic efficiencies when 

compared to their crewed counterparts, a direct result of the low Reynolds number 

flow effects [4].  In addition, the performance requirements of UAV systems vary 

greatly depending on whether their operation requires endurance, hover, and or 

maneuverability. 

 

The American Helicopter Society characterizes VTOL aircraft into three main 

categories [5]: vectored thrust, lift and cruise, and wingless.  Vectored thrust VTOLs 

use a wing for efficient forward flight and one propulsion system for VTOL and 

forward flight manoeuvers.  Examples include the Lilium Jet and Aurora 

LightningStrike.  The lift and cruise VTOLs incorporate a wing for efficient forward 

flight performance but use two separate propulsion systems for hover operation and 

forward flight.  Crewed flight examples include the Kitty Hawk Cora and the Aurora 

Flight Sciences eVTOL.  Uncrewed examples include the SkyEye Sierra VTOL, 

which is a fixed-wing electric eVTOL UAV, and the Tango VTOL UAV.  Finally, 

wingless VTOLs are single or multi-rotor craft efficient in hover but less so in forward 

flight due to the lack of fixed-wing and are typically used for short-range operation.  

Examples include the E-Hang 184 and Volocopter.   
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The blending of propulsion technologies in the vectored thrust, lift, and cruise 

categories has resulted in increased demand for craft more commonly known as fixed-

wing VTOL in military and civil operations.  This is due to the fixed-wing VTOL 

ability to incorporate the forward flight efficiency of fixed-wing aircraft with the 

vertical landing and hovering efficiency of a conventional rotorcraft. 

 

1.3. Research Background and Significance of Cycloidal Rotors 

 

The cycloidal rotor is an innovative propulsion design concept that is scalable 

for crewed and uncrewed flight.  The origin of the cycloidal rotor is unknown, but it 

is widely accepted that Kirsten [6,7], during the 1920s, was the first to recognize its 

potential in aeronautical and marine applications.  However, despite further 

developing a physical and analytical model [8], it was concluded that although the 

concept showed promise for hover and low-speed forward flight, with an overall 

efficiency lower than that of propeller technology of the day, sadly, the concept saw 

little further development.  Coupled with the lack of understanding of the flow physics 

of oscillating aerofoils, structural challenges of the design, and no way of analyzing 

it with sufficient accuracy, the cycloidal rotor is one of the most researched propulsion 

concepts never to have flown in crewed flight. 

 

Although cycloidal rotor research is still embryonic, the increase in efficient 

flight research within the last decade has seen a renewed interest in cycloidal rotor 

propulsion.  As a result, many of the problems and challenges associated with 

cycloidal rotor propulsion are still unknown or little researched.  With the 

development of high-speed computing and numerical analysis techniques in recent 

years, many of the barriers to furthering the development of the cycloidal rotor have 

been reduced.   

 

The cycloidal rotor differs from standard rotorcraft, whereby a series of blades 

rotate parallel to the global rotor rotation axis, as shown in figure 1.1.  The ability of 

the rotor to change the phase angle and amplitude of the rotor blade cyclic pitch angle 

enables thrust to be vectored in any direction almost instantaneously, with thrust 

magnitude controlled via blade cyclic pitch angle and or rotor rotational speed.  
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Meaning the cycloidal rotor can be used in VTOL-only applications and UAM 

applications as a fixed-wing VTOL variant.  The transition from hover to forward 

flight is vital for VTOL applications.  Precise control of thrust magnitude and 

direction of the cycloidal rotor allows an easy transition from hover to forward flight 

manoeuvers without any detrimental effect on aircraft performance and control.   

 

The resultant thrust generated by a cycloidal rotor blade can be broken down 

into a lateral (propulsive) and vertical (lifting) thrust force component.  The coordinate 

system used for all measurements throughout the current research is shown in figure 

1.2.  Where the lateral (propulsive) force is defined as Fx acting parallel to the 

velocity-free stream in forward flight.  The vertical (lifting) force is defined as Fy and 

acts perpendicular to the velocity-free stream in forward flight.  Positive torque Tz 

acts counterclockwise (CCW) in the direction of rotor rotation. 

 

 

 

Figure 1.1 – 3D CAD model representation of a cycloidal rotor with six NACA 

0012 blades and a maximum blade cyclic pitch angle of 40° [9] 

 

Control of vectored thrust increases gust tolerance due to the rotor’s ability to 

react quickly to rotor air loads and operating environment changes.  Tight control of 

the thrust vectoring provides more precise maneuverability, agility, and the ability to 
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fly in any direction in confined spaces, which is a key advantage over many competing 

technologies.  This makes the cycloidal rotor an attractive proposition that addresses 

many of the drawbacks of current propulsion systems at varying scales, with the 

ability to operate over a wide range of operational regimes.   

 

The cycloidal rotor can be used in isolation as a stand-alone propulsion system 

or simultaneously with other, more conventional forms of propulsion.  An example is 

helicopter tail rotors and Lighter than Air (LTA) vehicle propulsion concepts [10,11].  

Scalable for crewed and uncrewed flight, a comparison of the cycloidal rotor power 

loading for a six-blade rotor with data available on other conventional crewed 

rotorcraft configurations is shown as Cycloidal Blade System (CBS) in figure 1.3, 

illustrating the concept’s promise.  The cycloidal rotor power loading data presented 

in figure 1.3 is derived from experimental test data forming part of a larger research 

project by Seoul National University [12] to develop a 0.8m diameter, six-blade, 

simply supported rotor to be developed into a rotorcraft for crewed flight applications.  

Cycloidal rotor research to date has concentrated on fully electric-powered craft, but 

they can equally be used in hybrid-powered systems. 

 

 

 

Figure 1.2 – Cycloidal rotor positive force and torque measurement coordinate 

system convention used throughout the computational and experimental studies 

in the current research. 

Free Stream 

Velocity Direction 
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Figure 1.3 – A comparison of a six-blade cycloidal rotor power loading derived 

from experimental data with the power loading of other crewed craft [12] 

 

1.4. Open Research Questions 

 

A major challenge of using the cycloidal rotor for craft propulsion is that rotor 

rotation generates a transverse centrifugal load on the rotor blades, which act to bend 

the blades, whereas, for a conventional rotorcraft, the centrifugal load stiffens them.  

Research into new high stiffness-to-weight ratio materials will enable the issues 

associated with the blades and supporting structures to be addressed, utilizing the 

latest advanced composite material and innovative manufacturing methods. 

 

One of the significant factors limiting the performance of UAV systems is the 

mass of the propulsive system, and the cycloidal rotor at this stage is no exception.  

Typically a UAV has a propulsive system mass of 60% compared to 20% for birds 

[13].  However, optimization and sufficient development could improve operating 

efficiency over other, more conventional approaches.  The pitching of the blades is 

fundamental to cycloidal rotor operation from both a steady and dynamic load 

perspective, with all of the lateral and vertical thrust force generated as a direct result.  
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Surprisingly the blade pitching schedule in hover and forward flight is little researched 

and analyzed, with only one known optimization study to date [14].   

 

UAV scale cycloidal rotor research has concentrated on a rotor in hover [4], 

with only limited studies considering the performance in forward flight [15,16].  A 

number of studies have considered the change in rotor performance with rotor and 

blade geometry changes.  Still, only the sinusoidal low-pitch blade pitching schedule 

has been considered for both hover and forward flight operation.  The forward flight 

operation utilizes the hovering blade kinematics rotated through a 90° phase angle. 

 

There is still much to be learned about the cycloidal rotor.  Through further 

optimization and understanding, additional improvements in thrust generation during 

hover and increased efficiency in forward flight will raise awareness and 

competitiveness of the design.  Efficiency improvements will be achieved by 

optimizing the blade pitching kinematics and utilizing advanced computational and 

experimental techniques.  Although analyzed for flight applications in this instance, 

applications for cycloidal rotors are numerous, including a novel Vertical Axis Wind 

Turbine (VAWT). 

 

1.5. Aims, Objectives, and Research Questions 

 

Despite the many proposed benefits associated with the cycloidal rotor, one 

problem that inhibits its operation associated with blade pitching is high levels of rotor 

vibration, exaggerated by the large rotating rotor structure.  These vibratory loads can 

deteriorate passenger and pilot comfort and equipment operation.  Additionally, 

increased loading levels increase the complexity of component design and can lead to 

the loss of the structural integrity of components in the rotating and nonrotating frame. 

 

Since the inception of the helicopter, the measurement and reduction of rotor 

vibration have been a considerable challenge.  The cycloidal rotor is no exception.  

This thesis develops methods for assessing the cycloidal rotor steady-state and 

dynamic vibratory aerodynamic load response to devise reliable predictive 
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capabilities for a rotor under hovering conditions.  The current research seeks to 

answer the following two questions: 

 

Question 1 –  

 

‘What are the computational and experimental model requirements to accurately 

capture the higher-order dynamic response of a cycloidal rotor?’ 

 

And  

 

Question 2 –  

 

‘Can the cycloidal rotor higher-order dynamics be manipulated through Higher 

Harmonic Control (HHC) blade pitch control to improve the performance and 

vibratory loading generated by the rotor?’ 

 

The main objectives can be broken down into the following: 

 

1. To analyze, design, and build an integrated low-pitch cycloidal rotor test rig 

that is reconfigurable to allow different blade pitching schedules to be 

considered during hover. 

 

2. Conduct a thorough experimental investigation under hover test conditions to 

investigate the effect of changes in blade cyclic pitch angle and rotor rotational 

speed on steady-state and dynamic aerodynamic loads. 

 

3. Develop an experimental methodology to calculate the dynamic response of 

force measurement sensors to correct measured dynamic loads to account for 

the test rig dynamic response. 

 

4. Develop and implement reduced-order computational aerodynamic code and 

2D Computational Fluid Dynamic (CFD) models to analyze the current test 

rig geometry in hover and understand the mechanisms behind rotor unsteady 

load generation.   
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5. Validate the computational models with one another and with results from 

independent experimental and computational data where available. 

 

6. Develop a computational methodology for rotor vibratory load optimization. 

 

7. Use the optimization approach developed and investigate novel blade pitching 

kinematics to improve the efficiency of the rotor in hover to determine whether 

HHC can be implemented during cycloidal rotor operation. 

 

8. Experimentally investigate the use of the HHC and the resulting correlation 

with the different computational model approaches.   

 

9. To use the current studies to inform the development of future cycloidal rotor 

research questions and procedures. 

 

1.6. Thesis Structure and Contributions 

 

The context and scope of the research have been outlined in the current 

chapter.  An extensive literature review of cycloidal rotors and conventional rotorcraft 

vibration reduction techniques is summarised in Chapter 2.  The review discusses the 

change in cycloidal rotor performance with changing geometry and an overview of 

previous cycloidal research.  The review gives an overview of conventional rotorcraft 

vibration measurement techniques and identifies techniques that can be used for 

conventional rotorcraft rotor vibratory load suppression.  A summary of competing 

propulsion technologies is also given.   

 

Chapter 3 discusses the experimental test rig design, analysis, and build.  The 

test rig is used as the basis for all testing programs in the current research. 

 

Chapter 4 sets out the proposed testing framework and methodology, including 

the control and instrumentation of the test rig.  The development and evaluation of a 

sensor dynamic calibration procedure are also presented to account for the force 

measurement instrumentation dynamic response.  Finally, initial test rig testing results 
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are given, with shortfalls highlighted prior to test rig modification.  Final steady-state 

results are presented and validated against independent studies. 

 

Chapter 5 outlines the development of a reduced-order unsteady Blade 

Element Theory (BET) aerodynamic code that takes account of rotor blade unsteady 

aerodynamics.  Validation of the BET code to independent experimental and 

computation studies is also provided. 

 

Chapter 6 describes the 2D CFD modeling approach used throughout the 

research, outlining the choice of solver and the geometry used to take account of the 

multiple sliding mesh interfaces used to account for blade and rotor rotation.  

Independent validation of the CFD modeling approach is also shown. 

 

Chapters 7 and 8 contain the main contributions of this thesis, covering both 

the computational and experimental aspects of the research.  Chapter 7 presents the 

first known computational and experimental study to characterize the vibratory 

response of the cycloidal rotor with increasing blade cyclic pitch angle amplitude at 

different rotor rotational speeds.   

 

In Chapter 8, a linear and non-linear optimization methodology is developed 

computationally and validated through experimentation with the inclusion of a single 

higher harmonic blade cyclic pitch angle input.  The resulting change in cycloidal 

rotor vibratory response and performance are analyzed and discussed, following the 

first known inclusion of an HHC input for cycloidal rotor vibration suppression.   

 

Chapter 9 draws the thesis to a close with conclusions, forming an overall 

summary of the computational modeling and experimental results.  The focus is on 

the strengths and limitations of the techniques used and the overall change in cycloidal 

rotor operation highlighted.  Finally, suggestions for future work are made, informed 

by the current research. 
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Chapter 2 – Literature Review 

 

2.1. Introduction 

 

This section provides an overview of the literature concerned with cycloidal 

rotors, finishing with an emphasis on rotor vibration suppression techniques and rotor 

vibration measurement.  Firstly, a brief historical overview of the cycloidal rotor is 

given, followed by an explanation of the cycloidal rotor operating principle.  Next, a 

review of cycloidal rotor operation characteristics with changing geometry is given, 

followed by an overview of previous cycloidal research.  The review provides an 

overview of conventional rotorcraft vibration measurement techniques and identifies 

techniques that can be used for cycloidal rotor vibratory load suppression, which may 

produce the benefits required.  A brief overview of rotorcraft that operate within the 

same markets as the cycloidal rotor is given, where the cycloidal rotor can provide 

additional advantages.  Finally, emphasis is given to Higher Harmonic Control 

(HHC), a technique used for rotor vibratory load suppression evaluated 

computationally and experimentally in this thesis. 

 

2.2. Brief Cycloidal Rotor Historical Overview  

 

Kirsten [6] was the first to notice the potential of the cycloidal rotor and the 

first to identify its key advantage, the ability to vector thrust in any direction.  With 

initial qualitative test results showing promise, and with the aid of Boeing, the Kirsten-

Boeing propeller was developed and subsequently used by Voith-Schneider for 

marine applications, the only known application of the cycloidal rotor to date.   

 

Strandgren [17] developed a simple quasi-steady aerodynamic analysis of the 

cycloidal rotor to determine how thrust is generated from the pitching of the rotor 

blade, with the study concluding that the thrust magnitude and direction could be 

controlled solely by the blade pitching kinematics.  Almost simultaneously, Wheatley 

[8] developed a simplified blade element momentum theory model to analyze the 

performance of the cycloidal rotor under forward flight, concluding that the cycloidal 

rotor should be capable of hover, vertical flight, and autorotation, but the design 
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required excessive power for forward flight operation.  The latter is partly due to the 

fact that a low-pitch cycloidal rotor was being tested at higher advance ratios greater 

than one, a technicality that was not realized until recently.   

 

With little understanding of oscillating aerofoil aerodynamics at that time, no 

cycloidal rotor development ensued in the following decades until its revival by 

Boschma in 1998 [18].  However, interest in cycloidal propulsion has surged in the 

last decade due to potential new applications, with Levy [19] being the first to analyze 

a UAV scale rotor.   

 

2.3. Cycloidal Rotor General Overview 

 

The cycloidal rotor consists of a number of blades rotating around an axis 

parallel to the blade span, similar to an H-Darrieus VAWT, usually positioned with a 

span position of 90° to the direction of forward flight.  The blades are pitched 

cyclically with rotor rotation, as shown in figure 2.1, with the thrust-producing 

capability of the cycloidal rotor coming solely from the unsteady pitching of the 

blades, often using common aerodynamic surfaces and profiles [20].   

 

The unique ability of the cycloidal rotor to vector thrust in any direction within 

the rotor plane has given rise to the cycloidal rotor's ability to perform VTOL, hover, 

and forward flight movements, giving high agility and maneuverability.  The vector 

thrusting is achieved by changing the blade pitch magnitude and phase angle, which 

is controlled via a blade pitch control mechanism, usually an eccentric cam or novel 

four-bar mechanism [4], as shown in figure 2.2. 

 

More recently, passive cam mechanisms have been developed, allowing 

several blade pitching schedules to be implemented in a single geometry for both 

hover and forward flight operation [21].  In addition, the use of the blade pitch 

mechanism allows the phase and amplitude of the blade pitch to be changed 

independently of one another, thus giving control of the rotor thrust in any direction 

within the full 360° of azimuth.   
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Figure 2.1 – Low pitch cycloidal rotor blade pitching profile [4] 

 

There are three forms of the cycloidal rotor that are suitable for flight 

applications, differentiated by their respective blade pitching schedule [22], as shown 

in figure 2.3.  The respective configurations are known as the Pi-pitch, low-pitch, and 

high-pitch systems.  Their applicability is determined to a degree by the rotor advance 

ratio µ required, where   

 

µ =  
𝑉𝑎

𝜔𝑅
        (2.1) 

 

𝑉𝑎 defines the rotor speed of advance relative to the air, 𝜔 the rotor angular 

velocity, and R is the rotor radius.  During hover, the blades travel in a circular arc, 
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with a rotor advance ratio of zero, while during forward flight, the blades trace out a 

cycloid.   

 

 

Figure 2.2 – Low pitch cycloidal rotor pitch mechanism with four-bar linkage 

[4] 

 

Research conducted by Kirsten [6] was performed on a fixed or Pi-pitch 

system.  The blade's trailing edge becomes the blade's leading edge once per rotor 

revolution, meaning that the blade pitch period is half that of the rotor rotational speed.   

 

Wheatley [8] was the first to recognize the benefit of utilizing a low-pitch 

system for a hovering rotor, with the blades pitching in a sinusoidal manner via a 

double cam mechanism.  The blades follow a curtate cycloid path during forward 

flight, as shown in figure 2.3.  The blades effectively oscillate but do not complete 

full rotations about their own axis with respect to the rotor axis. 
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Figure 2.3 – Forms of cycloidal motion [22] 

 

The sinusoidal low-pitch configuration, as shown in figure 2.1, is the most 

efficient for hover and low-speed forward flight.  Unlike the Pi-pitch variant, the 
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blade's leading edge remains at that position throughout the 360° of rotor rotation.  

Hence the period of blade pitching is the same as the rotor rotational speed.  The low-

pitch mechanism is only acceptable up to advance ratios of one; at this point, the 

relative velocity seen by the blade approaches zero [22].  Zero relative velocity is of 

particular interest at blade position 4 in figure 2.3 for the low-pitch system at the blade 

Bottom Dead Centre (BDC) position.  At the BDC position, the blade needs to be 

rotated through a 180° phase so that the leading edge becomes the trailing edge, 

changing the low-pitch into a high-pitch cycloidal system. 

 

In a high-pitch system, the blades follow a prolate cycloid path.  Illustrating 

that the high-pitch system is suited to high-speed forward flight instead of hovering, 

typically for advance ratios greater than one [22].  Changing the blade pitching 

schedule shows that the cycloidal rotor can operate as a pure lifting (no lateral rotor 

force) or propulsive thrusting device.  The rotor falls somewhere between these two 

extremes in most practical applications.   

 

The transition through an advance ratio of one is not straightforward, with a 

difficult transition region typically between advance ratios of 0.8 and 1.2.  At present, 

this transition region is not fully understood or analyzed, with the possibility of 

transitioning between the two unknown.  As the advance ratio approaches one, the 

blade at the BDC position needs to be subjected to high angular accelerations to give 

an almost instantaneous inversion; this appears unrealistic in practical applications.  

As the advance ratio approaches infinity, the rotor blade remains in the horizontal 

plane with respect to rotor rotation, meaning the cycloidal rotor is approaching a 

fixed-wing craft.  A key challenge in cycloidal rotor development is designing and 

analyzing a universal pitch mechanism that allows a smooth transition through the Pi-

pitch region with a rotor advance ratio of one.   

 

Blades in a low-pitch cycloidal rotor experience a maximum geometric angle 

of attack (AOA) diametrically opposite, as illustrated in figure 2.4, at the 6 and 12 

o'clock blade positions.  The relative position in relation to the azimuth angle is 

dependent on the pitch mechanism phase angle, ε, as indicated in figure 2.4.  The rotor 

notation and sign convention used within the current research are shown in figure 2.4.   
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Figure 2.4 – Cycloidal rotor notation, sign convention, and nomenclature used 

throughout the current research for a hovering rotor 

 

The pitch schedule of a sinusoidal low-pitch rotor conforms closely to an ideal 

sinusoid at low blade cyclic pitch amplitudes.  The pitch angle moves further away 

from the ideal sinusoidal motion as the amplitude increases.  An example of the 

deviation between the ideal and prescribed blade pitching motion is shown in figure 

2.5 for a blade cyclic pitch amplitude of 40°. 

 

The standard approach of Disk (DL) and Power loading (PL) can be used to 

allow comparison of the cycloidal rotor to other rotorcraft concepts, defined as  
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DL =  
T

AR
        (2.2) 

 

and  

 

PL =  
T

P
        (2.3) 

 

Where T is the rotor thrust, AR is the rotor planform or swept area, and P is the 

rotor power.  A high power loading coupled with a low disc loading for VTOL craft 

is desirable for the most efficient hover performance.  VTOL craft with a lower 

effective disk loading requires lower power per unit thrust generated, thus making 

them more efficient.  Cycloidal rotors have higher DL than conventional rotorcraft 

and have a DL comparable to a heavily loaded helicopter [4]. 

 

 
 

Figure 2.5 – Geometric blade pitching kinematics (blade cyclic pitch angle 40°) 

 

This means that a larger rotor swept area is required to improve hover 

efficiency, but this cannot be considered in isolation; large swept areas often mean 

longer and more slender blades, which come with their challenges in design and 

analysis.  Unlike conventional rotors, where centrifugal loads help stiffen the blades, 

the centrifugal load acts to bend the blade in a cycloidal rotor.  Therefore cycloidal 

rotor blade design must have sufficient bending stiffness to bear this load.  For the 

. 
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case of the cycloidal rotor, all operating states of the rotor need to be considered 

simultaneously to develop the design and concept further.   

 

2.4. Recent Cycloidal Rotor Research  

 

Research on the conventional cycloidal rotor design has been covered in 

section 2.3.  The present section outlines the main research to date covering the 

optimization of the cycloidal rotor and proposals to modify it from its conventional 

form.  

 

Pascoa [23] investigated whether the superposition of additional blade cyclic 

pitch angle input frequencies onto the baseline sinusoidal blade cyclic pitch profile 

could be used to increase cycloidal rotor performance.  Initially, for a single blade, 

followed by a six-blade 1.2m diameter cycloidal rotor analysis.  The analysis was 

undertaken through the use of a 2D CFD Unsteady Reynolds Averaged Navier Stokes 

(URANS) model.  The CFD models were initially used to study the vortex dynamics 

around a single oscillating blade and extended to the full cycloidal rotor.  The vortex 

behavior in both geometries was analyzed through Takens Reconstruction Theorem 

to determine whether the flow was chaotic or periodic with the inclusion of an 

arbitrary additional blade cyclic pitch input.   

 

Takens Reconstruction Theorem converts time series data into phase space to 

visualize any changes in the system's dynamic variables and reconstruct qualitative 

features of the system.  The change of the blade lift coefficient with time was analyzed 

in this instance [23].  Takens Reconstruction Theorem generates a phase diagram to 

see how the desired variables evolve with time, where the phase diagram shape 

describes the qualities of the system.  A phase diagram that overlaps during 

subsequent loops is said to be steady.  Where no discernable pattern is identified, the 

system is described as chaotic. 

 

In all, sixty combinations were considered to cover changes in input 

frequency, phase, and amplitude, to determine the effect on system performance for 

the single blade and full cycloidal rotor geometries.  Finally, the mean thrust 
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coefficients were calculated and compared with the baseline case without the 

additional frequency input.  For the single oscillating blade, five input amplitudes 

were considered between 0.1° and 2°, at phase angles 90° apart.  Three arbitrary 

frequency values were selected, 1 Hz, 10 Hz, and 100 Hz, for a blade oscillation of 

approximately 3 Hz.  The additional frequency input increased blade performance by 

up to 8% at 10 Hz with an amplitude of 2° and phase of -180°.  Conversely, 

performance decreased by 15.5% at 10 Hz with an amplitude of 1.5° and phase of 90°.   

 

The cycloidal rotor geometry was analyzed at a rotational speed of 200 RPM 

(3.33 Hz) at two harmonics, 80 Hz and 160 Hz, representing frequencies of 24/Rev 

and 48/Rev.  The amplitude and phase were constant at 1° and 0°, respectively.  The 

analyses concluded that the superposition of a higher harmonic blade cyclic pitch 

input increased the cycloidal rotor thrust and power levels, but the PL of the rotor 

reduced as the thrust increased.   

 

Andrisani et al. [9] undertook an analysis using a simplified aerodynamic 

model to define a hovering rotor's optimal blade pitching schedule to minimize the 

mean power at a given mean thrust.  The study made several simplifying assumptions, 

the main being that the thrust and power generated by each blade are independent.  

Compared to the original pitching profile, the same thrust level can be obtained with 

an optimized blade pitching profile, with a 10% reduction in rotor rotational speed.  

This equates to a 14% increase in thrust for a given power.   

 

Transient 2D CFD analyses were undertaken with an incompressible Reynolds 

Averaged Navier Stokes (RANS) solver to validate the simplified model.  The optimal 

pitching schedule CFD results are in good agreement with the reduced-order model.  

For a given power, the resultant thrust increases up to 25% in some cases, with a rotor 

speed reduction of 10%.  The phase of the resultant thrust from the CFD is markedly 

different from the reduced-order model. 

 

The instantaneous rotor forces analysis showed that the optimal pitching 

schedule induced increased resultant force un-steadiness compared to the baseline 

blade pitching schedule.  Such an effect could significantly impact the validity of this 
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approach in a physical system by inducing increased levels of rotor vibration, which 

may be challenging to accommodate structurally. 

 

To improve the performance of cycloidal rotors in forward-flight and vertical 

lift operation, Habibnia and Pascoa [24] proposed an optimization methodology 

incorporating 2D CFD and Artificial Neural Network (ANN) to calculate an optimum 

blade pitch schedule for each operating state.  CFD simulations were undertaken for 

a wide range of blade operating conditions at a number of rotor speeds for forward 

and vertical flight.  Simulations were used to produce a numerical database and used 

in conjunction with the ANN algorithm for subsequent optimization analyses to 

dynamically analyze the cycloidal rotor and provide a blade pitching schedule for 

optimum efficiency. 

 

The study identified three key sequential flow areas to the cycloidal rotor 

hovering operation, considering the six-blade rotor used in this instance.  The 'inhaling 

region' is where the air is drawn into the rotor from the free stream, typically from and 

extending past the rotor's top half, as identified by region 1 in figure 2.6.  Secondly, 

as the flow progresses through the rotor for a hovering rotor, it flows vertically 

downward through the rotor cage, depicted by region 2.  Finally, as the flow exhausts 

or 'exhales' from the lower half of the rotor and is inclined to the right, assuming the 

rotor is rotating in a counter-clockwise (CCW) manner and resembles a free jet, 

characterized as 'downwash jet flow.' as shown by region 3.  The analysis also 

concluded that the 'inhaling' and 'exhaling' regions in vertical flight are similar to that 

of a hovering rotor.  The proposed approach to actively control cycloidal rotor blade 

pitching was successful in rotor optimization.   

 

Like an oscillating aerofoil at high-pitch angles, the cycloidal rotor can operate 

under dynamic stall conditions.  To enhance the aerodynamic efficiency of cycloidal 

rotors, Xisto et al. [25] have considered using Dielectric Barrier Discharge (DBD) 

plasma actuators for active flow control on the leading edge of a single pitching 

aerofoil to delay dynamic stall.   

 

DBD, compared to other flow control techniques, consume low power and has 

the added benefit of not having any moving parts.  Two forms of DBD were 
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considered using single and multiple DBDs.  The DBD actuators were included in a 

NACA0012 aerofoil and analyzed with a URANS solver with the k-ω shear stress 

transport (SST) transition model to capture the occurrence of dynamic stall [25].   

 

 

 

Figure 2.6 – Flow structure in a hovering cycloidal rotor at 300 RPM, 20° blade 

cyclic pitch angle, and a rotor diameter of 0.8 m [24] 

 

Cycloidal rotor flow is highly unsteady, coupled with the blade pitch angle 

continually changing; using a single DBD was insufficient to provide adequate flow 

control.  A blade configuration with multiple DBD actuators was also considered to 

improve flow control.  The design's success was sensitive to the position of the 

chordwise actuator positions, as the optimal position will change with changing blade 

cyclic pitch angle and rotor rotational speed.  In 'steady actuation mode,' the DBD 

actuators remained on throughout and reduced the aerodynamic efficiency in the 

downstroke of the single aerofoil.  The DBD actuators should be used with a control 

algorithm to operate at key positions in the cycle to minimize losses [25]. 
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2.5. Effects of Rotor Design on Performance 

 

The following section reviews the main cycloidal rotor geometrical 

parameters for low-pitch cycloidal rotors in hover to aid and guide the analysis and 

design of the test rig outlined in Chapter 3.  Although outside the scope of the current 

research, studies that consider the analysis of a low-pitch rotor in forward flight have 

also been considered, two examples being [14, 15].  In addition, no studies to date 

focus on high-pitch cycloidal rotors in hover or forward flight for crewed and 

uncrewed flight applications. 

 

2.5.1. Blade Pitching Schedule and Amplitude 

 

During operation, all of the thrust and blade control forces are generated purely 

by the motion of the blades, which is a combination of pitching and oscillatory motion 

[22].  Early designs used fixed cyclic pitch mechanisms, where only the thrust 

vectoring capability of the cycloidal rotor was used [8].  As a result, changes in thrust 

magnitude could be developed only by changes in rotor rotational speed.  

 

For a standard low-pitch cycloidal rotor, the blade geometric pitch angle is 

sinusoidal motion with respect to the azimuth angle, suggested to be optimal for a 

rotor in hover by Wheatley [8].  Most recent designs use a four-bar mechanism to 

pitch all blades from one eccentric point.  The analysis of the four-bar mechanism 

shows that pure cycloidal motion is impossible with such a device due to all of the 

blade's trajectories being identical.  Consequently, the blade geometric pitch angle 

change with azimuth position is not quite a pure sine wave.  Due to the asymmetric 

blade pitching, there is a difference between the blade pitch angle in the upper and 

lower rotor halves, resulting in a larger blade geometric AOA at the BDC position 

[26].   

 

At low-pitch angles, the deviation from ideal motion is not significant.  

However, as the maximum blade cyclic pitch angle increases to greater than 20°, the 

variation is noticeable with the geometric blade pitch angle overshooting the ideal 

sinusoidal motion, as shown in figure 2.5.  Furthermore, the blade angular velocity 



Chapter 2 – Literature Review 

24 

 

and acceleration also change as a result [26], as both are functions of changes in blade 

cyclic pitch angle with azimuth.  Hence, the actual blade pitching kinematics need to 

be included to analyze the cycloidal rotor correctly.   

 

The blades need to operate at a high peak geometric AOA to improve cycloidal 

rotor efficiency, where the maximum blade cyclic pitch angle is known to impact rotor 

performance significantly [27, 28].  As the blade cyclic pitch angle increases, rotor 

thrust and power loading also increase as a direct result, with the best power loading 

achieved at a peak blade pitch angle of 40° for a four-bladed rotor in hover [29].  In 

addition, higher blade cyclic pitch angles enable the rotor to run at lower rotational 

speeds for a given thrust requirement without any detrimental effect on other aspects 

of the rotor operation.   

 

Blade pitching gives rise to rapid changes in the boundary layer around the 

blade's Leading Edge (LE) and Trailing Edge (TE), which is more pronounced in the 

lower half of the rotor [30] for a rotor in hover.  As the blade cyclic pitch angle 

increases, stall is delayed compared to a static aerofoil due to the blade oscillation, 

which can be used to augment thrust.   

 

A large downwash is generated within the rotor during operation, estimated to 

be between 60-70% of the rotational speed of the blades [31].  Added to the non-

uniformity of the flow within the rotor, this acts to reduce the effective blade AOA 

and deplete blade thrust generation.  However, despite the effective AOA reduction 

in the lower half of the rotor, the generated thrust is still higher in the lower half of 

the rotor than the upper, under hovering status [4].  This is attributable to the increase 

in blade cyclic pitch angle at the BDC position due to the asymmetric pitching of the 

blade, helping to maintain the blade's effective AOA, and due to unknown induced 

velocity and virtual camber (VC) effects.  A thorough explanation of virtual camber 

is provided in section 2.5.15.  

 

During hover, the rotor draws in air from both above and from the sides of the 

rotor [31].  When coupled with the large inflow generated within the rotor, this gives 

rise to lateral or side force generation, which is of a similar magnitude to the vertical 

(lifting) force component at certain geometric blade cyclic pitch angles.  Where the 
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lateral or side force thrust component, as defined in figure 1.2 as Fx acts parallel to 

the velocity-free stream in forward flight.  For purely VTOL operations, it is important 

to eliminate or reduce the side force component, which for a cycloidal rotor remains 

a significant task [32].  The phase angle required to minimize the lateral force 

component is a function of blade pitch angle only and independent of rotational speed 

[33] for a rotor in hover.  In some instances, the resultant thrust leads the maximum 

blade pitch angle by approximately 10 to 20 degrees [19], with the phase lead angle 

reducing with an increase in thrust.   

 

The pitching of the blades has only been considered to be sinusoidal or 

approaching sinusoidal via the use of a four-bar mechanism.  McNabb [34] and 

Adams et al. [21] suggested that the pitching schedule of the blades can be optimized 

for all flight operating conditions, including hover and forward flight at various 

advance ratios, where the optimal blade pitching kinematics is a function of rotor 

advance ratio, μ.  Little analysis has been undertaken to establish an optimal blade 

pitching schedule, but Adams et al. [21] have shown that different blade pitching 

schedules are required for efficient hover and forward flight to optimize both DL and 

PL simultaneously.   

 

2.5.2. Rotor Diameter 

 

Yun and Park [35] found that a larger diameter improved rotor efficiency.  As 

the rotor diameter increases in hover, the rotor rotational speed reduces inversely for 

a given thrust.  This is a direct result of keeping the relative blade velocity constant 

with the rotor radius.  As the rotor diameter increases, the swept area will also 

increase, and the rotor scaling ratio effect will reduce the DL for a given thrust.  A 

trade-off needs to be made between the rotor rotational speed reduction and the rotor 

structural mass increase due to the larger diameter.   

 

2.5.3. Blade Loading 

 

The resultant thrust generated by a cycloidal rotor blade can be broken down 

into a lateral (propulsive) and vertical (lifting) thrust component, as defined by Fxb 
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and Fyb in figure 2.4.  The blades are subject to centripetal, aerodynamic, and torque 

loading due to rotor rotation and blade oscillation, with rotor efficiency driven by their 

design.  High transverse blade loading is inherent in the rotor design, with blade 

centripetal loading estimated to be several orders of magnitude higher than the blade 

aerodynamic loads from recent analyses.  Designing purely for centripetal loads due 

to a lack of understanding has led to typically over-dimensioned structures.   

 

Blade centripetal loading is nearly constant with changes in azimuth angle and 

directly proportional to blade mass and the square of the rotor rotational speed ω.  

Aerodynamic loads vary cyclically and reverse twice per rotor revolution, generating 

a dynamic flap-wise and edge-wise bending moment on the blade, a source of blade 

fatigue, and increased airframe vibration.  A definition of the blade loading directions 

used is shown in figure 2.7.  The blade inertial and aerodynamic loads are responsible 

for blade deformation in the flap-wise, edge-wise, and torsional directions.  As blade 

stiffness reduces, the aerodynamic load contribution is more pronounced [36], making 

it more important to distinguish between blade inertial and aerodynamic loading. 

 

 

 

Figure 2.7 – Cycloidal rotor blade loading direction definition 

 

Carbon fiber is the material of choice in all recent blade advancements due to 

the ability to tailor the material properties to achieve the high strength-to-weight ratios 

required.  Finite element software has been used to optimize blade material layup.  

Edge-wise 

Flap-wise 
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Maine [37] developed a carbon fiber blade with isotropic material properties to 

account for the variation of blade loading with azimuth angle.  In reality, an 

orthotropic material layup is required to ensure optimal properties in the flap-wise 

direction to negate the transverse loading effects whilst keeping mass to a minimum. 

 

The control forces required to oscillate the blades in the given pitch schedule 

are developed purely by the pitch mechanism [33].  The blade loads induce a pitching 

moment about the blade pitch axis that is reacted at the control rod attachment point.  

Its magnitude is dependent on the blade pitch angle and position of the blade pitch 

axis relative to the LE of the blade.  Many designs [20, 38] pitch the blade from the 

in-board rotor side, meaning that the blade is only restrained at one end; this can lead 

to excessive blade twist at high blade loadings, leading to a nose-down deflection of 

the blade, which is more pronounced under dynamic stall (DS) conditions.   

 

The aerodynamics of the cycloidal rotor is unsteady due to the pitching of the 

blades.  The degree of unsteadiness is a function of rotor rotational speed and blade 

chord and is given as the Reduced Frequency 𝑘:  

 

𝑘 =  
𝜔𝑐

2𝑉𝑎
        (2.4) 

 

where c is the blade chord.  𝑘 values greater than 0.05 show the onset of unsteady 

aerodynamics.  At low blade AOA, the flow is still transient in nature but can remain 

attached, resulting in unsteady aerodynamic loads that ultimately vary about a mean 

value.  As the blade cyclic pitch angle of the blades is increased beyond the static stall 

angle of the blade, this can lead to dynamic stall.  This results in phase variations in 

the unsteady air loads, leading to increased blade load hysteresis, giving higher than 

static lift values generated by the pitching of the blades.  The hysteresis's magnitude 

depends on whether the flow is reattaching or separating, which is a function of the 

blade pitch mechanism offset, phase angle in forward flight, and the degree of 

unsteadiness in the flow.   

 

Instantaneous blade lift and drag loads depend on local dynamic pressure, 

effective blade AOA, and the blade's orientation in relation to the free-stream velocity 
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in forward flight.  The effective blade AOA is also a function of the rotor advance 

ratio in forward flight [34].  The blade relative flow velocities change in direction and 

magnitude with changes in rotor azimuth angle, leading to blade vertical and 

horizontal force components that vary continuously and cyclically with rotor rotation.  

Under forward flight conditions, the retreating side of the rotor is moving in the same 

direction as the free stream velocity, which reduces the blade's tangential velocity 

[14]. 

 

2.5.4. Rotor Rotational Speed  

 

The rotor rotational speed is dependent on the net thrust levels required and 

the rotor outer diameter.  As the rotor rotational speed increases, higher forces are 

produced due to the higher relative velocities at the blades for a given rotor diameter 

in hover.  For a constant blade tip speed and blade pitch amplitude, the rotor power 

and torque vary as defined by [4], where 

 

P ∝ ω3        (2.5) 

 

T ∝ ω2        (2.6) 

 

where ω is the rotor rotational speed, P is the rotor power, and T is the rotor thrust. 

 

2.5.5. Rotor Span 

 

Strandgren [17] and McNabb [34] identified the importance of the rotor aspect 

ratio, the ratio of span to rotor diameter, with both recommending that the rotor be 

made with an aspect ratio of one for optimum efficiency.  Benedict et al. [39] suggest 

that the cycloidal rotor blade and span should be easily optimized because the relative 

blade velocity, AOA, and Reynolds number are relatively constant in the rotor 

spanwise direction.  Research by Yang [40] contradicts this and suggests that there is 

a wake contraction or Vena Contracta along the blade span that changes the blade 

spanwise flow regime, inducing 3D flow effects.  However, it is worth noting that 

shorter blade spans produce higher PL in hover [41]. 
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The aerodynamic efficiency of the cycloidal rotor, similar to an H-Darrieus 

VAWT, increases at lower aspect ratios for both hover and forward flight.  Adams et 

al. [14] predict that the thrust-producing ability of the cycloidal rotor in forward flight 

reduces with span increase almost linearly for a given RPM.   

 

The power per unit span for a rotor in hover increases almost linearly; as the 

rotor span increases, the thrust force goes up proportionally as a direct result [4].  For 

a given thrust, the rotational speed of the rotor will reduce with an increase in span.  

If a longer span is used, consideration must be given to the blade's unsupported length 

and stability.  It is known from VAWT analyses [42] that at lower aspect ratios, the 

performance of the rotor is more susceptible to blade tip losses and 3D flow effects.  

However, this is not proven yet for a cycloidal rotor. 

 

2.5.6. Rotor Support 

 

One of the main drawbacks of the cycloidal rotor design is the relatively large 

rotating structure [43].  Flow rotation or swirl within the rotor cage and other 

rotational losses, including support structure parasitic drag, accounts for between 10-

15% of the aerodynamic power loss under hovering status for a UAV scale rotor [4].  

This suggests that the rotor's circulatory flow may lie with the blades' motion 

combined with the rotation of the overall support structure for a rotor during hover.   

 

Flow circulation is defined as a measure of the total rotation contained in the 

flow field.  At the surface of the rotating cylinder, or the rotor support structure in this 

instance, the fluid will rotate at the tangential velocity component of the cylinder or 

rotor end disc outer radius due to the no-slip condition at the boundaries.  A rotating 

cylinder with no imposed parallel free-stream flow will result in pure circulatory flow, 

which will give a flow pattern of concentric circles, as shown in figure 2.8, where the 

inner circle defines the rotor.  A thorough explanation of the rotor circulatory flow is 

provided in section 2.5.13, during the discussion of the Magnus effect during cycloidal 

rotor operation. 
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A high structural mass results in a lower rotor natural frequency for a given 

stiffness.  A factor that must be included in the rotor design to avoid any potential 

resonance issues.  Increased dimensions and mass increase the rotor polar and 

tangential mass moments of inertia relative to the rotational axis, thus increasing the 

parasitic torque and reducing the available acceleration assuming the power is 

constant.  Another contributor to the parasitic torque is the power train frictional 

losses.  The support and pitching mechanism can contain numerous components, 

including pins and bearings, and if not designed correctly, it can have a detrimental 

effect on the overall design. 

 

Figure 2.8 – Flow patterns for a rotating circular cylinder with no imposed 

parallel free-stream flow 

 

To date, Hwang et al. [43] is the only analysis available to consider the 

airframe and/or rotor support influence.  Most of the smaller UAV designs use a 

cantilevered rotor supported at the inboard side only.  The larger variants [34] tend to 

utilize a simply supported configuration.  There are a number of advantages to simply 

supporting the rotor, mainly from a rotor deflection, balancing, and rotor dynamics 

perspective.  In theory, a simply supported rotor is easier to configure to meet the 

design's critical speed and vibration requirements due to possible resonances at 

multiple frequencies of the speed of rotation [43].  Although the cantilevered design 

is more challenging, it does have the advantage of reduced mass, which is important 

from an overall rotor design perspective.   



Chapter 2 – Literature Review 

31 

 

The rotor support is subject to unsteady torsional and bending loads radially 

and tangentially and is designed to resist high levels of transverse blade loading and 

possible aerodynamic harmonic vibration.  Thus consideration needs to be given to 

reducing the static and fatigue loads imparted onto the rotor support.  In addition, 

unsymmetrical pitching of opposing blades at high pitching amplitudes can give rise 

to aerodynamic out-of-balance at multiple frequencies of rotational speed, which is a 

function of rotational speed and blade number.  This can be more pronounced at lower 

solidities due to the higher individual aerodynamic blade loadings and increased risk 

of inertial loading out of balance.   

 

Larger-scale rotors use spherical bearings at the supports, putting the support 

arms into tension and minimizing any bending moments [43].  The support of the 

blades is important not only from a blade pitching perspective but blade supports can 

also be used to reduce the bending stresses within the blades at the in and outboard 

blade sections.   

 

Most analyses to date [38, 39] have utilized spoked endplates to reduce the 

overall rotating mass.  No one has considered in detail the effect of solid endplates.  

But due to their increased mass, inertia, and parasitic drag, it would suggest that solid 

end plates would reduce the PL of the rotor during hover, but this needs further 

analysis.  On small-scale rotors, the blades can be designed to have sufficient stiffness, 

to resist the required bending moments, but the support structure is difficult to design 

with the same level of stiffness at low mass.  Hwang et al. [43] found the rotor end 

supports to be the driving factor in their initial rotor modal analysis due to their low 

effective stiffness.  There is limited scope for centripetal stiffening effects within both 

the blade and support design with UAV scale rotors unless flexible blades are used, 

but this is not necessarily the case as the rotor dimensions increase, where the blades 

become more flexible and slender.   

 

2.5.7. Blade Aspect Ratio 

 

The rotor blade aspect ratio is defined as the ratio of the blade span to the 

chord.  High-aspect ratio wings have long spans, while low-aspect-ratio wings have 
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either short spans or large chords.  3D vortices shed at the blade tips induce an 

additional velocity term that changes with the blade aspect ratio.  The effect of a finite 

aspect ratio is to give rise to induced drag, which is inversely proportional to the blade 

aspect ratio.  The higher the wing aspect ratio, the lower the induced drag.  The further 

the distance between the blade tip vortices, the less their effectiveness in producing 

induced drag.  Hence the lower the aspect ratio, the stronger the 3D flow effects.  For 

small aspect-ratio blades, the blade tip vortices roll up at the blade ends and dominate 

the flow field [44].  The induced velocity also varies in the blade chordwise direction.  

The assumption of a high-aspect-ratio permits the chordwise velocity variation to be 

neglected [44]. 

 

For a blade with a high-aspect ratio, it can be assumed that the flow around 

each blade is approximately 2D.  Therefore, blade efficiency will improve with aspect 

ratio and for a given blade aspect ratio with an increase in end plate size, where end 

plates change the blade tip vortex characteristics.  The effect of end plates is 

considered further in section 2.5.14. 

 

Figure 2.9 shows the lift vs. incidence curve for an arbitrary aerofoil section 

in a 2D and 3D flow, illustrating the influence of 3D flow end effects on the aerofoil 

lift curve slope.  With 3D flow effects included, the gradient of the lift curve slope 

reduces, confirming the blade efficiency improvement with aspect ratio for a given 

angle of incidence.   

 

 Gosselin et al. [45] conducted a parametric analysis of a single-blade vertical 

axis wind turbine (VAWT) with and without end plates for an aspect ratio of 7, 14, 

and 72, using a k-ω SST RANS CFD model.  At an aspect ratio of 7, the overall turbine 

efficiency was 40% of the theoretical 2D efficiency.  The efficiency increased to 70% 

of the theoretical 2D efficiency when the aspect ratio was increased to 14.  Increasing 

the blade aspect ratio to 72 enabled 95% of the 2D efficiency to be realized, illustrating 

the reduction in the contribution of 3D flow effects with an increase in blade aspect 

ratio.   
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Figure 2.9 – Lift-versus-incidence curve for an arbitrary aerofoil section 

working two-dimensionally and working in a three-dimensional flow regime 

influenced by end effects [44] 

 

2.5.8. Blade Profile 

 

The blades used to date have been a combination of flat plates with no or small 

leading-edge radii [30, 46] to the use of more conventional NACA 4-digit series 

aerofoil in the majority of cases [43]; due to their ability to work equally well at a 

positive and negative AOA.  There have been no studies to date to develop aerofoil 

sections specifically for cycloidal rotors and, more importantly, at low Reynolds 

number flows in UAV scale applications.  For low Reynolds number flows, special 

attention must be given to the viscous flow effects [4].  A Blade that is a flat plate 

generates blade loads from drag only, while aerofoil sections derive some of their 

force from lift.  A lift force is more efficient at generating thrust in forward flight, 

which ultimately improves the thrust generation ability of the rotor. 

 

Benedict [4] has considered a number of blade sections, from NACA 0006 to 

NACA 0015 profiles.  The NACA 0015 profile produced the highest PL for all 
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analyses, and the NACA 0006 was the lowest for a hovering rotor.  With a symmetric 

blade cyclic pitch amplitude of +/- 35° on a 4-bladed rotor, the NACA 0006 still 

produced a significantly lower PL than the NACA 0015 profile, suggesting that the 

overall performance of the aerofoil section and the rotor is very sensitive to blade 

thickness and LE radii [46].   

 

Typically at low Reynolds numbers, thinner aerofoils perform better in 

rectilinear flow [29], but this does not translate to cycloidal motion.  A blade with low 

profile drag needs to be developed for cycloidal motion, with good stall and lift 

characteristics.  Standard aerofoils typically have low CL/CD ratios at low Reynolds 

numbers, which is something that needs to be addressed.  A blade with a high lift 

coefficient and reduced profile power will enable a rotor with a lower solidity and 

lighter structural mass to be developed.  A blade with a low pitching moment would 

help minimize blade torsional moments and potentially vibration and keep control 

loads on the pitching mechanism to a minimum.    

 

There have been no cambered aerofoil-based studies based on a cycloidal 

rotor.  However, it has been attempted on H-Darrieus VAWT [47] to improve the 

turbine's self-starting ability.  However, in preliminary studies, Yang [40] found that 

using cambered blades on a cycloidal rotor reduced the PL.  Another contributing 

factor to the reduction in performance could be the increased profile drag of a 

cambered aerofoil compared with that of an un-cambered blade.   

 

2.5.9. Blade Thickness 

 

As the thickness of the blade increases, the recirculation zone at the leading 

edge and hence flow separation reduces, with the thicker symmetrical profiles having 

better stall characteristics than the thinner alternatives.  Xisto et al. [20] found that as 

the thickness of the blade increases, it is less susceptible to flow separation, with the 

flow staying attached at the leading edge for longer and at a higher blade AOA.  For 

symmetric NACA 4-digit series profiles, as the blade thickness increases, the PL 

increases for all values of DL [29], a direct result of a decrease in power with an 
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increase in blade thickness, attributable to a lower profile drag and lower recirculation 

region at the leading edge due to blade pitching.   

 

With an increase in aerofoil thickness, there is a reduction in the strength of 

the Blade Vortex Interaction (BVI), suggesting that BVI is dependent on the blade 

section to a degree, which in turn is dependent on flow separation at the blade LE 

[20].  As the NACA 4-digit blade thickness increases, smaller aerodynamic forces are 

generated, resulting in smaller unsteady aerodynamic force fluctuations, lower thrust 

generation, and blade deflection.  This results in smoother operation, lower fatigue 

loading on the blades, and a lighter support structure.   

 

As the thickness of the NACA 4-digit aerofoil section increases, the maximum 

lift coefficient reduces, which gives a compromise between the high aerodynamic 

efficiency of a slender aerofoil and the increased structural stiffness and safety of the 

thicker section.  Safety has been one of the overarching issues to date and one of the 

reasons why a NACA 0018 aerofoil has been used more often than not in cycloidal 

rotor design [48].   

 

Due to the unsteady pitching of the blade, LE radii have a prominent effect on 

the efficiency of the rotor design [46].  As the blade thickness reduces, flow separation 

occurs sooner and at a lower blade AOA as a result of the smaller LE radius.  This 

means that even at relatively low blade AOA, once flow separation occurs, there is an 

increase in the profile drag on the blade section and a reduction in rotor efficiency.     

 

2.5.10. Blade Number 

 

The cycloidal rotor is not limited to any number of blades per se, with the 

minimum being two.  A two-bladed rotor, during operation, generates most thrust at 

the 90° (12 o'clock) and 270° (6 o'clock) azimuth position in hover [28].  With three 

blades, one blade is still generating most of the lift at any given moment, which can 

result in larger blades being required [4].  As the blades pitch and rotate about the 

azimuth, they generate periodic impulses at frequencies multiples of the rotor 

rotational speed, which is dependent on the number of blades used.  These periodic 
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impulses, in turn, generate torque and blade force fluctuations with rotor rotation [30] 

and can result in a high level of out-of-balance vibration and accompanying levels of 

unsteady force and torque ripple.   

 

The strength of the periodic impulse is dependent on blade number.  As the 

blade number increases for a given solidity, the operation of the cycloidal rotor 

appears to smooth out.  Kim et al. [28] suggest that for a rotor with two blades, the 

periodic impulse vibration becomes 'severe,' with the operation of the cycloidal rotor 

becoming noticeably smoother when six rotor blades are used.  This is a direct result 

of fewer blades generating thrust at any one time as the number reduces.  The blade 

inertial loads are balanced for a two-bladed rotor during operation, but the unsteady 

aerodynamic loads are not.   

 

Although an increase in blade number is beneficial from a vibration 

perspective, as the number of blades increases, the profile drag of the blades also 

increases, with profile drag being highly reliant on rotor speed.  There is a significant 

increase in rotor inflow and blade interference with an increase in blade number.  The 

interference is a consequence of the increased interaction between the stronger wakes 

of blades in both the upper and lower half of the rotor [28].  As the rotor downwash 

increases with blade number, this reduces the blade AOA, particularly in the lower 

half of the rotor, and results in less lift per blade being generated.   

 

Intuitively doubling the blade number would double the resultant thrust 

generation, but this is not seen.  The performance of the cycloidal rotor is much 

reduced when six blades are used [20] compared to using three blades, with rotor 

thrust not increasing linearly with an increase in blade number [49].  A peak blade 

cyclic pitch angle input change from 25° to 40°  results in a distinct change in the flow 

regardless of blade number for a constant rotor solidity [29].  This suggests that rotor 

inflow and blade wake interactions are also a function of the blade geometric peak 

cyclic pitch angle and blade pitching schedule. 

 

As the number of blades reduces, for a given thrust, the rotational speed of the 

rotor needs to increase accordingly; alternatively, to achieve the same level of thrust, 

a blade with a larger chord could also be used.  For a constant solidity, a two-bladed 
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rotor produces a higher lift and PL than a three and four-bladed rotor in hover [29], 

with the four-bladed rotors producing the lowest lift, attributed to the changes in rotor 

inflow and interference effects with blade number [28, 29].  Xisto et al. [20] also 

concluded that a three-bladed rotor has a higher PL than the four-bladed variant.  The 

four-bladed configurations generate higher thrust levels than the three-bladed rotor, 

assuming a 40° and 20° peak blade pitch amplitude.   

 

2.5.11. Blade Pitch Axis Location 

 

For an oscillating aerofoil in a rectilinear free stream, pitch axis location is not 

important from a lift generation perspective.  However, for a cycloidal rotor, the pitch 

axis location relative to the blade LE has a strong impact on the efficiency of the rotor 

[15].  Ideally, the blade pitch axis should be coincident with the center of gravity 

position of the blade, as this remains unchanged with the blade's geometric pitch 

angle.  As opposed to the center of pressure, this varies with blade geometric pitch 

angle changes.  Invariably there is a difference between the pitching axis, 

aerodynamic center, and center of gravity position, generating a moment about the 

pitch axis.  Therefore, during the design of the cycloidal rotor, it is beneficial to reduce 

the distance between the pitching axis, aerodynamic center, and center of gravity to 

reduce fluctuating blade loads, which will directly affect the blade fatigue life.  

Typically for a NACA 4-digit series aerofoil, the position of the aerodynamic center 

is around the 25% chord position.   

 

The thrust generated reduces for a given rotor rotational speed as the pitching 

axis moves away from the blade's LE in hover [29].  During hover, the optimum pitch 

axis location is between the 25 and 35% chord position, with the PL steadily 

increasing up to the 25 and 35% chord position.  After this, the PL reduces for the 

two, and four-bladed rotors considered in [29].  The highest power consumption 

typically occurs around the 50% chord position [50].  At advance ratios less than 0.4, 

moving the pitching axis away from the LE results in reduced thrust levels.  However, 

thrust increases as the pitch axis moves away from the blade LE for higher advance 

ratios between 0.94 and 1.25 [6]. 
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Little research has been undertaken to establish the effect of pitch axis location 

in forward flight.  But the thrust again decreases, almost linearly, as the pitch axis 

moves away from the blade LE [15].  The closer the pitch axis to the LE of the blade, 

the increased thrust production efficiency, even in forward flight, with the optimum 

pitch axis location dependent on the rotor advance ratio [14].  A study comparing the 

rotor PL and DL needs to be undertaken to find the optimum pitch axis location for a 

hovering rotor.   

 

2.5.12. Rotor Solidity 

 

Rotor Solidity σ is the ratio between the lifting area of the blades and the swept 

area of the rotor, given by  

 

𝜎 =  
𝑁𝑏𝑐

2𝜋𝑅
        (2.7) 

 

where 𝑁𝑏 represents the total blade number.  There are essentially two ways to change 

the rotor solidity.  Firstly by keeping the blade number constant and increasing the 

chord length, and secondly, by keeping the blade chord constant and increasing the 

number of blades, keeping the chord to radius (c/R) ratio constant.  Another option 

would be to increase the rotor diameter.   

 

Benedict [4] suggests that it is better to keep the same number of blades and 

increase their chord instead of increasing the number of blades with the same chord 

to achieve a given rotor solidity.  Changing solidity by increasing the blade chord 

produces large improvements in power loading [29], with power loading increasing 

up to a rotor solidity of approximately 0.25 in some cases.  If the key objective is to 

maximize thrust, it is beneficial to have fewer blades with a larger chord [29] than the 

inverse.   

 

A rotor with high solidity can achieve a higher thrust value at a lower rotational 

speed than a rotor with low solidity.  Benedict [4] shows that the profile drag at higher 

rotational speeds is dominant over the increase in profile drag due to the increase in 
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blade number and planform area, but this depends on the individual aerofoil profile 

used.   

 

As solidity increases, the total thrust and torque also increase in hover, but the 

thrust and torque per blade reduce if the solidity is increased by increasing blade 

number.  Additionally, the higher the rotor solidity, the more the rotor behavior will 

be affected by the Magnus effect.  The total number of blades based on a given chord 

length can increase drastically at high solidities.  This tends to reduce rotor inflow and 

changes the rotor blade wake interactions.  Rotational speed will also play a part in 

governing rotor inflow at high solidities; as such, with an increase in blade number, 

the efficiency of the rotor could be adversely affected [20].  The optimum solidity of 

the rotor is determined by the rotor c/R ratio for a given pitch amplitude in hover and 

advance ratio when forward flight operation is considered [15, 49]. 

 

2.5.13. Rotor Magnus Effect 

 

For the case of a stationary cylinder in cross flow, flow separation occurs at 

the rear of the cylinder, which creates a recirculating flow in the downstream wake of 

the body, as shown in figure 2.10.  The flow separation results in a drag force being 

created parallel to the free stream, but due to the flow being approximately symmetric 

about the horizontal centreline outlined in figure 2.10, the measured lift force is 

essentially zero [51]. 

 

When the cylinder in figure 2.10 spins in a clockwise direction, the streamlines 

are no longer symmetrical, as shown in figure 2.11.  In this case, the stagnation points 

shift to the lower half of the cylinder and can move off the surface of the cylinder if 

the rotational speed is high enough [52].  Frictional effects between the surface of the 

cylinder and fluid entrain the flow near the cylinder surface in the direction of rotation.  

The flow entrainment generates a higher velocity at the upper surface of the cylinder 

than at the lower.  As the velocity increases in the upper half, the pressure decreases, 

producing a pressure imbalance between the rotor's upper and lower half, producing 

a lift force normal to the flow direction.  This is known as the Magnus effect, and it is 
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dependent on the cylinder rotational speed, fluid free-stream velocity, the viscosity of 

the fluid, and the size of the cylinder [53]. 

 

 

 

Figure 2.10 – Flow field images obtained in water to show the direction of the 

streamlines for a flow from left to right for the nonspinning cylinder [51] 

 

 

 

Figure 2.11– Flow field images obtained in water to show the direction of the 

streamlines for a flow from left to right for the spinning cylinder with a 

peripheral surface velocity of 3V∞ [51] 
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The Magnus effect can be explained by a superposition of a non-lifting 

freestream flow over a cylinder and a circulation, Γ about the cylinder, representing 

the strength of the vortex.  The vortex is positioned at the center of the cylinder, as 

illustrated in figure 2.12.  The lift per unit span of the cylinder can be calculated from 

 

L =  ρV∞Γ        (2.8) 

 

which is known as the Kutta-Joukowsky Theorem, showing that the lift per unit span 

is directly proportional to the circulation.  From equation 2.8, ρ is the fluid density, 

𝑉∞ is the fluid free-stream velocity, and Γ is the circulation about the rotating cylinder.  

In the case of a spinning cylinder in a viscous fluid, the circulation can be defined as  

 

Γ =  ∮ v. dl        (2.9) 

 

once integrated this gives  

 

Γ =  v. 2πR        (2.10) 

 

where v defines the velocity at a point on the surface, which is the angular velocity 

for a cylinder given by  

 

v =  ωR        (2.11) 

 

ω is the cylinder rotational speed, and R is the cylinder radius.  The circulation around 

the cylinder can then be calculated from  

 

Γ =  2πωR2        (2.12) 

 

The magnitude of the Magnus effect is strongly related to the velocity ratio 

between the angular velocity of the rotor and the fluid free-stream velocity, defined 

as α [53].   Depending on the velocity ratio, the magnitude of the lift and drag forces 

is also sensitive to the free-steam flow Reynolds number, where the characteristic 

dimension is defined as the cylinder diameter, particularly at low-velocity ratios [54].  



Chapter 2 – Literature Review 

42 

 

The variation of lift and drag forces was more pronounced at a Reynolds number 

greater than 60,000 [54], with a slight reduction in both lift and drag forces noted with 

a reduction in the Reynolds number. 

 

 

Figure 2.12 – An illustration of the flow components to calculate the lifting 

force over a rotating cylinder via the addition of a non-lifting flow and a vortex 

of strength Γ [52] 

 

Research by Swanson concluded that a reduction in cylinder aspect ratio also 

resulted in a reduction in the maximum lift measured, which coincided with a 

reduction in the velocity ratio where the maximum lift was measured [55].  The aspect 

ratio effect is attributable to leakage flow and tip losses a the cylinder ends [53].   

 

An early study by Prandtl [56] proposed that for an infinite cylinder that is 

approaching two-dimensional flow conditions, the maximum coefficient of lift 

generated by a spinning cylinder in a uniform cross-flow is limited to 4π.  Three-

dimensional equipment used by Swanson [55] aimed to determine if the coefficient of 

lift limit estimated by Prandlt could be exceeded with changes in rotor aspect ratio.  It 

was shown that the maximum coefficient of lift achieved was 4.55π at a velocity ratio 

of 17.  The study concluded that a higher coefficient of lift could be generated with 

an increase in the rotor aspect ratio [55]. 

 

The sensitivity of the cycloidal rotor design to the Magnus effect for forward 

flight operation in low-speed and high-speed forward flight where there is a free 

stream flow velocity component at this stage is unresearched.  With the focus of the 
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current research being on a rotor in hover, there is no free stream velocity component 

to consider in the traditional sense.  The Magnus effect is usually associated with high 

solidity geometries at a high rotational speed.  A solid cylinder is typically used in 

applications such as the Flettner rotor [53].  The solidity of the cycloidal rotor is 

typically much lower than a solid cylinder, with a solidity of up to 0.25 to 0.35 being 

used, depending on the rotor configuration [4].   

 

With the solidity of the current test rotor and the range of rotor rotational 

speeds being tested being low compared to typical Magnus effect rotors, and coupling 

this with the fact that the rotor is not being tested under forward flight conditions, the 

Magnus effect is not considered in the current work.  The Magnus effect should be 

reconsidered for future analyses with a change in focus.   

 

2.5.14. End Plate Effects 

 

It is well established in the design of vertical axis wind turbines (VAWT), 

which are geometrically similar to the cycloidal rotor in that blades with open ends 

generate tip loss effects that reduce the overall power output of the device [57].  

Therefore, in VAWT design, additional winglets at the blade tips are sometimes added 

along with devices such as endplates to increase system performance by reducing tip 

losses.  The addition of the winglets and endplates helps to reduce the spanwise flow 

caused due to the pressure delta between the pressure and suction sides of the blade, 

to improve blade aerodynamic performance [58,59].  The implementation of endplates 

was shown to improve the overall performance of a VAWT in all configurations 

researched by Amato et al. [60].   

 

Simulations on a single-bladed NACA 0015 VAWT with two aspect ratios of 

7 and 15 were performed by Gosselin et al. [61].  The larger aspect ratio had a greater 

coefficient of performance of 62.5%, indicating that the shorter blades are more 

susceptible to blade tip losses and 3D flow effects, as a larger percentage of the blade 

span is affected by the tip vortices.  It is suggested that the inclusion of end plates in 

the design should also be undertaken in conjunction with the optimization of the rotor 

aspect ratio.  A trade-off must be made to account for the additional surface area of 



Chapter 2 – Literature Review 

44 

 

the endplates, as this will introduce more drag [61], which could ultimately exceed 

the increase in efficiency seen with a reduction in tip vortex strength.   

 

Ramkissoon [62] conducted experiments with and without end plates attached 

to an MI-VAWT1 aerofoil and showed that adding blade endplates increased the lift 

coefficient at all angles of attack, up to a maximum of 14% over the case without end 

plates included.   

 

The effects of endplates on a rotating cylinder were undertaken experimentally 

by Badalamenti [54] to assess the impact of endplate size on aerodynamic 

performance for Reynolds numbers between 1.6×104 and 9.5×104.  Analysis showed 

that endplates significantly enhanced the lift generated by the cylinder and improved 

the lift-to-drag ratio, with a limiting lift coefficient reached in all geometries 

considered.  Furthermore, measurements of the total pressure variation in the wake 

showed that the force generated by the cylinder depended on the formation and 

development of vortices at the cylinder tips modified by end plate geometry.  

 

2.5.15. Virtual Camber Effect  

 

A key feature of the cycloidal rotor is the effect of virtual camber (VC) and 

virtual incidence (VI), as shown in figure 2.13.  During operation, the path of each 

blade is curvilinear, resulting in only one point along the blade chord moving in a 

circular arc, the pitch point.  The flow of a symmetric aerofoil profile in curvilinear 

motion is very different from a symmetric aerofoil profile in rectilinear motion; this 

phenomenon is known as the VC effect.  Most aerodynamic theories assume that the 

blade's relative velocity and AOA are constant along the chord.  For a cycloidal rotor, 

these vary along the blade with changes in chord [28], with the AOA essentially being 

unique at each chord position as each point along the chord experiences a different 

flow velocity magnitude and direction, resulting in a chordwise variation of the AOA. 

 

A symmetric geometric aerofoil profile in curvilinear flow can be 

approximated as an aerofoil with VC and VI [14], mimicking a cambered aerofoil in 

a rectilinear flow.  For example, a symmetric blade at 0° geometric pitch angle in a 
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curvilinear flow is shown in figure 2.14, illustrating that the aerofoil can be viewed to 

behave like a cambered blade with an angle of incidence [4].    This angle of incidence 

is defined as the virtual incidence (VI), and the VI acts to create a phase shift in the 

aerofoil lift curve slope [4].  One of the first to introduce the principle of virtual 

camber was Migliore et al. [64], who using conformal mapping, proved that a 

symmetric aerofoil in a curvilinear flow at a given geometric AOA could be analyzed 

as an equivalent virtual airfoil having camber and incidence. 

 

VC is highly dependent on rotor c/R ratio, blade pitch axis location, and 

solidity.  As the c/R ratio increases, the VC effect also increases and becomes more 

pronounced, improving rotor hover performance.  Consequently, larger chord blades 

with a small rotor radius are optimal during hover.  Pitching the blade away from the 

50% chord position also introduces a VI.  For example, a blade pitched at the 25% 

chord position with a 6-inch diameter rotor introduces a VI of approximately 6.1° and 

a VC of 5.3% [39].  This essentially brings about a phase shift in the blade's lift and 

drag coefficient curve.  For a given c/R ratio moving the pitch axis closer to the LE 

increases the VI in hover, with the VC also increasing as a result.  In forward flight, 

the contribution of VC and VI depends not only on pitch axis location and c/R but 

also on the free stream velocity.  

 

The VC can be positive or negative depending on the blade's azimuthal 

position.  During hover operation, the VC is negative at the Top Dead Centre (TDC) 

position and positive at the Bottom Dead Centre (BDC) position, reducing and 

increasing the effective blade AOA at the TDC and BDC rotor positions, respectively.  

This results in the majority of the lift generated in the lower half of the rotor in hover, 

due to the large local air loads, with the vertical force component at the TDC position 

nearly half that of the BDC position in some cases [4], dependent on rotor c/R and 

blade pitch amplitude.  Conversely, at a low effective blade AOA, the negative camber 

in the upper half of the rotor can result in a negative AOA, producing a downward 

force.   
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Figure 2.13 – Cycloidal rotor virtual camber in forward flight [4] 

 

 

Figure 2.14 – Cycloidal rotor virtual incidence definition [63] 
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All forward flight cases considered to date use the hover pitching kinematics 

rotated through 90 degrees [14].  The negative camber in the frontal rotor region can 

cause the blade to stall in some instances, generating a negative lateral or propulsive 

thrust component and lowering the rotor's propulsive efficiency.  In contrast, the aft 

half of the rotor has a positive VC generating most of the rotor thrust [14], which 

ultimately depends on the rotor advance ratio.  The effect of VC is also another factor 

why the blades do not contribute equally to lift generation in both rotor halves. 

 

Under symmetrical pitching, the blade's geometric pitch angle is zero degrees 

at the 90 and 270° azimuth (side) positions, as shown in figure 2.13, resulting in no 

lateral thrust force component.  However, due to the VC effect, the side blades 

generate a small thrust due to the low effective AOA, a further reason why a side force 

is generated during hover.  Therefore, to adequately capture the flow physics of the 

cycloidal rotor, any aerodynamic analysis should capture the VC flow curvature 

effects.   

 

In forward flight, the thrust force per unit rotor swept area drops with an 

increasing c/R ratio, conflicting with the requirements of a hovering rotor.  

Fortunately, the rotor's propulsive lateral thrust force-generating capability is less 

susceptible than the vertical or lifting thrust-generating capability to changes in c/R 

ratio [6].  One contributor to this reduction could be the negative thrust produced in 

the fore region of the rotor under certain advance ratios and blade pitch amplitudes.  

With increasing free stream velocity, rotor power decreases with increasing c/R ratio 

at 3.5 and 7 m/s [14] for a given solidity.  During forward flight operation, power 

loading improves with increasing c/R and increasing advance ratio, up to a c/R ratio 

of approximately 0.63.  The optimum c/R ratio is unique for each advanced ratio 

required [14].   

 

2.5.16. Advance Ratio  

 

The rotor advance ratio dominates the blade's resultant velocity during forward 

flight, changing the effective blade AOA.  An additional velocity component in the 

horizontal direction to account for the free stream needs to be considered during 
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analysis [14].  The net rotor thrust is highly dependent on the blade pitching schedule 

and advance ratio.  In forward flight operation, certain rotor regions negate thrust 

generation [14], not only due to geometric effects.  All forward flight studies to date 

have assumed the hover blade pitching kinematics are rotated through 90°, where the 

peak positive blade cyclic pitch angle now occurs at the 9 o'clock position, as opposed 

to 12 o'clock in hover.  

 

Under certain advance ratios, the flow velocity decreases to below the free-

stream velocity in the rotor's upper (retreating) half.  Suggesting power is being 

extracted by the blades in the upper rotor region in forward flight, shown to be the 

case at an advance ratio of 0.73, resulting in a loss of lift on the upper region of the 

rotor [14].  This difference becomes more pronounced with increasing advance ratio 

[14] due to the lower resultant blade velocities on the upper rotor region.  Conversely, 

the flow is accelerated through the lower (advancing) rotor region, which operates at 

higher dynamic pressures and higher resultant blade velocities, with this being the 

main region of thrust generation [22].     

 

During forward flight, the lift (vertical) force generation efficiency of the 

cycloidal rotor increases with an increasing advance ratio.  Conversely, the propulsive 

(horizontal) force generation efficiency decreases with an increasing advance ratio for 

a given lift force component [6].  But this needs to be traded against the decrease in 

rotor power with advance ratio increase [15].  

 

2.6. Competing Propulsion Systems and Technologies 

 

As alluded to in Chapter 1, the broad operational envelope of the cycloidal 

rotor means that it has many contemporaries in both crewed and uncrewed flight 

applications.  The following section outlines some current novel propulsive 

technologies where the cycloidal rotor would be looking to compete.   

 

The Lilium Jet is a reconfigurable system for cargo or crewed flights for up to 

six passengers.  The design uses distributed ducted electric fans built into the wing 

trailing edge flaps.  The integration of the propulsive device into the wing allows for 
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thrust vectoring through lift-off and hover flight via the control of the relative angle 

of the fan to the main wing. 

 

Another crewed flight craft that uses distributed propulsion is the Aurora 

Lightning Strike.  A total of 24 ducted fans are incorporated into both wings, powered 

through a hybrid propulsion system.  Both wing systems rotate as one unit to enable 

thrust to be vectored for take-off and forward flight manoeuvers.  During high-speed 

forward flight, each wing's upper and lower surfaces provide lift due to the wings 

forming a box-like structure.   

 

Kitty Hawk has developed the Cora with reduced seating to cater to the urban 

air mobility market for the more personal flight mode of operation.  The Cora is a 

two-seater autonomous eVTOL powered by 12 distributed electric propellers attached 

to the 11 m wings.  Taking off vertically removes the need to use a runway or vehicle 

launcher in tight environments.   

 

A smaller craft also developed for the urban air mobility market is the E-Hang 

184, which is a single-seater craft.  The design uses brushless DC motors in 

conjunction with coaxial propellers at four positions, above and below each motor.   

 

At the uncrewed craft scale, typically UAV, a contemporary is the SkyEye 

Sierra UAV, which utilizes four conventional rotors in conjunction with a fixed-wing 

design.  It is similar in appearance to a glider, with the addition of rotors for take-off 

and landing.  The craft has a 3 kg payload and an overall range of 320 km, where the 

propulsive system is electric.  The Tango VTOL UAV is similar in design approach 

to the SkyEye Sierra, with an increased payload of up to 5 kg; it is typically used for 

scientific research and surveillance applications.  The design is available as a purely 

electric or hybrid-powered device.   

 

2.7. Rotor Vibration Suppression Techniques 

 

Much effort has been made to improve conventional rotorcraft vibration levels 

in recent times.  However, they are still a significant issue due to the ever-expanding 
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rotorcraft operational envelope, such as increased forward flight speed, which 

increases vibration levels due to retreating blade recirculation. 

 

Since their early development, high levels of rotor vibration have been a 

parasitic feature of rotorcraft operation [65].  Consequently, much attention is being 

paid to optimizing vibration levels experienced in the fuselage, particularly at the pilot 

seat [66] for crewed flight.  For example, figure 2.15 shows the change in pilot seat 

vertical vibration magnitude with and without higher harmonic control (HHC) [67].  

Coupled with the increased expectations of passengers and crew [65], it puts 

additional emphasis on research to reduce overall vibration levels, which is 

compounded by efforts to improve the life and functionality of equipment in both 

crewed and uncrewed flight applications.   

 

Rotorcraft vibration reduction measures to date have been implemented with 

both passive and active vibration reduction techniques, with examples being [68, 69].  

Each vibration suppression method will be summarised in turn in relation to 

conventional rotorcraft.  Finally, the ability of the chosen methodology for 

implementation on a cycloidal rotor will be discussed. 

 

 

 

Figure 2.15 – Vertical vibration reduction at the pilot seat with HHC [67] 
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2.7.1. Passive Vibration Techniques 

 

Three common methods used for passive vibration reduction are vibration 

absorbers, isolators, and actual rotor design.  Vibration absorbers are designed to 

reduce vibration at the source by canceling the rotor system's exciting forces before 

transmission to the non-rotating frame, to control vibration levels throughout the 

airframe.  Similarly, rotor vibration isolators are also typically used between the rotor 

and fuselage to reduce the vibratory loads passed from the rotating to the non-rotating 

frame.  Rotor design traditionally attempts to reduce vibration by designing the blades 

and, in some cases, support structure with modes away from forcing harmonics to 

avoid resonant vibration.   

 

Passive methods have the advantage that multiple technologies can be used 

simultaneously.  In addition, they do not require additional actuation, eliminating the 

additional mass and power requirements when actuation is needed, typically 

associated with active vibration suppression techniques.  However, passive methods 

do have the disadvantage of not being adjustable when in operation.  They are usually 

designed for optimal use over a narrow operating envelope, which could be an option 

for a rotor that spends most of its operation in hover.  All three passive vibration 

reduction methods are outlined in the following sections. 

 

2.7.1.1. Vibration Absorbers 

 

The most common form of rotorcraft passive vibration technique is vibration 

absorbers, effectively tuned mass dampers more commonly known as tuned vibration 

absorbers (TVA).  The absorber is specifically designed to match the natural 

frequency of the main airframe structure to which it is mounted.  As a result, the peak 

airframe vibration amplitude is reduced during operation.  Vibration absorbers are 

often used to add damping to a difficult or expensive system to damp directly, making 

them ideal for rotorcraft applications.  TVA comes in many forms, and many 

configurations have been analyzed.  Examples include pendulum-type absorbers and 

magnetic dynamic absorbers that use eddy currents to provide damping.    
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The design of vibration absorbers is typically much lighter and simpler than 

comparable active vibration reduction techniques.  It has the advantage that existing 

parts of the craft design can be used as the absorber mass element under certain 

circumstances.  A common example is the use of a helicopter battery [70].  Although 

they have the advantage of low mass, their design limits optimal performance over a 

very small operating band.  Their off-design point effectiveness varies depending on 

the overall design configuration.  A few representative examples are outlined below. 

 

Han and Smith [71] analyzed the feasibility of reducing lag-wise bending 

moments in a hingeless rotor by embedding elastomer vibration absorbers distributed 

within the blade's leading edge.  Results show a decrease in the first and second-order 

lag-wise bending moments by 50% and 90%, respectively, when the absorber is 

placed in the blade chordwise direction, confirming that significant vibration damping 

can be achieved under high loading conditions.  However, it did have the disadvantage 

of increasing blade tip lag-wise bending moments.   

 

The study confirmed that the technique could be used over multiple rotor 

harmonics through careful design and showed that adding a chordwise absorber at the 

blade tip is more suitable for higher harmonic load control.  In all cases considered, 

the absorber mass was kept to 6 kg, representing 10% of the overall blade mass.   

 

An analytical design procedure for designing a simple pendulum absorber to 

minimize blade root and shear reactions was developed by [72] through systematic 

variation of the pendulum geometric parameters.  Pendulum vibration absorbers are a 

TVA used to attenuate the amplitude of torsional vibrations in rotating machines.  

They contain masses constrained to move along a particular path to generate a 

centripetal restoring force.  The study found that a flapping pendulum can attenuate 

the root out-of-plane force and moment if appropriately designed.  But a lead-lag 

pendulum is required to attenuate root in-plane reactions.   

 

The inclusion of the pendulum caused a spanwise redistribution of the 

structural loads, resulting in an attenuation of the reactions at the rotor hub.  The 

pendulum causes a decrease in the inboard and an increase in the loads outboard of 
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the pendulum position.  The results generated [72] show that an optimized pendulum 

reduced the hub vertical shear by 98.7%.   

 

A bifilar absorber can also be used as an additional means of vibration 

reduction; an example is shown in figure 2.16 [73].  The bifilar assembly is mounted 

directly above the rotor hub and is tuned to provide a centrifugal restoring force, 

typically only to attenuate vibration at one frequency to reduce in-plane vibration [73].   

 

It is commonly used to attenuate the N/Rev main rotor vibration.  The bifilar 

assembly consists of a mass restrained by two pins mounted into the main rotor 

structure, where the pins, along with the holes in the bifilar masses, define the motion 

of the absorber.  It is possible to tune the response of the absorber by modifying the 

restraining pins and the overall bifilar mass.  Bifilar absorbers have been successfully 

used on the Sikorsky H-60 and S-76 helicopters but can increase the total profile drag 

of the rotor system [73] 

 

 

 

Figure 2.16 – An example of a bifilar absorber used in conjunction with a 

helicopter rotor [73] 
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2.7.1.2. Vibration Isolators 

 

Rotor vibration isolators can be used between the rotor and fuselage to reduce 

the vibratory loads passed from the rotating to the non-rotating frame; an example is 

shown in figure 2.17, which is known as the dynamic antiresonant vibration isolator.  

Typically, such a system is challenging to design to capture the low-order frequency 

modes whilst minimizing system deflection [74].  The dynamic antiresonant vibration 

isolator overcomes this via the inclusion of a stiff spring to reduce static deflection 

levels within the system and is tuned via modification of the tuning mass at the end of 

the assembly arm.  Such absorbers are not limited to the rotor-to-fuselage interfaces 

but have been used to reduce vibration at the pilot's seat by the Kaman company [75]. 

 

 

 

Figure 2.17 – An example of a vibration isolator designed to be used between 

the helicopter's main rotor gearbox and fuselage [74] 

 

2.7.1.3. Rotor Design 

 

In conventional rotorcraft, the rotor significantly contributes to overall 

vibration levels.  As a result, the blade design has been the emphasis of many 
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optimizations.  Typically this has included the modification of blade spanwise mass 

and stiffness along with blade material layup, tip geometry, and blade form to achieve 

the required blade natural frequencies through frequency placement.  Historically the 

optimization process was decoupled from the overall blade design. 

 

An example of blade tailoring is the BERP IV blade [76].  The modification 

of the blade design to achieve vibration reduction was typically considered in 

isolation, with varying levels of success, where the emphasis was on avoiding 

excessive resonant vibration by giving sufficient margin on integer harmonics of rotor 

vibration.  The BERP IV design process attempted to couple the blade design to 

integrate the aerodynamics, dynamic, composite design, manufacturing, and stress 

analysis processes [76] to ultimately ensure the forward flight performance of the 

BERP IV blade was maintained.  The forward flight performance was maintained by 

ensuring attached flow at high angles of attack, maximizing the retreating blade 

performance.  However, adding mass at the blade tip resulted in chordwise Centre of 

Gravity (CoG) changes and increased control loads.   

 

The BERP IV blade was designed using a combination of structural 

optimization and aeroelastic tailoring techniques to counter the estimated increases in 

control loads.  This is a direct result of the modified blade frequency requirement and 

the revised tip geometry.  To reduce vibration through blade optimization requires the 

fuselage dynamic response to be characterized., enabling the calculation of the 

fuselage transfer function at several locations.  The fuselage characterization was then 

used to determine the objective function for the blade optimization, which was 

airframe vibration reduction [76].  Optimizing the blade layup by analyzing the shear 

and unidirectional (UD) layers enabled an increase in the third harmonic flap mode 

frequency from 4.9/Rev to 5.8/Rev.   

 

A method of vibration reduction was proposed in [77] to minimize helicopter 

blade and rotor vibration by optimizing the size and location of tuning masses through 

the application of three optimization methodologies, as opposed to physical blade 

design modification.  The objective function minimized the blade root vertical shear 

while avoiding excessive additional blade mass.  The analysis minimized the shear 
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load of the first flapping mode by modifying the blade mode shape to reduce vibratory 

load response.  Additional masses were concentrated at the blade tip.   

 

The first optimization method [77] optimized the vertical shear for a single 

frequency mode and single harmonic.  However, the approach was not always 

effective when the method was used over more than one frequency mode.  The second 

method aimed to reduce the vertical shear amplitude over several harmonics for 

several frequency modes.  In this case, the shear force associated with the 5/Rev 

harmonic was reduced from -39.48 lbf to -0.12 lbf.  The final optimization 

methodology aimed to reduce the vertical shear force as a function of time during one 

rotor revolution and was deemed the most effective.  The peak shear amplitude 

reduced from -78.00 1bf to -0.576 lbf, with up to a 12% mass penalty. 

 

2.7.2. Active Vibration Techniques 

 

With rotor vibration being a significant source of overall craft vibration, active 

vibration techniques have concentrated on rotor vibration suppression.  Despite the 

predicted ability of active vibration techniques to reduce rotor vibration, their use in 

rotorcraft has been limited.  However, compared with passive vibration reduction 

techniques, they have the advantage that they can be optimized over a wide operating 

envelope, often through the use of closed-loop control, where sensors monitor overall 

rotorcraft or rotor vibration levels.   

 

Typically, active vibration methods are more complex and need a method of 

actuation in the rotating or non-rotating frame to induce the blade or airframe motion 

required.  Active vibration techniques come with the additional penalty of actuation 

power requirements, which can be high compared to overall rotorcraft mass [78].  A 

more significant concern that has stalled their progression has been rotorcraft safety 

and system redundancy in a failure [79].  A summary of some recent advancements is 

outlined below.   
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2.7.2.1. Individual Blade Control 

 

Conventional HHC is implemented in two ways, using actuators below the 

swashplate in the non-rotating frame and secondly in the rotating frame, with actuators 

between the swashplate and rotor blade [80].  The rotating frame actuation approach 

is more commonly known as Individual Blade Control (IBC).  IBC works on the same 

principle of rotor vibration suppression as HHC by creating higher harmonic 

aerodynamic loads that suppress the original blade loads by actuating each blade 

individually.  IBC can be implemented via blade actuation through pitch link control 

or 'on-blade' via trailing edge flaps.   

 

Tests to implement IBC through pitch link actuation are limited.  Jacklin [81] 

was one of the first to perform full-scale tests on a Sikorsky UH-60 IBC system.  

Hydraulic actuators generated motions in place of rigid pitch links to produce motions 

up to ±6.0° at 2/Rev.  Two advance ratios, 0.1 and 0.175, were considered with a fixed 

rotor speed.  As expected for a four-bladed rotor, rotor vibratory loads were dominated 

by the 4/Rev harmonic. 

 

4/Rev vibration was reduced by 70% with the inclusion of a 1.0°, 3/Rev IBC 

input at 315° phase.  From 0° to 0.75° amplitude, the vibration reduction was linear 

with IBC input but was nonlinear after that.  Additional tests with multiple harmonic 

inputs were undertaken to determine whether increased vibration suppression could 

be achieved.  A combined 3 and 4/Rev input harmonic reduced the overall vibration 

level less than a 3/Rev IBC input alone by 6% 

 

Implementing IBC via active flaps requires the use of deformable features that 

are actuated, and designed into the blade structure, to generate the change in 

aerodynamic loads required for vibration suppression.  This approach reduces safety 

concerns associated with HHC and traditional IBC as they are not incorporated into 

the main structure and are controlled by a separate control loop, separated from the 

main craft control system, increasing system redundancy.  However, actuated flaps 

can compromise aspects of the blade design by introducing flow discontinuities into 

the blade surface, potentially increasing turbulence, vorticity, and BVI in some 
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instances.  A significant challenge to the use of active flaps is designing an actuator 

that can be incorporated into the space of the rotor blade [82].  

 

Straub et al. [82] installed a trailing edge active flap on each blade of a five-

bladed rotor, as shown in figure 2.18.  Each flap was placed at a 25% blade chord 

position with a flap deflection amplitude of up to ±3° at 2, 3, and 5/Rev.  Testing was 

undertaken under hover conditions and forward flight up to 124 knots.  The 

effectiveness of the trailing edge flap was demonstrated, with a reduction in blade 

vortex interaction (BVI) identified, with an 80% reduction in the overall rotor 

vibratory response.   

 

Actively controlled, partial span, trailing edge flaps [83] were analyzed using 

quasi-steady aerodynamics to calculate aerodynamic loads, used in conjunction with 

a quadratic cost function to minimize vibration.  Vibration reduction with actively 

controlled flaps was compared with conventional IBC, and it was found that actively 

controlled flaps reduced vibration similar to that achieved with traditional IBC, but 

the actuation power requirements are between 70-90% lower. 

 

The study concluded that the size of the control flap had little effect on overall 

vibration suppression but had a significant impact on actuator power requirements.  

Vibration reduction and actuator power requirements were sensitive to changes in flap 

spanwise location.  An increase in blade torsional stiffness reduced the effectiveness 

of the control flap and increased actuator power. 

 

Milgram [84] analyzed a four-blade Sikorsky S-76 rotor at frequencies 3, 4, 

and 5/Rev, with trailing edge blade flaps, and predicted significant reductions in 4/Rev 

hub loads cyclic inputs around 1-2°.  The conclusion is that changes in performance 

due to changes in flap length, chord, and location could be offset successfully by 

adjusting control input amplitude and phase.  He proposed a flap with the smallest 

chord and largest deflection to be optimal.  Overall the trailing edge flap was found 

to reduce vibration significantly at all advance ratios considered between 0.15 and 

0.30. 
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Figure 2.18 – IBC actively controlled flap [82] 

 

2.7.2.2. Higher Harmonic Control (HHC) 

 

Higher Harmonic Control (HHC) has received the most attention in the last 

two decades compared with other vibration reduction techniques, with some typical 

examples summarised below.  HHC works by modifying the blade vibratory 

aerodynamic loads before transmission through to the rotor hub and airframe by 

actuation of the swashplate in the non-rotating reference frame.   

 

During HHC, the swashplate is typically excited at Nb/Rev, where Nb 

represents the blade number, resulting in blade pitch oscillations of Nb - 1 and Nb + 

1/Rev in the rotating frame [85].  Typical conventional rotorcraft require a small HHC 

blade cyclic pitch angle input amplitude of between 0.5° to 1.5° [86], supporting the 

theory that a linear, frequency-domain representation of the helicopter response to 

control can be utilized.  The higher harmonics induce unsteady aerodynamic loads 

that suppress the original blade loads.  The success of HHC implementation lies in the 

design of the actuators that must have low mass and power requirements, coupled with 

a robust controller with capability over a wide frequency range.   
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HHC is typically implemented using closed-loop control.  The vibratory 

output is measured, and control inputs are updated at set time intervals when steady-

state outputs are achieved.  When the system reaches a steady-state vibratory 

response, amplitude and phase are measured and used to update the amplitude and 

phase of the HHC inputs for vibration suppression.  The closed-loop control 

effectively acts as an online optimization process to find the optimal HHC input 

operating point.  With HHC included, a closed-loop controller assuming linearity over 

the range of HHC control from 0° to 3° amplitude was implemented by Robinson [87] 

and effectively reduced the vibratory 4/Rev response of a hingeless rotor from their 

baseline values without HHC input by up to 99% at a forward flight speed of 100 

knots. 

 

Hammond [88] conducted wind tunnel tests on a four-bladed helicopter rotor, 

considering several control algorithms, and concluded that vibration reduction of 

between 70% and 90% was possible for a range of advance ratios when HHC was 

implemented with an optimized controller.   

 

Nguyen et al. [89] performed HHC investigations on a full-scale, isolated XV-

15 rotor under two forward flight test conditions to reduce the 3/Rev rotor vibratory 

loads.  The HHC control input for both test cases was approximately 0.9°.  The 

controller reduced the rotor vibratory footprint by 50%, with the pitch link control 

loads ultimately limiting the forward flight speed with HHC included.   

 

It is essential that HHC does not degrade rotor performance significantly, and 

the effects of a 2/Rev HHC pitch input on rotor performance were analyzed by Cheng 

et al. [90].  It showed that an optimized 2/Rev HHC input could reduce the helicopter 

rotor power by up to 16%.  The primary mechanism behind the power reduction was 

the change in the distribution of the profile drag coefficient over the rotor disk. 

 

Nixon et al. [91] performed wind tunnel experiments on a 1/5 scale three-

bladed V-22 tilt-rotor model in the Langley Transonic wind tunnel.  Results show that 

the implementation of HHC successfully reduced 3/Rev rotor vibration by 75% and 

concluded that simultaneous reduction of multiple harmonics should be possible 

through the superposition of multiple HHC inputs.  Despite the significant differences 
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between helicopter and tilt-rotor operation, the study found that much of the helicopter 

HHC development could be used in tilt-rotor design. 

 

 Analysis by Kottapalli [92] was undertaken prior to testing a 44 ft diameter 

Sikorsky S-76 articulated rotor to establish the effect of HHC on push rod loads with 

changes in airspeed.  Separate tests were performed with a 3, 4, and 5/Rev HHC input, 

with an amplitude of 1°.  In all cases, the pushrod loads were highly sensitive to the 

phase of the HHC input.  Pushrod loads are seen to increase with increasing forward 

flight speed.  The inclusion of the optimum 3 and 5/Rev HHC input increased the 

pushrod loads by up to 20% compared to the baseline configuration.  Conversely, the 

optimum 4/Rev HHC input reduced the pushrod loads for all flight speeds considered.   

 

Payne [93] investigated the use of a 2/Rev HHC input to feather the rotor blade 

in an attempt to eliminate retreating blade stall, to improve helicopter forward flight 

performance.  An analytical investigation concluded that a 2/Rev HHC input alone 

would not significantly delay retreating blade stall but concluded that the 

superposition of several higher harmonics should enable the retreating blade stall to 

be pushed beyond current limits.   

 

2.7.2.3. Active Control of Structural Response (ACSR) 

 

Another vibration reduction method is ACSR, one of the most widely-used 

active vibration control systems in operation.  ACSR differs from HHC as the input 

forces for vibration reduction are applied directly to the airframe through actuation.  

It does not attempt to modify the vibratory load path through rotor modification.  

Instead, force input requirements are calculated based on resultant vibration data 

obtained from airframe accelerometers.  A controller monitors vibration from the 

accelerometers and determines the force and timing requirements of the force input at 

harmonics of the main rotor frequency to reduce vibration for the changing flight 

conditions.   

 

Staple and Welsh [94] showed that for a pilot system, the performance of 

ACSR was superior to passive techniques analyzed at the time, with fuselage vibration 
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reduced by between 72 to 84%.  On average, the 5/Rev fuselage vibration levels were 

reduced by 75% at 140 knots.   

 

Pearson [95] developed an adaptive controller to implement ASCR to reduce 

helicopter structure vibration and highlighted that the overall vibration reduction is 

sensitive to the control strategy used.  Computational simulations were validated 

against experimental results and estimated that a 90% reduction in the blade pass 

frequency vibration amplitude was achievable.      

 

2.8. Rotorcraft Vibration Testing and Analysis 

 

Accurate measurement of rotor vibratory hub loads is critical in any rotor 

system development.  However, it has always remained a significant challenge in 

rotorcraft design and testing.  Rotor vibration testing is fundamental to rotor 

development and has been typically performed on standard rotorcraft concepts in their 

early development stages.  A shake test must be performed to calculate a dynamic 

calibration matrix of the rotor force and moment for the test rig itself.  The rotor 

balance is usually installed below the rotor hub in the non-rotating frame and measures 

both the steady and the vibratory rotor hub loads.  A dynamic calibration identifies 

the transfer functions relating the actual applied vibratory hub loads to the balance 

readings to calculate the vibratory loads in the rotating frame.   

 

Kreshock et al. [96] found that force balance manufacturing errors and strain 

gauges installation resulted in coupling between balance measurement degrees of 

freedom, which was compensated for by performing a static calibration.  Balances are 

often 'soft' relative to the rest of the system and contribute to system resonances.  Static 

calibration only corrects for amplitude.  A dynamic calibration accounts for amplitude 

and phase changes to account for balance stiffness.   

 

An early shake test was performed on the large-scale dynamic rig as part of 

the McDonnell Douglas Advanced Rotor Technology (MDART) program, utilizing 

the NASA Ames Rotor Test Apparatus [97,98,99].  A hydraulic actuator was used to 

apply random excitation from 0 to 64 Hz to the hub during the shake test at input force 
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levels up to 600 lb.  The system output vibratory force and moments were measured 

to calculate the hub vibration modes and rotor balance dynamic calibration matrix.  

The dynamic calibration matrix was calculated using a least-squares error method to 

correct the 5/Rev vibratory balance readings for both magnitude and phase in the 

principal loading directions for the five-bladed rotor operating in forward flight.  The 

results showed that the blade pass harmonics dominate the rotor vibratory response.   

 

Calibration results outlined the influence of frequency bandwidth, hub mass, 

rotor speed, and thrust preload.  The frequency response functions (FRF) showed that 

hub mass variation had the most significant effect.  The dynamic calibration reduced 

the side loading magnitude by 66%, increased the axial force magnitude by 50%, and 

reduced the magnitudes of the rolling and pitching moments by 50%.   

 

An experimental four-bladed hub was manufactured as part of the ARES 

testbed [96].  Burst-random excitation with a 0-200 Hz frequency range was used, 

with excitation force levels typically ±10 lbf, but loads from 2 lbf to 15 lbf were 

investigated to calculate system nonlinearity.  It was noted that the system response 

in the normal and axial directions was highly dependent on the excitation frequency.  

Hence, using static calibration values alone would result in vibratory loads being 

incorrect by as much as one order of magnitude [96], confirming that the use of 

dynamic calibration can significantly improve the correlation between predicted and 

measured force balance outputs.  Furthermore, the study determined that the ARES 

testbed exhibited several natural frequencies near the 4/Rev rotor frequency.  As a 

result, the FRF had large amplification factors at these points.  In addition, the system 

response was very sensitive to model changes, significantly reducing the accuracy of 

the dynamic calibration in these areas. 

 

Further tests were carried out in the NASA Ames Wind Tunnel on the Large 

Rotor Test Apparatus (LRTA) [100].  An example setup is shown in figure 2.19.  To 

undertake a shake test to characterize the oscillatory response of the test rig and 

provide a dynamic calibration matrix of the balance to measure vibratory hub loads 

accurately.  Several loading scenarios used a shaker to excite the system with a 

random signal from 0 to 80 Hz at 800 lb force.  Force measurements were taken in 

each orthogonal loading direction, with balance gauge interactions and cross-coupling 
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between the principal loading directions not considered.  As a result, the dynamics 

calibration matrix considers only one-dimensional transfer functions.   

 

 

 

Figure 2.19 – NASA AMES test rig shake test installation [100] 

 

The shake tests provided frequency response data at frequencies up to 

approximately 35 Hz, or 8/Rev for the UH-60A rotor.  However, the study showed 

that the shaker setup was insufficient to generate enough energy to excite the test rig 

over 40 Hz.  This illustrated the complexity of dynamic testing and confirmed that it 

would be challenging to create an accurate dynamic calibration for the system over 

the entire frequency range of interest based on obtained shake test data.  It was 

concluded that normal modes measured at the balance are only minimally affected by 

hub mass up to 7/Rev and can be corrected successfully based on the method of 

experimental dynamic calibration adopted.  However, a vibration mode at 4/Rev was 

highly sensitive to changes in hub mass.  As a result, it resulted in high variability in 

the mode, making it difficult for the dynamic calibration to be based purely on 

experimental data. 
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An alternative approach countered the shortcomings of the shake test data 

[100].  Data collected simultaneously from accelerometers were used to determine the 

mode shapes of the system at various resonant frequencies to validate a Finite Element 

Analysis (FEA) model.  The model was then tuned to represent the physical behavior 

of the test rig, and transfer functions were calculated based on simulation results data.   

 

Russell et al. [101] proposed an alternative method to obtain additional 

information about the system's dynamic response by using measured bending and 

torsion moments using strain gauge bridges on the blades in the rotating frame.  

However, it was concluded that this approach could not measure the exact shear forces 

in the blades.  The more conventional method of dynamic calibration was then used 

and noted to be very time-consuming if high levels of coupling between axes and 

nonlinearities in the system occur.   

 

A significant drawback with the design of multi-component measurement 

balances is the coupling between axes.  Flexible beams were used between the strain 

gauge and the piezoelectric cells [102] to overcome this.  Unfortunately, preliminary 

analytical investigations were not good enough to calculate the exact transfer 

functions.  The balance was excited by a shaker in each loading direction component 

individually, but this approach contained a few significant errors.  The main source 

was the inability to use only one input to excite all frequency modes in one test.  This 

was overcome by undertaking multiple tests with different input amplitudes at the 

same test conditions. 

 

2.8. Chapter Review 

 

With increased interest in Urban Air Mobility (UAM) and an ever-expanding 

Unmanned Aerial Vehicle (UAV) market, the quest to develop more efficient 

propulsion technologies continues.  The cycloidal rotor is a promising thrust 

generation technology with a broad range of operational capabilities.  However, there 

is still much to be learned about the cycloidal rotor and its operation.   
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Since the inception of the helicopter, it has suffered from high levels of rotor 

vibration at harmonics of the blade pass frequency, which ultimately inhibits rotor and 

fuselage performance.  As a result, helicopter research has continually tried to 

improve rotorcraft operational performance through vibration reduction, but the 

measurement and reduction of rotor vibration have been a considerable challenge.  In 

this regard, the cycloidal rotor is similar, as the cycloidal rotor also operates with high 

levels of rotor vibration due to the rotating structure and the blade's unsteady 

aerodynamics.  Coupled with the fact that one of the significant factors limiting the 

performance of uncrewed UAV systems is the mass of the propulsive system [12], 

rotor vibration assessment and reduction is seen as a crucial factor in the advancement 

of the cycloidal rotor concept.  Vibration reduction will allow for smoother operation 

and enable the design of lighter rotors due to reduced dynamic loading. 

 

To the author's knowledge, all experimental and computational models to date 

focused on cycloidal rotor research have concentrated on evaluating mean rotor 

performance.  While this is important, the ability to measure experimentally and 

computationally the rotor vibratory response is seen as a key new area to provide 

further insight into the cycloidal rotor operation.  In addition, the investigation of the 

rotor vibratory loading benefits from maximizing the potential of the current research 

output.  The thesis is the first to investigate the development of reliable experimental 

and computational predictive capabilities to assess both the cycloidal rotor steady-

state and dynamic vibratory response for a rotor under hovering conditions.   

 

The current research initially concentrates on modeling a conventional 

cycloidal rotor under changing blade cyclic pitch amplitude and rotational speed to 

benchmark all experimental and computational models.  A computational 

methodology for rotor vibratory load optimization is developed to investigate novel 

blade pitching kinematics to improve the efficiency of the rotor in hover and to 

determine whether HHC can be successfully implemented during cycloidal rotor 

operation.  Finally, an experimental study investigates the use of the HHC and the 

resulting correlation with the different computational model approaches determined 

to confirm the efficacy of the models in fulfilling the objectives defined in section 1.5.   

 



Chapter 2 – Literature Review 

67 

 

The proposed experimental system involves the use of a novel cam 

arrangement, a variant of which was used successfully in [21] for forwards flight 

Micro Air Vehicle (MAV) research, as shown in figure 2.20.  The cam use eliminates 

the need for actuation via active pitch links and the containment of high control loads 

as they are self-contained within the cam mechanism.  The containment of control 

loads is achieved via a pitching bearing that is connected to one end of the rotor blade.  

The bearing runs within the cam profile, and the cam dictates the motion of the blade.  

The principle behind the blade pitching is shown in figure 2.21, highlighted by region 

2.  An additional benefit is the high levels of control input repeatability as the cam 

profile is fixed.  It reduces the need for complex actuation systems and can operate 

over an unlimited range of rotor speeds.   

 

 

 

Figure 2.20 – Original cam-based mechanism used for blade cyclic pitch and 

input during forward flight analysis of cycloidal rotors by Adams [21] 
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Figure 2.21 – Close up view of cam mechanism bearing face as used by Adams 

[13] 
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Chapter 3 – Experimental Test Rig Design and 

Analysis 

 

3.1. Introduction 

 

 This chapter provides an overview of the design principles, methods, and 

processes behind the design and manufacture of the test rig shown in figure 3.1, as 

used in all experimental studies.  The limited availability of cycloidal rotor test 

equipment drove the need to design the test equipment from the ground up at the 

University of Bath for testing a hovering rotor and rotor in forward flight in various 

configurations if required.  It also allows for benchmarking the developed 

computational modeling outlined in subsequent chapters. 

 

 

 

Figure 3.1 – Design and manufactured four-blade cycloidal rotor test rig with 

NACA 0018, 50 mm chord blades used throughout the current research 
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The test rig design contains many aspects, including the rotor, rotor blade, 

pitching mechanism, and main support design.  Reasons for the design choices and 

overall rotor scale are given.  It is worth noting that the overarching emphasis 

throughout was one of safety in design while using a blade geometry and blade pitch 

axis location that was near-optimal for a hovering rotor.  It is suitable for ground tests 

and wind tunnel tests, but developing the current test rig into a rotor capable of flight 

requires further structural optimization.   

 

The test rig design methodology is iterative and divided into a number of key 

areas to cover rotor load cases, blade structural design, and blade fabrication.  Each 

of these areas is covered in detail in the following sections.  The leading dimensions 

of the test rig shown in figure 3.1 are outlined in figure 3.2, covering the main rotor, 

cam mechanism, and support frame.  The support frame provides the base to which 

all other components are mounted, which includes the rotor force measurement 

sensor, the rotor bearing arrangement, and the main drive motor.  A summary of the 

test rig's key operational parameters is given in table 3.1.  Detailed component 

drawings and a general arrangement of the test rotor are provided in Appendix A. 

 

 

 

Figure 3.2 – Cycloidal rotor test rig overall design envelope dimensions 
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Table 3.1 – Low-pitch cycloidal rotor test rig operational parameter summary 

Parameter Value 

Rotor diameter, D 200 mm 

Rotor blade number, Nb 4 

Rotor span, S 230 mm 

Blade chord, c 50 mm 

Blade cyclic pitch angle, θBL +/- 45° 

Phase input, ε 0 - 360° 

Rotor rotational speed, N 0 - 2000 RPM 

Blade Pivot Point  0.25c 

Pitch Control System Pivot Position  0.65c 

Aerofoil Profile NACA0018 

 

3.2. Design Approach 

 

The cycloidal rotor concept can be designed on any scale, from UAV to 

crewed flight.  Previous studies [4,21] have presented rotor mean performance results 

from cycloidal rotor parametric studies, but the chosen geometry and overall rotor 

configuration appear to have been arbitrary.  Several design constraints were set at the 

outset of the current investigation based on the available test facilities at the University 

of Bath and an optimal configuration designed from there.  To future-proof the project 

for forward flight study, the geometry of the University of Bath Open Jet Wind Tunnel 

was considered, which has a nozzle exit diameter of 0.6 m.  Based on work by Pope 

[103], the blockage, which is the ratio of model frontal area to test-section area, is to 

be kept in the range of 1% to 10%,  with 5% being used for the rotor blockage in the 

current study, which is typical.  Another constraint was the potential availability of 

force transducers with adequate measurement range and resolution to capture small 

blade cyclic pitch input changes, with requirements varying depending on rotor 

geometry. 

 

A NACA 0018 symmetric aerofoil was chosen for several reasons.  Firstly 

cycloidal rotor blade loading is dominated by a transverse load generated by the rotor 

rotation, predominantly in the blade flap-wise direction.  The flap-wise direction is 

the direction orthogonal to the chord for an aerofoil, essentially the minor aerofoil 
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axis.  Conversely, the edge-wise direction is parallel to the blade chord and is the 

major aerofoil axis.  Finally, the span-wise direction acts along the length of the blade.  

The three principal axis directions are defined in figure 3.3. 

 

The NACA 0018 aerofoil, with its increased flap-wise second moment of area, 

will reduce radial deflection and blade twist, reducing blade span-wise geometric 

AOA variation.  Secondly, safety, with the increased blade thickness and adequate 

cross-section, depending on the blade chord, more area will be available for blade 

attachment points.  The attachment points form a vital part of the blade design and 

could result in a catastrophic failure if not dimensioned correctly.  Finally, as the 

thickness of the blade increases, it is less susceptible to flow separation, with the flow 

staying attached at the leading edge [21] at higher blade AOA, which is an advantage 

at high blade cyclic pitch inputs. 

 

 

Figure 3.3 – Rotor blade principal axis directions and definitions 

 

The optimum blade pitch axis location for a hovering rotor was estimated to 

be between the 25 and 35% chord position [4].  Therefore, for the current studies, the 

blade was pitched at the 25% chord position in all cases.  With a reduction in blade 

number increasing the levels of rotor vibration [28], a four-bladed rotor was assumed 

to provide a compromise between the 'severe' vibration of the two-blade rotor and 

noticeably smoother operation when six blades were used [28].  Depending on testing 

requirements, a four-blade rotor can run at two blades if necessary. 
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Rotor solidity can be increased by increasing the blade number or blade chord.  

Changing solidity by increasing the blade chord produces significant improvements 

in PL [29], up to a rotor solidity of approximately 0.25.  A value of 0.25-0.3 has been 

chosen for the current rotor design.  Figure 3.4 shows the change in wind tunnel 

blockage with rotor diameter and span, compared with the 5% blockage threshold.  

Considering the blockage requirements and Open Jet Wind Tunnel geometry, a rotor 

with an aspect ratio of one, with the same rotor diameter and span, would be preferred, 

reducing nozzle boundary layer effects and non-uniformity of flow close to the tunnel 

walls.  The diameter and span were set at 200 mm and 230 mm, respectively, to allow 

for a constant clearance around the rotor in relation to the wind tunnel nozzle diameter.   

 

Consideration of the rotor calculated thrust levels for varying rotor diameters 

concluded that a 200 mm diameter would be the smallest diameter possible based on 

the instrumentation available while not degrading performance substantially.  Levy 

[19] estimated that the thrust-producing area of the rotor is approximately 50% of the 

planform area.  Consequently, the largest rotor dimensions were chosen within the 

constraints.   

 

The rotor span was checked via a scaling analysis using the BET code 

developed in Chapter 5, as shown in figure 3.5.  It is important to note that the BET 

code developed works well at low rotor solidity and at lower rotor rotational speeds, 

where the Magnus effect can be neglected.  For configurations at very high rotational 

speeds in forward flight an inflow model will be required to account for the viscous 

Magnus effects.  The impact of the rotor Magnus effect is not considered in the current 

analyses due to the rotor solidity and rotor rotational speed range tested up to 2,000 

RPM.  As the rotor span increases, the thrust force goes up proportionally as a direct 

result.  For a 200 mm diameter rotor, the thrust at a span of 200 mm is 8.5% lower 

than a 600 mm span, which is justified by the decrease in mass and complexity with 

the reduced span design.   
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Figure 3.4 – Calculated wind tunnel blockage with changing rotor span and 

rotor diameter based on the University of Bath open jet wind tunnel 600 mm 

nozzle diameter 

 

 

Figure 3.5 – Variation in test rig rotor Coefficient of Thrust with changing 

rotor diameter and span at a rotational speed of 2,000 RPM and 40° blade 

cyclic pitch angle.  Data based on BET code results 

 

 

 



CHAPTER 3 – Experimental Test Rig Design and Analysis 

75 

 

3.3. Experimental Test Rig Design Requirements  

 

Before conducting the preliminary design of the test rig, a set of clear and 

achievable functional requirements were defined to cover all likely aspects of the 

current research.  Then, the experimental test rig was designed and analyzed to 

achieve the following criteria: 

 

1. Operate over a full-speed range comparable to other independent cycloidal 

rotor experimental studies.  A minimum rotor operating speed of 1,000 RPM 

is required, but 2,000 RPM is preferred.   

 

2. The test rotor can operate at any speed between 0 RPM and 2,000 RPM with 

an independent drive system to maintain the rotational speed within 1% of the 

desired set point.   

 

3. Rotor operates sub-critically to avoid the rotor's first critical speed, with a 

greater than 25% margin based on industry guidelines. 

 

4. The system must be capable of being operated for extended periods by a single 

operator, including the use of any Data Acquisition (DAQ) requirements. 

 

5. DAQ equipment must capture dynamic data at a sampling rate that allows for 

accurate results postprocessing in the frequency domain. 

 

6. The blade pitching mechanism should be designed to operate at any cyclic 

pitch input angle from -45/+45°, anywhere within the rotor azimuth.  This will 

allow for any combination of blade pitch and phase angle to be considered for 

hover and forward flight parameter sweeps. 

 

7. To guarantee that the variation of blade geometric AOA is reduced in the span-

wise direction, the blade design must accommodate a flexural (radial) 

deflection of less than 1 mm and a blade angle of twist along its length of up 

to 1° to ensure that aerodynamic performance is not degraded.   
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8. Test rig to be easily reconfigurable if required, following the findings of the 

initial experimental investigation.   

 

3.4. Design Guidelines  

 

3.4.1. General Design Safety Factors 

 

The material strength constraints used in the design are based on the allowable 

material stress levels.  All stresses in the blade and supporting structure must be less 

than the design allowable stress of the material for all load cases.  The general safety 

factors used for the test rig design were as follows: 

 

1. Material minimum properties = 85% of typical properties 

 

2. Material minimum properties 0.2% Proof Stress Safety Factor = 1.5 Min. 

 

3. Material minimum properties Ultimate Tensile Stress Safety Factor = 2.0 Min. 

 

4. For metallic material fatigue conditions, component stress < material 

minimum properties High Cycle Fatigue (HCF) S/N Curve for 1x107 cycles. 

 

5. A Tsai-Hill failure criterion is used based on the composite material stress 

limits. 

 

6. Rotor drive motor torque margin Safety Factor = 2.0 Minimum. 

 

3.4.2. Material Properties 

 

 The number of materials in the test rig design was limited to simplify the 

construction.  Therefore, the materials were limited to the following: 

 

1. Aluminium Alloy 6082 T6 

• 0.2% Proof Stress = 295 MPa 

• Ultimate Tensile Strength = 350 MPa 
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• Density = 2700 kg/m³ 

• Youngs Modulus = 70 GPa 

• Fatigue Data = See Figure 3.6 [104] 

 

2. Medium Carbon Steel EN24 T 

• 0.2% Proof Stress = 650 MPa 

• Ultimate Tensile Strength = 850 MPa 

• Density = 7850 kg/m³ 

• Youngs Modulus = 70 GPa 

• Fatigue Data = See Figure 3.7 [105] 

 

3. Composite +/-45° 210 g 2x2 Twill 3k Carbon Fiber Cloth 

• Tensile Strength = 4.1 GPa 

• Tensile Modulus = 234 GPa 

• Density = 1790 kg/m³ 

 

4. Composite 100 g Unidirectional Carbon Fiber Cloth 

• Tensile Strength = 4.9 GPa 

• Tensile Modulus = 240 GPa 

• Density = 1820 kg/m³ 

 

5. El2 High-performance General Purpose Epoxy Laminating Resin 

• Tensile Strength = 70 – 80 MPa 

• Flexural Modulus = 2.6 – 3.2 GPa 

• Density = 1050 kg/m³ 

 

6. Airex C70 

• Tensile Strength = 1.1 MPa 

• Flexural Modulus = 35 MPa 

• Density = 60 kg/m³ 

 

For blade design and blade mass estimation, it was estimated that a 200 gsm 

carbon fiber cloth in a single layer would be 0.25 mm thick when cured with the resin 
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system specified above, with a density of 1750 kg/m³.  This was based on a discussion 

with laboratory technicians based on their previous project experience. 

 

 

 

Figure 3.6 – Aluminium alloy 6082-T6 SN diagram [104] 

 

 

 

Figure 3.7 – Medium carbon steel SN diagram [105] 
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3.4.3. Bolted Connection Design 

 

The test rig contains a number of bolted connections that connect the rotor end 

plates to the main rotor spindle and the rotor blades to the rotor endplates.  A detailed 

description of the method behind the bolted joint design is outside the scope of the 

current work.  However, the technique used was outlined by NASA [106].  The 

method covers general bolted joint design, analysis of pre-load, pre-load uncertainty, 

and pre-load loss.  The bolted joint factor of safety against joint separation is based 

on the applied axial, shear, and bending loads.  The bolted joints must meet the 

following requirements: 

 

1. The fastener grade must be correct for the application.  Grades 10.9 and 12.9 

for the test rig design.   

 

2. The joint separation factor under operation must be greater than 1.  Hence the 

joint will not separate under operation. 

 

3. The fastener grade will be pre-loaded to 75% of the 100% proof load to reduce 

the fastener alternating loads and improve fatigue life. 

 

3.5. Rotor-Disc Burst Margin 

 

The rotor end discs were designed for an over-speed condition, representing 

the discs being forced to operate beyond the 100% design speed.  The over-speed 

condition was taken to be 120% of the design speed at 2,000 RPM, and the rotor disc 

burst speed was ≥ 125% of the design speed at 2,000 RPM. 

 

The Robinson criteria [107] was used to calculate the burst speed and specified 

that bursting would occur when the mean hoop stress equals the material's ultimate 

tensile strength.  The Robinson criteria is defined as: 

 

ωb = ω√
σUTS

σH
        (3.1) 
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where ωb is the burst speed of the rotor, ω the rotor design speed and 𝜎H the mean 

hoop stress across the section of interest. 

 

3.6. Design Load Analysis 

 

3.6.1. Rotor Blade Loading 

 

To design the respective rotor components, a baseline worst-case rotor 

operating condition of 2,000 RPM with a blade cyclic pitch amplitude θBL of 40° was 

assumed.  The method of blade attachment to the upper and lower rotor end discs is 

via spherical bearings to reduce blade-induced bending loads, as shown in figure 3.8.  

As the basis of the structural design, blade loads were calculated as a function of blade 

azimuth to include blade unsteady aerodynamic loading generated by lift and drag 

forces on the blade aerofoil section, assumed to be constant in the span-wise rotor 

direction.  Inertial blade loading due to rotor rotation and unsteady blade loading due 

to the blade pitching motion is also included.  The coordinate system used at each 

support pin position is shown in figure 3.9.  The method of calculating the load 

magnitudes and distributions for each load case is outlined in Appendix B for the 

baseline blade cyclic pitch input θBL.  Only a summary of the results is given in the 

current chapter.   

 

Support pin reaction forces were converted into blade flap-wise and edge-wise 

components, as shown in figures 3.10 (a) to 3.10 (e) for each load case, with resultant 

reaction forces also calculated.  At the pitching pin and pin 1, the blade pitching 

motion dominates the edge-wise loading, as outlined in figures 3.10 (a) and 3.10 (b).  

As shown in figures 3.10 (c) to 3.10 (e), the rotor inertial loading dominated the 

remaining pin reaction forces.  Overall resultant support pin loads are presented in 

figures 3.11 (a) and 3.11 (b) for pins 1 and 2.  Pin 1 is positioned at the inboard rotor 

position at the blade pitching mechanism, where the increased reaction force 

unsteadiness is attributable to the contribution of the pitch pin at this position.   
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Figure 3.8 – Rotor blade constituent components and makeup, with the support 

pin geometry, defined 

 

Based on the support pin reactions, blade shear force and bending moment 

diagrams were created to calculate the blade torsional, edge-wise, and flap-wise 

bending moments to be used in the blade design, as shown in figures 3.12 (a) to 3.12 

(c).  The edge-wise and torsional bending moments from a blade-loading perspective 

are not significant.  The driver is the flap-wise bending moment in figure 3.12 (c), 

which is an order of magnitude higher, resulting from the overall resultant blade 

loading being dominated by the inertial loading due to rotor rotation.   

 

3.6.2. Rotor End Disc Loading 

 

Blade support pin reaction forces were calculated in the blade reference frame 

but converted to the rotor rotating frame for the rotor disc design.  As a result, the 

rotor radial and tangential loads are calculated as per figures 3.13 (a) and 3.13 (b). 
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Figure 3.9 – Rotor blade-free body diagram 
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Figure 3.10 – Rotor blade support pins chordwise and edge-wise reaction forces 

at a rotor radius of 100 mm and span of 230 mm.  Results were generated at a 

rotational speed of 2,000 RPM and a 40° blade cyclic pitch angle.  Data based 

on BET code results 

(a) (b) 

(c) (d) 

(e) 
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3.6.3. Bearing Loading 

 

Using a four-bar blade pitching mechanism produces an unsymmetric blade 

pitching profile in the upper and lower half of the rotor.  Coupled with the rotor inflow 

results in a residual rotor out of balance of approximately 7 N reacted at the bearing 

positions, which is trivial for the bearing diameters in question.  However, more 

critical in designing an experimental rig is considering a 'blade-off' failure condition.  

In the event of a blade failure, an Out of Balance (OoB) force equal to the blade mass 

will be produced.  Under this condition, the system must remain intact until the rotor 

is brought to rest to avoid further damage.  The equations and methodology used are 

shown in Appendix B. 

 

3.6.4. Drive Line Torque 

 

The driveline power requirements were calculated by summing the mean 

torque over each rotor blade, considering only the blade aerodynamic tangential force 

components.  The resulting torque curve was unsteady, but the peak torque magnitude 

was used to calculate the motor power requirements.  An accurate estimate of driveline 

frictional losses was unknown, so the motor was over-dimensioned to ensure 

acceptable operation over the whole test envelope. 

 

3.6.5. Component Fatigue Loads 

 

As illustrated in figures 3.10 to 3.13, the loading conditions applied to the 

blade and associated structure are not static but dynamic.  With the alternating stress 

amplitudes continually changing, fatigue analysis cannot be used in its basic form.  

The unsteady loads were considered as a series of spectral loads; Miner's rule was 

used to estimate the cumulative damage per rotor revolution. 

 

Miner's rule uses bins to group each cycle's amplitudes and mean stresses, 

depending on the spectral content, and counts them via rain flow cycle counting.  Once 

counted, the cumulative fatigue damage is calculated.  If the stress levels are below 

the fatigue limit of the material from the SN diagram, it was assumed that no damage 
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occurs, and the component can be deemed to have an infinite life, 1x106 zero to 

maximum stress cycles in this instance. 

 

 

Figure 3.11 – Rotor blade Pin1 and Pin 2 resultant reaction forces at a rotor 

radius of 100 mm and span of 230 mm.  Results were generated at a rotational 

speed of 2,000 RPM and a 40° blade cyclic pitch angle.  Data based on BET 

code results 
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Figure 3.12 – Rotor blade orthogonal bending moments at a rotor radius of 100 

mm and span of 230 mm.  Results were generated at a rotational speed of 2,000 

RPM and a 40° blade cyclic pitch angle.  Data based on BET code results 
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Figure 3.13 – Rotor upper and lower end disc blade support reaction forces at a 

rotor radius of 100 mm and span of 230 mm.  Results were generated at a 

rotational speed of 2,000 RPM and a 40° blade cyclic pitch angle.  Data based 

on BET code results 
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3.7. Component Analysis 

 

3.7.1. Blade Design and Optimisation 

 

As the blade mass increases, so does the potential mass of the rotor support 

structure to support the increased centrifugal blade loading.  This drove the 

requirement of a minimum blade mass design with high flexural or transverse stiffness 

and ruled out using a metallic blade.  A composite blade design was chosen to allow 

flexibility in design and to tailor the material properties of the blade to the design 

constraints.  In composite blade construction, carbon fiber layers are bonded in a 

structural resin matrix.  All calculations were based on a fiber volume fraction of 50%, 

in line with [108], to account for manufacturing process variability, assuming the 

material properties outlined in section 3.4.2 for readily available materials.   

 

Crewed flight rotor blades are designed with a structural composite skin and 

D-Spar central core.  The blockage and solidity requirements of the current design 

resulted in a blade chord of 50 mm being used with a NACA 0018 profile.  The overall 

thickness of the blade is 9 mm, which made the use of a standard D-spar difficult, 

leaving areas of the blade skin unsupported at the leading and trailing edges.  A 

structural foam core was adopted to support the outer skin, using a closed-cell polymer 

foam, Airex C70, to ensure the opposing skins are kept apart to maintain the blade 

bending stiffness. 

 

Carbon fiber cloths are available with a unidirectional (UD) fiber or a 0° and 

90° weave.  The fibers are only strong in tension along their fiber axis; transverse to 

this, they have limited strength.  A parametric study was undertaken based on the 

transverse and torsional deflection targets quoted in section 3.2 and bending moment 

diagrams in figures 3.12 (a) to 3.12 (c) to calculate the optimal blade layup.  Varying 

symmetrical and nonsymmetric laminates were considered, using a combination of 

UD and weave layers at varying wrap angles.   

 

Overall layup material properties were calculated using classical laminate 

plate theory to calculate blade deflections using standard beam theory equations.  The 
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optimal blade layup comprised a symmetrical laminate with a UD layer sandwiched 

between two weave layers at +/-45° to give adequate torsional and shear stiffness.  In 

addition, the UD layer improved flexural stiffness with a limited mass penalty.   

 

The blade design methodology required the use of two-blade structural 

models, one using classic theory and a finite element (FEA) model.  The use of the 

classical laminate plate theory was extended after the parametric study to calculate 

the stress levels in the composite/epoxy laminate under the prescribed blade loads.  

This approach confirmed that the current design's laminate stress and strain levels 

were trivial compared to the allowable levels and did not need to be optimized further, 

with adequate strength factor of safety.  A Tsai-Hill failure analysis was undertaken 

for completeness, confirming that failure should not occur.   

 

It is usual to consider residual thermal stresses in large-scale blade design due 

to blade curing temperature during manufacture.  However, the scale and simplicity 

of the current blade and the additional computational overhead to calculate the thermal 

stresses were deemed disproportionate. 

 

While the laminate was acceptable, a more detailed computational study was 

required to include an analysis of the laminate and individual features, such as blade 

attachment points and component bond lines.  An FEA model of the blade was 

developed in Ansys Mechanical using a combination of shell elements for the 

laminate skin and 3D structural tetrahedral elements for the attachment points and 

foam core.  Bond lines were modeled as flexible elements.  The blade attachment 

points were modeled to fit inside the blade skin to remove potential discontinuities 

from the blade's aerodynamic surface. 

 

Meshing was completed for the total laminate thickness of three layers stacked 

correctly at 0° and +/-45° laminate orientation, considering both the resin and carbon 

fiber elements.  Radial restraint boundary conditions were applied to each blade 

attachment point, and axial restraints were applied at the connections to the rotor end 

plates.  The FEA model developed in ANSYS Mechanical was a linear static analysis, 

where a linear relationship holds between the applied forces and component 

displacements.  A linear static analysis is applicable where the stress levels remain 
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within the material's linear elastic range, which can be a significant assumption for 

composite material depending on the material layup and applied load cases.  In this 

case, based on the stress levels calculated from classical laminate plate theory, a linear 

static stress analysis was deemed to be acceptable.   

 

The quality of the mesh can have a significant effect on the predicted blade 

stress and deflection levels.  Therefore, mesh dependency analyses were undertaken 

for five separate meshes to find an optimum mesh configuration.  Each subsequent 

mesh contained an increased number of cell elements, achieved by increasing the 

number of mesh elements within the composite blade skin.  The overall cell count of 

the five mesh configurations is outlined in table 3.2.   

 

Table 3.2 – Finite element analysis mesh sensitivity analysis total mesh element 

count 

Mesh Study Number of Elements 

Mesh 1 12,179 

Mesh 2 28,654 

Mesh 3 40,329 

Mesh 4 60,184 

Mesh 5 85,673 

 

Peak blade deflection was used to gauge mesh efficacy, as shown in figure 

3.14.  A 3.1% deviation in peak deflection was calculated between mesh 3 and 5, but 

the run time increased by 93%.  As a result, mesh 3 gives the best combination of 

solution accuracy and run time.  The mesh was taken forward for subsequent FEA 

analyses.  The final mesh used is outlined in figure 3.15. 

 

The resultant blade deflection levels are shown in figure 3.16 (a), with von 

Mises stresses at the blade ends shown in figure 3.16 (b).  In both cases, the target 

value for deflection and stress level factor of safety was achieved.  Low and High 

cycle fatigue life was also checked for all metallic parts and calculated to be greater 

than 1x106 cycles in all cases.   
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Figure 3.14 – Ansys Mechanical FEA rotor blade peak deflection mesh 

sensitivity analysis 

 

 

 

Figure 3.15 – Blade FEA mesh 3 generated for final linear static stress 

analyses in ANSYS Mechanical 
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Figure 3.16 – Rotor blade (a) resultant deflection and (b) von Mises stress plot.  

Applied loads were generated at a rotational speed of 2,000 RPM and a 40° 

blade cyclic pitch angle and rotor radius of 100 mm.  Applied loads based on 

BET code results 

 

3.7.2. Blade Fabrication 

 

For accurate blade manufacture and repeatability, a blade mold was CNC 

machined out of an aluminium alloy and assembled, as shown in figure 3.17, 

consisting of an upper and lower mold half.  Each composite laminate layer was 

manufactured from a single cloth layer, with a bond line at the blade trailing edge to 

reduce the chance of a leading-edge laminate failure due to manufacturing error.   

 

(a) 

(b) 
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Figure 3.17 – Rotor blade mold design 

 

The Airex C70, structural foam core, was profiled by hand to a NACA 0018 

profile to suit the mold, taking into account the laminate thickness, as shown in figure 

3.18.  The overall layup was produced on a surface plate and impregnated with the 

resin before being wrapped around the core and transferred to the mold.  The mold 

and blade assembly were then cured for 90 minutes at 120°C.   

 

 

 

Figure 3.18 – Rotor blade structural Airex foam core geometry  

 

The blade upper and lower attachment points were manufactured and designed 

to be the same to aid blade static balancing, as shown in figure 3.19.  The attachment 



CHAPTER 3 – Experimental Test Rig Design and Analysis 

94 

 

points were bonded into position inside the laminate skin as per figure 3.8, with a 

semi-flexible structural adhesive.  The design ensured that the inserts were connected 

to the laminate skin and core material and gave the largest bond line surface area 

possible within the size constraints.    

 

 

 

Figure 3.19 – Rotor blade end support insert design 

 

3.7.3. Test Rotor Analysis 

 

The following section outlines the structural analysis of the rotor top and 

bottom endplates and main central spindle.  The rotor endplates were designed using 

the blade support pin reactions at 120% design speed, and the central spindle was 

analyzed at the rotor 'blade-off' condition. 

 

The diameter of the rotor end blades was taken to be 270 mm for the top and 

bottom end plates, following a parametric analysis to meet the rotor's structural and 

vibratory requirements.  Where larger diameter end plates typically reduced the rotor's 

first critical speed.  A compromise was made between the mechanical and 

aerodynamic design to reduce any 3D flow effects.  As the end plate diameter is 

increased, 3D flow effects reduce, and the closer the cycloidal rotor operates to 2D 

aerodynamic performance and efficiency.  The planform of the test rig base is square 

to aid with the mounting of ancillary components.  Test rig base corners will dampen 

some of the 3D flow effects and contaminate small flow regions at the test rig base 

corners.  The bottom endplate diameter was also chosen to reduce these potential flow 

contamination effects. 
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A 3D finite element model of the upper and lower endplate was created due to 

concerns about the thin geometric sections required.  The analysis considered the 

effect of geometric stress concentrations and the impact of unsteady blade reaction 

forces.  The unsteady loads were applied as a transient load curve based on the radial 

and tangential forces presented in figures 3.13 (a) and 3.13 (b).  Peak transient von 

Mises stress and deflection levels for the lower rotor disc are shown in figures 3.20 

(a) and 3.20 (b), respectively.  The peak von Mises stress levels occur around the 

support holes, giving a steady-state stress factor of safety on 0.2% proof stress of 13 

and a burst margin of approximately 15, which is sufficiently higher than the 120% 

design criteria.  A Miner's rule fatigue analysis showed that high cycle fatigue (HCF) 

was not a concern.   

 

 

 

Figure 3.20 – Lower rotor-disc burst speed (a) von Mises stress and (b) 

resultant deflection plot.  Applied loads were generated at a rotational speed of 

2,000 RPM and a 40° blade cyclic pitch angle and rotor radius of 100 mm.  

Applied loads based on BET code results 

 

The peak magnitude of the endplate vibratory stress was assessed using a 

Goodman diagram to calculate the allowable vibratory stress at the given mean stress 

level.  A typical industry standard allows a 65 MPa margin on the peak vibratory stress 

to the maximum allowable, which was exceeded in the current design.  The same 

approach was used for the upper rotor endplate, as shown in figure 3.21 (a) for von 

Mises stress level and 3.21 (b) for deflection.  The safety margins calculated based on 

(a) (b) 
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0.2% proof stress were greater than the lower rotor endplate, so it will not be 

considered further, with both designs deemed acceptable. 

 

The geometry of the central spindle was driven by the rotor critical speed 

requirements, discussed in section 3.8, as opposed to applied rotor loads.  Under 

'blade-off' and peak drive torque conditions, the peak bending moment was 22 Nm as 

per figure 3.22, resulting in a peak von Mises stress of approximately 9 MPa, as shown 

in figure 3.23, which is well within the allowable material limits. 

 

3.7.4. Blade Pitching Mechanism Design 

 

Cycloidal rotor experimental studies to date have assumed a cyclic blade pitch 

input that approximates pure sinusoidal motion using a passive four-bar mechanism 

[4].  The mechanism is made up of a central bearing and arms connected to each pin's 

pitch point to prescribe the required blade motion.  The exact motion is described in 

Appendix B.  A face cam of the required profile was designed to eliminate mechanism 

rotation in the current design.  The pitch pin of each blade ran within the cam and 

pitched via a rolling element bearing to simplify the design and keep frictional losses 

to a minimum. 

 

 

Figure 3.21 – Upper rotor-disc burst speed (a) von Mises stress and (b) 

resultant deflection plot.  Applied loads were generated at a rotational speed of 

2,000 RPM and a 40° blade cyclic pitch angle and rotor radius of 100 mm.  

Applied loads based on BET code results 

(a) (b) 
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Figure 3.22 – Main rotor support shaft 'blade-off' bending moment diagram.  

Applied loads were generated at a rotational speed of 2,000 RPM and a 40° 

blade cyclic pitch angle and rotor radius of 100 mm.  Applied loads based on 

BET code results 

 

 

 

Figure 3.23 – Main rotor support shaft 'blade-off' von Mises stress plot 

 

To enable thrust to be vectored in any direction and the blade cyclic pitch 

amplitude θBL to be varied from -45° to +45°, the cam was mounted onto four 

orthogonal linear slide stages, as shown in figure 3.24 (a).  Each slide is driven by a 

separate 200 pulse per revolution (PPR) stepper motor to allow accurate cam 
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placement through a 1:1 bevel gear drive.  The pitch and helix angle of the slide drive 

screw was specified to ensure that back driving would not occur under operation, 

which would result in loss of blade motion.  Figure 3.24 shows the baseline cam 

design, which encases the slide mechanisms.  The cam was manufactured from ABS 

Nylon and designed to meet the pitch pin load case in figure 3.10 (b)  

 

Test rig design and manufacture were undertaken in parallel with the literature 

review.  The initial project scope included the study of forward flight for rotor 

vibration measurement and optimization.  Project goal refinement due to wind tunnel 

time constraints led to the focus of the current research concentrating on a rotor under 

hovering conditions.  The literature review also highlighted that the vibration 

characteristics of the cycloidal rotor at present have not even been researched for a 

rotor under hovering conditions.  A decision was made to gain a fundamental 

understanding of the cycloidal rotor without the added freestream velocity for forward 

forward flight operation, which adds additional justification to not considering the 

Magnus effect of the rotor.  The investigation of forward flight will form the focus of 

future work building on the work undertaken in the current research.   

 

The final experimental studies, including the use of HHC, were analyzed at a 

set blade cyclic pitch amplitude and phase angle, eliminating the need for cam 

positioning.  The test rig was modified as shown in figures 3.25 (a) and 3.25 (b), 

utilizing an indexing plate for repeatability and 3D printed cams through Selective 

Laser Sintering (SLS) for each test case considered.  The cams were designed under 

the same loading condition as the baseline cam mechanism due to HHC input giving 

an estimated 15% increase in control loads. 
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Figure 3.24 – Baseline blade cyclic pitch input cam mechanism 

 

 

Figure 3.25 – Test rig modified cam mechanism to include HHC control input 

(a) index ring and (b) SLS cam design 

(a) (b) 

(a) 

(b) 
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3.7.5. Driveline Design 

 

Current BET code analyses and comparisons over a wide range of blade 

numbers and profiles [4] provided an upper limit for the rotor mean Coefficient of 

Power of approximately 0.3.  A maximum rotor rotational speed of 2,000 RPM gave 

a mean motor power requirement of 135 W, which was increased to 270 W to allow 

for unsteady effects and frictional losses.  The final design used a 300 W 24V geared 

motor through a 1:3 bevel gear drive, controlled through a Pololu brushed DC motor 

controller.   

 

3.7.6. Bearing Selection 

 

The bearing arrangement used for the current cantilevered rotor design is 

shown in figure 3.26.  It uses medium-speed grease-lubricated angular contact 

bearings at each position, arranged in a back-to-back formation for increased stiffness.  

With the allowable bearings speed reduced by 20% to account for the back-to-back 

arrangement, the permissible speed is still 10,000 RPM.  The overriding bearing speed 

limit is 1.35 x 106 DmN, which represents the mean bearing diameter multiplied by 

the maximum rotor rotational speed.  The current rotor design bearing DmN value is 

0.1 x 106 at maximum conditions and is acceptable.  Under 'blade-off' conditions, the 

resultant bearing loads are an order of magnitude lower than the maximum 

recommended bearing permissible value.  The bearing bore was governed by the test 

rotor rotor-dynamics requirements rather than bearing loading. 

 

A standard arrangement with a non-located and located bearing set was used 

to allow thermal expansion within the spindle during operation.  The located bearing 

set was positioned closest to the rotor to provide optimal alignment.  Standard 

bearings with standard C3 clearances were used as the loss of bearing fit under 

maximum rotational speed was significantly less than 1µm.  Bearing pre-load was 

controlled using universally matchable bearings sets, and the manufacturer-

recommended shaft tolerances were used where possible.  The non-located bearing 

set is designed to slide axially during operation with thermal growth.  The bearing 
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housing tolerance was specified not to bind during sudden bearing temperature 

increases and maintain rotor run-out.   

 

 

 

Figure 3.26 – Rotor spindle bearing arrangement 

 

The L10 bearing life was calculated and is the standard method of specifying 

the number of rotations a bearing can undertake before reaching its fatigue life under 

the specified loading.  For the current design, the L10 is greater than 1x107 cycles in 

all cases. 

 

3.8. Rotor Vibration Analysis 

 

Modal analysis of the individual blade and overall support rotor was also 

performed to determine whether or not resonance is likely to occur during the 

operation of the test rig.  For a four-bladed test rig, the expected forcing functions and 

harmonics of interest are Nb-1, Nb, and Nb+1, where Nb is the blade number.  The three 

fundamental blade frequency modes are shown in figures 3.27 (a) to 3.27 (c) for the 

first flexural, first torsional, and second flexural modes.  A Campbell diagram was 

created to compare the resonant frequencies to the expected forcing functions, as 

shown in figure 3.28 for a rotor blade.  For a safe design, interferences are typically 

removed where possible from the 60% to 100% design speed range.  Therefore, from 

figure 3.28, the blade frequency alone will not be an issue. 
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Figure 3.27 – Rotor blade normal vibration modes (a) First flexural mode 1F.  

(b) First torsional mode 1T and (c) Second flexural mode 2F 

 

 

 

Figure 3.28 – Rotor blade Campbell diagram based on a NACA 0018 50 mm 

blade chord and a span of 230 mm 

 

When the analysis was extended to the assembled rotor, an effective mass 

participation factor was calculated for each mode to establish the dominant resonant 

frequencies.  The mass participation factor is a measure of the energy contained within 

(a) (b) 

(c) 
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the mode.  Anything over 1% of the component mass is deemed significant in the 

system's dynamic response.  For the rotor, the modes of interest were the first two 

flexural modes that occur in orthogonal directions and the first torsional mode, as 

shown in figures 3.29 (a) and 3.29 (b). 

 

 

 

Figure 3.29 – Assembled rotor normal vibration mode (a) First and 

second flexural modes 1F and 2F.  (b) First torsional mode 1T 

 

The Campbell diagram for the complete rotor is shown in figure 3.30 and 

shows that multiple interferences occur in the 60% to 100% design speed range of 

interest across the 3 to 5/Rev harmonics.  Additional analyses showed that the 

dynamic response of the rotor was sensitive to rotor endplate geometry.  But to 

eliminate all interferences would result in an unrealistic endplate geometry.  The 

maximum operational speed was reduced to 1,000 RPM to eradicate all interferences 

while maintaining experimental rigor.  The rotor's first flexural mode results in 

interference at 1,050 RPM with the 5/Rev harmonic.  Based on the rotor being a 

development rotor only, the 1,050 RPM interference was deemed to be acceptable. 

 

Torsional vibration analysis was undertaken on the rotor and driveline, 

including the contribution of the gear interface and drive motor, based on the Holzer 

tabular method.  The first torsional mode was calculated to be approximately 4,000 

RPM, double the maximum design intent rotational speed.  A relative amplitude 

diagram showing the torsional motion amplitude is shown in figure 3.31, showing that 

(a) (b) 
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if torsional vibration were an issue, most motion would be lost in the motor and 

gearbox, illustrated by nodes 4 to 6.   

 

 

 

Figure 3.30 – Assembled rotor Campbell diagram based on a four-bladed rotor 

with NACA 0018 50 mm blade chord.  A span of 230 mm and 270 mm diameter 

rotor end plates 

 

 

 

Figure 3.31 – Fundamental torsional vibration relative torsional motion 

diagram based on a four-bladed rotor with NACA 0018 50 mm blade chord.  A 

span of 230 mm and 270 mm diameter rotor end plates.  Rotor central spindle 

diameter 20 mm 
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3.9. Rotor-dynamic Analysis 

 

A basic rotor-dynamics analysis was undertaken to calculate the rotor 

assembly's first critical speed.  The test rig is mounted on a force sensor in operation 

that has its own dynamic response, considered in Chapter 4, which changes the overall 

test rig dynamic response.  The sensor stiffness was estimated during test rig design 

by applying a known mass to a rigid beam of known length that was connected to the 

sensor interface.  This enabled the beam deflection to be measured with a test indicator 

and an effective stiffness calculated in each measurement direction.  The effective 

stiffness was then used in the subsequent rotor-dynamic analysis. 

 

A critical speed map was created, shown in figure 3.32, considering a wide range 

of assumed bearing stiffness values.  Based on manufacturer data and bearing housing 

stiffness, the estimated resultant bearing stiffness results in a first critical speed of 

approximately 2,000 RPM, effectively 100% of the original design speed.  Typically 

the maximum running speed is limited to 70% of the first critical speed, 1,400 RPM, 

to run the rotor subcritical.  The decision to reduce the design speed to 1,000 RPM 

alleviates this requirement.   

 

 

 

Figure 3.32 – Assembled rotor critical speed map based on a four-bladed rotor 

with NACA 0018 50 mm blade chord.  A span of 230 mm and 270 mm diameter 

rotor end plates.  Rotor central spindle diameter 20 mm with a bearing span of 

80 mm 
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3.10. Rotor Assembly 

 

Rotating assemblies are typically balanced to an ISO standard or at least 

checked balanced to calculate the residual out-of-balance (OoB).  However, the design 

of the current test rig made dynamic balancing difficult, so a method of static 

balancing was developed based on total-indicator run-out (TIR) on each component.  

A TIR of 0.01mm was chosen to achieve an overall rotor balancing grade between 

G6.3 and G16.  This was achieved through careful design and manufacture to reduce 

machine setup steps to a minimum.  Design adjustment was also provided to allow for 

tuning during assembly.  Blade masses were matched by including balancing holes in 

the blade end supports to add balancing masses, and blade span-wise center of gravity 

(CoG) was matched by simply supporting the blade on multiple measuring scales.   

 

3.11. Electrical Cabinet Design and Control 

 

The main test rig drive motor and pitching mechanism stepper motors require 

24V DC for operation.  An electronics control cabinet was designed and built to step 

down from domestic supply Voltage to 24V DC.  The cabinet included the power 

supply modules, stepper motor drivers, and bespoke PCB board required for overall 

test rig operation, sized according to the motor power requirements.  The final 

configuration is shown in figures 3.33 (a) and 3.33 (b) for the internal and external 

components. 

 

Two key variables needed to be tightly controlled during testing: rotor 

rotational speed and blade cyclic pitch amplitude input θBL.  Drive to the rotor was 

supplied via a 24V DC brushed motor that also drove a rotary encoder through a 

parallel gear drive.  The encoder was a British Encoder Model 755RG, which provided 

a combined 360 pulse per revolution (PPR) and 1/Rev signal for rotational speed 

measurement.  Test rig control was achieved through an Arduino Mega 2560 

microcontroller interface.  Rotor rotational speed was controlled using a PID control 

loop within the main Arduino control program.  The rotor rotational speed was 

maintained within 1% at maximum speed.   
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Figure 3.33 – Rotor electrical control cabinet (a) internal components and (b) 

external control panel 

 

(a) 

(b) 
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3.12. Test Rig Instrumentation 

 

Only one test setup for each measurement point of blade cyclic pitch amplitude 

and rotor speed was required to acquire the test data to calculate the rotor mean and 

vibratory hub loads.  All in-plane forces and torques applied to the rotor were 

measured simultaneously with a six-degree-of-freedom (DOF) iCUB force-torque 

sensor.  Voltage readings were output for each measurement axis based on the 

manufacturers' calibration matrix.  After calibration, the iCUB force-torque sensor has 

a resolution of 0.25 N in the X and Y force measurement directions and a resolution 

of 0.004 Nm for torque measurements about the Z axis.  A full sensor specification is 

given in Appendix C. 

 

Data acquisition (DAQ) was undertaken with a National Instruments (NI) 

cRIO 9014 chassis used in conjunction with an NI 9853 High-Speed CAN module for 

connection to the iCUB sensor sampling at 1 kHz and an NI 9411 digital module 

interfacing with the 360 PPR rotary encoder previously mentioned.  The encoder 

measurement was also sampled at 1 kHz to match the sampling frequency of the iCUB 

sensor.  Rotor load data and the corresponding encoder reading were automatically 

saved in a test matrix within the NI control program with an associated timestamp at 

each measurement point for the full test duration.   

 

3.13. Chapter Review 

 

The test rig design outlined in this chapter is first dynamically calibrated in 

Chapter 4, then used to produce experimental validation results again in Chapter 4 for 

comparison with the computational model results in Chapters 5, 6, and 7.  In Chapter 

8 it is then used as a final validation of the numerical HHC studies. 
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Chapter 4 – Experimental Test Procedure, Results 

Processing, and Analysis 

 

4.1. Introduction 

 

A systematic experimental study was undertaken utilizing the four-blade 

cycloidal rotor developed in Chapter 3.  Transient Force and torque measurements 

were conducted to calculate mean rotor performance and vibratory response over a 

range of blade cyclic pitch amplitude inputs from 0° to 40° and a range of rotor speeds, 

from 500 RPM to 1,000 RPM, as outlined in table 4.1.  The blade cyclic pitch angles 

represent each blade's pitch profile during each rotor revolution.  The force 

measurement test procedure was the same for measuring the mean and dynamic rotor 

loads.  However, the measurement post-processing differed between the load types, 

and these are considered separately. 

 

The present chapter describes the overall methodology used for each of the 

tests conducted to calculate the mean rotor performance.  A force sensor dynamic 

calibration method is also outlined to identify the test rig dynamic response and enable 

inference of dynamic rotor hub loads.  Test rig control, measurement methodologies, 

and data reduction techniques are presented.  Test rig validation compared against 

independent experimental studies is also presented.   

 

Table 4.1 – Experimental operational parameter and uncertainty summary 

Parameter Range Considered Uncertainty 

N 500 - 1000 RPM +/- 1 % 

θBL  0 - 40° +/- 1 – 4 ° 

 

4.2. Experimental Setup – Hovering Rotor 

 

 The test rig was mounted onto a stiff bespoke base and support pillar, as shown 

in figure 4.1, which is effectively a mini rotor whirl tower.  This facilitated the testing 

of the rotor freestanding in an open space to reduce any wall effects.  A T-type 
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thermocouple was used to measure ambient temperature, and a digital barometer was 

used to measure atmospheric pressure in all test cases.  This was used in the 

calculation of the air density used in the calculation of rotor non-dimensional 

coefficients.  Uncertainties associated with these two parameters are measured within 

0.05 bar for pressure and 0.5°C for temperature, respectively.  The range of rotor 

speed and blade cyclic pitch amplitudes tested is outlined in table 4.1.   

 

 

 

Figure 4.1 – Cycloidal rotor experimental setup 

 

4.2.1. Test Rig Control 

 

The blade cyclic pitch amplitude is controlled by changing the cam ring 

mechanism's eccentric point offset and phase angle.  This is achieved through the 

movement of the cam ring mechanism in the X and Y measurement directions, as 

shown in figure 4.1.  The relative amplitudes of the X and Y displacements govern 

the amplitude and phase of the blade cyclic pitch input.  All test cases assume the 

maximum positive blade pitch amplitude occurs at an azimuth position of +90°, which 

coincides with the positive Y measurement direction.  The design of the test rig 

facilitates an infinite variation of blade cyclic pitch amplitude and phase to be tested.  

This is achieved by using four 200-step stepper motors and four pairs of orthogonal 

Cam Ring 

Mechanism 

6 Degree of Freedom 

Force-Torque Sensor 

Position 

Support Pillar 
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linear slides driven through a low backlash bevel gear on each stepper motor to 

eliminate lost motion between moves.   

 

The main control program contains a control loop to calculate the required X 

and Y movements based on the required pitch angle amplitude and phase input at the 

LCD control screen.  The control program gives a linear movement resolution of 0.01 

mm and facilitates a blade cyclic pitch angle input up to 45°.  The movement of the 

cam ring mechanism to the desired test position was achieved through open-loop 

control of the stepper motors.  To facilitate the use of open-loop control, 'datum 

position' limit switches were used in each measurement direction to calibrate the 

system daily before any tests were undertaken,   

 

The blade cyclic pitch amplitude setpoint has an associated uncertainty due to 

errors in component manufacture and test rig setup.  The overall error associated with 

each pitch angle setpoint was calculated using the methods defined by Moffat [109], 

where applicable, as summarized in table 4.1 and outlined in Appendix D.  

 

The final series of tests performed to optimize the blade cyclic pitching 

schedule was tested on the same test rig setup, but the necessity to drive to a given 

pitch input was removed due to the use of individual cam mechanisms for each test 

point.  The requirement to control the rotor rotational speed remained unchanged.   

 

4.2.2. Rotor Test Procedure 

 

Within the main Arduino control program, a cam mechanism datum cycle was 

defined for the X and Y measurement directions to set the pitching mechanism 

concentric with the rotor spindle to define the 0° blade cyclic pitch amplitude position.  

This was implemented at the start of each test session.  The required blade cyclic pitch 

test point is then defined on the LCD control screen, and the cam mechanism is 

traversed to this point.  The movement of the cam mechanism was not designed for 

'on the fly' movements while the rotor was rotating to enable tare tests to be performed.   
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Tare tests were performed before and after each test for every test point, with 

the cam mechanism at the correct traversed position to eliminate the effect of sensor 

drift.  Each test point was repeated three times and sampled for 45 seconds (45,000 

samples), and tare tests were performed between runs.  The rotor speed for each test 

is defined on the LCD control screen and implemented through a control loop.  Data 

acquisition was started when the system's steady-state response was achieved. 

 

A series of additional tests were performed with the rotor blades removed to 

calculate a set of aerodynamic tares at each rotational speed to determine the losses 

and profile power for the support structure only.  The rotor power measured for the 

'blade-on' case includes the rotor-induced power, profile power, and rotor structure 

flow losses.  The aerodynamic tares compensate for this.   

 

4.3. Hover Testing Data Reduction and Post-processing – Mean 

Rotor Performance 

 

Before presenting the test data, data processing and reduction methodologies 

are presented to calculate the mean rotor performance.  The experimental parameters 

investigated and presented in non-dimensional form are shown in table 4.2 with their 

associated uncertainty.  A complete uncertainty methodology is provided in Appendix 

D.   

 

Table 4.2 – Experimental non-dimensional coefficient summary 

Parameter Uncertainty 

Coefficient of Thrust, CT +/- 15 % 

Coefficient of Power, CP +/- 15 % 

 

The raw measured force and torque data include both transient aerodynamic 

and inertial forces due to rotor rotation and blade pitching.  Through time-averaging 

in MATLAB, all transient force components were eliminated.  The mean rotor thrust, 

FR, was calculated from the mean of the two orthogonal in-plane rotor force 

components Fx and Fy as shown in figure 4.2.  The test data sets were averaged over 
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the whole test duration, and the tare test data was subtracted for the relevant axes as 

required.  The mean resultant rotor thrust FR was calculated from  

 

 
 

Figure 4.2 – Test rig measurement reference coordinate system 

 

FR = √Fx
2 + Fy

2       (4.1) 

 

The rotor power was calculated from  

 

𝑃 = Qω        (4.2) 

 

where Q is the mean torque about the rotor spindle, and ω is the rotor angular velocity.   

 

All results are presented as non-dimensional coefficients for comparison with 

independent studies, where CT and CP represent the Coefficient of Thrust and Power, 

respectively, defined by 

 

CT =  
T

ρaARω2R2       (4.3) 

 

and  
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CP =  
P

ρaARω3R3       (4.4) 

 

where ρa is the air density, A𝑅 is the rotor planform area, and R is the radius of the 

rotor. 

 

4.4. Experimental Setup – Force Balance Dynamic Calibration 

 

Strain gauge-based sensors like the iCUB sensor typically have a much lower 

stiffness than the test rig to which they are mounted.  The sensor stiffness ensures that 

the required measurement resolution can be obtained.  As a result, the system dynamic 

response can contain natural frequencies in the experimental measurement range of 

interest, making the characterization of the cycloidal rotor vibratory response difficult 

as the results at and close to these frequencies would be highly inaccurate.   

 

To allow the measured dynamic forces to be corrected for the dynamics of the 

test rig, a dynamic sensor calibration needs to be completed.  This requires that a 

transfer function or frequency response function (FRF) be developed relating hub 

loads to measurements at the iCUB force sensor.   

 

The scale of the current test rotor ruled out the use of the available 

electromechanical shakers at the University of Bath, which were much too large to 

incorporate into a test setup.  As a result, a bespoke shaker was designed and 

manufactured from a modified high-power speaker, as shown in figure 4.3 (a).  The 

speaker is connected through a DC close-coupled amplifier connected to a PC and 

driven through the  PC sound card.   A bespoke MATLAB code was written to output 

the signal required to the amplifier.  The shaker was connected at multiple rotor span 

positions via a piano wire stinger in series with a force sensor to the central rotor 

spindle to apply the known input force, as shown in figure 4.3 (b).  The physical test 

setup is shown in figure 4.4.   
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Figure 4.3 – Dynamic shaker testing experimental setup at varying rotor 

spanwise positions 

 

 
 

Figure 4.4 – Physical dynamic shaker testing experimental setup 

 

Top Rotor 

Stinger Position 

Middle Rotor 

Stinger Position 

Bottom Rotor 

Stinger Position 

Single Axis 

Force Sensor 

(b) 

(a) 
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The two in-plane rotor directions and rotor rotation axis were tested to 

consider the three principal rotor loading directions.  Coupling between iCUB sensor 

axes was not considered, with each axis considered independent in line with 

independent studies by Russell [100,101].  For calibration of the rotor rotation axis, 

an additional torque arm was manufactured and attached to the central rotor spindle 

to apply the input force at a known offset position, as outlined in figure 4.5.   

 

 
 

Figure 4.5 – Physical dynamic shaker testing experimental setup torque 

arm 

 

4.4.1. Test Rig Instrumentation During Dynamic Calibration  

 

The hardware used for the iCUB sensor dynamic calibration was as per the 

that used for the baseline rotor tests outlined in section 4.2.2, with two exceptions.  

Input force applied to the rotor via the stinger was measured with a PCB 208C02 force 

sensor, connected in series with the shaker and stinger system.  The PCB sensor 

selected has an assembled resonant frequency of 36,000 Hz, so the sensor response 
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should not be changed by its resonance frequency within the current test parameters.   

The PCB 208C02 was connected to a NI-9234 IEPE module within the cRIO chassis.   

 

Input force data from the PCB 208C02 sensor and output sensor data from the 

iCUB sensor were measured simultaneously.  Data acquisition of the two forces 

simultaneously enables accurate calculation of the amplitude and phase difference 

between the two signals.  The PCB 208C02 single-axis force sensor has a resolution 

of 0.004 N.  A full sensor specification is given in Appendix E. 

 

4.4.2. Dynamic Calibration Test Procedure 

 

All methods of dynamic calibration of this type require the same physical 

setup.  The differences lie in the input force signal used and the associated results 

post-processing requirements.  The input force can be periodic, random, 

pseudorandom, or transient.  Selecting the most appropriate input force depends on 

the test equipment available and the testing requirements of the system.  In all cases, 

the acquisition of force sensor signals of sufficient strength and clarity at low force 

level amplitudes can be difficult to measure accurately [110].   

 

Discrete sine wave testing was adopted in line with [111] in conjunction with 

a stationary rotor to ensure that the input force applied via the stinger was constant 

throughout the frequency range of interest.  During initial tests, the test frequency was 

stepped in 0.5 Hz increments from 0-134 Hz in separate tests to capture up to the 

8/Rev harmonic response at the maximum rotor speed of 1,000 RPM.  In follow-up 

tests, to investigate the rotor 12 and 16/Rev vibratory response for each rotor speed, 

shaker tests were conducted at the respective test point frequencies only.  The two in-

plane rotor directions and rotor rotation axis were tested similarly with the stinger 

connected to the central rotor shaft to consider all three principal rotor loading 

components.   

 

The excitation's maximum peak-to-peak amplitude was kept to approximately 

±5N, in line with the range of forces measured during normal rotor operation.  

Separate tests were also conducted in the same manner at varying excitation force 
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amplitudes to establish the sensitivity of the system to input force variation, 

considered further in section 4.8. 

 

Tare tests were performed before and after each 0.5 Hz test point increment to 

eliminate the effect of sensor drift and to allow for each discrete sine wave test to be 

post-processed separately.  Each test point was sampled at a predetermined sample 

time to ensure that a minimum of 100 periods were captured for each test frequency, 

which for the lowest test frequency of 0.5 Hz was 200 seconds (200,000 samples).  

Data acquisition was started when the system's steady state was achieved to eliminate 

the effect of shaker start-up transience.  Measurements were repeated three times to 

ensure repeatability and check that the test tig and measurement system was not 

changing during testing due to any loosening of components. 

 

4.5. Dynamic Calibration Test Data Reduction and Post-processing 

 

All results post-processing of the dynamic calibration test data was completed 

using bespoke MATLAB codes.  The raw input and output force sensor signals were 

stored as discrete samples at each time step during the test.  Each data set was then 

interpolated to ensure that the timestep between each data sample was equal.  The data 

set for the input and output forces for each frequency were phase averaged over the 

whole data set initially to remove any noise in the signals and secondly to produce an 

input and output force signal that was exactly one period in length.  Based on this, a 

Fast Fourier Transform (FFT) was undertaken on both the input and output force 

phase averaged data sets, and the phase and magnitude of each signal component were 

extracted.   

 

A transfer function is used to describe the relationship between the output and 

input force components and is a complex-valued function that describes both 

magnitude and phase.  The magnitude of the transfer function is defined as the ratio 

of the output and input signal magnitude given by  

 

|H(ω)| =
|F|

|G|
        (4.5) 
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Where the amplitude |F| and |G| represent the magnitude of the output and 

input force signal, respectively, from the FFT analysis.  The shaker input force signal 

phase angle ∠ 𝐺 is then subtracted from the output force signal phase angle ∠ 𝐹 to 

give the phase difference between the input and output signals to correct for phase, 

∠ 𝐻 defined as 

 

∠ 𝐻 =  ∠ F − ∠ G       (4.6) 

 

Importantly equations 4.5 and 4.6 can only be used to determine the magnitude 

and phase at one single frequency at a time, in line with Heachcote [111].  The same 

analysis methodology was used for each discrete test point in each of the three rotor 

loading directions in turn to enable the magnitude of the transfer function and phase 

difference to be generated.   

 

4.6. Hover Testing Data Reduction and Post-processing – 

Dynamically Corrected Rotor Loads 

 

Each data set used for the calculation of the mean rotor performance was 

reanalyzed to calculate the rotor vibratory response.  For each test undertaken to 

consider rotor speed and blade cyclic pitch input, the experimental data in the X and 

Y measurement directions and rotor rotation axis were phase averaged similarly to 

section 4.5 to produce the resulting rotor vibratory response over one rotation in the 

three axes.  From this, a Fast Fourier Transform (FFT) was undertaken, and the 

magnitude and phase of each signal were extracted for the first 16 rotor harmonics 

from 1/Rev to 16/Rev.   

 

The magnitude and phase are defined as |Fn| and ∠ Fn, respectively, where n 

represents the harmonic of interest in the loading direction required.  Rearranging 

equations 4.5 and 4.6 to calculate the rotor input force magnitude |Gn| and phase ∠ Gn 

to correct for the test rig dynamic response  at the harmonic of interest yields 

 

|Gn| = |Hn(ω)|−1 × |Fn|      (4.7) 
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and  

 

∠ Gn = ∠ Fn − ∠ Hn        (4.8) 

 

Where |Hn(ω)| and ∠ Hn are the transfer function amplitude and phase 

difference at the required dynamic calibration test point corresponding to the n/Rev 

harmonic.   

 

The amplitudes of the corrected force measurements at each discrete harmonic 

from 1/Rev to 16/Rev, obtained from equation 4.7, were converted to non-dimensional 

coefficients using equation 4.3.  The amplitude of the respective harmonic was 

substituted into equation 4.3 as the value of T.  Non-dimensionalising the amplitude 

of each harmonic aided further results analysis across multiple test points at varying 

rotor rotational speeds.   

 

4.7. Test Rig Mean Results Validation 

 

4.7.1. Test Rig Problems and Their Solutions 

 

Once built, the commissioning of the test rig was an iterative process.  Early 

on, multiple cycles of hover testing were undertaken to validate the mean rotor force 

components.  Testing provided insight into the test rig operation and highlighted areas 

of the test rig operation that required further investigation due to inconsistency in 

mean results.  Following results processing at a cyclic blade pitch amplitude of 40° 

from 500 to 1,000 RPM, a dominant 15/Rev vibratory response was noted in all cases, 

as shown in figure 4.6 for a rotational speed of 500 RPM.  The 15/Rev vibratory 

response was identified by undertaking an FFT on the measured force data.  The 

results of the FFT performed on the data in figure 4.6 are shown in figure 4.7, which 

clearly shows a dominant system response at the 15/Rev harmonic.   
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Figure 4.6 – Rotor resultant instantaneous Coefficient of Thrust at N = 500 

RPM and a blade cyclic pitch angle of 40° 

 

 

 

Figure 4.7 – Rotor resultant instantaneous Coefficient of Thrust amplitude at 

discrete rotor harmonics at N = 500 RPM and a blade cyclic pitch angle of 40° 

 

A full analysis of the test rig driveline and rolling element frequencies, as 

shown in tables 4.3 and 4.4, confirmed that the 15/Rev response was due to the 

excessive backlash due to the drive gearing tooth mesh frequency.  A bearing housing 

redesign allowed for accurate setting of gear backlash and reduced the 15/Rev 

vibratory response in the X and Y measurement directions by up to 90%. 
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Table 4.3 – Test rig driveline frequency harmonic summary 

Parameter Rotor Harmonic, N/rev 

Rotor Gear Frequency 1 

Rotor Pinion Frequency  1/3 

Drive Gearing Tooth Mesh Frequency 15 

Drive Gearing Assembly Phase Frequency 5 

Drive Gearing Tooth Repeat Frequency   1/15 

Main Drive Motor Frequency 7.05 

Main Drive Motor Gearbox Frequency 10.22 

 

Table 4.4 – Test rig rolling element bearing frequency harmonic summary 

Parameter Rotor Harmonic, N/rev 

Rotor Spindle Bearing Fundamental Train Frequency 0.397 

Rotor Spindle Bearing Ball Pass Frequency Inner Race 4.82 

Rotor Spindle Bearing Ball Pass Frequency Outer Race 3.18 

Rotor Spindle Bearing Ball Spin Frequency 2.022 

  
Motor Spindle Bearing Fundamental Train Frequency 0.14 

Motor Spindle Bearing Ball Pass Frequency Inner Race 1.931 

Motor Spindle Bearing Ball Pass Frequency Outer Race 1.402 

Motor Spindle Bearing Ball Spin Frequency 0.887 

 

4.7.2. Initial Hover Testing Validation 

 

Benedict [4] showed that rotor thrust is proportional to the square of rotor 

speed, and power is proportional to the cube of rotor speed for a hovering rotor.  For 

a given blade cyclic pitch amplitude input, the thrust and power non-dimensional 

coefficients should thus be constant when plotted against changes in rotor rotational 

speed.  Rotor thrust and power coefficients were plotted for two independent 

experimental studies [46,112] for a three and four-bladed rotor in hover, as shown in 

figure 4.8 and figure 4.9.  Both studies confirm this trend and give confidence in using 

this as a basis for mean results validation.  Figure 4.8 is recreated from the data 

supplied in [112] in non-dimensional form.  No data was presented between a 

rotational speed of 900 RPM and 1,200 RPM, with no explanation as to why it was 

omitted given.   
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Non-dimensional coefficients for the current test rig are shown in figures 4.10 

(a) to 4.10 (d), outlining the change in rotor thrust components and power, 

respectively, for increasing blade cyclic pitch amplitude input.  The 'Measured Extent 

'in figure 4.10 (a) to figure 4.10 (d) represents the change in results with changes in 

rotor rotational speed from 500 to 1,000 RPM at a set blade cyclic pitch angle input.  

It is important to note that 500 RPM does not necessarily represent the minimum, and 

1,000 RPM is not necessarily the maximum data point presented.  The uncertainty 

associated with the non-dimensional parameters is shown in table 4.2. 

 

The small deviation in the coefficients at each value of blade cyclic pitch 

amplitude illustrates that the non-dimensional coefficients approximate a straight line 

when converted to non-dimensional coefficients, confirming the expected behavior in 

line with [46,112].  However, there are some discrepancies in the data presented in 

figure 4.10, and it is important to caveat that the straight-line linear assumption is only 

valid for attached flow and assumes that there is no major flow separation from the 

rotor blades.  This means the system is assumed to operate within the linear force 

characteristics range for the aerofoils used.   

 

The rotor rotational speeds considered between 500 RPM and 1,000 RPM 

represent a blade chordwise Reynolds number variation between 17,325 and 34,650 

for the current test rig blade chord of 50mm, respectively, which is well below the 

typical NACA 4-digit transition Reynolds number of 1x105 [113].  Based on the range 

of Reynolds numbers considered, there is no significant change in the separation effect 

with increasing rotor rotational speed, as confirmed by the small results deviation 

presented in figure 4.10 at each blade cyclic pitch angle.  The small deviation 

presented shows that there is very little Reynolds number effect across the range of 

results considered. 

 

Further analysis of the non-dimensional coefficients for the current test rig in 

figures 4.10 (a) to 4.10 (d) shows that X direction (propulsive) thrust in figure 4.10 

(a) increases linearly with changes in blade cyclic pitch angle up to a maximum of 0.1 

at 40°.  Conversely, at blade cyclic pitch angles between 0° and 10°, the rotor produces 

a negative thrust in the Y direction (lift).  A reason for this is attributable to 

manufacturing tolerances and inaccuracies 
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Figure 4.8 – Independent experimental mean performance parameters for a 

three-blade cycloidal rotor [112] with a blade cyclic pitch angle input of 40° and 

a blade chord of 25.4mm.  The rotor diameter of 152mm, and the rotor span of 

152mm 

 

 
 

Figure 4.9 – Independent experimental mean performance parameters for a 

four-blade cycloidal rotor [46] with a blade cyclic pitch angle input of 45° and a 

blade chord of 70mm.  The rotor diameter of 360mm, and the rotor span of 

270mm 

 

(a) (b) 

(a) (b) 
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As expected, the resultant thrust increases with an increased blade cyclic pitch 

angle.  At cyclic pitch angles greater than 35°, the rate of change of the coefficient of 

thrust reduces and appears to be approaching a maximum, as shown in figure 4.10 (c).  

The coefficient of power also increases with increasing blade cyclic pitch amplitude 

up to a maximum of 0.28 at 40° cyclic pitch input, as shown in figure 4.10 (d).  The 

rate of change of the coefficient of power increases above a cyclic pitch angle of 25° 

when compared to lower values, attributable to blade profile drag increase with 

potential flow separation and dynamic stall 

 

4.8. Analysis of Dynamic Calibration Results 

 

The frequency response functions for the system in the X, Y, and Z-axis 

measurement directions with the excitation applied at the rotor center span are 

outlined in figures 4.11 to 4.13 for amplitude ratio and phase.  Figure 4.11 (a) shows 

several narrowband un-damped resonance peaks in the system response, with the first 

X-direction natural frequency at around 11.66 Hz, followed by an anti-resonance at 

12 Hz.  A second natural frequency mode is predicted at 18 Hz with an amplitude 

ratio of approximately 40.  The rapid change in phase angle at these positions again 

indicates resonance identified in figure 4.11 (b).   

 

Two higher-order natural frequencies are calculated at 46.66 Hz and 53.33 Hz, 

corresponding to the 4/Rev vibratory response at 700 RPM and 800 RPM.  However, 

the amplitude ratios are significantly reduced at these positions.  In the X and Y 

measurement directions, the characteristics of the system are similar in terms of both 

fundamental natural frequencies and the presence of undamped resonance peaks, as 

shown in figures 4.12 (a) and 4.12 (b).   
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Figure 4.10 – Rotor mean rotor performance coefficients in hover with 

measured extents shown from 500 to 1,000 RPM 

 

There is increased damping in the Z-axis measurement direction, with 

secondary peaks shown around 14 to 16 Hz, illustrated in figure 4.13 (a).  The first 

torsional frequency mode is calculated at 53.33 Hz, corresponding to the 4/Rev 

vibratory response at 800 RPM with an amplitude ratio of approximately 3.  The 

results close to 12 to 18 Hz presented in the X and Y-measurement directions typically 

fall within the rotor 0-1/Rev range, depending on rotational speed.  However, they are 

outside the range required in the final rotor vibratory response analysis at harmonics 

of the blade pass frequency. 

(c) 

(a) (b) 

(d) 
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The application of the excitation force in similar test setups [100,101] is 

applied at a single point.  In reality, the aerodynamic and inertial forces are spread 

across the full rotor span, which is a limitation of any shaker testing setup.  Frequency 

response function variation in each direction to changes in rotor span excitation 

position is shown in figures 4.14 (a) to 4.14 (c).  Variation is identified with spanwise 

location, but the central span position is a reasonable approximation of the mean of 

the two positional extremes.  Variations in the magnitude of the excitation force were 

also investigated at the center span position.  The calculated frequency response 

function changes at the frequencies of interest were typically ±2%. 

 

The presence of a number of un-damped resonant modes in the system makes 

the determination of in-plane loads close to resonance difficult, if not impossible, due 

to the high level of measurement nonlinearity.  Therefore, all results are slightly 

unreliable within this range.  Close to these frequencies, measurements have a higher 

uncertainty than conditions away from resonance.  This was corroborated by  

Heathcote [111], who analyzed the response of an oscillating aerofoil force balance.  

The amplitude ratio uncertainty was typically ±5%, increasing to ±18% at resonance.  

Similarly, for phase, the uncertainty was typically ±2° and ±45° at resonance. 

 

In the presentation of the phase angle data for the iCUB sensor dynamic 

calibration, there are some rapid changes in phase angle between adjacent 

measurement points.  An example is shown in figure 4.12 (b) around 12 Hz.  While 

the results presented are specific to the current test rig, rapid changes in phase angle 

are associated with system resonance and anti-resonance.  They correspond to the 

resonant and anti-resonant points shown in figure 4.12 (a) at the same frequency.  This 

is not an uncommon occurrence for such as system.  A similar analysis was undertaken 

by Peterson [99], as shown in figure 4.15, for a standard rotorcraft setup that shows 

phase angle variation of +/-180° at resonance.   

 

A Total Harmonic Distortion (THD) analysis of the input and output force 

sensor signals was undertaken, as shown in figures 4.16 (a) to 4.16 (c), to ascertain 

the extent of nonlinearity in the system.  Where system nonlinearity makes the transfer 

functions change at different excitation amplitudes.  The THD analysis calculates the 

distortion in the measured signals relative to a pure sinewave.  It is typically used in 
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audio equipment where it should be kept as low as possible to improve accuracy, but 

a 10% threshold is generally used.   

 

 

Figure 4.11 – Force sensor dynamic calibration frequency response function (a) 

Magnitude and (b) Phase in the force measurement X-direction 

 

(a) 

(b) 
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Figure 4.12 – Force sensor dynamic calibration frequency response function (a) 

Magnitude and (b) Phase in the force measurement Y-direction 

 

The THD analysis aligned with the vibration tests, with significant THD up to 

20% calculated in the output signal close to resonance peaks at 12-18 Hz in the X and 

Y measurement directions as per figures 4.16 (a) and 4.16 (b), which reduces to 11% 

in the Z-axis direction in figure 4.16 (c) at resonance.  All cases confirm nonlinearity 

in the system in the regions at high response levels close to resonance.  The THD 

value is between 0-2% for both the input and output signal outside of the resonance 

peaks, indicating that the system can be taken to be linear away from the resonance 

regions. 

(a) 

(b) 
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Figure 4.13 – Force sensor dynamic calibration frequency response function (a) 

Magnitude and (b) Phase in the torque measurement Z-axis direction 

 

 

(a) 

(b) 
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Figure 4.14 – Force sensor dynamic calibration frequency response function 

variation in spanwise stinger position (a) X-direction (b) Y-direction (c) Z-axis 

direction 

(a) 

(b) 

(c) 
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Figure 4.15 – An Example of dynamic calibration frequency response function 

for the NASA Ames Rotor Test Apparatus Rotor Balance [99] 

 

4.9. Chapter Review 

 

The current chapter has outlined the methods used to validate the design of the 

current test rig and measure the cycloidal rotor vibratory response.  The need to 

perform a force sensor dynamic calibration is confirmed, and the 1D dynamic 

calibration transfer function approach is shown to be satisfactory for assessing 

vibratory loads.  But the study has shown that there is no simple way of measuring 

and adjusting phase-averaged dynamic load data, particularly close to system 

resonances, in line with findings from standard rotorcraft studies [100].  Away from 

resonance, however, the results are found to be a reliable indicator of hub loading. 
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Figure 4.16 – Total harmonic distortion analysis of the input and output force 

sensor signals in the three measurement directions (a) X-direction (b) Y-

direction (c) Z-axis direction 

 

 

(a) (b) 

(c) 
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Chapter 5 – Blade Element Theory Code (BET 

code) Development and Validation 

 

5.1. Introduction 

 

The current chapter initially gives a brief overview of previous independent 

cycloidal rotor aerodynamic models that have been investigated.  This is followed by 

a description of the aerodynamic code developed in the present study and any 

modeling assumptions.  The current study aims to develop a reduced-order 

computational model to include the rotor unsteady aerodynamics that can calculate 

rotor mean performance, blade loads, and rotor vibratory response with sufficient 

accuracy over a range of blade cyclic pitch amplitudes and rotational speeds so that it 

can be used as a means of performing preliminary calculations in the early stages of 

craft design.  

 

Higher fidelity modeling approaches such as comprehensive analysis and CFD 

in both 2D and 3D can be used to capture rotor flow features such as blade wake 

interactions and dynamic stall with increased accuracy.  But both have the 

disadvantage of increased setup and run times that can be prohibitive in the early 

design stages.  A CFD study will be undertaken here as well, described in the next 

chapter. 

 

5.2. Independent Cycloidal Rotor Aerodynamic Model 

Development 

 

 In recent years there have been a number of attempts to model the mean 

performance of the cycloidal rotor at changing blade cyclic pitch amplitude and 

rotational speeds, with no clear recommended method of analysis.  Most [4, 32, 34] 

have used helicopter momentum theory, where the blade-induced velocity at each 

blade is dependent on the resultant rotor thrust.  An iterative process is used to 

calculate the individual blade lift and drag loads based on stream tube theory.  The lift 
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and drag forces with changes in azimuth position are then summed over each blade to 

determine rotor performance.   

 

Benedict [4] used single and multiple stream tube models to model rotor mean 

performance.  The upper and lower halves of the rotor were initially considered as one 

continuous stream tube and, secondly, as two separate actuator discs to represent the 

upper and lower halves of the rotor separately in an attempt to model the wake.  It was 

found that both approaches modeled the mean rotor performance with reasonable 

accuracy when compared to CFD and experimental studies undertaken [4].  However, 

the single-stream tube model overpredicted the propulsive (side) force component for 

the hovering rotor in the lower half of the rotor.  This was thought to be due to the 

inflow remaining constant with changing azimuth position in the single-stream tube 

model, but this was not confirmed.   

 

 Wheatley [8] was one of the first to assess cycloidal rotor performance based 

on static aerofoil theory at each azimuth position, ignoring the physical oscillation of 

the blades.  Using this basic approach from [8], McNabb [34] incorporated unsteady 

aerodynamic effects to take account of the blade oscillation, angular rotation, and 

acceleration.  2D unsteady lift and moment equations from Garrick [114] were 

assumed to model a blade moving in a sinusoidal motion, ignoring any 3D flow 

effects.  The equations in [114] are based on the reduced frequency of the oscillation.  

It was concluded that the inclusion of unsteady effects showed a marked improvement 

in the correlation with experimental data over the range of blade cyclic pitch angles 

considered.   

 

Utilizing the methods developed by McNabb [34], Xisto et al. [32] analyzed a 

six-blade NACA 0012 rotor with an aspect ratio of one and a diameter of 1.2m.  It 

was noted that the inclusion of rotor inflow significantly reduces the calculated thrust 

values due to the inflow reducing the blade effective AOA.  

 

All of the methods described are 2D modeling techniques that are very similar 

in approach and benefit from increased computational efficiency.  With 3D flow 

effects ignored in the main, their ability to model rotor blade instantaneous force and 

vibratory response is unknown, despite modeling mean rotor performance with 
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reasonable accuracy.  In an attempt to improve model accuracy and model 3D effects, 

Tang et al. [115] are the first to implement an unsteady free wake model, representing 

the wake as a number of shed and trailing vortex filaments.  The model makes use of 

momentum theory in conjunction with the Leishman–Beddoes semi-empirical 

dynamic stall model, coupled with the free-wake model.  The calculation process has 

two parts where the uniform rotor inflow model is used initially to calculate the 

induced velocity for the free wake model for the initial time step.  Compared to CFD 

and experimental data, the mean rotor performance is in very good agreement, but the 

thrust is over-predicted in some instances.  Instantaneous blade forces between the 

CFD and free wake model show qualitative agreement, but the improvement in rotor 

vibratory response calculation compared to the 2D modeling methods is difficult to 

assess due to insufficient data. 

 

Studies to date have utilized momentum theory to model the ideal cycloidal 

rotor performance predictions similarly to standard helicopter analyses.  Using a 

uniform-induced velocity assumption has typically been used to reduce computational 

overhead and allow a first-order prediction of the rotor thrust that can be used to form 

the foundations of higher-order aerodynamic analyses.   

 

An axial inflow model is not fully appropriate for a cycloidal rotor as the flow 

is substantially different from a standard rotorcraft, particularly when the rotor is 

analyzed under forward flight operation.  The cycloidal rotor induces a rotational 

circulation like a helicopter inflow, but the inflow axis is rotated.  The Magnus-

induced circulation is ignored in the axial inflow model, which is also an assumption 

in forward flight,  where the circulatory AOA component is not considered.  This 

emphasizes the need to develop specific inflow models for cycloidal rotors, 

particularly in forward flight.   

 

The inflow models are usually formulated based on experimental results or 

more advanced vortex theories, taking into account the effects of the individual tip 

vortices and rotor wake that tend to produce a highly nonuniform inflow over the 

rotor.  The development of cycloidal rotor-specific inflow models will enable the 

performance of the rotor to be analyzed with the aid of simpler inflow models that 
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will represent the basic effects of the cycloidal rotor inflow resulting from the tip 

vortices and rotor wake. 

 

5.3. Current Aerodynamic Code Development 

 

A flow diagram has been developed, as shown in figure 5.1, to outline how the 

cycloidal rotor aerodynamic performance is calculated and to define the architecture 

of the aerodynamic model developed in the present chapter.   

 

 

 

Figure 5.1 – Aerodynamic model flow diagram outlining the system 

architecture  
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5.3.1. Baseline Blade Cyclic Pitch Angle Definition 

 

Conventional rotorcraft assume a sinusoidal cyclic pitch profile provided by a 

swashplate.  Previous cycloidal rotor studies have utilized a passive four-bar 

mechanism [116].  The motion produced by the mechanism is shown in figure 5.2, 

which approximates pure sinusoidal motion.  The exact baseline blade cyclic pitch 

input amplitude, θBL used for the development of the current model is given by 

 

θBL =  
π

2
− cos−1  (

a2−L2+t2

2at
) − sin−1  (

e

a
cosሺΨ + εሻ)  (5.1) 

 

where 

 

a =  √e2 + R2 + 2eRsinሺΨ + εሻ     (5.2) 

 

e is the offset position of the eccentric point that controls the amplitude of the 

blade cyclic pitch input, and length L is the theoretical distance between the eccentric 

offset position and the blade pitch pin, defined by 

 

L =  √ሺ0.5Dሻ2 + t2       (5.3) 

 

where D represents the rotor diameter and t, the pitch link offset distance is shown in 

figure 5.2 between the blade pitching axis and blade pitch pin for connection to the 

four-bar mechanism.  The blade cyclic pitch amplitude input phase can be changed by 

modification of ε anywhere in the rotor azimuth.  It is typically fixed for a hovering 

rotor study, where 

 

ε =  tan−1 (
t

0.5D
)       (5.4) 
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Figure 5.2 – Cycloidal rotor BET code reference coordinate system 

 

5.3.2. Blade Cyclic Pitch Angle Definition With HHC Input 

 

 During the final optimization stage of the current research, the aerodynamic 

model was modified to include HHC.  To implement HHC within the computational 

model, an additional higher harmonic blade cyclic pitch input θn was superimposed 

onto the baseline cyclic pitch amplitude θBL where n represents the higher harmonic 

of interest.  During HHC, the blade total pitch angle in the rotating frame is  

 

θs =  θBL + θn       (5.5) 

 

and  

 

θn =  θns sinሺnΨሻ + θnc cosሺnΨሻ     (5.6) 
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θn is made up of HHC control input sine and cosine components θns and θnc, 

defined as  

 

θns = An cosሺnϕnሻ       (5.7) 

 

and 

 

θnc =  Ansin ሺnϕnሻ       (5.8) 

 

ϕn and An represent the phase angle and amplitude of the HHC control input, 

respectively, and Ψ the rotor azimuth angle.  The respective blade azimuth angle of 

the qth blade, Ψq is  

 

Ψq =  Ψ +
2π

Nb
ሺq − 1ሻ  q =  1,2, … . Nb  (5.9) 

 

The 0° azimuth position is defined in figure 5.2. 

 

5.3.3. Rotor Inflow Model 

 

The use of an accurate aerodynamic inflow model is important to the 

calculation of blade aerodynamic loads on standard rotorcraft, and the cycloidal rotor 

is no exception.  Independent studies to date, as eluded in section 5.2, have not 

considered the aerodynamic inflow models' ability to predict the rotor's vibratory 

response with changing blade cyclic pitch amplitude.  With the flow physics of the 

cycloidal rotor being so complex, all known rotor inflow models may not accurately 

model the true flowfield.  

 

In its simplest form, a uniform rotor inflow model has been shown to predict 

the mean performance of the cycloidal rotor with good accuracy [4], and the current 

work aims to build on this.  Increasing the complexity of the model in stages will 

enable limitations in the modeling to be identified and computational overhead to be 

reduced when running large numbers of analyses during the optimization parametric 

studies.  
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The uniform rotor inflow model used in the current analysis is implemented 

based on a number of assumptions.  The uniform rotor inflow model assumes that the 

cycloidal rotor can be analyzed as a disc, as per conventional rotorcraft, which is a big 

approximation.  The air velocity through the rotor disc is constant, and there is no 

swirl imparted into the wake.  Hence the air passing through the rotor disc is axial, 

and the pressure across the rotor disc is constant.  The rotor airflow is considered as a 

single stream tube where the flow is considered as two separate regions.  In region 

one, the airflow passes through the rotor disc, and region two is made up of the areas 

where the airflow is external to the rotor disc.  In using a single stream tube model, 

the system is assumed to have an infinite number of blades.  Thrust is obtained by 

transferring momentum to the airflow passing through the rotor based on an induced 

velocity through the rotor disc, as shown in figure 5.3, defined by equation 5.10.  The 

rotor disc is a plane perpendicular to the induced velocity through the centre of the 

rotor. 

 

Vi =  √
T

2ρaAR
        (5.10) 

 

Where T represents the resultant rotor thrust, ρa the air density and AR the 

rotor planform areas calculated from 

 

AR =  SD        (5.11) 

 

S is the rotor or blade span.  The model iteratively converges on an induced 

velocity and inflow angle ϕ.  For both parameters, a convergence error of 0.001 was 

utilized. 
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Figure 5.3 – BET code uniform rotor inflow model single stream tube 

approximation 

 

5.3.4. Potential Forward Flight Rotor Inflow Model Development 

 

 With further development of cycloidal rotor-specific inflow models to account 

for forward flight operation, a significant amount of information on the rotor 

performance can be obtained across a wide range of rotor advance ratios.  Including 

the Magnus-induced circulation field around the rotor would enable the contribution 

of the circulatory flow to the rotor flow field to be included in both the advancing and 

retreating sides of the rotor.   

 

A tip loss factor similar to the Prandtl tip loss factor in standard rotorcraft 

analysis [117] can be used to account for the effects of the high-induced velocities 
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produced locally at the blade tips and trailing edges due to the shedding of blade tip 

vortices. 

 

During hover and forward flight operation, there is potential for blade vortex 

interaction (BVI).  These interactions can occur at any position within the rotor 

diameter or in the shed wake downstream of the rotor.  A number of vortex models 

can be used to consider the effects of BVI more accurately by utilizing the Biot-Savart 

law, where the induced velocity contributed by a vortex filament in the rotor wake is 

calculated at discrete points along the vortex filament.  The total velocity is then 

obtained by integration along the lengths of each vortex filament. 

 

 Vortex methods fall into two main categories: prescribed wake and free-wake 

models.  Prescribed wake models require a semi-empirical representation of the blade 

tip vortices and shed wake before a computational model can be developed.  A number 

of models have been developed for standard rotorcraft [117] where the age of the shed 

wake defines the locations of the rotor tip and shed vortices based on experimental 

data.  On the other hand, free-wake models do not require prior experimental data and 

solve the rotor wake starting from initial conditions, which are used to define the 

initial positions of the vortex filaments and are not predefined.  The final vortex 

positions are calculated based on repeated application of the Biot-Savart law. 

 

5.3.5. Blade Element Velocity 

 

The blade angle of attack (AOA) must be calculated as an initial step to 

calculate the blade aerodynamic loads.  The blade relative velocity comprises two 

velocity components in the tangential and normal directions, as shown in figure 5.4 in 

the rotor rotating frame.  The tangential and normal velocity components have been 

calculated using the equations defined by Benedict [4].  The velocity components 

contain contributions from rotor angular velocity, velocity perturbations normal to the 

blade chord due to blade pitching motion, and induced velocity contributions; 

spanwise flow variation is not considered.  The blade velocities are calculated at the 

effective three-quarter chord position due to the imposed blade pitch rate [4,117].   
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Figure 5.4 – Single rotor blade velocity and force components direction 

definition 

 

The blade tangential velocity due to rotor rotation and blade pitching [4] is 

given by 

 

VTB
=  −(0.75 − Pp)CθṠsinሺθSሻ + ω (0.5D − (0.75 − Pp)CsinሺθSሻ) 

          (5.12) 

 

Pp defines the distance from the LE of the blade to the actual blade pitch axis 

location to take account of the chordwise distance between the actual pitch axis and 
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the three-quarter chord position assumed in the analysis.  C is the blade chord, θṠ the 

blade angular velocity, and ω is the rotor angular velocity defined as  

 

ω =  
2πN

60
        (5.13) 

 

where N is the rotor rotational speed. 

 

The blade tangential velocity component due to the rotor induced velocity is  

 

VTi
=  Visinሺϕሻcosሺ0.5π − Ψሻ + VicosሺϕሻcosሺΨሻ   (5.14) 

 

The blade tangential velocity components are then added to define the 

resultant tangential velocity component: 

 

VT =  VTB
+ VTi

       (5.15) 

 

Similarly, the blade's normal velocity due to rotor rotation and blade pitching 

[4] is given by 

 

VNB
=  −(0.75 − Pp)CθṠcosሺθSሻ − ω ((0.75 − Pp)CcosሺθSሻ) (5.16) 

 

The blade normal velocity component due to the rotor induced velocity is  

 

VNi
=  Visinሺϕሻsinሺ0.5π − Ψሻ + VicosሺϕሻsinሺΨሻ   (5.17) 

 

The blade normal velocity components are then added to define the resultant 

tangential velocity component: 

  

VN =  VNB
+ VNi

       (5.18) 

 

The blade resultant velocity VR as shown in figure 5.4, is then  

 

VR =  √VTan
2 + VNor

2        (5.19) 
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Based on the blade normal and tangential velocity components, the induced 

velocity inflow phase angle is  

 

ϕ =  tan−1 (
VN

VT
)       (5.20) 

 

5.3.6. Blade Aerodynamic Loads  

 

The blade aerodynamic loads were calculated in the same manner as a fixed-

wing system, using the blade sectional lift and drag coefficients.  The lift and drag 

force direction is defined in figure 5.4, where  

 

FL = 0.5ρaABVR
2CL       (5.21) 

 

and 

 

FD = 0.5ρaABVR
2CD       (5.22) 

 

CL and CD represent the blade lift and drag coefficients at the required angle 

of attack, and AB the blade planform area.  Limited data is available to predict the 

nonlinear aerodynamic behavior of aerofoil at high angles of attack, at or beyond stall.  

In standard rotorcraft models, lookup tables are sometimes used to store 

experimentally derived sectional coefficients over the range of angles of attack 

required at a given Mach number.  Alternatively, higher-order curve-fitting 

polynomials are used [117].  The extraction of accurate geometric angles of attack 

from experimental and higher-fidelity computational modeling is a significant 

challenge for cycloidal rotors.  CFD models generated in the current study (described 

in the next chapter) show stall and dynamic stall were only significant at a blade cyclic 

pitch input of 40°, which was corroborated by Benedict [4], who found that stall only 

occurred above a blade cyclic pitch amplitude of 35°.   

 

The resulting blade lift and drag coefficients are based on thin aerofoil theory 

with confirmation studies undertaken with single blade 2D CFD analyses at similar 

Reynold's number and reduced frequencies to represent the rotor operation from 500 
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to 1,000 RPM.  A linear aerodynamic model was used throughout, in line with the 

work undertaken by [4, 34].   

 

Standard thin aerofoil theory uses a lift curve slope CLα
 of 2π, but based on 

the 2D static CFD cases analyzed in the current study, a 2D lift curve slope of 5.20 

has been assumed.  The lift curve slope has been modified to account for the length 

of the blades and 3D effects, such as blade tip losses, to give  

 

CL3D
=  

CLα

1+
CLα
ARπ

        (5.23) 

 

Where AR is the blade aspect ratio: 

 

AR =  
S2

AB
        (5.24) 

 

It is worth noting that the current analysis calculates the worst-case 

aerodynamic efficiency without end plates to compare with published data directly.  

Including end plates would improve the aerodynamic efficiency of the cycloidal rotor 

by reducing the blade tip vortices effects.  But a trade-off would need to be made with 

the increased power requirements of end plates and the additional mass penalty.   

 

The blade lift coefficient is made of two components, CL
c and CL

nc.  These 

represent the circulatory and non-circulatory components of lift, respectively.  The 

circulatory terms are related to bound and shed vorticity in the flow around the 

aerofoil.  Non-circulatory terms are generated due to the forces required to accelerate 

the flow near the blade.  The overall lift coefficient is then defined as  

 

CL =  CL
c + CL

nc       (5.25) 

 

The calculation of CL
cand CL

nc will be considered further in section 5.3.7.  The 

overall drag coefficient is made up of two components, CDp
 which represents the blade 

profile drag coefficient defined by [117], where 
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CDp
= d0 + d1α + d2α2      (5.26) 

 

d0, d1, and d2 are coefficients derived by curve fitting of experimentally or 

computationally derived data.  They were calculated to be 0.031, 0.0, and 2.40, 

respectively, for the NACA0018 used, estimated from static 2D CFD calculations, 

and are comparable to findings in [4] for a NACA 0015 aerofoil.  And the induced 

drag coefficient CDi
, which is the drag generated during lift generation, where  

 

CDi
= CNsin ሺαሻ − CCcosሺαሻ      (5.27) 

 

where α is the blade's effective angle of attack and CN and CC the normal and 

chordwise blade force coefficients.  The overall drag coefficient is calculated by 

adding the two contributions, resulting in  

 

CD = CDp
+ CDi

       (5.28) 

 

From calculating the lift and drag forces, the individual blade forces are 

converted into X and Y force components to aid with results post-processing.  The 

force in the X-direction Fx is 

 

Fx = FL cosሺΨ − ϕሻ + FD cosሺ0.5π − Ψ + ϕሻ   (5.29) 

 

and in the Y-direction, Fy: 

 

Fy = FL sinሺΨ − ϕሻ − FD sinሺ0.5π − Ψ + ϕሻ   (5.30) 

 

Individual blade forces are then summed over the total number of blades to 

calculate the instantaneous rotor forces in the two measurement directions, 

 

FxR
= ∑ Fx

Nb
q=1        (5.31) 

 

and  
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FyR
= ∑ Fy

Nb
q=1        (5.32) 

 

The resultant rotor instantaneous force profile is then given by  

 

FRR
= √FxR

2 + FyR

2
       (5.33) 

 

The individual and resultant instantaneous force components are converted to 

non-dimensional coefficients to represent the Coefficient of Thrust components to aid 

with results post-processing in the X-direction. 

 

CTx
=  

FxR

ρaABω2R2       (5.34) 

 

In the Y-direction 

 

CTy
=  

FyR

ρaABω2R2       (5.35) 

 

and finally, for the resultant rotor thrust force 

  

CT =  
FRR

ρaABω2R2       (5.36) 

 

 The non-dimensional coefficients are then averaged to calculate the mean 

rotor thrust performance.  In addition to the rotor forces, calculation of rotor power is 

calculated from individual blade instantaneous torque from FT for each blade where 

the individual blade torque is 

 

FT = FL sinሺϕሻ + FD cosሺϕሻ      (5.37) 

 

Therefore the individual blade torque is  

 

TB = 0.5DFT        (5.38) 
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and individual blade power  

 

PB = TBω        (5.39) 

 

Individual blade powers are then summed over the total number of blades to 

calculate the instantaneous rotor power given by 

 

PR = ∑ PB
Nb
q=1         (5.40) 

 

Instantaneous rotor power is then converted to non-dimensional form to 

represent the Coefficient of power, where 

 

CP =  
PR

ρaABω3R3       (5.41) 

 

5.3.7. Calculation of Blade Angle of Attack – Attached Flow 

 

Unsteady aerodynamic flow effects are known to delay blade stall to higher 

angles of attack when compared to a static aerofoil.  An attached flow model was 

developed initially for model validation.  Unsteady aerodynamic effects were included 

in the computational model by utilizing indicial aerodynamics in the form of a Wagner 

function, using the method developed by Leishman and Beddoes [118,119] to account 

for the shed wake of the blade.   

 

A Wagner function accounts for the effects of the shed wake to arbitrary 

changes in blade angle of attack and pitch rate, analyzed in the time domain by 

calculating the indicial lift at each time step based on semi-empirical indicial response 

functions.  The circulatory lift change to a step-change in the angle of attack can be 

defined in the form of a Wagner function as  

 

CL
cሺtሻ =  Clα (αሺ0ሻϕሺsሻ + ∫

dαሺσሻ

ds

s

0
ϕሺs − σሻdσ) = Clααሺtሻ  (5.42) 

 

where s is the distance traveled by the shed wake in semi-chords [117] 
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The Wagner function is usually replaced by an algebraic approximation [117], 

defined by  

 

ϕሺsሻ ≈  1 − A1e−b1s − A2e−b2s     (5.43) 

 

 The coefficients A1, A2, b1, and b2 define the indicial lift approximations 

from experimental data [118] and are taken to be 0.165, 0.335, 0.0455, and 0.3 in the 

current analysis in line with data presented in [117].  The circulatory lift contains 

contributions from the step change in blade effective unsteady angle of attack, α, and 

effective pitch rate, q, which contains the time histories of the angle of attack and pitch 

rate changes [4], where 

 

CL
c =  CLα

α +
1

2
CLα

q       (5.44) 

 

With the time histories included in the calculation of the effective unsteady 

angle of attack and pitch rate to account for the shed wake, α and q are then calculated 

from 

 

α = αe − Xαn
− Yαn

       (5.45) 

 

and  

 

q = qe − Xqn
− Yqn

       (5.46) 

 

The blade angle of attack without time histories included representing the 

quasi-steady angle of attack is given by 

 

αe =  θS − ϕ        (5.47) 

 

and the blade's quasi-steady pitch rate 

 

qe =  
θ̇SC

VR
        (5.48) 
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θ̇S represents the blade pitching angular velocity.  The parameters Xαn
 and 

Yαn
 define the blade angle of attack deficiency functions, and Xqn

and Yqn
the pitch 

rate deficiency functions.  The deficiency functions are analyzed in a single step 

recursive manner and contain the previously shed wake effect of the effective angle 

of attack and pitch rate [119], where 

 

Xαn
=  Xαn−1

eሺ−b1δsሻ + A1(αen
− αen−1

)eሺ−0.5b1δsሻ  (5.49) 

 

Yαn
=  Yαn−1

eሺ−b2δsሻ + A2(αen
− αen−1

)eሺ−0.5b2δsሻ  (5.50) 

 

Xqn
=  Xqn−1

eሺ−b1δsሻ + A1(qen
− qen−1

)eሺ−0.5b1δsሻ  (5.51) 

 

and  

 

Yqn
=  Yqn−1

eሺ−b2δsሻ + A2(qen
− qen−1

)eሺ−0.5b2δsሻ  (5.52) 

 

When changing the angle of attack and pitch rate, the blade is subject to non-

circulatory loading due to localized pressure variation.  The magnitude of the non-

circulatory impulse [119] can be calculated from 

 

CL
nc =  CLiα

+ CLiq
       (5.53) 

 

 where the non-circulatory lift impulse component due to the angle of attack 

CLiα
 [118, 119] is  

 

CLiα
=  

ሺ4kiTiሻ

Mn
(dαn − Dαn

)      (5.54) 

and the non-circulatory lift impulse component due to the pitch rate CNiq
, is 

 

CLiq
=  

ሺ−kiTiሻ

Mn
(dqn − Dqn

)      (5.55) 
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ki is a function of Mach number, Mn and is typically taken to be 0.75 [119] 

for all values of Mn.  Ti represents the non-circulatory time constant [119]: 

 

Ti =  
C

√γRt
        (5.56) 

and Mach number 

 

Mn =  
VRes

√γRt
        (5.57) 

 

The change in blade angle of attack during a single time step is given by  

 

dαn =  
(αen−αen−1)

dt
       (5.58) 

 

and for pitch rate 

 

dqn =  
(qen−qen−1)

dt
       (5.59) 

 

The deficiency functions for the non-circulatory lift impulse components in 

the angle of attack and pitch rate [118, 119] are defined as  

 

Dαn
=  Dαn−1

(e
(

−dt

kiTi
)
) + ሺdαn − dαn−1ሻ (e

(
−dt

kiTi
)
)

0.5

  (5.60) 

 

and 

 

Dqn
=  Dqn−1

(e
(

−dt

kiTi
)
) + ሺdqn − dqn−1ሻ (e

(
−t

kiTi
)
)

0.5

  (5.61) 

 

Where dt represents the Wagner indicial response time increment, given by 

 

dt =  (
1

ሺNR/60ሻ
) /360       (5.62) 
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Finally, the distance traveled by the wake over the time increment dt is given 

by 

 

δs =  
(VResn−VResn−1)

C
dt      (5.63) 

 

5.3.8. End Plate Effects 

 

 The method outlined by Childs [120] has been considered to estimate the 

effects of the rotor end plates.  The end plates have been analyzed as the summation 

of the effects of a rotating cylinder for the outer diameter surface and a free disc 

rotating in an initially static flow for the end plate side faces.  The outer surface of the 

disc will be considered first, based on an empirical correlation for turbulent flow for 

smooth cylinders [120], defined as  

 

Cmc = (
1

−0.5872+1.25ln ሺReϕ√Cmc
)

2

     (5.64) 

 

Cmc defines the moment coefficient for a rotating cylinder, and Reϕ is the rotational 

Reynolds number given by 

 

Reϕ =
ρωd2

μ
        (5.65) 

 

The moment coefficients in equation 5.60 must be solved iteratively.  The 

power required to overcome the frictional drag at the end plate's outer diameter can 

be determined from 

 

P = TEω        (5.66) 

 

where  

 

TE = 0.5πρω2r4LCmc      (5.67) 

 

and L is the end plate thickness 
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 In a similar manner to the end plate's outer diameter, the moment coefficient 

Cm for one side of the end plate can be calculated from 

 

Cm = 1.935Reϕ
−0.5       (5.68) 

 

The power required to overcome the frictional drag at the end plate side faces 

can be determined for one face from 

 

P = TFω        (5.69) 

 

where  

 

Tq = 0.5ρω2d5Cm       (5.70) 

 

As there are two sides and one outer diameter to each end plate, the total power 

is calculated from the summation of equation 5.63 and double equation 5.66.  For the 

current test rig geometry, the frictional drag torque of both ends plates is estimated to 

be a maximum of 3.7% of the total rotor aerodynamic power at a rotor rotational speed 

of 1,000 RPM and a blade cyclic pitch amplitude of 40°. 

 

5.4. Aerodynamic Model Validation – Mean Rotor Performance 

 

The current BET code was validated against independent studies [30, 46, 112].  

The three studies covered a combination of experimental and computational modeling 

at a single-blade cyclic pitch amplitude with increasing rotor speed for a three and 

four-blade cycloidal rotor, as shown in figures 5.5 and 5.6.  For the three-bladed 

configuration [30,112] in figures 5.5 (a) and 5.5 (b), the thrust and power calculated 

in the current BET code are in very good agreement across the speed range considered 

when compared to the independent experimental results.  The current BET code 

results for the four-bladed configuration [46] are shown in figure 5.6 (a) for thrust and 

5.6 (b) for power.  Good agreement is seen at lower rotational speeds below 600 RPM 

when compared to experimental data, but the increased deviation is seen at rotor 

speeds above this, with thrust and power overpredicted by the current BET code.  
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Comparison with the independent computational model in figure 5.6 (a) shows the 

BET code is in good agreement across the full rotor speed range considered.   Based 

on this, the ability of the current aerodynamic to model cycloidal rotor performance 

over a single blade cyclic pitch angle has been validated for low-order, low-rotor 

speed dynamics.   

 

 

Figure 5.5 – Current study BET code mean performance parameter 

comparison to independent mean performance parameters for a three-blade 

cycloidal rotor [30, 112].  (a) Thrust and (b) Power 

 

 Additional validation of the BET code across a broad range of blade cyclic 

pitch amplitudes and rotor speeds was achieved by comparison to the baseline 

experimental measurements taken with the current test rig, as shown in figures 5.7 (a) 

to 5.7 (d) for thrust and power, respectively.  Reasonable agreement is identified 

across the entire blade cyclic pitch angle range considered, with a number of areas 

requiring further discussion.  Figure 5.7 (a) shows the X-direction force component 

(propulsive direction) and shows very good agreement with the experimental data.  

The X-direction force component varies linearly with increasing blade cyclic pitch 

angle in both cases.  The Y-direction force components (lift direction) are shown in 

figure 5.7 (b).  The overall trend between the experimental and computational model 

is identified, where thrust increases with increases in blade cyclic pitch angle.   

 

(a) (b) 
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Above 10° to 30°, the Y-direction thrust is overpredicted by the BET code.  

The experimental and BET code results cross over, and the BET code model then 

underpredicts the Y-direction force component.  This suggests that as blade cyclic 

blade pitch amplitude is increased, there are quantitative changes in the flow physics 

of the cycloidal rotor that the BET code cannot fully capture.  Confirming the findings 

of McNabb [34], where the induced drag was modified to improve the correlation 

between experimental and computational models by an induced drag correction factor, 

but that was only at a single cyclic pitch angle.  The scope of the current model 

development was to determine whether the same model could be used across a full 

range of blade cyclic pitch amplitudes, so additional factors have not been included.  

Although some deviation is seen between the experimental and computational models, 

they are within 15% of one another.   

 
 

Figure 5.6 – Current study BET code mean performance parameter 

comparison to independent mean performance parameters for a four-blade 

cycloidal rotor [46].  (a) Thrust and (b) Power 

 

Figure 5.7 (c) shows the resultant thrust level, where many of the same features 

of figure 5.7 (b) are identified.  At 0° blade cyclic pitch angle, the resultant 

experimental thrust is considerably higher than the computational model prediction 

(zero), suggesting that flow swirl and rotor inflow associated with the rotor rotation 

are higher during the experiment than that considered in the 2D reduced-order model.  

(a) (b) 
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However, above 10°, the correlation with the experimental data shows considerable 

improvement in both thrust and power levels, as shown in figure 5.7 (d).   

 

 
 

Figure 5.7 – BET code data comparison to current study baseline experimental 

mean performance parameters with changing blade cyclic pitch angle and rotor 

rotational speed.  Measured extents are shown from 500 to 1000 RPM 

 

 

5.5. Chapter Review 

 

The BET code developed and validated with independent experimental and 

computational models in the current chapter is used to calculate the cycloidal mean 

(a) 

(c) (d) 

(b) 
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and rotor vibratory response with changing blade cycle angle and rotor rotational 

speed.  In Chapter 7, the BET code is used to determine the efficacy of the reduced-

order model in cycloidal rotor analysis when compared to CFD and experimental data 

from the current research.  Finally, utilization of the BET code in relation to cycloidal 

rotor vibration optimization is outlined in Chapter 8, covering both linear and 

nonlinear optimization strategies.   

 

 The aerodynamic model developed in the current chapter combines the 

original unsteady aerodynamic model developed by Leishman-Beddoes [118,119] for 

unsteady attached oscillating aerofoil flow and an extension of the analysis undertaken 

by Benedict [4] for a cycloidal rotor.  The main novelty in the current aerodynamic 

model is that it has been extended to consider the dynamic vibratory response of the 

cycloidal rotor from 1/Rev to 16/Rev.  The model enables multiple HHC control 

inputs to be superimposed onto the baseline blade cyclic pitch angle input and includes 

a sub-function to enable an optimal HHC input to be determined for maximum 

vibratory load suppression for each cycloidal rotor operating condition required. 
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Chapter 6 – Cycloidal Rotor CFD Modelling 
 

6.1. Introduction 

 

Physical experimentation is resource hungry in terms of both time and 

manufacturing costs.  Therefore, additional computational modeling capability is 

justified to provide insight into cycloidal rotor operation and to inform and reduce the 

number of physical tests required to concentrate experimentation on key areas.  

Furthermore, CFD modeling has the advantage that design and optimization studies 

can be undertaken with reduced overhead.   

 

The current chapter provides a brief overview of some of the latest cycloidal 

rotor CFD studies, detailing the model setup, solver used, and mesh generation 

approach, where possible, to inform the current model design.  This is followed by a 

description of the CFD model used as the basis for all CFD models used in the current 

research, both for the standard and optimized cycloidal rotor.  This includes an 

explanation of the 2D CFD solver, mesh and model development, and relevant post-

processing techniques.  Methods used for results and model validation are also 

presented.  

 

The CFD models aim to calculate rotor mean performance and rotor vibratory 

response with sufficient accuracy to verify the data predicted in the BET code in 

Chapter 5 and for comparison to experimental data from the current research to 

determine the efficacy of the CFD modeling approach.  CFD modeling allows for 

improved calculation of the instantaneous blade forces and the generation of flow field 

plots with changing blade cyclic pitch amplitude to gain further insight into the overall 

flow physics of the cycloidal rotor and identify limitations of the reduced-order 

models. 

 

6.2. Independent Cycloidal Rotor CFD Model Development 

 

 Various CFD models have been developed to investigate cycloidal rotor mean 

performance in both 2D and 3D.  Some investigate rotor performance for a general 
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configuration, and others use CFD modeling to study a specific effect.  Hu et al. [46] 

used 2D CFD models to determine the effect of aerofoil thickness on a micro air 

vehicle (MAV) scale rotor, utilizing a Reynolds Averaged Navier Stokes (RANS) 

solver, OVERTURNS.   

 

An unstructured mesh was used throughout the computational domain, with 

prism mesh elements used at the blade surface to accurately capture the boundary 

layer flow effects.  The model assumed a four-blade cycloidal rotor and a moving 

mesh interface was defined at each blade to the rotor connection point, allowing each 

blade to pitch and rotate as required.  The rotor diameter and rotational speeds 

considered produced a Reynolds number between 20,000 and 80,000.  A shear stress 

transport (SST) k-ω model was used, with low Reynolds correction, to model blade 

flow separation more accurately compared with the k-ε and conventional k-ω model 

[46].  A computational domain of 30D was chosen to eliminate far-field boundary 

effects.  Following a mesh sensitivity and time step sensitivity analysis, a mesh with 

933 elements on a 70mm chord blade was optimal in conjunction with 1,200 steps per 

rotor rotation. 

 

The CFD model's mean performance results were validated against 

experimental data and showed that the 2D analyses produced results comparable to 

experimental data for all cases.  The 2D CFD analysis predicted the instantaneous 

velocity field at the rotor center span with reasonable accuracy, showing qualitative 

agreement with experimental particle image velocimetry (PIV) studies.  The 2D 

models capture the LE and shed vortices at the blades highlighted in the PIV studies 

but confirmed that the 2D simulations could not capture blade tip effects.  Hu [121] 

concluded that for low aspect ratio rotors, blade tip vortices could significantly affect 

the flow distribution at the edges of the rotor.   

 

Tang et al. [115] developed a 3D model using Ansys FLUENT 14.0 with a 

RANS solver for multiple geometries.  A structured mesh was developed for each 

model subdomain.  In the same way as [46], the sliding mesh interface allowed blade 

pitching.  The 3D analysis assumes that the blades were rigid in the spanwise direction 

and blade twist did not occur.   
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The computational domain extended 20D compared to the 30D analyzed by 

[46] to reduce computational overhead.  A k-ω SST turbulence model with low 

Reynolds correction was again used for all analyses.  A mesh sensitivity analysis was 

undertaken, but limited details on the mesh at the blade were given; only overall mesh 

cell numbers were quoted.  In the final analysis, 400 steps per rotor revolution were 

used as a time step for twelve rotor rotations, somewhat coarser than that used by Hu 

et al. [46].  Still, validation with independent experimental and computational studies 

showed good agreement. 

 

 Hu et al. [121] developed studies for a four-blade hovering cycloidal rotor at 

MAV scale, again with a 70mm chord, based on an unsteady Reynolds Averaged 

Navier Stokes (URANS) solver with 2D, 2.5D, and 3D models.  The 2.5D model was 

created from the 2D model mesh, where the 2D mesh was extruded in the spanwise 

rotor direction, creating a pseudo-3D analysis.  The study confirmed the existence of 

a three-dimensional flow field, but that 2D modeling can still predict the mean 

cycloidal rotor performance when compared to experimental data.   

 

A structured mesh was used throughout for each model type [121], with a 

mesh sensitivity analysis undertaken for the 2D geometries validated against 

experimental data.  The final mesh of 240 elements in the chordwise direction was 

used to give satisfactory results when compared to experimental data.  In all cases, the 

computational domain stretched 20D in all directions.  The Pressure Implicit with 

Splitting of Operators (PISO) scheme was used to model transience, with the second-

order implicit time step method used to increase solution accuracy. 

 

6.3. 2D CFD Modelling Assumptions 

 

The use of CFD to inform future experimentation to reduce both time and cost 

burden validates the use of CFD as a modeling technique in the current study.  The 

optimization studies rendered 3D CFD models unrealistic due to the large number of 

analyses to be undertaken, as the model run time was prohibitive.  A decision was 

made to use a 2D CFD modeling approach to represent a plane through the motor 
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midplane to reduce model run time while still being able to predict the mean cycloidal 

rotor performance compared to experimental data Hu [121].   

 

The use of a 2D analysis is subject to a number of assumptions, as the flow 

within the rotor is never truly 2D.  Firstly the blades are rigid, and blade deflection 

and or vibration does not affect the flow.  Secondly, blade tip vortices, spanwise flow 

variation, and spanwise flow separation are not accounted for within the 2D model.  

As a result, separation flow eddies that are 3D in nature are not captured in the current 

analysis.  For low aspect ratio rotors, blade tip vortices have the potential to 

significantly affect the flow distribution at the edges of the rotor.   

 

Despite this, the work undertaken by Ferrier [122] suggested the use of 2D 

modeling could be used based on the assumption that the cycloidal rotor being 

analyzed uses end plates in the rotor design.  The current experimental test rig uses 

end plates at each end of the rotor to reduce 3D flow effects in the spanwise rotor 

direction to justify the use of 2D CFD modeling.  

 

6.4. Current Study Turbulence Model 

 

 From the recent cycloidal rotor studies outlined in section 6.2., all studies use 

Reynolds Averaged Navier-Stokes (RANS) turbulence modeling methods.  

Alternative turbulence methods such as Detached Eddy Simulation (DES) and Large 

Eddy Simulation (LES) are available to improve solution accuracy, although 

simulation complexity and computational solve time are much higher.  Ferrier [122] 

concluded that when used in conjunction with a 2D geometry, a RANS turbulence 

model is the best suited for parametric studies due to the reduced solution time 

compared to DES and LES simulation while maintaining reasonable solution 

accuracy.   

 

Typically, a k-ω model is chosen to model the boundary layer and near-wall 

interactions more accurately than the k-ε model, which contains high levels of swirl 

and vorticity [123].  Wilcox [124] confirmed that the k-ω and k-ε models are well 

suited to modeling complex flows with high levels of recirculation.  But in some 
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instances, they tend to overpredict flow separation and boundary layer shear stress 

[123].  For this reason, a k-ω SST model has been implemented to predict flow 

separation and reattachment with increased accuracy compared to the standard k-ω 

model.  Ferrier [122] noted that the k-ω SST is commonly used for modeling dynamic 

stall on an oscillating aerofoil in an axial free stream and cycloidal motion.  

Computational model results [122] showed qualitative agreement with experimental 

data for a single pitching aerofoil with LE and TE vorticial shedding behavior 

captured when the k-ω SST was used.   

 

Singh and Pascoa [125] analyzed seven turbulence models on a 2D single 

oscillating aerofoil pitching in a sinusoidal motion to validate the model selection 

when operating under dynamic stall conditions.  The models included a k-ω and a k-

ω SST model, including low Reynolds number correction, using the SIMPLE 

algorithm for pressure velocity coupling developed in [126].  It was concluded that 

the k-ω solvers modeled the pre-stall characteristics of the flow well and showed good 

agreement with experimental results [127].  However, at post-stall angles of attack, 

some deviation in the blade aerodynamic coefficients was noted compared to 

experimental data, which was expected because 3D effects are not considered.     

 

Based on the number of CFD analyses to be run in the current research and 

validation of independent CFD studies to experimental data outlined in section 6.2, a 

RANS turbulence model was used in line with [122].  This gave the best comprise 

between solution accuracy and computational cost.  Based on the work of Singh and 

Pascoa [125], the k-ω SST turbulence model was used for accuracy in the prediction 

of aerodynamic blade loads, including the effects of dynamic stall and flow 

separation.  Low Reynolds number correction was also used due to the current study's 

chordwise Reynolds number varying between 17,500 and 35,000.  

 

6.5. Model Geometry 

 

 With each blade of the cycloidal rotor required to pitch cyclically, the 

inclusion of blade pitching motion can be included through the use of dynamic mesh 

zones or sliding mesh interfaces [46].  The use of dynamic mesh zones surrounding 
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the blades requires the mesh to be deformed at each time step, which can lead to 

reduced mesh quality due to increased cell skew and aspect ratio, which may require 

areas to be re-meshed if the quality is too low.  Sliding mesh interfaces are used to 

control mesh quality and simplify the overall geometry, where the mesh is not 

required to be updated, and the mesh at the interfaces does not overlap.  Hence the 

sliding mesh approach gives the best solution accuracy [46]. 

 

Three levels of mesh hierarchy are used for the current cycloidal rotor 

configuration to implement the sliding mesh interfaces, as shown in figure 6.1.  The 

far-field is modeled as the stationary domain that interfaces with the outer rotor 

rotating region that encases the blades.  Within the rotor, separate subdomains are 

specified to allow each blade to pitch independently of the rotor.  The stationary and 

rotating domains communicate with one another through sliding mesh interfaces.  

Split geometry lines were used on either side of the interfaces to control the mesh 

element sizes so that their size ratio on opposing sides is less than 2.0, eliminating the 

influence of mesh quality at the boundary [128].  The overall computational domain 

is modeled to be 30D in all directions from the rotor center, in line with [46] 

 

6.6. Mesh Generation 

 

In setting up a CFD analysis, the type of mesh and mesh resolution can 

significantly impact the reliability and accuracy of the results, as the flow field physics 

is solved for each mesh cell.  CFD meshes commonly fall into two broad categories, 

structured and unstructured meshes.  Typically in 2D analyses, structured meshes use 

quadrilateral elements, and unstructured mesh use predominantly triangles but can use 

a combination of the two-element types [129].  Structured meshes are characterized 

by their regular connectivity and formation to conform to the geometry being solved, 

resulting in improved convergence, run times, and computational overhead.  

Structured meshes are typically better suited to geometries where the flow is 

predominantly axial [122].  But these meshes have the disadvantage that model and 

mesh complexity can increase with complex model geometries and lead to small 

geometric features being removed.  This can be overcome in many cases by splitting 

the geometry up into multiple areas, known as structured multi-block meshing.  A 
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structured mesh is then applied to each sub-domain with common mesh sizes used at 

the interfaces so that the element vertices match in each domain to maintain 

connectivity. 

 

 

 

Figure 6.1 – Cycloidal rotor 2D CFD model geometry and coordinate system 

 

By contrast, unstructured meshes are characterized by their irregular 

connectivity but can still be distributed efficiently within the model domain.  They are 

not as easily stored in a 2D computational array as a structured mesh, which results in 

increased computational storage requirements on mesh connectivity data and run 

times.  Although unstructured meshes have the advantage that they can incorporate a 

wider range of geometry types without the need for model modification and 

defeaturing.  Higher mesh resolution can also be applied in critical areas of the 

geometry, such as near walls and boundaries.  In standard aerofoil CFD modeling, 

many studies adopt an unstructured grid in most of the computational domain, with a 

structured prism layer used only at the aerofoil wall [130, 131]. 
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Both unstructured [46] and structured meshes [121] have been used in the 

analysis of the cycloidal rotor in 2D and 3D with success.  The current geometry uses 

a 50mm chord, and to incorporate the small LE and TE of the blade geometry, a hybrid 

mesh of quadrilateral and tri-mesh elements, using a combination of structured and 

unstructured mesh regions, has been used, as shown in figure 6.2.  A structured mesh 

using multiple layers of prism elements was specified at the blade wall, as shown in 

figure 6.3.  Prism elements allow near-wall mesh refinement via high aspect ratio 

elements, reducing numerical diffusion at the wall and improving solution accuracy 

[129].  For the current study, the number of prism layers was set to 30, but the 

minimum requirement is usually between 10-20 [122]   

 

The y+ value was set to less than or equal to 1.0 for the first row of mesh 

elements closest to the blade to accurately capture the boundary and viscous sub-layer 

region [132], as outlined in figure 6.4 for the current turbulent model solver.  y+ is a 

non-dimensional distance that defines the ratio between the laminar and turbulent flow 

within the cell.  A low value of y+ represents a flow that is assumed to be laminar, 

and as y+ increases, a transition to turbulent flow is assumed [129].  Previous 

cycloidal rotor CFD studies have assumed a constant height for the first row of mesh 

elements to achieve the y+ value required [20]. 

 

To improve solution convergence, meshing metrics, as defined by ANSYS 

[129], were used to ensure mesh quality, covering mesh orthogonality, skewness, and 

aspect ratio.  Othrogonaility values were kept above the minimum recommended of 

0.1 and skewness less than the recommended maximum of 0.85 for a quadrilateral and 

triangular mesh in all cases.   
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Figure 6.2 – Blade rotating subdomain mesh definition 

 

 

 

Figure 6.3 – Blade wall structured mesh definition 

 

6.7. Boundary Conditions 

 

 At each blade-to-rotor domain interface, a non-conformal boundary was 

specified to define the zones on either side of each interface.  This enables a sliding 

mesh approach to be implemented, allows flow information to be shared across 
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interface regions, and allows relative motion between domains.  A non-conformal 

contact was also used to remove the need for the mesh element vertices to be identical 

on either side of the interface.  The non-slip boundary applied at each blade wall 

modeled the assumption that the flow moves at the same velocity when in contact with 

the blade.  

 

 

Figure 6.4 – Single blade Y+ contour plot with a 40° blade cyclic pitch input 

 

At the extreme edges of the computational domain, a pressure far-field 

condition was used to model the free-stream conditions at infinity, or 30D, in the 

current setup.  A turbulence intensity of 0.1% was assumed at each of the far-field 

boundaries, in line with [127]. 

 

 The air was modeled as an incompressible gas, assuming that the density is 

constant with time.  Air is considered close to incompressible below Mn of 0.3.  The 

maximum flow velocity in the current research is up to Mn of approximately 0.1.     

 

6.8. Problem Set up in Fluent 

 

 The angular velocity of the cycloidal rotor blade when undergoing pitching 

motion is not constant with time.  This cannot be achieved within the Fluent user 

interface, and a user-defined function (UDF) needs to be created.  A UDF is an 
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additional C program that is dynamically loaded into Fluent to update the rotor and 

blade positions at each time step.   

 

 Lift, drag, and pitching moment monitors were created for each blade to enable 

post-processing of instantaneous data for comparison across models and calculation 

of rotor to mean performance and vibratory response.  This also enabled the 

convergence criteria to be checked at the end of each run.  As a result, the number of 

rotations to convergence sometimes varied between analyses.  A coupled pressure-

based solver with a second-order linear upwind differencing scheme was used to 

improve convergence and model stability.  A second-order implicit time discretization 

was used throughout to account for the model's transient nature and improve accuracy. 

 

6.8.1. High-Performance Computing Setup 

 

A  high number of CFD runs were required to undertake the baseline cycloidal 

rotor configuration and optimization analyses.  Running each analysis on a desktop 

PC was impractical due to only one model running at any time.  The High-

Performance Computing (HPC) facility was used at the University of Bath, Balena, 

to overcome this.  A Fluent journal file was created for each model to automate the 

model setup process and export results for post-processing.     

 

6.9. Convergence Criteria 

 

 For the current setup, two criteria were used to monitor solution convergence.  

First, for each time step, a convergence criterion of 1x10-5 was used for all governing 

equations to ensure that the solution was well converged in each time step.  A second 

check was also undertaken to monitor the instantaneous blade loads in the X and Y 

measurement directions during each rotor rotation, as shown in figure 6.5, where 

instantaneous rotor resultant thrust is shown over multiple rotations.  An RMS error 

analysis was undertaken between each azimuthal position for subsequent rotations, 

and an overall error was calculated.  The model was assumed to be converged when 

the overall RMS error between rotations was less than 0.1%.  The example shown in 

figure 6.5 has an overall RMS of 0.065%. 



CHAPTER 6 – Cycloidal Rotor CFD Modelling 

171 

 

 

 

Figure 6.5 – Instantaneous rotor resultant thrust analysis over multiple rotor 

rotations 

 

6.10. Grid Sensitivity Studies 

 

The quality of the mesh can have a large effect on the predicted rotor mean 

and vibratory loads.  Therefore, mesh dependency analyses were undertaken similarly 

to [30,121] for three separate meshes to find an optimum mesh configuration.  Each 

subsequent mesh contained an increased number of cell elements, achieved by 

increasing the number of chordwise mesh elements on the blade chord for a single 

configuration, assuming a blade cyclic pitch amplitude of 40°.  The overall cell count 

of the three mesh configurations was 175,486, 451,283, and 625,842, associated with 

150, 300, and 450 elements on the pressure and suction sides of the blade, 

respectively.  This gives a chordwise mesh element length of between 0.33mm and 

0.11mm.   

 

Mean rotor performance coefficients were used to gauge mesh efficacy.  A 

0.34% deviation in the resultant coefficient of thrust was calculated between the 300 

and 450 chordwise element mesh, but run time increased by 48%.  As a result, the 

mesh configuration with 300 chordwise mesh elements gives the best combination of 
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solution accuracy and run time.  The mesh was taken forward for subsequent analyses, 

giving a chordwise element size in line with [125]. 

 

6.11. Time Step Sensitivity Study 

 

 For transient analysis, mesh density is not the only optimization required.  A 

time-step optimation must also be undertaken to ensure the solution is time-step 

independent.  A total of six-time steps were considered corresponding to an azimuth 

increment between 0.1° and 5°, as shown in figure 6.6, where the resultant coefficient 

of thrust is calculated for the chosen mesh configuration.   The calculated delta 

between the coefficient of thrust at a time-step increment of 0.1° and 0.5° reduces by 

1.02%, but the solution time increases by a factor of 5, making each run 

computationally expensive.  As a compromise, an azimuth increment of 0.25° was 

adopted for all studies, giving 1,440 increments per rotor revolution compared to 

1,200 utilized by [46].  

 

 

 

Figure 6.6 – Transient CFD mean rotor performance time step sensitivity 

analysis 
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6.12. Data Reduction 

 

Before presenting the CFD model data, data processing and reduction 

methodologies are presented to calculate the mean rotor performance and dynamic 

vibratory response.  Finally, the performance parameters are presented in non-

dimensional form. 

 

6.12.1. Mean Rotor Performance 

 

The individual CFD instantaneous force data from the X and Y direction force 

monitors Fx and Fy are summed over the total number of blades to calculate the 

instantaneous rotor forces in the two measurement directions.  The data sets were 

phase averaged over the last five analysis rotations once the convergence criteria had 

been met, as outlined in section 6.8.  The resultant instantaneous forces in the X and 

Y directions are given by; 

 

FxR
= ∑ Fx

N𝑏
q=1        (6.1) 

 

and  

 

FyR
= ∑ Fy

N𝑏
q=1        (6.2) 

 

The resultant rotor instantaneous force profile is then given by  

 

FRR
= √FxR

2 + FyR

2
       (6.3) 

 

FRR
 is then used to calculate the mean rotor thrust, FR.   

 

The instantaneous blade forces in the X and Y directions were resolved into 

tangential and normal force components relative to the rotor base diameter to calculate 

the instantaneous blade torques, QB.  The blade torque was calculated from the blade 
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tangential force.  Individual blade torques are then summed over the total number of 

blades to calculate the instantaneous rotor torque profile 

 

QR = ∑ QB
Nb
q=1         (6.4) 

 

QR is then used to calculate the mean rotor torque, Q.  The mean rotor power 

was calculated from  

 

𝑃 = Qω        (6.5) 

 

where ω is the rotor angular velocity.   

 

All results are presented as non-dimensional coefficients for comparison with 

independent studies, where CT and CP represent the coefficient of thrust and power, 

respectively, defined by 

 

CT =  
T

ρaARω2R2       (6.6) 

and  

 

CP =  
P

ρaARω3R3       (6.7) 

 

where ρa is the air density, AR is the rotor planform area, and R is the radius 

of the rotor. 

 

6.12.2. Rotor Vibratory Response 

 

Each CFD model data set, corresponding to a specific rotor speed and blade 

cyclic pitch angle, was analyzed to calculate the rotor vibratory response.  Data in the 

X and Y directions were phase averaged in a similar manner to section 4.6 to produce 

the resulting rotor vibratory response over one rotation in two orthogonal 

measurement directions.  A Fast Fourier Transform (FFT) was undertaken, and the 

magnitude and phase of each signal in the X and Y directions were extracted for the 
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first 16 rotor harmonics from 1/Rev to 16/Rev for comparison with experimental and 

BET code data.  The magnitude and phase of each harmonic were converted into 

equivalent sine and cosine components to aid later optimization studies. 

 

6.12.3. Vortex Shedding Characteristics 

 

The Q-criterion was calculated to enable comparison between cases with 

different blade cyclic pitch amplitude inputs.  The Q-criterion defines vortices as areas 

where the vorticity magnitude is greater than the magnitude of the rate of strain, where  

 

Q = 0.5(||Ω||2 − ||S||2)      (6.8) 

 

and Ω is the vorticity tensor and S the strain rate tensor.  Using the Q-criterion, a 

region with Q > 0 represents the existence of a vortex and flow rotation.   

 

6.13. Flow Periodicity 

 

 It was important to understand how the rotor flow and vortex shedding varies 

with time to enable a method to be developed for rotor vibration suppression.  A 

system where the flow is random or periodically unsteady is difficult to optimize 

because the system response varies in every subsequent rotation.  The induced rotor 

inflow and wake were overlaid for multiple rotor rotations as outlined in figure 6.7, 

with a 40° blade cyclic pitch input to assess the periodicity of the flow.  Figure 6.7 

illustrates that the resultant flow vectors overlapped on each rotation when the 

solution was converged, meaning the flow was a steady periodic flow.  As a result, it 

becomes easier to predict rotor performance.  In addition, it enables a control 

optimization methodology to be developed that does not change with time when the 

rotor is hovering.    
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Figure 6.7 – Rotor wake periodicity check over three-rotor rotations, with a 40° 

blade cyclic pitch input 

 

6.14. CFD Model Validation  

 

The current section summarises the validation of the current CFD modeling 

approach against three independent studies [30, 46, 112] at a single blade cyclic pitch 

angle with increasing rotor speed for a three and four-blade cycloidal rotor by 

recreating the geometries defined in the respective papers.  The studies include both 

computational and experimental data sets. 

 

6.14.1.  Independent Study Flow Field Comparison 

 

A qualitative agreement was sought for the current CFD modeling approach 

before an in-depth analysis of mean rotor and instantaneous blade loads outlined in 

[98] was undertaken.  This was achieved through a comparison of the velocity 

contours and streamline data published in [121], as shown in figures 6.8 and 6.9, 
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respectively, to those developed in the current research for the same geometry.  Figure 

6.8 shows that at blade position B1, the blade is undergoing dynamic stall will LE 

vortices being shed.  At the same time, blade B2 is beginning to separate at the LE.  

A vortex structure shed from the TE of blade B3 is also being convected into the blade 

wake in the northwest quadrant.  The streamlines confirm the convection of vortices 

from blades B1 and B3 in figure 6.9.  Vortices can be identified in the northwest and 

southeast quadrants and below the rotor in the far-field wake.  

 

 

 

Figure 6.8 – Resultant velocity contour plot of a four-blade hovering cycloidal 

rotor with a 45° blade cyclic pitch input [121] 

 

Reproduction of the model in [121] with the current methodology is shown in 

figure 6.10 for velocity contours.  Concentrating on the flow artifacts highlighted 

above, it can be seen that the overall flow structure is in very good qualitative 

agreement between the two approaches, with the vortices being shed from blades B1 

and B3 being almost identical visually.  The vortices in the northwest and southeast 

quadrants are also identified.  Blade instantaneous forces were also compared for one 

rotor revolution in the X and Y measurement directions.  The peak RMS error was 

calculated to be 2.4% between the published and calculated data, providing initial 

validation of the proposed modeling approach. 

 

B1 

B2 

B3 

B4 
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Figure 6.9 – Plot of velocity streamlines of a plot of a four-blade hovering 

cycloidal rotor with a 45° blade cyclic pitch input [121] 

 

6.14.2.  Independent Study - Mean Rotor Performance Comparison 

 

A comparison of the current CFD modeling approach to the three-bladed 

configuration defined in [112] is shown in figures 6.11 (a) and (b) for mean rotor 

thrust and power.  The thrust results from the current CFD model in figure 6.11 (a) 

are in very good agreement across the speed range 900 to 1,800 RPM compared to the 

independent experimental and CFD results.  Above 1,800 RPM, the rate of change of 

thrust with rotational speed increases experimentally but is not replicated in the 

independent CFD analysis; the thrust is also underpredicted.  Compared to the CFD 

results in [30], the current CFD study over-predicts the mean thrust but shows closer 

agreement with the experimental data.  Between 1,800 and 2,000 RPM, the thrust is 

again underpredicted, which could be due to an experimental anomaly instead of a 

modeling inaccuracy.  A similar trend is identified in figure 6.11 (b) for rotor power, 

with good agreement between results across the rotational speed range considered. 
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Figure 6.10 – Resultant velocity contour plot of the four-blade hovering 

cycloidal rotor from the current CFD analysis model, with a 45° blade cyclic 

pitch input 

 

 

Figure 6.11 – Current CFD study methodology mean performance parameter 

comparison to independent mean performance parameters for a three-blade 

cycloidal rotor [30,112].  (a) Thrust and (b)  Power 

 

(b) (a) 
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The current CFD model results for the four-bladed configuration [46] are 

shown in figure 6.12 (a) for thrust and 6.12 (b) for power.  Good agreement is seen at 

lower rotational speeds below 700 RPM in both cases.  Above this, an increased 

deviation between published experimental and CFD thrust results is seen, with the 

current CFD model results lying between the two published datasets.  The calculated 

power at each analyzed rotational speed for the current CFD model, as shown in figure 

6.12 (b), is in very good agreement with the experimental data presented in [46] up to 

700 RPM and between the two data sets thereafter.  Based on this, the ability of the 

current CFD modeling methodology to model cycloidal rotor mean performance 

comparable to independent studies is validated.   

 

 

Figure 6.12 – Current CFD study methodology mean performance parameter 

comparison to independent mean performance parameters for a four-blade 

cycloidal rotor [46].  (a) Thrust and (b) Power 

 

6.14.3.  Current Research Model - Mean Rotor Performance 

Validation 

 

Additional validation of the 2D CFD modeling approach was also undertaken 

by comparison to the baseline experimental measurements taken with the test rig and 

BET code developed in the present work.  This is shown in figures 6.13 (a) and 6.13 

(b) (a) 
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(b) for thrust and power, respectively.  Again, good agreement is identified across the 

entire blade cyclic pitch angle range considered.  CFD calculated thrust values fall 

within the experimental measurement range in all cases, with one area requiring 

further discussion.  At low blade cyclic pitch angles between 0° and 5°, the resultant 

experimental thrust is over the measured experimental range is considerably higher 

than those predicted by the computational models.  The CFD model replicates the 

findings of the BET code results at the extreme low end of the blade cyclic pitch angle 

inputs, which is possibly attributable to the effect of the rotor end plates on force 

generation at low pitch amplitudes.   

 

 

 

Figure 6.13 – Current CFD study data comparison to current study baseline 

experimental mean performance and BET-code parameters with changing 

blade cyclic pitch angle and rotor rotational speed.  Measured extents are 

shown from 500 to 1,000 RPM 

 

Figure 6.13 (b) shows the rotor power coefficient.  Above a blade cyclic pitch 

angle of 30°, the computational model power is underpredicted by up to 10% at a 

blade cyclic pitch amplitude of 40° related to 3D flow losses due to spanwise flow 

variation and flow swirl.  This is not accounted for fully in the 2D model that 

approximates the flow at the rotor center span.  However, below 30°, the correlation 

with the experimental data shows considerable improvement.  Based on this, the 

(a) (b) 
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current CFD modeling methodology has been validated for cycloidal rotor 

performance over multiple rotational speeds and blade cyclic pitch amplitude between 

5° and 40° when the maximum underprediction compared to experimental data is up 

to 10% at a blade cyclic pitch amplitude of 40° is considered. 

 

6.15. Further Computational CFD Model Development 

 

By nature, the flow with the cycloidal rotor is not 2D, with 3D effects 

becoming more significant in low aspect ratio (AR) configurations due to the 

contribution of blade tip vortices and blade vortex interaction (BVI).  Both blade tip 

vortices and BVI are a large source of unsteady rotor air loads that can limit the 

cycloidal rotor's hover and forward flight performance.  Many challenges still exist to 

capture these effects faithfully.  To account for the 3D flow effects, the 2D CFD 

models can be extended to 3D to add more accuracy and consider 3D flow effects. 

 

The analysis of a 3D CFD model will enable the influence of certain rotor 

design features on the performance of the cycloidal rotor to be considered.  Two 

examples are; end plate diameter and blade twist.  The effect of the end plate on the 

rotor flow cannot be captured with a 2D CFD analysis, but varying diameters can be 

analyzed in a 3D model to establish the sensitivity of the rotor aerodynamic 

performance to changes in end plate geometry.  A 3D CFD analysis assumes the rotor 

blades are rigid without deflection or twist.  Implementing a 3D fluid-structure 

interaction (FSI) model would enable a higher fidelity model to be developed 

accounting for blade deformation, which would be useful during aeroelastic and 

vibration analyses.  However, it is worth noting that the transition to a 3D CFD model 

comes at the expense of computational setup and run time.   

 

3D analyses will enable the modeling of several key features of the cycloidal 

rotor, including the modeling of dynamic stall and blade tip vortex formation.  Both 

dynamic stall and blade tip vortices include large recirculating turbulent separated 

flow regions that require a large number of mesh points in the regions of interest to 

capture the phenomena accurately.  The accuracy of nearly all CFD models is grid-

dependent.  Meshing techniques will need to be developed in a similar manner to 
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conventional rotorcraft, where mesh grid adaptive techniques have been used to allow 

meshes to be refined only where required with good success [117] while reducing 

computational overhead.  This will enable the 3D flow effects pertinent to the 

cycloidal rotor to be captured more accurately.   

 

As a follow-on from modeling the 3D flow features on a micro level, a suitable 

meshing strategy must also be developed on a macro level to enable the rotor wake to 

be modeled and predict the subsequent convection of vorticity through the flow field.  

This will allow more information on the overall performance of the rotor to be 

obtained and an understanding of the overall flow field to be developed while reducing 

numerical error and artificial diffusion, which has posed a considerable challenge in 

conventional rotorcraft studies [117]. 

 

The majority of industrial CFD analyses assume a  Reynolds Averaged 

Navier-Stokes (RANS) turbulence model to give a compromise between model run 

time and solution accuracy.  An alternative method to model the larger vorticial 

structures is the use of Large Eddy Simulation (LES).  LES is able to predict vortex 

shedding and flow recirculation accurately and model turbulence with much higher 

accuracy than RANS models, although run time can be significantly higher.  There is 

much scope to model the 3D cycloidal rotor flow features accurately, but the scope 

and targets of each study need to be considered individually.  The use of LES in the 

current research would have been time prohibitive. 

 

6.16. Chapter Review 

 

The current chapter has outlined the methods used to validate the development 

of the current CFD modeling approach with experimental results from the current 

research and independent experimental and computational models.  The CFD study 

has shown that the 2D CFD modeling approach developed can predict the mean rotor 

performance with reasonable accuracy compared to the current experimental data and 

independent data sets. 
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In Chapter 7, the CFD model developed is compared with the BET code and 

experimental results generated in the current research to determine the efficacy of the 

2D model in the calculation of cycloidal rotor vibratory response for the baseline 

cycloidal rotor configuration.  Finally, the 2D CFD model is used in the cycloidal 

rotor vibratory response optimization study outlined in Chapter 8.   
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Chapter 7 – Dynamic Hub Loading of a Cycloidal Rotor 
 

7.1. Introduction 

 

The accurate calculation of rotor vibratory loads is important in designing for 

reduced component fatigue and increased rotorcraft reliability.  However, compared 

to conventional rotorcraft, the vibratory response of the cycloidal rotor is little 

researched.  The present chapter describes the first known experimental and 

computational modeling investigation to characterize the vibratory response of a 

cycloidal rotor in hover with varying blade cyclic pitch amplitude and rotor speed.   

 

Following the successful validation of the reduced-order computational and 

CFD models with respect to the mean rotor performance, as developed in Chapters 5 

and 6, this chapter aims to determine the extent to which numerical models of varying 

fidelity can be used to determine rotor vibratory hub loads.   

 

The rotor vibratory response is analyzed, and differences between the 

computational models and the dynamic experimental test results are identified.  The 

dynamic experimental test results are determined using the experimental techniques 

developed in Chapter 4 to dynamically calibrate the force-torque sensor instantaneous 

experimental results to account for the dynamic response of the test rig developed in 

Chapter 3.  Further post-processing of the computational model flow fields is then 

used to gain further insight into the physical mechanisms behind the rotor vibratory 

response. 

 

7.2. Background to Rotorcraft Rotor Vibration 

 

 Rotorcraft vibration emanates from several sources, including unsteady 

aerodynamic loads acting on the rotor blades, engine and gearbox vibration, and rotor-

fuselage interaction.  The current research focuses on the evaluation of rotor unsteady 

aerodynamic loads only.   
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Alternating aerodynamic loads are entirely periodic [133].  This means they 

repeat during each rotor revolution and must be multiples of the rotor rotational speed.  

The aerodynamic loads acting on the rotor blade occur due to the variation in blade 

effective angle of attack (AOA) with changes in rotor azimuth angle due to the 

changing blade relative velocity and overall blade geometric pitch angle, θS.  In the 

calculation of the blade lift and drag forces, the calculated forces vary with the square 

of the blade’s relative velocity using standard equations, resulting in sin2(Ψ) terms 

from the definition of the blades’ relative velocity in Chapter 5.  Where sin2(Ψ) can 

be written as  

 

sin2(Ψ) =
1

2
−

1

2
cos(2Ψ)      (7.1) 

 

Equation 7.1 shows that blade velocity variation with azimuth contains 

multiple harmonics.  When the interaction of all the rotor blades is considered, the 

individual blade aerodynamic loads sum at the rotor hub to generate higher harmonics 

of periodic force [133].   

 

To validate the vibratory loads measured at the rotor hub in the nonrotating 

frame and to develop an optimization methodology to reduce rotor vibratory loads, it 

is vital to determine how the periodic blade forces combine to generate a resultant 

rotor hub load.  In order to provide a check for the results presented in the current 

chapter and the higher harmonic control (HHC) optimization analysis undertaken in 

Chapter 8, an example to show how the individual blade forces change between the 

rotating and nonrotating frame will be provided based on a conventional helicopter 

blade lag hinge in-plane load provided in Gessow [133].  A typical two-bladed 

helicopter rotor is shown in figure 7.1, where the lag hinge tangential force Ftan is 

given by   

 

Ftan = Fosin(nΨ)       (7.2) 

 

where Fo is the aerodynamic force amplitude.  At any instant with changes in blade 

azimuth position, the component of Ftan acting is 
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Fin = Ftansin(Ψ)       (7.3) 

 

 

 

Figure 7.1 – Conventional helicopter two-blade rotor geometry [134] 

 

 Equation 7.3 contains the product of two sine terms, and, using standard 

trigonometric identities, the product of the sine terms can be written as 

 

sin(nΨ) sin(Ψ) =
1

2
(cos(nΨ − Ψ) − cos(nΨ + Ψ))  (7.4) 

 

Factoring equation 7.4 then gives  

 

sin(nΨ) sin(Ψ) =
1

2
(cos(Ψ(n − 1)) − cos(Ψ(n + 1)))  (7.5) 

 

Equation 7.5 shows that the product of two sine terms (or cosine terms) can be 

written as the sum of terms at a frequency n + 1 and n – 1, where n represents the 

frequency per revolution.  All analyses assume that the rotor is tracked, meaning that 

the design and manufacture of all rotor blades are identical [85], along with the applied 

individual blade aerodynamic loads.  These assumptions mean that only forces that 

are integer multiples of the blade number will be transmitted to the rotor hub and the 

nonrotating frame [86].  Therefore a four-bladed rotor can experience rotor hub loads 

at only 4/Rev, 8/Rev, and 12/Rev, etc.  All other frequencies cancel at the rotor hub 

[86].   
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The assumption that only integer multiples of the blade number are transmitted 

to the rotor hub is proven by the summation of sine terms at n + 1 and n – 1 in equation 

7.5.  For example, if a blade aerodynamic force acts at 3/Rev, assuming a four-blade 

rotor, the 3/Rev blade force can be broken down into a 2/Rev and 4/Rev component.  

The 2/Rev components will cancel due to the phase difference between individual 

blade loads [133], and only the 4/Rev force component force will be transmitted to 

the rotor hub in the nonrotating frame.  Therefore, a 3/Rev force input in the rotating 

frame produces a 4/Rev force at the rotor hub in the nonrotating frame.   

 

7.3. Analysis of Uncorrected and Corrected Experimental Rotor 

Vibratory Hub Loads 

 

 During the experiments, the rotor hub forces and torques measured at the 

iCUB sensor include the dynamic response of the cycloidal test rotor and the sensor 

system.  For each test performed, at varying rotor rotational speed and blade cyclic 

pitch angle input, the dynamic response of the overall system was calculated using the 

methods developed in Chapter 4 to determine the overall system vibratory response 

at integer multiples of the rotor rotational speed.     

 

To allow the calculated dynamic forces to be corrected for the dynamics of the 

test rig sensor system, the calculated system vibratory response is corrected using the 

transfer functions presented in Chapter 4 for each rotor force measurement axis.  This 

process produces two sets of data, an uncorrected dataset based on the calculated 

experimental overall system vibratory response and a corrected dataset considering 

the sensor dynamic calibration process.    

 

The uncorrected and corrected results were plotted for each test point.  A 

representative example is shown in figure 7.2 and figure 7.3 for the X and Y 

measurement directions, respectively, for the first 16 rotor harmonics at a rotor speed 

of 600 RPM and 40° blade cyclic pitch amplitude.  The effect of the dynamic 

calibration can be seen in figure 7.3, where the 4/Rev vibratory response is reduced 

by approximately 40% following results correction.   
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In standard rotorcraft theory, the rotor hub acts as a band-pass filter.  Only 

kNb/Rev harmonic loads are transmitted to the nonrotating frame [85], as previously 

mentioned, where Nb represents the blade number, and k is a positive integer.  Figures 

7.2 and 7.3 show that there is significant vibration at harmonics other than kNb/Rev 

transmitted to the nonrotating frame for the current four-blade rotor. 

 

 
 

Figure 7.2 – Rotor X-direction uncorrected and corrected rotor Coefficient of 

Thrust amplitude vibratory response at a rotational speed N = 600RPM and 

blade cyclic pitch angle of 40° 

 

 
 

Figure 7.3 – Rotor Y-direction uncorrected and corrected rotor Coefficient of 

Thrust amplitude vibratory response at a rotational speed N = 600RPM and 

blade cyclic pitch angle of 40° 
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Based on the test rig driveline frequencies defined in tables 7.1 and 7.2, the 

main non-integer harmonic seen in the vibratory response, where possible, can be 

rationalized as follows.  Manufacturing and setup discrepancies, such as variations in 

blade manufacture, produce the 1/Rev response, in addition to the 1/Rev force 

generated due to rotor asymmetric blade pitching.  The 2/Rev is attributable to the 

spindle and motor bearing ball pass frequency, and the 5/Rev harmonic represents the 

drive gearing assembly phase frequency.   

 

A 7/Rev harmonic is attributable to the main drive motor frequency, and the 

10/11/Rev component is associated with the drive motor and corresponds to the 

estimated main drive motor gearbox frequency.  Finally, the 15/Rev harmonic 

represents the main drive gearing tooth mesh frequency.   

 

Table 7.1 – Test rig driveline frequency harmonic summary 

Parameter Rotor Harmonic, N/rev 

Rotor Gear Frequency 1 

Rotor Pinion Frequency  1/3 

Drive Gearing Tooth Mesh Frequency 15 

Drive Gearing Assembly Phase Frequency 5 

Drive Gearing Tooth Repeat Frequency   1/15 

Main Drive Motor Frequency 7.05 

Main Drive Motor Gearbox Frequency 10.22 

 

Table 7.2 – Test rig rolling element bearing frequency harmonic summary 

Parameter Rotor Harmonic, N/rev 

Rotor Spindle Bearing Fundamental Train Frequency 0.397 

Rotor Spindle Bearing Ball Pass Frequency Inner Race 4.82 

Rotor Spindle Bearing Ball Pass Frequency Outer Race 3.18 

Rotor Spindle Bearing Ball Spin Frequency 2.022 

  
Motor Spindle Bearing Fundamental Train Frequency 0.14 

Motor Spindle Bearing Ball Pass Frequency Inner Race 1.931 

Motor Spindle Bearing Ball Pass Frequency Outer Race 1.402 

Motor Spindle Bearing Ball Spin Frequency 0.887 
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To understand how the amplitude of the rotor harmonics change in the X and 

Y measurement directions with blade cyclic pitch angle variation from 0° to 40°, 

harmonics from 1/Rev up to 16/Rev at a rotational speed of 600 RPM were analyzed, 

as shown in figure 7.4.  The error bars represent the measured variation in harmonic 

amplitude range when considering the full range of blade cyclic pitch amplitude tested 

from 0° to 40° in 5° increments.  The bars are the mean values of the measured 

harmonic amplitudes in the X and Y measurement directions.  

 

Figure 7.4 confirms that the non-blade pass frequency harmonics are relatively 

constant with increasing blade cyclic pitch amplitude and are not related to 

aerodynamic loading and thrust generation, as thrust increases with increasing blade 

cyclic pitch amplitude.  While these non-blade pass frequency harmonics are pertinent 

to understanding the operation of the current test rig, these harmonics are not intrinsic 

in general cycloidal rotor operation and will not be considered further in the current 

research.   

 

 
 

Figure 7.4 – Mean rotor vibratory hub load Coefficient of Thrust amplitude 

from a blade cyclic pitch angle 𝛉𝐁𝐋 of 0° to 40° in the X and Y measurement 

directions, including the calculated measured range of the Coefficient of Thrust 

amplitude variation with changes in blade cyclic pitch angle at rotor rotational 

speed, N = 600 RPM 

 

The 4, 8, 12, and 16/Rev harmonics in the X and Y measurement directions 

were considered to understand how the kNb/Rev rotor harmonics vary with blade 

cyclic pitch angle and thrust generation, representing the first four harmonics of the 
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blade pass frequency, Nb, 2Nb, 3Nb, and 4Nb/Rev.  The 4/Rev vibratory response is 

shown in figures 7.5 (a) and 7.5 (b) for the X and Y directions, where increased 4/Rev 

modulation is shown as the blade cyclic pitch angle increases past 15°.  At low blade 

cyclic pitch inputs up to 20°, the X and Y mean 4/Rev components are comparable 

with an amplitude between 0.03 and 0.04.  At 20° blade cyclic pitch angle and above, 

there is an increase in the rate of change in the X-direction 4/Rev response compared 

to the Y-direction, up to a maximum X-direction amplitude of 0.38 compared to 0.28 

in the Y-direction.  The reasons for this change will be analyzed further in subsequent 

sections.   

 

 
 

Figure 7.5 – Rotor 4/Rev Coefficient of Thrust amplitude variation with blade 

cyclic pitch angle.  With the measured range shown from 500 to 1000 RPM (a) 

X measurement direction (b) Y measurement direction 

 

Despite the mean rotor performance non-dimensional coefficients remaining 

constant with changing rotor rotational speed at a given pitch angle in Chapter 4, this 

was not found to be the same when analyzing the harmonic components identified by 

the measured range bars in figures 7.5 (a) and 7.5 (b) for the 4/Rev response.  Above 

a blade cyclic pitch input of 15°, the X-direction variation with rotational speed is 

greater than the corresponding Y-direction test point.  The X-direction amplitudes are 

skewed by the resonance peaks shown in figure 4.11 (a) at 46.66 Hz and 53.33 Hz, 

which coincide with the rotor 4/Rev response at 700 and 800 RPM, highlighting the 

(a) (b) 
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sensitivity of the vibratory response to changes in rotor speed.  This sensitivity is 

driven by the assumptions made in the dynamic calibration test setup, such as the 

excitation force application point and shaker test stand design effective stiffness and 

the nonlinearity identified in the THD study.  The relative delta at each cyclic pitch 

angle increases with pitch angle increase due to modulation of the 4/Rev response, 

amplifying differences in results with changes in rotor speed.    

 

The mean amplitudes of the higher harmonics of the blade pass frequency at 

8, 12, and 16/Rev are shown in figures 7.6 (a-b), 7.7 (a-b), and 7.8 (a-b) for the X and 

Y-directions, respectively.  A key finding from figures 7.6 to 7.8 is that the higher 

blade pass frequency harmonics do not change notably with increasing blade cyclic 

pitch amplitude and thrust generation.   The higher blade pass frequencies can be 

assumed to be constant with changes in blade cyclic pitch input within the constraints 

of the current experimental setup.  The 8/Rev response shows increased variation in 

the X and Y-directions when compared to the 12 and 16/Rev responses.   

 

At low pitch angles below 15°, the amplitude of the higher blade pass 

harmonics is comparable to the 4/Rev response, but as the blade cyclic pitch amplitude 

increases, this finding breaks down.  From this, the hub loads associated with higher 

harmonics of blade pass frequency at 2Nb (8/Rev), 3Nb, and 4Nb/Rev are much smaller 

than the Nb/Rev component with increasing cyclic pitch amplitude, which is not 

unexpected when compared to standard helicopter vibration [85].   
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Figure 7.6 – Rotor 8/Rev Coefficient of Thrust amplitude variation with blade 

cyclic pitch angle.  With the measured range shown from 500 to 1000 RPM (a) 

X measurement direction (b) Y measurement direction 

 

 
 

Figure 7.7 – Rotor 12/Rev Coefficient of Thrust amplitude variation with blade 

cyclic pitch angle.  With the measured extents shown from 500 to 1000 RPM (a) 

X measurement direction (b) Y measurement direction 

 

(a) (b) 

(a) (b) 
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Figure 7.8 – Rotor 16/Rev Coefficient of Thrust amplitude variation with blade 

cyclic pitch angle.  With the measured extents shown from 500 to 1000 RPM (a) 

X measurement direction (b) Y measurement direction 

 

7.4. Computational Modelling Rotor Vibratory Hub Loads 

 

The present section presents the 2D CFD and BET code computational model 

cycloidal rotor vibratory response over a range of rotor speeds and blade cyclic pitch 

amplitudes at the fundamental blade pass frequency of 4/Rev in line with standard 

rotorcraft studies as the main harmonic associated with rotor vibration [85] and based 

on the findings of section 7.3.  Both computational models assume that the rotor is 

tracked; as such only harmonics of the blade pass frequency are transmitted to the 

nonrotating frame [85].   

 

The rotor 4/Rev vibratory response, as predicted by the CFD and BET code 

model in the X and Y directions, is shown in figure 7.9 (a) and figure 7.9 (b).  The 

BET code predicts a similar 4/Rev vibratory response in the X and Y directions due 

to the assumed uniform rotor inflow.  Below a blade cyclic pitch amplitude of 15° 

minimal vibration is identified in the X and Y directions.  The vibration level then 

begins to increase in both directions with increasing blade cyclic pitch amplitude up 

to a maximum of approximately 0.12 at a blade cyclic pitch amplitude of 40°. 

 

(a) (b) 
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 Between a blade cyclic pitch amplitude of 0° and 15°, only a small deviation 

exists between the CFD and BET code results in the X and Y directions.  However, 

above a blade cyclic pitch amplitude of 25° in the X direction and 20° in the Y 

direction, the deviation between the CFD and BET code model increases, with the 

CFD predicting a higher 4/Rev vibratory response in both measurement directions.  

At a blade cyclic pitch amplitude greater than 35°, the CFD model predicts a shift in 

the rate of change of 4/Rev amplitude with blade cyclic pitch amplitude increase, 

which is more pronounced in the X-direction.   

 

 
 

Figure 7.9 – Rotor 1Nb/Rev Dynamic Thrust Coefficient amplitude  

(a) Rotor X Direction and (b) Rotor Y Direction 

 

7.5. Experimental and Computational Model Vibratory Hub Load 

Comparison  

 

It was hypothesized that the vibratory response of any blade pass frequency 

harmonics, when non-dimensionalized, would be constant with changes in rotor speed 

for a given blade cyclic pitch amplitude.  Based on both computational models 

calculating the mean non-dimensional thrust and power coefficients to be almost 

constant with changing rotor speed for a given blade cyclic pitch amplitude.  Both 

computational models calculate the rotor vibratory response to be constant with 

changing rotational speed, as shown in figure 7.9. 

a) b) 
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However, experimentally, significant variation with changes in rotational 

speed exists for the 4/Rev response in the X and Y directions, as shown in figure 7.9 

by the error bars, which represent the measured range of 4/Rev amplitudes from 500 

to 1,000 RPM.  The variation in experimental results at a given blade cyclic pitch 

amplitude is down to a number of factors.  Firstly test rig calibration setup, the 

dynamic shaker applies a point load at one rotor spanwise position, which is a typical 

approach (e.g., see [100]).  In reality, the rotor aerodynamic and inertial loads are 

distributed across the rotor span and applied to the shaft at either end.  Secondly, with 

rotor speed change, there will inevitably be some physical rotor inflow and flow 

distribution variation that will affect aerodynamic load generation and vibratory 

response.  The computational models do not take the variation of rotor inflow into 

account.   

 

An overarching trend can be identified in the 4/Rev vibratory response with 

changing blade cyclic pitch amplitude in both measurement directions, as shown in 

figure 7.9 (a) and figure 7.9 (b) when comparing both computational models to the 

experimental data.  As the blade cyclic pitch amplitude increases, the amplitude of the 

4/Rev thrust coefficient vibratory response sees increased modulation in both 

measurement directions.  The 4/Rev response in the X and Y directions in all three 

approaches is reasonably constant up to a blade cyclic pitch amplitude of 15°, with 

the largest variation in vibratory response in all cases seen between a blade cyclic 

pitch amplitude of 20° and 40°.   

 

The CFD model captures the flow features relevant to higher-order dynamics 

that cannot be captured by the BET model, including qualitative changes in flow 

regimes at different cyclic pitch amplitudes.  As such, the correlation between the 

CFD model and experimental data is in closer agreement qualitatively than the BET 

code.  In both measurement directions, the 4/Rev response predicted by the CFD 

model is in reasonable quantitative agreement with the experimental data but is offset, 

and the magnitude under all conditions is underpredicted.  This suggests that the blade 

wake interactions and interaction of adjacent blades are stronger in reality than 

predicted computationally.  Physical flow nonuniformity also affects the variation of 

the vibratory response between the CFD and experimental data.   
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7.6. Computational Model Blade Instantaneous Force Analysis  

 

From the comparison of results in section 7.5, it is thought that the blade vortex 

interaction is responsible for the differences between CFD, BET code, and 

experimental vibratory response.  The modeling of this behavior is critical in 

predicting the response of the rotor.  Of particular interest is the more significant 

qualitative change seen in the behavior of the CFD and experimental results between 

blade cyclic pitch amplitude of 20° and 40°.  This section further examines the 

computational results from these two cases to establish how qualitative changes in the 

rotor flow field affect rotor vibratory response to understand the differences between 

the computational model results.   

 

Instantaneous blade loads from the CFD study are plotted in figure 7.10 (a-b) 

for a blade cyclic pitch amplitude of 20° to check the validity of the uniform rotor 

inflow assumption used in the BET code at lower blade cyclic pitch amplitudes.  

Correlation between the four-bladed rotor CFD and BET code at a cyclic pitch 

amplitude of 20° is reasonable, with deviation noted in a few areas in both the X and 

Y directions.   

 

Figure 7.10 (a) shows that the BET code underpredicts the X-direction force 

at Ψ = 180°, representing the rotor’s left-side position.  Figure 7.11 shows a plot of 

rotor inflow velocity, non-dimensionalized by rotor speed.  At Ψ = 180 (position -

0.1,0), there is little downwash on either side of the blade.  At this position, the 

direction of the inflow within the rotor would reduce the relative blade velocity 

predominantly in the tangential direction.  Whereas the BET code, with its uniform 

rotor inflow assumption, considers the influence of the inflow at this position, a key 

difference between the modeling approaches.  The reduction in the blade tangential 

velocity component at this position is a factor in the BET code X-direction force 

underprediction.  The phase averaged velocity plot, shown in figure 7.11, assumes 

static air external to the rotor in the rotor far-field.  This is not strictly true for physical 

rotor use, as there will be air flow variation due to weather conditions and rotor 

operation.  The analysis would need to include an induced velocity inflow model to 

overcome this assumption, which has typically been used in previous analyses [4].   
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Figure 7.10 (b) outlines the change in Y-direction force for a blade cyclic pitch 

amplitude of 20°.  The CFD and BET code deviate significantly in the lower half of 

the rotor between Ψ = 210° and Ψ = 330°, where the CFD predicted forces plateau, a 

feature not experienced by the BET code.  In order to understand the effect of the 

wake from preceding blades on force generation, a single-blade CFD model 

undergoing cycloidal motion was analyzed at a blade cyclic pitch amplitude of 20°.  

While a single blade undergoing cycloidal motion will pass through its own wake 

generated in the previous rotation, the effects of blade wake interaction will be less 

pronounced for one blade, with weaker blade-vortex interactions, due to not operating 

close to a preceding blade or blades at any azimuth position.     

 

 
 

Figure 7.10 – Blade instantaneous Coefficient of Thrust at a blade cyclic pitch 

angle 𝛉𝐁𝐋 of 20° (a) Rotor X Direction and (b) Rotor Y Direction 

 

The Y-direction force plateau in figure 7.10 (b) for the four-bladed CFD model 

is not replicated in the one-bladed rotor case.  Between Ψ = 210° and Ψ = 330° in 

figure 7.10 (b), the one-blade rotor with weaker blade-vortex interactions shows better 

qualitative agreement with the BET code results than the four-blade rotor.  This 

suggests that the strength of the blade wake interactions increases as the blade number 

is increased from one to four and that the effects of these interactions create the key 

difference between the CFD and the BET code results. 

 

b) a) 
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Figure 7.11 – Phase averaged non-dimensional rotor resultant velocity vector 

plot at a blade cyclic pitch angle of 𝛉𝐁𝐋 = 20° 

 

Although blade vortex interaction is not considered in the BET code, at a blade 

cyclic pitch amplitude of 20°and below, good agreement is seen between the predicted 

CFD and BET code 4/Rev response.   This would indicate that the strength of the 

vortices generated is weaker at low cyclic pitch amplitudes.  Therefore, their influence 

on force generation is reduced, justifying the use of a reduced-order model at low 

cyclic pitch amplitudes.     

 

Instantaneous blade forces are shown in figure 7.12 for a blade cyclic pitch 

amplitude of 40° to establish the change in blade loading with blade cyclic pitch 

amplitude increase in the X and Y direction.  Significant differences between the four-

blade CFD model and BET code exist in both directions, particularly in the fourth 

quadrant between Ψ = 270° and Ψ = 360°.  Figure 7.12 (b) identifies a double peak in 

the Y-direction force generation, which is not replicated by either the one-blade CFD 

model or BET code.  Figure 7.13 shows a rotor inflow velocity plot, identifying a flow 

recirculation region in the lower right-hand corner of the rotor, corresponding to Ψ = 

270° and Ψ = 360°, indicating a significant change in flow physics between the blade 

cyclic pitch amplitude of 20° and 40°.   
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7.7. Instantaneous Flow Field Comparison 

 

Q-criterion contours are shown in figure 7.14 for a blade cyclic pitch 

amplitude of 20° and 40° to quantify the difference between the two pitch amplitudes 

and understand the changes in blade force generation in figure 7.12.  In figure 7.14 

(e), for a blade cyclic pitch amplitude of 40° following Ψ = 270°, a shed vortex from 

blade B1 in figure 7.14 (d) attaches to the boundary layer of blade B4 in figure 7.14 

(e).  This attachment on the suction side forms part of the LEV formation and growth 

on the suction side of the blade.  As the rotor rotates, the LEV vortex is shed into the 

wake, as shown in figure 7.14 (f), where the flow is then fully separated on the inner 

suction surface of the blade.  This is confirmed in figure 7.15 (a) and figure 7.15 (b) 

for CP and Skin Friction coefficient SF.  The leading edge  (LE) separation can be 

seen in figure 7.15 (b), as the SF approaches zero, accompanied by the prominent CP 

suction peak in figure 7.15 (a), showing that the magnitude of pressure variation 

decreases away from the LE edge.   

 
 

Figure 7.12 – Blade instantaneous Coefficient of Thrust at a blade cyclic pitch 

angle of 𝛉𝐁𝐋 = 40° (a) Rotor X Direction and (b) Rotor Y Direction 

a) b) 
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Figure 7.13 –  Phase Averaged Non-dimensional Rotor Resultant Velocity 

Vector Plot at blade cyclic pitch angle of 𝛉𝐁𝐋 = 40° 

 

 
 

Figure 7.14 – 2D CFD analysis instantaneous contours of Q criteria for a blade 

cyclic pitch angle 𝛉𝐁𝐋 = 20° (a-c) and 𝛉𝐁𝐋 = 40° (d-f) 

a) b) c) 

d) e) f) 
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Figure 7.15 – CFD analysis for blade 4 at Ψ = +330° for a blade cyclic pitch 

angle of 𝛉𝐁𝐋 = 20° and 40° (a) Cp and (b) SF Coefficient 

  

The vortex attachment at this position coincides with the negative spike in the 

X-direction force in figure 7.12 (a) and a corresponding loss of Y-direction force in 

figure 7.12 (b), confirming the overall effect of blade vortex interaction is significant 

as blade cyclic pitch amplitude increases up to 40°.  With an increase in blade cyclic 

pitch amplitude, the effect of vortex interaction on force generation becomes more 

significant.  The main reason differences are identified between the CFD and BET-

code results at high blade cyclic pitch amplitudes.  Figure 7.14 (a-c) outlines the vortex 

shedding behavior at a blade cyclic amplitude of 20° and identifies reduced blade 

vortex interaction, validating the justification of using a reduced-order model only at 

low cyclic pitch amplitudes.  

 

7.8. Rotor Wake Vortex Shedding 

 

Section 7.7 identified qualitative changes in the rotor behavior with an 

increase in blade cyclic pitch amplitude and assumed that the strength of the shed 

vortices increased with blade cyclic pitch amplitude.  A frequency analysis of the shed 

wake behind a blade was undertaken for one rotor revolution to quantify this.  Velocity 

magnitude data was extracted from the instantaneous CFD analysis flow field at 

azimuth position increments of 1° one chord downstream of the blade pitch axis 

b) a) 
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position, as shown in figure 7.16.  The data was extracted along a line from 0.25c to 

1.75c, using 1000 uniformly distributed points, where c is the blade chord.  The 

analysis was based on a blade chord of 50 mm and a rotor radius of 100 mm.   

 

The blade shedding frequencies are shown in figure 7.17 (a) for a blade cyclic 

pitch amplitude of 20°.  Two distinct peaks are identified at frequencies of 7/Rev and 

8/Rev.  The vortex shedding frequency varies with non-dimensional radius, with the 

majority of the vortices being shed between 1.4c and 2.0c, representing a 70 and 100 

mm radius, respectively.  This confirms that the shed vortices are kept within the rotor 

at reduced blade cyclic pitch amplitude and not shed into the wake, as shown in figure 

7.14 (a).   

 

As the blade cyclic pitch amplitude is increased to 40°, the peak amplitude is 

observed at a lower frequency, notably 5/Rev and 6/Rev from figure 7.17 (b).  The 

lower frequencies correspond to the vortices shed near to and during blade stall, which 

are typically larger.  From figure 7.17 (b), the frequency content and fluctuation with 

a non-dimensional radius are much larger at 40° compared to the 20° case signifying 

that the flow field is more turbulent within and surrounding the rotor.  Consistent with 

[18] for a NACA 0012 blade profile.   

 

The analysis confirms that as the blade cyclic pitch amplitude reduces, the 

frequency of the shed vortices increases, consistent with the qualitative changes 

identified.  It also confirms the original hypothesis that as blade cyclic pitch amplitude 

reduces, it is accompanied by a reduction in vortex strength. 
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Figure 7.16 – Positional data used to extra velocity magnitude data in CFD 

flowfield  

 
 

Figure 7.17 – Rotor wake frequency with changing non-dimensional radius  

(a) 𝛉𝐁𝐋 = 20° and (b) 𝛉𝐁𝐋 = 40° 

c 

0.25c 

1.75c 

b) a) 
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7.9. Chapter Review  

 

This chapter has presented the first numerical and experimental investigation 

of the cycloidal rotor and vibratory response with blade cyclic pitch amplitude and 

rotor speed changes.  It was found that the dominant rotor harmonic related to thrust 

generation is 4/Rev, which represents the fundamental blade pass frequency.  The 

4/Rev response was found to be strongly related to blade cyclic pitch amplitude, with 

increased modulation with increasing blade cyclic pitch amplitude.  Higher harmonic 

components of blade pass frequency are significantly lower than the Nb/Rev response 

at high blade cyclic pitch angles and can be treated as negligible when operating in 

these regions in the analysis of rotor systems.  This finding aligns with typical 

independent studies [85].   

 

Blade wake interaction and blade stall play a crucial part in the overall rotor 

response and blade unsteady loading.  The CFD modeling illustrates that this is 

particularly dominant in the lower half of the rotor at a blade cyclic pitch amplitude 

of 40°, but blade wake interaction becomes weaker as blade cyclic pitch amplitude 

reduces.  The difficulties associated with modeling these events highlight the 

challenge in the quantitative numerical analysis of the behavior, but for anything more 

than cursory design sizing, the modeling of this phenomenon is critical to accurate 

results.   

 

Qualitatively the CFD model corroborated the behaviors seen in the 

experimental results for the 4/Rev response and was able to capture the flow features 

relevant to higher-order dynamics with improved accuracy that the BET model cannot 

capture, 

 

Accurate calculation of rotor vibratory loading plays a vital role in cycloidal 

rotor development and is a key driver in component design.  This work confirms that 

high-order computational models are required to accurately model the rotor vibratory 

response and form a basis for additional experimental and computational analysis. 
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Chapter 8 – Higher Harmonic Control of Cycloidal Rotor 

Vibration 
 

8.1. Introduction 

 

In contrast to conventional rotorcraft, little data exists on analyzing and 

understanding the vibratory response for cycloidal rotors.  Vibration reduction using 

active control approaches such as HHC has received much attention over recent decades.  

The present chapter presents the first known comprehensive experimental and 

computational implementation of HHC on a cycloidal rotor for vibratory load 

suppression, describing the significant contributions and novelty of the current research. 

 

The study first uses a linearised optimization method through computational 

modeling at a single input harmonic.  A non-linear optimization follows this.  The optimal 

HHC input amplitude and phase were determined for each modeling approach.  Finally, 

experiments using the same linearised optimization assumptions were undertaken to 

demonstrate HHC application for vibration suppression.  Comparison with CFD and 

reduced-order modeling approaches allows conclusions to be drawn as to the important 

characteristics of the unsteady flow field and identifies the key flow physics responsible 

for the changes in dynamic loading.   

 

Challenges behind the analysis of vibration suppression are analyzed, and a 

rigorous demonstration of the efficacy of HHC for cycloidal rotor vibration suppression 

is provided.  The work highlights the importance of vibration control techniques for this 

nascent thrust technology. 

 

In this chapter, two computational approaches are evaluated for their prediction 

of rotor behavior: a simple BET code and a 2D CFD model, as described in Chapters 5 

and 6, respectively.  Tests were conducted on a 4-blade cycloidal rotor as developed in 

Chapter 4 for rotor hover testing.  The supporting theory behind HHC and the methods 

behind the single step and non-linear optimization used to calculate the optimal HHC 



CHAPTER 8 – Higher Harmonic Control of Cycloidal Rotor Vibration 

 

208 

 

input are detailed, assuming a baseline blade cyclic pitch amplitude of 40° in all cases.  

The chapter culminates in an experimental HHC input optimization informed by the 

computational models. 

 

8.2. Higher Harmonic Control Fundamentals 

 

HHC is implemented in two ways in conventional rotorcraft applications: firstly, 

using actuators below the swashplate in the non-rotating frame, and secondly, in the 

rotating frame, with actuators between the swashplate and rotor blade [80].  The rotating 

frame actuation approach is more commonly known as Individual Blade Control (IBC).  

IBC can be extended by implementing actively controlled full or partial trailing edge flaps 

and using active twist rotor blades where the entire rotor blade is twisted by embedded 

piezoelectric fibers [14].   

 

The HHC response input generates higher harmonic air loads to reduce the rotor 

oscillatory blade loads [89].  Vibration reduction using HHC has been shown in flight 

[135,136] and wind tunnel tests [88], and it is typically implemented via closed-loop 

control.  During closed-loop control, the vibratory output is measured, and control inputs 

are updated at set time intervals when steady-state outputs are achieved.  When the system 

reaches a steady-state vibratory response, amplitude and phase are measured and used to 

update the amplitude and phase of the HHC inputs for vibration suppression.  The closed-

loop control effectively acts as an online optimization process to find the optimal HHC 

input operating point. 

 

HHC implementation typically assumes that the system can be represented by a 

linear model relating the rotor vibratory loads to the HHC control inputs within a single 

HHC loop cycle based on the transfer or sensitivity matrix method [86].  In a physical 

system, HHC modifies the cyclic pitch of the blades with the addition of higher harmonic 

frequencies.  During HHC, the swashplate is typically excited at Nb/Rev, where Nb is the 

blade number, which results in blade pitch oscillations of (Nb – 1)/Rev and (Nb + 1)/Rev 

in the rotating frame [85].  Typical conventional rotorcraft require a small HHC input 
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amplitude of between 0.5° to 1.5° [86], with small angle approximations justifying the 

assumption of a linear control response adopted in some of the present work. 

 

During HHC, the blade's total pitch angle in the rotating frame is  

 

θs =  θBL + ∑ θnn        (8.1) 

 

It consists of two contributions: firstly, the baseline blade cyclic pitch input, θBL 

and secondly, the higher harmonic pitch inputs, θn where  

 

θn =  θns sin(nΨ) + θnc cos(nΨ)     (8.2) 

 

θn is made up of HHC control input sine and cosine components θns and θnc, defined as  

 

θns = An cos(nϕn)       (8.3) 

 

and 

 

θnc =  Ansin (nϕn)       (8.4) 

 

where ϕn and An represent the phase angle and amplitude of the HHC control input, 

respectively, and Ψ the rotor azimuth angle.  The respective blade azimuth angle of the 

qth blade, Ψq is  

 

Ψq =  Ψ +
2π

Nb
(q − 1)  q =  1,2, … . Nb   (8.5) 

 

The 0° azimuth position is defined in figure 8.1. 
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Figure 8.1 – Cycloidal rotor analysis coordinate system. 

 

Rotorcraft blade dynamic loads contain many frequencies, but generally, for a 

correctly tracked rotor, only frequencies that are integer multiples of the blade passage 

frequency at kNb/Rev transmit to the non-rotating frame; all other harmonics cancel at 

the hub [85,137] as summarised in Chapter 7.  The case where k is zero represents the 

steady-state hub load components.  For conventional rotorcraft with a four-blade rotor, 

the 4/Rev harmonic is the dominant unsteady component [137].  The hub loads associated 

with higher harmonics of blade pass frequency at 2Nb, 3Nb, and 4Nb/Rev are typically 

much smaller than the Nb/Rev components and often neglected for conventional rotors.   

 

In order to reduce the 4/Rev harmonic in the stationary frame for the current 4-

blade rotor would be expected to require the superposition of a 3 or 5/Rev blade pitch 

excitation in the rotating frame based on known rotorcraft HHC theory, proven by the 

analysis outlined in Chapter 7, section 7.2.  The results of the current study will be seen 

to corroborate this expectation. 
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8.3.  Cycloidal Rotor HHC Implementation 

 

Rotorcraft assume a sinusoidal cyclic pitch profile provided by a swashplate.  An 

approximate sinusoidal cyclic pitch input is also commonly used for a cycloidal rotor, 

achieved via a passive mechanism or cam, although it is difficult to achieve an exact 

sinusoidal profile.  For example, the motion produced by a typical four-bar mechanism 

[116], as adopted here, is shown in figure 8.1.  The exact baseline blade cyclic pitch input 

θBL for this system is given by 

 

θBL =  
π

2
− cos−1  (

a2−L2+t2

2at
) − sin−1  (

e

a
cos(Ψ + ε))  (8.6) 

 

where 

 

a =  √e2 + R2 + 2eRsin(Ψ + ε)     (8.7) 

 

The exact θBL value is used throughout the computational and experimental 

studies presented here and used in the calculation of θs.  R represents the rotor radius, 

and L is the theoretical distance between the eccentric offset position and the blade pitch 

pin.  e represents the distance between the eccentric offset position and the rotor spindle 

centreline.  Finally, t is the distance between the blade pitching axis and the blade pitch 

pin for connection to the four-bar mechanism.   

 

This study has made a number of adaptations to conventional HHC methods for 

the cycloidal rotor HHC proof of concept.  Firstly, the adoption of a fixed passive cam 

profile, as shown in figure 8.2, to define the blade pitching profile described above has 

not been extended to permit on-the-fly adjustment of the HHC pitch input components.  

For this reason, the scope of the experimental study does not cover fully closed-loop HHC 

and instead uses a single-step optimization-based approach to determine suitable 

harmonic pitch inputs for the hover condition.   
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Secondly, initial computational studies use the same open-loop adjustments of the 

control inputs based on a measured global sensitivity matrix, similar to the single-step 

convergence property of HHC demonstrated in [138].  The more advanced computational 

studies in this paper substitute the feedback control loop of conventional HHC with a 

conceptually-similar non-linear optimization algorithm, achieving the same aim of 

minimizing the vibration response with an iterative convergence behavior.  This approach 

lends itself naturally to comparisons between the vibration reduction achieved in the full 

non-linear iterative optimization and the simplified single-step optimization process 

adopted to enable experimental validation.  Finally, the present study focuses on only a 

single HHC input harmonic to make the experimental process tractable.   

 

 

Figure 8.2 – SLS cycloidal rotor passive cam ring mechanism  

 

8.4. HHC Input Optimisation Methodology 

 

8.4.1. Sensitivity Analysis 

 

The rotor periodic vibratory response can be represented by the superposition of 

sine and cosine components at multiples of the blade pass frequency, the kNb/Rev 
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harmonics in the X and Y directions.  The optimization, whether performed directly in a 

computational optimization algorithm or achieved through iterative HHC feedback loops, 

aims to minimize the rotor vibratory response associated with the blade pass harmonics.  

After optimization, the theoretically achievable system sine and cosine harmonic outputs 

zc are given by 

 

{𝐳𝐜 } = [𝐓]{𝐮}        (8.8) 

 

where u is comprised of the HHC control inputs θns and θnc as used in equation. 8.12, 

and 𝐓 is the sensitivity matrix. 

 

The starting point for optimization is the calculation of the sensitivity matrix, 

which contains one row for each of the response harmonics and one column for each of 

the control inputs.  If only one harmonic frequency n is used for the inputs, then the 

sensitivity matrix T is given by   

 

[𝐓] = [𝐭𝟏 𝐭𝟐]        (8.9) 

 

where t1 and t2 are column vectors that represent the change in the system's overall 

harmonic output, 𝐳𝐜 , in response to the input perturbations θns and θnc respectively.  The 

inputs u are then given by 

 

{𝐮} = {
θns

θnc
}        (8.10) 

 

The present study focuses on HHC in a simplified form, using only one HHC 

input harmonic frequency, corresponding to two HHC control inputs comprised of the 

sine and cosine components at that frequency.  A full and systematic analysis of the 

influence of all harmonics between 1 and 16/Rev was investigated to aid with the choice 

of a suitable input harmonic.  This was done by calculating full sensitivity matrices 
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utilizing the BET code and CFD models.  The sensitivity matrix was evaluated one 

column at a time, making small perturbations to each of the inputs in turn.   

 

The input perturbations were considered as two independent HHC inputs θns and 

θnc for each higher harmonic considered, with each input superimposed onto θBL and 

analyzed.  Two components at each of the sixteen frequencies gave a total of 32 input 

harmonics for the calculation of each sensitivity matrix.  All test conditions for 

investigation take a peak amplitude of  θBL of 40°. 

 

A range of input perturbation sizes was considered for the BET code and CFD 

models to evaluate the linearity of the input-output relationship and guide the choice of 

perturbation size for use in the experiments.  In the experiment, it was important to 

balance the nonlinearities introduced by large input perturbations with the lower accuracy 

achieved using perturbations that are too small. 

 

Following the calculation of the sensitivity matrices, a deeper numerical 

investigation of the HHC inputs was undertaken to establish the dominant HHC input 

harmonic affecting the rotor vibratory response, to corroborate the sensitivity matrix 

accuracy, and understand the underlying rotor physics.  BET code and CFD 

computational studies were used to fully explore the problem space by varying the HHC 

input amplitude and phase over the range of harmonic of interest. 

 

8.4.2. Single-Step Linearised Optimisation  

 

The first method used in both the computational and the experimental studies is a 

single-step optimization, representing one iteration of an HHC control loop.  A single-

step optimization will find the exact optimal operating point for a linear system and can 

approximate it for a nearly linear system.  This approach was the only method used for 

the experiment due to the limitations of the available pitch control mechanisms (described 

in section 8.3).  Therefore, this method was used in CFD simulation as a basis for 

comparison.   
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The objective of the optimization was to minimize the rotor vibratory response 𝐳𝐜  

associated with the blade pass harmonics.  A reference response zr is defined as the target 

for the optimization and is typically a zero vector for zero vibratory output.  The vector 

𝐳𝐛𝐥 represents the baseline system harmonic response outputs with an HHC control input 

vector of zeros.  The initial error that the optimization seeks to eliminate is ze, given by  

 

{𝐳𝐞} = {𝐳𝐫} − {𝐳𝐛𝐥}       (8.11) 

 

The HHC cyclic pitch inputs are then calculated from 

 

{𝐮} =  [𝐓]+{𝐳𝐞}       (8.12) 

 

where 𝐓+ is the Moore-Penrose inverse of 𝐓.  The input u is used to calculate θn and 

superimposed onto θBL to give θs.  The computational models and experiments are then 

rerun with θs defining the pitching schedule.  The resulting measured/computed harmonic 

outputs za are used to calculate the residual error after optimization U to complete the 

analysis, where  

 

{𝐔} = {𝐳𝐫} − {𝐳𝐚}       (8.13) 

 

The starting point for the single-step optimization is the calculation of the system 

output vibration levels with the baseline cyclic pitch angle θBL only.  During this initial 

stage, no HHC input is applied for each modeling approach.  The vibratory response 

considers the vibration associated with the blade pass frequency Nb and higher harmonics 

of blade pass frequency at 2Nb, 3Nb, and 4Nb/Rev.  Utilizing the appropriate sensitivity 

matrix, the optimal inputs u for vibration suppression are calculated from equation 8.12, 

assuming a zero rotor vibratory response target.  The calculated values of u are 

superimposed onto θBL to produce the optimized pitch schedule θs and the respective 

models rerun.  The vibratory response of the optimized system with θs included is 

calculated, and the residual error after optimization U is determined.  In order to check 

the validity of the calculated optimum, the system's vibratory response at multiple HHC 
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input amplitudes at constant phase was undertaken, where the amplitudes straddled those 

calculated in the optimization. 

 

8.4.3. Non-linear Optimisation 

 

Following the single-step optimization, an iterative non-linear optimization was 

performed to evaluate the efficacy of the single-step optimization approach.  A 

constrained non-linear optimization was undertaken within a reduced-order BET code 

model using the Fmincon() MATLAB function to validate the linear optimization 

approach assumption.  Fmincon is a solver-based non-linear optimization used for 

constrained minimization of a scalar objective function of several variables.   The squared 

ℓ2 norm of the residual error U is used as the objective function in the full non-linear 

optimization: 

 

J = {𝐔}T{𝐔}        (8.14) 

 

Comparison of J for θBL and θs the cases with and without HHC control input 

enable a direct comparison between the optimized and baseline pitch schedule case to be 

used as a metric to quantify the overall vibration improvement, D.   

 

The non-linear optimization aims to reduce the rotor vibratory response associated 

with Nb and higher harmonics of blade pass frequency at 2Nb, 3Nb, and 4Nb/Rev, by 

reducing the objective function J.  A single higher harmonic input was used in the 

constrained optimization to replicate the experimental approach. 

 

8.4.4. Single-step Experimental Optimisation  

 

Following the preceding computational studies, the single-step optimization 

method was used based on the dominant HHC input for vibration suppression identified 

in the experimental study.  Initial experimental runs were undertaken with a blade cyclic 

pitch angle of θBL to calculate the baseline system vibratory response.  Informed by the 



CHAPTER 8 – Higher Harmonic Control of Cycloidal Rotor Vibration 

 

217 

 

computational models, a range of HHC input perturbations was considered from 1.5° to 

9° for both the sine and cosine perturbed inputs to calculate the sensitivity matrix.  Where 

each perturbed input utilized a separate cam profile.  The optimal inputs u for vibration 

suppression were then calculated, and a new cam was produced with the optimal HHC 

input superimposed onto θBL and the test rerun.   

 

Finally, a series of further tests utilizing cams at varying HHC input amplitude at 

constant phase on either side of the calculated optimum amplitude was undertaken to 

confirm the experimentally calculated optimum and evaluate the HHC approach's 

efficacy. 

 

8.5. Computational Modeling Results 

 

8.5.1. Sensitivity Analysis 

 

Figure 8.3 and figure 8.4 show the sensitivity matrices from the BET code and 

CFD analysis with a higher harmonic input up to 16/Rev, using perturbations of 1.0° for 

both studies.  The only output harmonics to show non-negligible response are at integer 

multiples of the blade pass frequency, as expected due to the analysis making the 

assumption of a tracked rotor.  The sensitivities are greatest in general with respect to the 

kNb+/-1 input components for both the BET code and CFD modeling.  For example, a 

4/Rev output has the greatest sensitivity to a 3/Rev, and 5/Rev HHC input; an 8/Rev 

output is most susceptible to a 7/Rev and 9/Rev input.  The vibratory response of the four-

blade cycloidal rotor is dominated by the 4/Rev sine and cosine harmonic output, θ4s and 

θ4c respectively in both the rotor X and Y measurement directions.  Interrogation of the 

two sensitivity matrices shows that the 3/Rev sine and cosine HHC input, θ3s and θ3c 

have the greatest influence with respect to the sine and cosine components of the 4/Rev 

harmonic output in the X and Y direction.   

 

Although the magnitudes of the respective 3/Rev input sensitivity components are 

different for the two modeling approaches.  This suggests that the phase of the calculated 
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4/Rev rotor response with the baseline cyclic pitch profile θBL, varies between the BET 

code and CFD modeling.  The BET code 3/REV input sensitivity is dominated by the 

sine component, where the CFD sensitivity matrix shows the requirement of a 

combination of a sine and cosine 3/Rev input.  As expected, the sensitivity matrices show 

that the rotor harmonics are modulated by +1 from the rotating to the non-rotating frame, 

with a 3/Rev input harmonic being required for maximum vibration suppression.   

 

 

Figure 8.3 – Calculated BET code sensitivity matrix with an input harmonic from 

1/Rev to 16/Rev using an input perturbation of 1.0° using a baseline cyclic pitch 

profile 𝛉𝐁𝐋 of 40° 

 

A parameter sweep of HHC input phase and amplitude was undertaken at single 

harmonics from 1/Rev to 16/Rev, as shown in figure 8.5, using the two computational 

modeling approaches to calculate the maximum estimated reduction in rotor vibratory 

response to test the validity of the sensitivity matrices.  The BET code and CFD models 

predict that the 3/Rev HHC input harmonic potentially has the most significant impact on 

the rotor vibratory response, in agreement with the sensitivity matrices, calculating a 
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vibration reduction between 74 and 78%.  The vibration reduction associated with the 

1/Rev HHC input harmonic from figure 8.5 is not seen in the sensitivity matrix data.  

Interrogation of the resulting pitching schedule θs with the 1/Rev input included shows 

that the HHC input is 180° out of phase with θBL, which has the effect of reducing the 

overall cyclic pitch angle to a lower level, as opposed to reducing the vibration level for 

the θBL analyzed.   

 

 

Figure 8.4 – Calculated 2D CFD model sensitivity matrix with an input harmonic 

from 1/Rev to 16/Rev using an input perturbation of 1.0° using a baseline cyclic 

pitch profile 𝛉𝐁𝐋 of 40° 

 

Based on this, all subsequent computational and experimental optimization 

studies presented assume a 3/Rev HHC input only.  Figure 8.6 shows the resulting 

experimental variation in the rotor 4/Rev output harmonic in the X direction for a range 

of HHC 3/Rev cosine, θ3c input perturbations for the calculation of the sensitivity matrix.  

Of note is that the response across the full range of inputs considered is a reasonable linear 

approximation.  Similar behavior was observed for the higher-order kNb/Rev harmonics.  
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The implication is that a one-step approach for determining appropriate HHC control 

inputs holds promise for producing a good approximation to the optimal operating point. 

 

 
 

Figure 8.5 – Rotor kNb/Rev rotor vibratory response change with HHC input 

 

 

 

Figure 8.6 – Experimental 4/Rev X direction Sine and Cosine thrust coefficient 

change with increasing 𝛉𝟑𝐜 HHC input 
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8.5.2. HHC Input Optimisation 

 

The following section discusses the results from all of the optimization methods 

described in section 8.4 for both the BET code and CFD computational models, with a 

3/Rev HHC input.  The single-step BET code optimization calculated a 74.5% reduction 

in the rotor vibratory response, with a 3/Rev HHC input amplitude of 2.785° and phase 

of 2.940°.  Comparison with the BET code iterative non-linear optimization calculated a 

74.8% reduction in the rotor vibratory response, with a 3/Rev HHC input amplitude of 

2.786° and phase of 2.877°.  The BET code single-step and interactive optimization 

analyses are in very good agreement with one another in terms of both calculated 

vibration reduction and HHC input, further supporting the decision to use a single-step 

experimental optimization for the present investigation. 

 

The CFD model single-step optimization calculated a 78.5% reduction in the rotor 

vibratory response, with a 3/Rev HHC input amplitude of 8.657° and phase of 67.519°.  

Individual CFD cases were run with varying HHC input amplitudes from 0 to 10° and 

phase angles from 0° to 120° to cover the full rotor azimuth with a 3/Rev input to provide 

additional validation to the single-step optimization assumption and determine if the 

calculated point was optimal.  The calculated vibration reduction for the parameter 

sweeps is shown in figure 8.7.  Examination of figure 8.7 confirms that the optimal point 

calculated in the single-step optimization is optimal and agrees with the full parameter 

sweep HHC input optimum of 8.5° amplitude and 67.5° phase, further validating the 

single-step optimization approach.   

 

A comparison of the BET code single-step optimal HHC input to that calculated 

in the CFD single-step shows that both the BET code and CFD models give very different 

outcomes in terms of optimal HHC input amplitude and phase but a similar overall 

vibration level reduction.  The CFD optimal profile is counter-intuitive, with a higher 

peak blade AOA generating lower vibration than the baseline pitch profile; section 8.8 

analyzes this further to understand the mechanisms behind vibratory response generation 

and the differences between the BET code and CFD modeling approaches. 
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Figure 8.7 – 2D CFD rotor vibratory load change as a function of 3/Rev HHC 

input amplitude and phase 

 

8.6. Single-step Experimental Optimisation 

 

Following validation of the single-step optimization with computational models, 

a single-step experimental optimization was undertaken, and a 67.5% reduction in the 

rotor vibratory response was measured, with a 3/rev HHC input amplitude of 2.616° and 

phase of 35.6°.  A series of further tests at varying HHC input amplitude at constant phase 

on either side of the experimental optimum was undertaken, as illustrated in figure 8.8.  

Figure 8.8 confirmed that the calculated experimental HHC input is an optimal point as 

the change in vibratory response on either side of the HHC input amplitude of 2.616° is 

lower when compared to the baseline configuration without HHC input. 

 

Figure 8.9 (a) and figure 8.9 (b) show the experimental change in rotor vibration 

due to the HHC input from the baseline case for each kNb/Rev harmonic considered in 

the X and Y measurement directions.  It confirms that the 4/Rev harmonics dominate the 

rotor vibratory response in the X and Y directions.  The experimental HHC input reduces 

all output harmonics except the θ8c output in the X direction and the θ4s and θ12s 

component in the Y direction.  The increase in the amplitude of these three components 
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is small compared to the reduction in amplitude of the dominant 4/Rev components with 

HHC input inclusion, which yields that these small-amplitude increases will have little 

impact on the calculated optimal HHC input result.  Added to this, there will also be 

greater intrinsic attenuation of high-frequency components in the load transfer pathway. 

 
 

Figure 8.8 – Experimental kNb/Rev rotor vibratory load change as a function of 

3/Rev HHC input amplitude 

 

 

Figure 8.9 – Experimental kNb/Rev rotor harmonic coefficients (a) X Direction and 

(b) Y Direction 

a) b) 
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8.7. Optimal Computational Model and Experimental HHC Input 

Comparison  

 

A comparison of the calculated HHC input optimal points from each of the 

computational models and experimentation is shown in table 8.1.  The amplitude of the 

single-step experimental 3/Rev input is in very good agreement with the two BET code 

modeling approaches.  The 2D CFD single-step model predicts a 3/Rev HHC input 

amplitude of 8.657°, which is approximately a factor of three greater than the BET code 

and experimentally calculated amplitudes.  The experimentally HHC input phase angle 

of 35.600°  is halfway between that predicted by the BET code and CFD modeling.  While 

the computational approaches provide a quantitative numerical analysis of the rotor 

vibratory response's underlying behavior, it also highlights the challenges and limitations 

in modeling the rotor vortex shedding behavior. 

 

Table 8.1.  Calculated optimum 3/Rev HHC input  

Optimization Method 
HHC 3/Rev Input 

Amplitude, θ3 (°) 

HHC 3/Rev Input 

Phase Φ3 (°) 

BET code single-step optimization 2.785 2.940 

BET code full non-linear optimization 2.786 2.877 

2D CFD single-step optimization 8.657 67.519 

Experimental single-step optimization 2.616 35.600 

 

8.8. Computational Model Unsteady Blade Force and Instantaneous 

Flow Field Analysis at Optimal HHC Input 

 

 Section 8.5 highlighted considerable differences in the calculated optimal HHC 

input amplitude and phase between the BET code and CFD modeling and a reduction in 

vibratory response with a higher peak AOA in the CFD model.  The ability to model 

blade vortex interactions with the CFD is a key difference between the two modeling 

approaches.  The CFD model of the baseline cyclic pitch and HHC input case is 
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considered in more detail to understand the sensitivity of the blade loadings and rotor 

response to blade vortex interactions and flow separation. 

 

Individual blade forces were plotted against changing azimuth for the CFD 

analysis, as shown in figure 8.10 (a) and figure 8.10 (b), for the baseline pitch and HHC 

input case to understand the effect of the HHC input on blade force generation.  The HHC 

input changes the blade force generation in a few areas.  In order to understand the 

mechanisms behind the changes in blade loading, a qualitative analysis of the 

instantaneous global contours of vorticity plots was initially undertaken for the baseline 

pitch and HHC input case, as shown in figure 8.11 (a-c) and figure 8.11 (d-f), respectively.  

The baseline pitch case is considered first.   

 

 

 

Figure 8.10 – CFD blade instantaneous blade load change with azimuth position 

(a) X Direction (b) Y Direction 

 

At Ψ = 0°, a vortex is being shed from the leading edge of blade B1 in figure 8.11 

(a).  As the rotor rotates to Ψ = 30°, the shed vortex attaches to the boundary layer of 

blade B4 in figure 8.11 (b).  This attachment on the suction side forms part of the LEV 

formation and growth on the suction side of the blade.  As the rotor rotates to Ψ = 60°,  

a) b) 
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Figure 8.11 – Instantaneous CFD vorticity flow fields.  (a to c) Baseline and (d to f) 

HHC input configuration 

Ψ = 0°  

Baseline 

Ψ = +30°  

Ψ = 

+60°  

HHC Input 

a) d) 

c) f) 

b) e) 
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the LEV vortex on blade B4 begins to shed into the wake, as shown in figure 8.11 (c), 

where the flow is then fully separated on the inner suction surface of the blade.  The 

vortex attachment in figure 8.11 (b) generates a negative spike in the X direction in 8.10 

(a) and a corresponding loss of Y-direction force in figure 8.10 (b) at approximately Ψ = 

300°.  This is confirmed in figures 8.12 (a) and 8.12 (b) for CP and skin friction coefficient 

(SF) for blade B4 at an azimuth position of Ψ = +30°, as depicted in figure 8.11 (e).  The 

LE separation can be seen in figure 8.12 (b) as the SF approaches zero, accompanied by 

the prominent CP suction peak in figure 8.12 (a), showing that the magnitude of pressure 

variation decreases away from the LE edge.  At this point, the blade is on the downstroke, 

and a secondary LEV vortex forms, producing an increase in secondary lift, resulting in 

the distinctive double Y-direction force peak.  The delay in the LEV detachment and 

convection into the wake provides an increase in dynamic lift 

 
 

Figure 8.12 – CFD Analysis instantaneous data for blade 4 at Ψ = +30° (a) Cp and 

(b) SF Coefficient 

 

For the HHC input case at Ψ = 0° azimuth, a strong leading-edge vortex (LEV) is 

produced at blade B1 due to the blade clockwise (CW) pitching motion generating 

increased X and Y force components, as shown in figure 8.11 (d).  At the same time, a 

trailing edge vortex (TEV) is created but still attached.  Comparison to figure 8.11 (a) 

indicates that the HHC input adds a phase delay to the generation and shedding of LEV 

a) b) 
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and TEV as the baseline case blade B1 shows the vortices already shed.  At Ψ = 30°, 

figure 8.11 (d) blade B1 shows laminar separation, transition, turbulent separation, and 

reattachment regions.  These are attributable to multiple vortices being shed and created 

at the LE and interacting with the blade boundary layer.  Between Ψ = 0° and 30°, the X-

direction HHC input blade force lags behind the baseline case from figure 8.10 (a).  Thus, 

indicating an increase in effective AOA with HHC input despite operating at a reduced 

geometric pitch angle, highlighting a change in rotor inflow.   

 

At Ψ = 120 to 130°azimuth position, figure 8.10 (a) shows a local minimum that 

corresponds to a reduction in Y direction force figure 8.10 (b).  this reduction is 

attributable to a leading-edge separation bubble (LESB), as seen in figure 8.11 (e), blade 

B2.  As the bubble begins to break down past this point, stall occurs, reducing the Y force 

component shown in figure 10 (b).  This feature cannot be seen in the baseline case.  The 

blade pitching in a counter-clockwise manner (CCW) coupled with the rotor inflow 

reduces blade AOA.  Reattachment occurs with recovery as the AOA is decreased 

sufficiently, which is seen in the Y force generation at the Ψ = 150° position. 

 

The HHC input changes the blade force generation significantly in the fourth 

quadrant, between the Ψ = 270° and 360°, where the baseline case is undergoing blade 

wake interaction and ultimately dynamic stall.  With HHC input, the large X direction 

force overshoots and sudden reduction in Y direction force are not experienced.  The 

introduction of the HHC input changes the trajectory and phasing of the shed vortices, 

and a comparison of figure 8.11 (b) and 8.11 (e) shows that there is limited BVI.  This is 

confirmed in figure 8.12 (a), where there is a significant change in the Cp profile of blade 

B4, and no pressure peak at the blade LE is experienced.  However, a region of flow 

separation and reattachment behind the LE corresponds to the ‘dip’ in the Cp profile 

between 0.1 and 0.2C, shown further by the SF profile in figure 8.12 (b) on the inner 

surface with HHC input at the same chordwise positions are reduced to zero.  This 

indicates that the HHC input manipulates the blade separation and vortex-shedding events 

to change the rotor vibratory response.  
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The analysis shows that accurately modeling the interaction between blade wakes 

and shed vortices is key to calculating rotor vibration.  This is the main reason why 

considerable differences in the calculated optimal HHC input amplitude and phase 

between the BET code and CFD modeling exist in section 8.5.  The BET code is not able 

to consider blade interaction and assumes each blade is independent.   

 

Whilst operating at higher geometric AOA with the CFD model with HHC input, 

the phase change in vortex shedding between Ψ = 270° and 360° results in weaker blade 

vortex interactions and a reduction in force amplitude in this area.  Interrogation of the 

pitch profile between the baseline and HHC input case shows that between approximately 

Ψ = 290° and 350°, the geometric AOA for the HHC input case is lower than the baseline, 

and this will also have an effect on vortex shedding behavior. 

 

8.9. Cycloidal Rotor Performance with HHC Input 

 

Yielding vibration reduction through HHC is one aspect of rotor optimization and 

is the aspect considered in detail in the current research.  The Rotor power loading (PL) 

was calculated to establish how the inclusion of an HHC input changes rotor performance 

based on the experimental test results.  For increased rotor efficiency, a higher value of 

PL is typically required.  The inclusion of the optimal experimental HHC input at a single 

HHC input of 3/Rev reduces the PL by approximately 12%, as illustrated in figure 8.13, 

highlighting the importance of considering multiple areas of rotor optimization to 

progress the cycloidal rotor further. 

 

8.10. Chapter Review 

 

This chapter has presented the first numerical and experimental investigation of 

HHC control of cycloidal rotor vibratory loading.   It was found that HHC is an effective 

vibratory load reduction technique for cycloidal rotors, with the 3/Rev HHC input 

reducing kNb/Rev harmonics in all instances, with experimental reduction up to 67.5%.  
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Figure 8.13 – Rotor Power Loading (PL) as a function of 3/Rev HHC input 

amplitude based on experimental data 

 

The optimal operating point showed large variability between analysis techniques.  

In particular, the optimal amplitude and phasing of the input harmonic were found to be 

closely linked with flow separation events caused by the cyclic pitch motion.  The 

interaction between blade wakes and shed vortices plays a vital role in the individual 

blade loading and subsequent rotor vibration.  CFD modeling illustrates that this is 

particularly dominant in the lower half of the rotor.  The difficulties associated with 

modeling these events highlight the challenge in the quantitative numerical analysis of 

the behavior.  Qualitatively the experiment corroborated the behaviors seen in the 

simulations and validated the efficacy of the HHC approach. 

 

Rotor vibratory loading plays a vital role in cycloidal rotor development and is a 

key driver in component design.  This work confirms HHC control as a viable means of 

rotor vibration suppression and provides the necessary foundations for the development 

of a full closed-loop HHC implementation on a cycloidal rotor, which would develop the 

proof of concept HHC implemented into a system that is capable of flight and use in a 

wide range of operational maneuvers. 

 



CHAPTER 9 – Conclusion 

231 
 

9. Conclusion 

 

9.1. Introduction  

 

The current thesis has analyzed the possibility of modeling and optimizing the 

cycloidal rotor vibratory response using a combination of reduced-order 

computational models, high-order computational models (CFD), and 

experimentation.  A review of rotorcraft literature identified several sources of craft 

vibration, with the main rotor being a key driver in overall vibration levels.  With a 

relatively large rotating structure and highly unsteady blade loads, cycloidal rotor 

vibratory response optimization was identified as a critical area for rotor 

advancement.  Higher harmonic control (HHC) is proposed for the first time on a 

cycloidal rotor as a means of rotor vibration reduction.  

 

The thesis has proposed, designed, developed, and validated methodologies to 

provide new insight into the operation of the cycloidal rotor and confirmed the use of 

HHC as a highly effective means of vibration suppression.  The present chapter draws 

the thesis to a close, providing a summary of the research and the key findings.  This 

is followed by an overview of the significant contributions of the research, and finally, 

future avenues of research are proposed. 

 

9.2. Summary 

 

A comprehensive review of cycloidal rotor independent research in Chapter 2 

informed the design of the current test rig, outlined in Chapter 3.  Chapter 3 began 

with an overarching design methodology followed by test rig construction and 

assembly.  Much effort was spent developing the current experiment design to ensure 

the quality of the results.  A method of sensor dynamic calibration typically used in 

standard rotorcraft research was modified for use with the cycloidal rotor based on 

previous studies reviewed in Chapter 2 to account for test rig dynamics.  Limitations 

of the existing dynamic calibration test approaches were identified, and the 1D 

dynamic calibration transfer function approach was shown to be satisfactory in 

assessing vibratory loads.  Similarly, as in standard rotorcraft research, rotor vibratory 
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loads are intrinsically challenging to model and measure accurately due to 

uncertainties in blade aerodynamic loads and rotor flow physics, often driven by 

modeling assumptions and experimental limitations.   

 

The experiments confirmed that mean thrust and power coefficients remain 

constant with changing blade cyclic pitch amplitude for varying rotor speeds, in line 

with independent rotor studies.  High levels of experimental repeatability were 

identified, confirming the reliability of the test setup.  Despite the mean coefficients 

remaining constant with changing rotational speed, this was not the case 

experimentally for the calculated 4/Rev rotor harmonics.   

 

Experimental studies with the current test rig confirmed the finding of standard 

rotorcraft research.  The cycloidal rotor vibratory response is defined by the blade 

pass frequency harmonics.  The fundamental 4/Rev vibratory component is dominant 

for a 4-blade rotor and the main harmonic associated with thrust generation.  The 

modulation of the vibratory response increased with increasing blade cyclic pitch 

angle up to the maximum amplitude of 40° considered.  Higher harmonics of blade 

pass frequency magnitude are significantly lower than the 4/Rev response and were 

measured to be almost constant with changes in blade cyclic pitch amplitude from the 

experimental data. 

 

An unsteady aerodynamic model was developed based on a uniform rotor 

inflow model and indicial response aerodynamics as outlined in Chapter 5 to account 

for the blade pitching kinematics.  The model predicted the mean performance of the 

cycloidal rotor with good accuracy across the range of cyclic pitch amplitudes 

considered and aided preliminary test rig validation.  However, the results showed 

only qualitative agreement in the 4/Rev rotor vibratory response compared with 

experimental data.  This is discussed in Chapter 7.   

 

The CFD model predicted the mean performance of the cycloidal rotor with 

good accuracy and showed an improved correlation with experimental results 

compared to the BET code.  A comparison of the computational models highlighted 

differences between the BET code and 2D CFD models and subsequent BET code 

limitations.  Overall, the applicability of reduced-order computational models in 
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initial preliminary rotor design studies has been confirmed.  But if greater detail is 

required to capture the rotor flow physics with improved accuracy, higher-order 

modeling approaches such as CFD is required. 

 

In line with experimental results, the computational models show that the 

variation in the predicted 4/Rev response is strongly related to blade cyclic pitch 

amplitude, with increased modulation with increasing blade cyclic pitch amplitude.  

The CFD models discussed in Chapters 6 and 7 identified that as the blade cyclic pitch 

amplitude increases, the blade wake interaction and blade stall have a significant 

bearing on the overall vibratory response of the rotor.  This is particularly evident in 

the final quadrant of the rotor between 270° and 360° azimuth.   Based on this, further 

experimental development is recommended, as outlined in section 9.4 further work, 

to understand the cycloidal rotor flow physics in even more detail.   

 

This leads to the data presented in Chapter 8 to study the effect of using HHC 

on the cycloidal rotor vibratory response, using modified versions of the 

computational models and test rig already developed.  Following a systematic HHC 

parameter sweep to develop sensitivity matrices utilizing the computational models, 

the 4/Rev rotor response was found to be highly susceptible to a 3/Rev HHC input 

when used in conjunction with the developed linear and non-linear optimization 

strategies.  Furthermore, the inclusion of HHC saw an experimental reduction in rotor 

vibratory response of up to 67.5%.  

 

The optimal HHC input operating point showed large variability between 

analysis techniques.  The HHC input amplitude and phasing of the input harmonic 

were closely linked with blade wake interaction events caused by the blade pitching 

motion.  The difficulties associated with modeling the rotor flow physics highlighted 

the challenges in analyzing cycloidal rotor behavior.  The experimental results 

corroborated the behaviors seen in the computational models and validated the 

efficacy of the HHC approach. 

 

The work presented in this thesis has proven the hypothesis that HHC can be 

used for cycloidal rotor vibration control and demonstrated two computational 

modeling approaches for its implementation, to varying degrees of success.  In 
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addition, the research provides the foundations for further studies to implement full 

closed-loop HHC on a cycloidal rotor, as outlined in section 9.4 future work.  This 

would develop the HHC explored here into a system that is capable of flight. 

 

9.3. Principle Contributions 

 

The main contributions of the work presented to the body of knowledge in the field 

are: 

 

1. Undertook the first known systematic experimental study of the cycloidal rotor 

in hover to measure both the rotor mean and vibratory response over a range 

of blade cyclic pitch amplitudes and rotor speeds.    

 

2. Development of a reduced-order unsteady BET code computational model 

validated against experimental data that provided new insight into cycloidal 

rotor operation and vibratory response. 

 

3. A 2D CFD model was developed to calculate the rotor mean and vibratory 

response to undertake the first known computational model analysis to analyze 

a hovering rotor vibratory response over a range of blade cyclic pitch 

amplitudes and rotor speeds for comparison with experimental data.  A 

systematic analysis of instantaneous blade loads and flow fields was 

undertaken to gain new insight into the mechanisms behind the cycloidal rotor 

vibratory response.   

 

4. A computational optimization methodology was developed and validated to 

verify the feasibility of using HHC input as a cycloidal rotor vibration 

suppression method. 

 

5. Undertook an experimental study implementing the optimization 

methodology by using novel cam profiles to validate and confirm the efficacy 

of the optimization approach and computational models. 
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9.4. Future Work  

 

The current thesis has presented a systematic analysis of a hovering cycloidal 

rotor in its baseline form and with HHC implemented and highlighted some of the 

challenges associated with cycloidal rotor research.  In reality, cycloidal rotor 

understanding and optimization are still in their infancy, with much scope for further 

assessment and improvement in many areas, vibration reduction being one. 

 

Additional experimentation could also investigate the use of HHC feedback 

control through a bespoke controller and modified test rig cam actuation arrangement 

as a natural progression of the current research to enable in-flight changes to be made 

to HHC input.  This would move the use of HHC closer to a system that could be used 

in actual flight and could be implemented via the use of individual blade actuation.   

 

 To gain a deeper understanding of the blade aerodynamic and inertial loading 

to guide future analysis methods, the instrumentation of a single blade or blade 

attachment point would be a worthwhile endeavor.  While this would not be easily 

implemented due to measured data needing to be transferred from the rotating to 

stationary parts without the use of wires, it has the potential to provide insight that is 

not possible in other methods of analysis or experimentation.    
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Appendix A – Cycloidal Rotor Detail Drawings 

A1 

 

Appendix A – Cycloidal Rotor Detail Drawings 

 

The following appendix contains a general arrangement and detailed 

component drawings of the cycloidal rotor and component parts used throughout the 

current research.   

 

Drawings specific to the current test rig due to test facility interface 

requirements are not provided as these will be different at each research establishment. 
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Appendix B – Test Rig Reaction Force Equations 

B1 

 

Appendix B – Test Rig Reaction Force Equations 

 

In operation, the cycloidal rotor is subject to inertial and aerodynamic loading.  

Equations were developed, as summarised below, to calculate the reaction loads at the 

blade pitch pins, rotor end discs, and spindle bearings to aid with the rotor system’s 

design and support the overall test rig design in chapter 3. 

 

Nomenclature 

 

𝜔 = Rotor angular velocity (rad/s) 

𝛹 =  Blade azimuth position (rad)   

𝜃𝐵𝐿 =  Blade cyclic pitch angle (rad) 

𝜔𝑏 =  Blade angular velocity (rad/s) 

𝛼 =  Blade angular acceleration (rad/s2 ) 

𝐿 = Geometric link length (m) 

𝑃 =  Blade pitch point offset (m) 

𝑒 = Eccentric point offset (m) 

𝜀 =  Eccentric point phase angle (rad) 

 

1. Blade Angular Velocity and Angular Velocity Calculation 

 

 The blade pitches with rotor rotation, and the blade angular velocity is given 

by  

 

𝜔𝑏 =  
𝑑𝜃𝐵𝐿

𝑑𝛹
∙ 𝜔        (B1) 

 

where 
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B2 

 

𝜔 =
𝑑𝛹

𝑑𝑡
        (B2) 

 

Substituting equation B2 into B1 gives 

 

𝜔𝑏 =
𝑑𝜃𝐵𝐿

𝑑𝑡
 =  

𝑑𝜃𝐵𝐿

𝑑𝛹
∙

𝑑𝛹

𝑑𝑡
      (B3) 

 

The blade angular acceleration α, from the second derivative chain rule 

is given by  

 

𝛼 =
𝑑2𝜃𝐵𝐿

𝑑𝑡2  =  
𝑑2𝜃𝐵𝐿

𝑑𝛹2 ∙ (
𝑑𝛹

𝑑𝑡
)

2

+ 
𝑑𝜃𝐵𝐿

𝑑𝛹
∙

𝑑2𝛹

𝑑𝑡2     (B4) 

 

In this case 
𝑑2𝛹

𝑑𝑡2 = 0, therefore 

 

𝛼 =
𝑑2𝜃𝐵𝐿

𝑑𝑡2  =  
𝑑2𝜃𝐵𝐿

𝑑𝛹2 ∙ (
𝑑𝛹

𝑑𝑡
)

2

      (B5) 

 

The blade cyclic pitch angle 𝜃𝐵𝐿 as shown in Figure B1, is 

 

𝜃𝐵𝐿 =  
𝜋

2
− 𝑐𝑜𝑠−1  (

𝑎2−𝐿2+𝑝2

2𝑎𝑝
) − 𝑠𝑖𝑛−1  (

𝑒

𝑎
𝑐𝑜𝑠(𝛹 + 𝜀))  (B6) 

 

where  

 

𝑎 =  √𝑒2 + 𝑅2 + 2𝑒𝑅𝑠𝑖𝑛(𝛹 + 𝜀)     (B7) 
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B3 

 

 

 

Figure B1 – Rotor geometric parameters 

 

2. Blade Pitch Pin Force Reaction Calculation  

 

 

Figure B2 – Rotor blade-free body diagram 
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From Figure B2 

 

𝑐 =  √𝑎2 + 𝑏2 − 2𝑎𝑏 ∙ cos(𝐶)      (B8) 

 

where  

 

𝐵 =  𝑠𝑖𝑛−1 [
𝑏∙sin(𝐶)

𝑐
]        (B9) 

 

and  

 

𝜑𝐼 =  𝜃 − 𝐵         (B10) 

 

2.1. Blade Inertial Loading due to Centripetal Acceleration from Rotor 

Rotation 

 

𝐹1 =  𝑚𝑏𝜔2c         (B12) 

 

Resolving forces in the X-direction  

 

𝑅𝐴𝐼
+ 𝑅𝐵𝐼

+ 𝑅𝐶 𝐼
−  𝐹1 cos(𝜑𝐼) = 0     (B13) 

 

Resolving forces in the Y-direction 

 

𝑅𝐷𝐼
+ 𝑅𝐸𝐼

+  𝐹1 sin(𝜑𝐼) = 0       (B14) 

 

Taking moments about point A XZ plane (clockwise Positive) 
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− 𝐹1𝐿3 cos(𝜑𝐼) + 𝑅𝐵𝐼
(𝐿3 + 𝐿4) = 0     (A15) 

 

Taking moments about point A YZ plane (clockwise Positive) 

 

− 𝐹1𝐿1 cos(𝜑𝐼) + 𝑅𝐶𝐼
(𝐿1 + 𝐿2) = 0     (A16) 

 

Taking moments about point A XY plane (clockwise Positive) 

 

− 𝐹1𝐿1 sin(𝜑𝐼) − 𝑅𝐸𝐼
(𝐿1 + 𝐿2) = 0      (A17) 

 

Reaction Forces 

 

Rearranging equation A15 

 

𝑅𝐵𝐼
=

(𝐹1𝐿3 cos(𝜑𝐼))

(𝐿3+𝐿4)
       (A18) 

 

Rearranging equation A16 

 

𝑅𝐶𝐼
=

(𝐹1𝐿1 cos(𝜑𝐼))

(𝐿1+𝐿2)
       (A19) 

 

Rearranging equation A17  

 

𝑅𝐸𝐼
=

−(𝐹1𝐿1 sin(𝜑𝐼))

(𝐿1+𝐿2)
       (A20) 
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Rearranging equation B13 

 

𝑅𝐴𝐼
= 𝐹1 cos(𝜑𝐼) − 𝑅𝐵𝐼

− 𝑅𝐶 𝐼
      (B21) 

 

Substituting equations B18 and B19 into equation B21 

 

𝑅𝐴𝐼
= 𝐹1 cos(𝜑𝐼) −

(𝐹1𝐿3 cos(𝜑𝐼))

(𝐿3+𝐿4)
−

(𝐹1𝐿1 cos(𝜑𝐼))

(𝐿1+𝐿2)
   (B22) 

 

Rearranging equation B14 

 

𝑅𝐷𝐼
= −𝐹1 sin(𝜑𝐼) − 𝑅𝐸𝐼

       (B23) 

 

Substituting equation B20 into equation B23 

 

𝑅𝐷𝐼
= −𝐹1 sin(𝜑𝐼) +

(𝐹1𝐿1 sin(𝜑𝐼))

(𝐿1+𝐿2)
      (B24) 

 

2.2. Blade Inertial Loading due to Centripetal Acceleration from Blade 

Oscillation  

 

Resolving forces in the X direction  

 

𝑅𝐷𝑃
+ 𝑅𝐸 𝑃

−  𝑚𝑏𝜔𝑏
2𝐿3 = 0       (B25) 

 

Resolving forces in the Y direction    

 

𝑅𝐴𝑃
+ 𝑅𝐶𝑃

+  𝑚𝑏𝛼𝐿3 = 0      (B26) 
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Taking moments about point A XZ plane (clockwise positive) 

 

𝑇 + 𝑅𝐵𝑃
(𝐿3 + 𝐿4) = 0       (B27) 

 

Taking moments about point A YZ plane (clockwise positive) 

 

𝑚𝑏𝛼𝐿3𝐿1 + 𝑅𝐶𝑃
(𝐿1 + 𝐿2) = 0     (B28) 

 

Taking moments about point A XY plane (clockwise positive) 

 

𝑚𝑏𝜔𝑏
2𝐿3𝐿1 − 𝑅𝐸𝑃

(𝐿1 + 𝐿2) = 0     (B29) 

 

Reaction Forces 

 

Rearranging equation B29 

 

𝑅𝐸𝑃
=

𝑚𝑏𝜔𝑏
2𝐿3𝐿1

(𝐿1+𝐿2)
       (B30) 

 

Substituting B30 into B25 and rearranging 

 

𝑅𝐷𝑃
= 𝑚𝑏𝜔𝑏

2𝐿3 (
𝐿2

𝐿1+𝐿2
)      (B31) 

 

Rearranging equation B28 

 

𝑅𝐶𝑃
= −

𝑚𝑏𝛼𝐿3𝐿1

(𝐿1+𝐿2)
       (B32) 
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Substituting B32 into B26 and rearranging 

 

𝑅𝐴𝑃
= −𝑚𝑏𝛼𝐿3 (

𝐿2

𝐿1+𝐿2
)      (B33) 

 

Rearranging equation B27  

 

𝑅𝐵𝑃
= −

𝑇

(𝐿3+𝐿4)
       (B34) 

 

2.3. Blade Aerodynamic Loading  

 

 The aerodynamic analysis was based on the superposition of the aerodynamic 

loads from the BET-code developed in chapter 5 as a function of rotor azimuth 

position.  A simplifying assumption has been made in the aerodynamic load analysis.  

The aerodynamic center is assumed to act at the same position as the blade center of 

gravity (CoG).   

 

Resolving forces in the X direction  

 

𝑅𝐴𝑎
+ 𝑅𝐵𝑎

+ 𝑅𝐶𝑎
−  𝐹𝑦 sin(𝜑𝐼) − 𝐹𝑥 sin(𝜃𝐵𝐿) = 0   (B35) 

 

Resolving forces in the Y direction 

 

𝑅𝐷𝑎
+ 𝑅𝐸𝑎

+  𝐹𝑦 cos(𝜑𝐼) −  𝐹𝑥 cos(𝜃𝐵𝐿) = 0    (B36) 

 

Taking moments about point A XZ plane (clockwise positive) 

 

− 𝐹𝑥𝐿3 sin(𝜃𝐵𝐿) − 𝐹𝑦𝐿3 sin(𝜑𝐼) + 𝑅𝐵𝑎
(𝐿3 + 𝐿4) = 0   (B37) 
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Taking moments about point A YZ plane (clockwise positive) 

 

− 𝐹𝑥𝐿1 sin(𝜃𝐵𝐿) −  𝐹𝑦𝐿1 sin(𝜑𝐼) + 𝑅𝐶𝑎
(𝐿1 + 𝐿2) = 0   (B38) 

 

Taking moments about point A XY plane (clockwise positive) 

 

 𝐹𝑥𝐿1 cos(𝜃𝐵𝐿) − 𝐹𝑦𝐿1 cos(𝜑𝐼) − 𝑅𝐸𝑎
(𝐿1 + 𝐿2) = 0   (B39) 

 

Reaction Forces 

 

Rearranging equation B37 

 

𝑅𝐵𝑎
=

( 𝐹𝑥𝐿3 sin(𝜃𝐵𝐿)+ 𝐹𝑦𝐿3 sin(𝜑𝐼))

(𝐿3+𝐿4)
     (B40) 

 

Rearranging equation B38  

 

𝑅𝐶𝑎
=

(𝐹𝑥𝐿1 sin(𝜃𝐵𝐿)+𝐹𝑦𝐿1 sin(𝜑𝐼))

(𝐿1+𝐿2)
     (B41) 

 

Rearranging equation B39 

 

𝑅𝐸𝑎
=

(𝐹𝑦𝐿1 cos(𝜑𝐼)−𝐹𝑥𝐿1 cos(𝜃𝐵𝐿))

(𝐿1+𝐿2)
     (B42) 

 

Rearranging equation B35 

 

𝑅𝐴𝑎
= 𝐹𝑦 sin(𝜑𝐼) + 𝐹𝑥 sin(𝜃𝐵𝐿) − 𝑅𝐵𝑎

− 𝑅𝐶𝑎
    (B43) 
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And substituting B40 and B41 into equation B43 

 

𝑅𝐴𝑎
= 𝐹𝑦 sin(𝜑𝐼) + 𝐹𝑥 sin(𝜃𝐵𝐿) −

(𝐹𝑦𝐿1 cos(𝜑𝐼)−𝐹𝑥𝐿1 cos(𝜃𝐵𝐿))

(𝐿1+𝐿2)
−

(𝐹𝑥𝐿1 sin(𝜃𝐵𝐿)+𝐹𝑦𝐿1 sin(𝜑𝐼))

(𝐿1+𝐿2)
       (B44) 

 

Rearranging equation B36 

 

𝑅𝐷𝑎
= 𝐹𝑥 cos(𝜃𝐵𝐿) − 𝐹𝑦 cos(𝜑𝐼) − 𝑅𝐸𝑎

     (B45) 

 

And substituting B42 into equation B45 

 

𝑅𝐷𝑎
= 𝐹𝑥 cos(𝜃𝐵𝐿) − 𝐹𝑦 cos(𝜑𝐼) −

(𝐹𝑦𝐿1 cos(𝜑𝐼)−𝐹𝑥𝐿1 cos(𝜃𝐵𝐿))

(𝐿1+𝐿2)
  (B46) 

 

2.4. Resultant Blade Pitch Pin Reaction Forces  

 

The overall resultant blade pitch pin loads are the summation of the inertial 

and aerodynamic loads in the preceding sections.  Each is outlined below 

 

𝑅𝐴 = 𝑅𝐴𝐼
+ 𝑅𝐴𝑃

− 𝑅𝐴𝑎
       (B47) 

𝑅𝐵 = 𝑅𝐵𝐼
+ 𝑅𝐵𝑃

− 𝑅𝐵𝑎
       (B48) 

𝑅𝐶 = 𝑅𝐶 𝐼
+ 𝑅𝐶𝑃

− 𝑅𝐶𝑎
       (B49) 

𝑅𝐷 = 𝑅𝐷𝐼
+ 𝑅𝐷𝑃

− 𝑅𝐷𝑎
       (B50) 

𝑅𝐸 = 𝑅𝐸 𝐼
+ 𝑅𝐸𝑃

− 𝑅𝐸𝑎
       (B51) 
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Pin 1 Resultant   

 

𝑅𝑃𝑖𝑛1 =  √𝑅𝐴
2 + 𝑅𝐷

2         (B52) 

 

Pin 2 Resultant  

 

𝑅𝑃𝑖𝑛2 =  √𝑅𝐶
2 + 𝑅𝐸

2        (B53) 

 

2.5. Rotor-Disc Tangential and Radial Loads 

 

 The design of the upper and lower rotor disc requires a stress analysis and high 

cycle fatigue (HCF) life calculation to be undertaken.  The blade pitch pin reaction 

forces have been converted into radial and tangential force components for 

convenience, as shown below. 

 

Pin1  

𝑅𝑃𝑖𝑛1𝑟𝑎𝑑
= 𝑅𝐴 cos(𝜃) − 𝑅𝐷 cos(𝜑𝐼)     (B54) 

𝑅𝑃𝑖𝑛1𝑡𝑎𝑛
= 𝑅𝐴 sin(𝜃) + 𝑅𝐷 sin(𝜑𝐼)      (B55) 

 

Pin2  

𝑅𝑃𝑖𝑛2𝑟𝑎𝑑
= 𝑅𝐶 cos(𝜃) − 𝑅𝐸 cos(𝜑𝐼)      (B56) 

𝑅𝑃𝑖𝑛2𝑡𝑎𝑛
= 𝑅𝐶 sin(𝜃) + 𝑅𝐸 sin(𝜑𝐼)      (B57) 

 

3.  Bearing Reaction Forces 

 

 Bearing reaction forces were calculated based on the residual out-of-balance 

loads calculated in section 2.  A worst-case failure condition was also considered 
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where a blade failure resulted in a ‘blade off’ condition.  The main criteria under this 

scenario are for the test rig to remain together 

 

 

Figure B3 – Rotor spindle free body diagram 

 

From Figure B3 

 

Resolving forces in the X direction  

 

𝐹𝑇 + 𝐹𝐵𝑂 + 𝐹𝐵 − 𝐵1 − 𝐵2 = 0      (B58) 

 

Taking moments about point A XY plane (clockwise positive) 

 

𝐹𝑇(𝑋1 + 𝑋3 + 𝑋4)+𝐹𝐵𝑂(𝑋1 + 𝑋3) + 𝐹𝐵(𝑋1) + 𝐵2(𝑋2) = 0  (B59) 

 

Reaction Forces 

 

Rearranging equation A58 

 

𝐵1 = 𝐹𝑇 + 𝐹𝐵𝑂 + 𝐹𝐵 − 𝐵2 = 0      (B60) 
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Rearranging equation A59 

 

𝐵2 =
−𝐹𝑇(𝑋1+𝑋3+𝑋4)−𝐹𝐵𝑂(𝑋1+𝑋3)−𝐹𝐵(𝑋1)

𝑋2
    (B61) 
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Appendix C – iCUB Six Degree of Freedom Force 

Torque Sensor Specification 

 

The test rig was mounted onto a six-degree-of-freedom force torque sensor 

during testing and characterization.  A sensor specification is included in the current 

section to define the instrumentation limitations and supporting documentation. 
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Appendix D – Uncertainty Analysis 

 

An uncertainty analysis was undertaken on all experimental measurements, 

utilizing the method developed by Moffat [94].  The method combines all bias and 

precision errors to produce an uncertainty with a 95% confidence level.  The 

calculation method is defined as: 

 

δR = {(
∂R

∂x1
δx1)

2

+ (
∂R

∂x2
δx2)

2

+ ⋯ (
∂R

∂x3
δx3)

2

}

1

2

   (D1) 

 

Where x is the contributing variable and R is the required quantity, CTx, CTy, 

and CP in the current study  

 

1.1. Rotor Mean Force Measurements – Non-Dimensional Coefficients CTx, 

and CTy 

 

For the X direction mean Thrust Coefficient CTx and CTx (Only CTx shown to 

avoid repetition), where, 

 

CTx =
Fx

ρ𝑎A𝑅(ωR)2 =
Fx

𝑍x
       (D2) 

 

The uncertainty in CTx is defined as: 

 

δCTx = {(
∂CTx

∂Fx
δFx)

2

+ (
∂CTx

∂Zx
δZx)

2

}

1

2

    (D3) 

 

Giving, 

δCTx = {(
1

Zx
δFx)

2

+ (
−Fx

Zx
2 δZ𝑥)

2

}

1

2

     (D4) 

 

Fx is the rotor mean force in the X measurement direction, and Zx represents 

an aerodynamic constant assumed for ease of calculation. 
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Force Uncertainty – δFx 

 

The rotor force component Fx is calculated from the average of 45,000 force 

sensor samples, using sensor manufacturer calibration data.  Based on this, there are 

three uncertainties identified. 

 

Force sensor measurement uncertainty 

 

a result of sensor calibration defined as  

 

δS =
±0.025

Fx
        (D5) 

 

Force Fx averaging uncertainty 

 

The rotor force components are presented as average values, approximating the mean 

value.  The measurement uncertainty is given by 

 

δN𝐴 =
1.96σ(F𝑥)

N0.5        (D6) 

 

Fx is the rotor mean force in the X measurement direction as previously 

defined,  N represents the number of samples in the data set, and σ is the standard 

deviation.  A value of 1.96 was used to provide a 95% confidence level.   

 

Force sensor drift uncertainty  

 

Drift uncertainty was accounted for by performing a static test before and after 

each experimental run.  An estimate of the uncertainty due to sensor drift was 

calculated from  

 

δDx =
Fx2−Fx1

2
       (D7) 
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The above three uncertainties then combine to give the overall uncertainty in 

force, Fx 

 

δFx = {(
∂Fx

∂S
δS)

2

+ (
∂Fx

∂NA
δNA)

2

+ (
∂Fx

∂Dx
δDx)

2

}

1

2

   (D8) 

 

This gives 

 

δFx = {(
0.025

Fx

)
2

+ (
1.96σ(Fx)

N0.5
)

2

+ (
Fx2−Fx1

2
)

2

}

1

2

   (D9) 

 

Aerodynamic Constant Uncertainty - δZx 

 

The aerodynamic constant Zx is calculated from measured data for each 

variable, with each variable having its own uncertainty, summarised below.   

 

Density uncertainty 

 

ρ𝑎 =
p

Rt
        (D10) 

 

Where p is the static pressure, R the Universal Gas Constant, and t is the static 

temperature.  The uncertainty associated with the density calculation is 

 

δρ = {(
∂ρ𝑎

∂p
δp)

2

+ (
∂ρ𝑎

∂t
δt)

2

}

1

2

     (D11) 

 

Pressure measurement uncertainty 

 

This is measured to be within 0.05 bar, and the uncertainty is given by δp =

±0.05 bar. 
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Temperature measurement uncertainty 

 

The temperature is measured to be within 0.5°C, where δt = ±0.5℃ defines 

the uncertainty.  Therefore the uncertainties combine to give the overall uncertainty 

in density, ρ 

 

δρ = {(
0.05

Rt
)

2

+ (
−0.5𝑝𝑅

(𝑅𝑡)2
)

2

}

1

2

      (D12) 

 

Planform area uncertainty 

 

The planform area is made up of two measured variables; the uncertainty for 

each variable is 

 

Span height, δHR = ±0.5mm and Rotor diameter, δDR = ±0.5mm 

 

The uncertainty associated with the planform area calculation is then 

 

δA = {(
∂A𝑅

∂HR
δHR)

2

+ (
∂A𝑅

∂DR
δDR)

2

}

1

2

     (D13) 

 

Therefore the uncertainties combine to give the overall uncertainty in the 

planform area, AR, where 

 

δA𝑅 = {(0.0005DR)2 + (0.0005HR)2}
1

2    (D14) 

 

Rotor rotational speed uncertainty 

 

Rotor rotational speed was measured with a 360 Pulse Per Revolution (PPR) 

encoder and controlled via a PID controller loop.  The PID control loop parameters 

were tuned, and the speed was always found to be within 1% of the required set point 

across the full speed range.  The rotor speed uncertainty is, therefore, given by δω =

±0.01𝜔. 
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Where ω is the rotor rotational speed.  The uncertainty associated with the 

aerodynamic constant Zx calculation is 

 

δZx = {(
∂Zx

∂A𝑅
δA𝑅)

2

+ (
∂Zx

∂ρ𝑎
δρ𝑎)

2

+ (
∂Zx

∂ω
δω)

2

+ (
∂Zx

∂R
δR)

2

}

1

2

 (D15) 

 

The uncertainties combine to give the overall uncertainty in the aerodynamic 

constant, Zx, which is given by 

 

δZ𝑥 = {(ρ𝑎ω2r2{(0.0005DR)2 + (0.0005HR)2}
1

2)
2

+

(A𝑅ω2r2 {(
0.05

Rt
)

2

+ (
−0.5pR

(Rt)2 )
2

}

1

2

)

2

+ (0.02ρ𝑎A𝑅ω2r2)2 +

(0.001ρ𝑎A𝑅ω2r)2}

1

2

       (D16) 

 

1.2. Rotor Mean Resultant Force – Non-Dimensional Coefficients CT 

 

The orthogonal X and Y force components in the test measurement directions 

are combined to calculate the overall thrust coefficient CT, defined as 

 

CT =  √CTx

2 + CTy

2        (D17) 

 

The uncertainty in CT is calculated from 

 

δCT = {(
∂CT

∂CTx
δCTx)

2

+ (
∂CT

∂CTy
δCTy)

2

}

1

2

    (D18) 

 

Giving, 
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δCT = {(
CTx

√CTx
2 +CTy

2
δCTx)

2

+ (
CTy

√CTx
2 +CTy

2
δCTy)

2

}

1

2

   (D19) 

 

1.3. Rotor Mean Power Measurements – Non-Dimensional Coefficients CP 

 

For the Rotor Power Coefficient CP, where 

 

CP =
P

ρ𝑎A𝑅(ωR)3 =
P

Z𝑃
       (D20) 

 

The uncertainty in CP is defined as 

 

δCP = {(
∂CP

∂P
δP)

2

+ (
∂CP

∂ZP
δZP)

2

}

1

2

     (D21) 

 

Giving, 

δCP = {(
1

𝑍P
δP)

2

+ (
−P

Z𝑃
2 δZ𝑃)

2

}

1

2

     (D22) 

 

P is the rotor power, and ZP represents an aerodynamic constant assumed for 

ease of calculation. 

 

Power Uncertainty – δP 

 

The rotor power is calculated from 

 

P = Qω       (D23) 

 

Where Q is the rotor torque and ω is the rotor rotational speed.  The uncertainty 

associated with the rotor power calculation is 

 

δP = {(
∂P

∂Q
δQ)

2

+ (
∂P

∂ω
δω)

2

}

1

2

     (D24) 
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The rotor power P is calculated using sensor manufacturer calibration data 

from the average of 45,000 force sensor samples measuring torque.  Based on this, 

there are three uncertainties identified in the torque measurement. 

 

Force sensor measurement uncertainty 

 

Force sensor measurement uncertainty is a result of sensor calibration and is 

defined as 

 

δS𝑃 =
±0.05

Q
        (D25) 

 

Power averaging uncertainty 

 

The rotor power is presented as average values, approximating the actual mean 

value.  The measurement uncertainty is defined as 

 

δN𝐴𝑃 =
1.96σ(𝑄)

N0.5        (D26) 

 

Q is the rotor torque as previously defined,  N represents the number of 

samples in the data set, and σ is the standard deviation.  A value of 1.96 was used to 

provide a 95% confidence level.   

 

Sensor drift uncertainty 

 

Uncertainty due to sensor drift was accounted for by performing a static test 

before and after each experimental run.  An estimate of the uncertainty due to sensor 

drift is calculated from 

 

δD𝑃 =
𝑄2−Q1

2
        (D27) 

 

The above three uncertainties combine to give the overall uncertainty in 

Torque, Q: 
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δQ = {(
∂Q

∂S𝑃
δS𝑃)

2

+ (
∂𝑄

∂NAP
δNAP)

2

+ (
∂Q

∂DP
δDP)

2

}

1

2

   (D28) 

 

This gives 

 

δQ = {(
0.05

Q
)

2

+ (
1.96σ(𝑄)

N0.5
)

2

+ (
𝑄2−Q1

2
)

2

}

1

2

    (D29) 

 

Rotor rotational speed uncertainty 

 

The rotor speed uncertainty is estimated from δω = ±0.01N𝑅 

 

The above uncertainties combine to give the overall uncertainty in Power, P: 

 

𝛿𝑃 = {(𝜔 {(
0.05

𝑄
)

2

+ (
1.96σ(𝑄)

N0.5 )
2

+ (
𝑄2−Q

2
)

2

}

1

2

)

2

+ (0.01N𝑅𝑄)2}

1

2

  

          (D30) 

 

Aerodynamic Constant Uncertainty - δZP 

 

The aerodynamic constant is calculated from measured experimental data for 

each variable.  Each variable has its own uncertainty.  Many of the variables have 

been defined in the calculation of δZx.  The uncertainty associated with the 

aerodynamic constant ZP calculation is 

 

δZP = {(
∂ZP

∂A𝑅
δA𝑅)

2

+ (
∂ZP

∂ρ
δρ)

2

+ (
∂ZP

∂ω
δω)

2

+ (
∂ZP

∂R
δR)

2

}

1

2

 (D31) 

 

The uncertainties combine to give the overall uncertainty in the aerodynamic 

constant, ZP, where 
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δZ𝑃 = {(𝜌𝑎𝜔3𝑟3{(0.0005DR)2 + (0.0005HR)2}
1

2)
2

+ (𝐴𝑅𝜔3𝑟3 {(
0.05

Rt
)

2

+

(
−0.5pR

(Rt)2
)

2

}

1

2

)

2

+ (0.03𝜌𝑎𝐴𝑅𝜔3𝑟3)2 + (0.0015𝜌𝑎𝐴𝑅𝜔3𝑟2)2}

1

2

   

        (D32) 

 

D1.4. Rotor Cyclic Pitch Angle Input, θBL Uncertainty Level 

 

The blade cyclic pitch angle θBL is dependent on the rotor geometry itself, 

defined by 

 

θBL =
π

2
− cos−1 (

a2−L2+P2

2aP
) − sin−1 (

e

a
∙ cos (Ψ + ε)  (D33) 

 

The uncertainty in θBL is defined as 

 

δθBL = {(
∂θBL

∂a
δa)

2

+ (
∂θ𝐵𝐿

∂L
δL)

2

+ (
∂θ𝐵𝐿

∂P
δP)

2

+ (
∂θ𝐵𝐿

∂e
δe)

2

+

(
∂θ𝐵𝐿

∂Ψ
δΨ)

2

+ (
∂θ𝐵𝐿

∂ε
δε)

2

}

1

2

       (D34) 

 

Where,  

 

∂θ𝐵𝐿

∂a
=

4a2P−2P(a2−L2+P2)

(2aP)2√1−(
a2−L2+P2

2aP
)

2
+

ecos(Ψ+ε)

a2√1−(
e

𝑎
cos(Ψ+ε))

2
   (D35) 

 

∂θ𝐵𝐿

∂L
=

−L

aP√1−(
a2−L2+P2

2aP
)

2
      (D36) 

 

∂θ𝐵𝐿

∂P
=

4P2a−2a(a2−L2+P2)

(2aP)2√1−(
a2−L2+P2

2aP
)

2
      (D37) 
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∂θ𝐵𝐿

∂e
=

−cos(Ψ+ε)

a√1−(
e

𝑎
cos(Ψ+ε))

2
      (D38) 

 

∂θ𝐵𝐿

∂Ψ
=

∂θ𝐵𝐿

∂ε
=

esin(Ψ+ε)

a√1−(
e

𝑎
cos(Ψ+ε))

2
     (D39) 

 

Where a is a geometric parameter defined by 

 

a =  √e2 + R2 + 2eR ∙ sin(Ψ + ε)     (D40) 

 

The uncertainty in ‘a’ is defined as 

 

δa = {(
∂a

∂e
δe)

2

+ (
∂a

∂R
δR)

2

+ (
∂a

∂ψ
δψ)

2

+ (
∂a

∂ε
δε)

2

}

1

2

  (D41) 

 

Where, 

 

∂a

∂e
=

e+Rsin(Ψ+ε)

√𝑒2+𝑅2+2𝑒𝑅𝑠𝑖𝑛(Ψ+ε)
      (D42) 

 

∂a

∂R
=

R+esin(Ψ+ε)

√𝑒2+𝑅2+2𝑒𝑅𝑠𝑖𝑛(Ψ+ε)
      (D43) 

 

∂a

∂ψ
=

∂a

∂ε
=

2eRcos(Ψ+ε)

√𝑒2+𝑅2+2𝑒𝑅𝑠𝑖𝑛(Ψ+ε)
     (D44) 

 

The geometric parameter ‘a’ is made up of four measured variables that can 

be measured directly with measuring equipment.  The uncertainty for each variable is 

 

• Eccentric Point offset, e, δe = ±0.05mm, 

• Rotor Radius, R, δR ± 0.25mm, 

• Azimuth Angle, ψ, δψ ± 0.25°, 

And  

• Eccentric Point Phase Angle, ε, δε ± 0.25° 
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The length of the control rod L is: 

 

L =  √P2 + R2       (D45) 

 

The uncertainty in L is defined as 

 

δL = {(
∂L

∂P
δP)

2

+ (
∂L

∂R
δR)

2

}

1

2

      (D46) 

 

Giving, 

 

δL = {(
P

√P2+R2
δP)

2

+ (
R

√P2+R2
δR)

2

}

1

2

    (D47) 

 

The pitch link length, P, is made up of a measured variable, where the 

uncertainty is: 

 

Pitch Link Length, P, δP = ±0.5mm 
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Appendix E – ICP PCB Force Sensor Specification 

 

An additional single-axis force sensor was used during shaker testing and 

dynamic calibration, a PCB 208C02.  A sensor specification is included in the current 

section to define the instrumentation limitations and leading dimensions. 
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