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Highlights

* Sodium silicate-based sealant was investigated for use in a recuperator.

» Small-scale clamped plate-style recuperator designs were built and tested.

* A cold-side effectiveness of 82.5% was found for the recuperator core in experiment.
* A total pressure loss of 24.9 kPa was found for the recuperator core in experiment.

* A validated mathematical model was applied to a solar Brayton cycle recuperator.

Abstract

A large, efficient recuperator is required for high cycle efficiency in a solar Brayton cycle
(STBC) with an open-cavity solar receiver and air as working fluid. A recuperator often requires
complex and costly manufacturing methods. In this work, a clamped plate-type recuperator with
a metal gasket is investigated, together with a low-cost high-temperature sodium silicate-based
sealant. Experimental investigations were performed to validate a mathematical model using a
novel bone-shape design as well as a wide-channel design. The high-temperature sealant worked
well on the bone-shape recuperator; however, a leak occurred on the hot-side header tube of the
wide-channel recuperator. For the recuperator core of the wide-channel test rig, a cold-side
effectiveness of 82.5% and a total pressure loss of 24.9 kPa were found at an average mass flow
rate of 0.74 g/s per channel. The validated mathematical model was used in a parametric study to
analyse the performance of the recuperator in an STBC by taking the stress and deflection of the
plates into consideration. Results show that, for a total mass flow rate of 0.06 kg/s, a cold-side
effectiveness of 90% and total pressure loss of less than 5% could be achieved, if a spacer is
implemented to prevent deflection.
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1. Introduction

Renewable energy is in ever-increasing demand, with solar energy being one of the front-
runners. Solar energy is classified into two main categories, namely photovoltaics (PV) and
concentrating solar power (CSP) [1]. One form of a CSP system is a central receiver design



whereby a large array of heliostats (reflective mirrors) focuses the sun’s direct normal irradiance
(DNI) onto a single point [2]. When this system is downscaled and made more compact, the
heliostats is replaced by a parabolic solar dish reflector, which concentrates the DNI onto a
cavity receiver [3,4]. The highly concentrated solar flux can then be used as the heat source for a
micro-turbine in a Brayton cycle, creating what is referred to as a solar thermal Brayton cycle
(STBC). McDonald and Rodgers [5] state that personal micro-turbine power generation systems
may be as commonplace in the future as owning a personal computer. They suggest that a
compact, gas-fired, silent-running personal micro-turbine with very low emissions would operate
unattended and would be essentially maintenance-free, resulting in generator sets having the
potential to become standard items in new homes in coming decades. Such a micro-turbine,
driven by concentrated solar power (using a solar dish), is an attractive option when considering
smaller-scale applications where space is not a restriction. The STBC allows for low costs [6],
high reliability [7], simplicity, reduced water consumption, and the use of air as working fluid.
The STBC has been shown to operate at efficiencies from 11.76% [8] and thermal efficiencies of
up to 30% [9] while maintaining turbine inlet temperatures in the region of 760 °C to 871 °C [7].
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Fig. 1. A recuperated solar thermal Brayton cycle (not drawn to scale).

Fig. 1 shows a cycle diagram for an STBC. The dimensions of the solar receiver and recuperator
in a small-scale (1-20 kW) dish-mounted STBC have been optimised by Le Roux [10,11], using
the method of entropy generation minimisation. A prototype is proposed to generate mechanical
power by reflecting solar irradiance with a 4.8 m reflective dish onto an open-cavity tubular
receiver [12], at solar to mechanical efficiencies ranging from 10% to 20% [13]. The means by
which it can extract the thermal energy and convert it to kinetic energy is via the implementation
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of a micro gas turbine in the form of a turbocharger from the automotive industry. Turbochargers
are readily available and thus affordable [14], and have been developed for many decades to
perform well at the proposed operating conditions of up to 950 °C [15]. To continue generating
power during periods of sparse or no solar irradiance, thermal storage methods such as packed
rock bed [16] and molten metal systems [17,18] have been investigated. The addition of a
combustion chamber to hybridise the cycle is a well-known solution for continuous operation
[19]; it can utilise a wide range of fuels including hydrogen [20]. Another means of improving
the utilisation of the cycle’s energy is by capturing the exhausted heat and putting it to use in
applications such as water heating [14,19], absorption chilling or desalination. The purpose of
the small-scale STBC is to create a mobile, easily deployable, off-grid source of electricity and
hot water to communities in need of such resources.

In order for the STBC to operate at moderate to high efficiencies with the implementation of a
turbocharger, the recuperator shown in Fig. 1 is key. The recuperator removes heat from the gas
exiting the turbine and transfers it to the air stream exiting the compressor, allowing for a less
complex solar receiver. The recuperator is a high-temperature heat exchanger, usually operating
at temperatures of above 650 °C [21], and allows for less external heat input (fuel or solar
irradiance) in addition to lowering the required pressure ratios (typically three to four times
lower than those of a non-recuperated cycle) [15]. McDonald [22] provides typical criteria for a
recuperator to be beneficial to the cycle, which are as follows: low manufacturing cost, high
reliability, high effectiveness (> 90%) and a low pressure loss (< 5%). Following these criteria, a
counterflow design is required.

The main heat exchanger categories which encompass recuperators are tubular, plate-type (also
known as primary-surface recuperators), and plate-fin, which falls under the extended surface
category [23]. Clay and Tansley [24] have developed and analysed a tubular recuperator. The
design manages a cold-side effectiveness of 76%, with a total pressure loss in the region of 15%.
Although the tubular design allows for a low-cost solution, the performance is heavily affected.
Xiao et al. [23] compare various typical recuperator solutions that manufacturers have provided.
Plate-type and plate-fin recuperators are the most widely implemented because of their ability to
achieve high effectiveness values and low pressure losses in addition to remaining compact.
McDonald [25] suggests that a plate-fin counterflow iteration is necessary. However, according
to Scaccia and Theoclitus [26], fins should be avoided within a Brayton cycle recuperator due to
the increased likelihood of fouling, as well as the negligible effect of fins in such a recuperator
relative to the cost and weight. Fouling can become a major concern for recuperators regardless
of the geometry, especially when incomplete combustion takes place. Besides the insulative
effects that deposition-type fouling can cause, with soot-based fouling having thermal
conductivities ranging from 0.02 W/m.°C to 1 W/m.°C, there can be significant pressure loss
increases due to the reduction in flow area and rough character of the deposit [27].

Developing a recuperator that adheres to the criteria of McDonald [22] whilst remaining cost-
effective is a challenge. According to McDonald [22], a recuperator represents up to 30% of the



capital cost of a micro-turbine package. Recuperator manufacturing methods usually involve
expensive processes such as furnace brazing, laser welding and metallic 3D printing. An
example of such a plate-type recuperator is presented by Kesseli et al. [28], with a cold-side
effectiveness of 90% and a pressure loss of 5% [23]. The body is constructed from plates and
gaskets which are stacked and then furnace brazed together to form a seal. Furthermore, Cordova
et al. [29] propose a more complex radial configuration recuperator for oil-free turbogenerators,
which could achieve an effectiveness of over 90%. A novel Swiss-roll recuperator has also been
investigated [30,31].

Ohadi and Buckley [32] have listed the main potential materials which could be used for high-
temperature recuperator applications as well as the material properties. Le Roux and
Sciacovelli [18] have shown that the STBC can also operate at lower receiver operating
temperatures of about 600 °C, which have an advantage in terms of cost because stainless steel
materials can be used instead of super-alloys for recuperator inlet temperatures of less than
670 °C [15]. Gasketed plate-type heat exchangers are often used for lower temperature
applications [33] because of material limits, and they are usually operated below 150 °C to avoid
the use of expensive gasket materials [34]. However, high thermal performance can be achieved
in counterflow plate-type heat exchangers [34].

In this work, the utilisation of a counterflow clamped plate-type recuperator with a metal gasket
is investigated, together with a low-cost high-temperature sodium silicate-based sealant. The
sealant is designed for the sealing of joints and openings in high-temperature applications at
temperatures of up to 1500 °C [35]. The effectiveness and pressure drop characteristics of the
recuperator using the sodium silicate-based sealant are considered. Two experimental
investigations are performed to validate a mathematical model on two different small-scale test
rigs, based on a novel bone-shape design as well as a wide-channel design. The novelty of the
designs stems from the objective of manufacturing the recuperator at a relatively low cost using
readily available material. The mathematical model is used to analyse the performance of a full-
scale recuperator for operation in an STBC by taking the stress and deflection of the plates into
consideration.

2. Mathematical model

The effectiveness-NTU method was employed to analyse and create a model of the proposed
counterflow plate-style recuperator. Fig. 1 shows the basic layout on which the calculations were
based, whereby a single channel was considered for each fluid flow stream. Note that a is the
channel width, b the channel height, L the channel length, and ¢ the plate thickness between
channels.

Fig. 2 (left) depicts a schematic of a novel bone-shape plate-style counterflow recuperator
design. The proposed design has been generated to fulfil the requirements of cost-effectiveness
and ease of assembly. Its construction relies on the repetition of alternating plates and gaskets,



which can be laser cut from metal sheet. Each plate is identical, and so is each gasket. The
gaskets are then inverted for each placement to create separate hot and cold fluid flow paths. The
plate-gasket layers can then be stacked ad infinitum to generate a recuperator with the desired
number of channels. Additionally, the channel height, b, can be changed by selecting a metal
sheet of the desired thickness. Once stacked to create a recuperator of the specified size, the
assembly can be sandwiched between two thick plates and squeezed together via bolts around the
periphery of the unit. To ensure that no leakage occurs, a high-temperature sodium silicate-based
sealant [35] can be instituted between the plates and gaskets. Fig. 2 (right) details the layout of
the gasket plate arrangement by showing an exploded view of the recuperator. The alternating
hot and cold channels are shown, revealing how the fluid streams follow a counterflow path.

[

Fig. 2. Plate-style counterflow recuperator concept (left), and exploded view of recuperator
concept (right).

2.1. Heat transfer calculation

The main calculations for the number of transfer units (N7U) and the effectiveness are shown in
Egs. (1), (2) and (3) [36].
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Equation (1) is specific to the design because it is representative of a recuperator with channels
operating within a laminar, fully developed flow regime. Due to this operating state, the Nusselt
number, Nu = 8.24, is constant for the specific channel geometry where a/b>>8 [36]. This
Nusselt number is slightly conservative because the average Nusselt number will be higher due
to the developing flow region, which will enhance heat transfer [37], and because mixed
convection will occur [38]. However, the entry length of the recuperator channels is relatively
short [36] with a negligible increase in the average Nusselt number. The fouling factor for the
clean air on the cold side is taken to be Rz = 0.0004 m?.°C/W [36]. The fouling factor for the hot
side is taken to be Rgn = 0.0006 m?.°C/W [36], due to the combustion of LPG, which only
introduces a small amount of water vapour and CO2 when combusted stoichiometrically. The
fouling factor for the hot side could be different for the experimental validation as a result of
incomplete combustion leading to large soot deposits. The heat loss analysis conducted for the
recuperator design is based on calculations shown in previous work [39-41]. To calculate the hot
and cold-side effectiveness values for a counterflow heat exchanger with heat loss, Egs. (4) and
(5) are employed (adapted from Nellis and Pfotenhauer [42]):
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The dimensionless temperature difference is calculated using Egs. (6) and (7), where the number
of transfer units is calculated using Eq. (8).
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The heat transfer rates are calculated as shown in Egs. (9), (10) and (11).



Qmax = mcp,c(Th,i - Tc,i) )]

Qh = me,h (Thi — Tho) (10)

Qc = mcp,c (Tc,o - Tc,i) (11)

2.2. Pressure drop analysis

Equation (13) is derived from Eq. (12) to determine the pressure drop in a specific channel [36],
while Eq. (14) (integrated to account for variable mass flow rate over the inlet and outlet
sections) allows for the pressure drop to be found in the inlet and outlet header tubes that feed the
channels. This approach is necessary because the fluid mass flow rate decreases linearly as the
fluid flows further into the inlet header tube, being distributed among the channels, and vice
versa when the fluid accumulates linearly as the fluid flows towards the exit of the outlet header

tube.
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The total pressure drop for the entire recuperator in the STBC (see Fig. 1) is simply a summation
of the inlet and outlet header tube pressure drop, as well as the channel pressure drop, for both
the hot and cold sides, as shown in Eq. (16).

APtot = AI')healdertube,c + APheadertube,h + APC + APh (16)



2.3 Stress analysis

Equation (17) calculates the stress, while Eq. (18) calculates the maximum deflection [43] of a
recuperator channel plate due to the pressure differential from the high pressure (cold) side and
the low pressure (hot) side, as shown in Fig. 1. 4Payg is the average pressure difference across a
recuperator channel plate which separates a hot channel from a cold channel, while the Young’s
modulus, E, is evaluated at the operational temperature of the plate. Note that the channel height,
b, is adjusted according to the deflection.

_ —0.54P,4(a)?

Omax = 2 (17)
0.0284 AP, (a)4
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3. Experimental setup

Two separate tests with different recuperator designs were conducted in order to acquire a range
of data for differing geometries and fluid conditions.

3.1. Test I — Mark I rig

The Mark I design, which was generated from the theoretical model and manufactured from mild
steel, is shown in Fig. 3. The dimensions were determined iteratively during the early stages of
the model’s development by aiming for an effectiveness as close to 90% as possible while
remaining within size and weight constraints to which a working prototype would have to adhere
when attached to the small-scale STBC prototype [12]. The pressure loss and plate deflection
values also played a role in the design. Fig. 4 displays the Mark I test rig during assembly with
the sodium-silicate sealant (Calofer) [35]. The bone shape of the recuperator is a result of the
need to keep the channel width narrow in order to prevent excess stress on the plates at high
temperatures, due to the pressure difference between the hot and cold channels, while
maintaining sufficiently large header tube diameters so as not to induce a significant pressure
drop.

To enable testing at higher temperatures while simulating the different pressures within the
recuperator, a throttle plate and a combustion chamber (shown in Fig. 5) were positioned
between the cold-side outlet and hot-side inlet. The throttle plate had a 1.6 mm hole simulating
the pressure drop that would be observed in the STBC due to the turbine and receiver, while the
combustion chamber simulated the solar receiver, which increased the recuperator hot-side inlet



temperature. Also indicated in Fig. 5 are the points at which data was gathered with a
combination of in-stream and weld pad K-type thermocouples as well as highly accurate pressure
transducers. Each measurement location in Fig. 5 is indicated with an arrow pointing towards
two threaded holes where an in-stream thermocouple and pressure transducer was installed. Five
measurement locations are indicated in the figure.

Temperature
and pressure
measurement
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Fig. 5. Complete Mark I recuperator test rig.

Because the pressure transducers could not exceed 80 °C or risk failure, they had to be extended
away from the measurement points by a length of copper tube so that the high temperatures at
some of the positions could be cooled before reaching the pressure probes. This introduced a few



issues, chief among which was the additional heat loss, which was added to the heat loss model.
Another possible issue could be that the added air volume in the tube could interfere with
pressure measurement because air is compressible. However, in this work, transient data was not
needed for the experimental work, and only steady-state values were used. Thus, any small
undulations in pressure measurement would be negated.

The entire setup was insulated extensively with both ceramic fibre board and ceramic fibre
blanket to reduce heat loss. Fig. 6 shows the placement of the recuperator core surface
thermocouples as well as the thermocouples situated on the surface of the insulation. Note that

the bottom recuperator surface thermocouple is located in the same position as the top surface
probe.
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Fig. 6. Mark I recuperator surface and insulation thermocouple placement.

The insulation temperatures were measured at 11 points, three each on the top, side and bottom
surfaces as well as one on each end of the recuperator body. The probes were placed down the
centre line of the fluid path, with the first (denoted by the number 1) being closest to the cold end
of the test rig, i.e. the opposite side of where the combustion chamber is situated and where the
cold inlet is; the second (denoted by the number 2) in the middle, directly above the weld pad K-
type thermocouple on the recuperator; and the third (denoted by the number 3) closest to the hot
side where the combustion chamber is located. The remaining two probes were situated on the
ends of the recuperator body, one at the air inlet and the other at the combustion chamber.

3.2. Test 2 — Mark Il rig

The second test rig (Mark II) was constructed from grade 316 stainless steel, implementing wider
and longer channels, as well as more of them (20 versus 2 channel pairs as compared with
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Mark I). The goal of testing a recuperator with more channels was to increase the air mass flow
rate. The need to test at higher flow rates originated from five requirements, namely to have
better combustion of the LPG (see Section 4.1.4), to experiment with alternative assembly
techniques, to gain a better insight into the manufacturing logistics and expenses, to explore new
geometries for further validation of the theoretical model, and to implement an industry standard
mass flow meter so that accurate mass flow data could be retrieved. Fig. 7 displays a gasket from
the Mark II test rig.

P 520
A J 400
7y B\
A
ol ) 2
% \
i 4 m 35 \@

Fig. 7. Mark II gasket during assembly process.
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Fig. 8. Assembled Mark II core being positioned with the combustion chamber.
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The Calofer was prepared for application by mixing 1.5 litres with 200 millilitres of water to
dilute the mixture for even application and to extend the drying time. Only a portion of this
mixture, roughly 500 millilitres, was actually adhered to the gaskets of the 20 channel pairs. The
remainder of the Calofer was either wasted via spillage or via the cleaning of the application
equipment (a small foam paint roller), or it was stored for later use.

The completely assembled Mark II recuperator core is displayed in Fig. 8. Therein, the M10,
12.8 hardness, grade 316 stainless steel cap screws used to apply the clamping force can be
observed. The ports used to attach or insert the measurement probes on the header tube inlets and
outlets are also visible. Similar to the Mark I rig, Mark II was then pressure tested after the initial
assembly. However, unlike Mark I, Mark II showed a leak. This could be the result of the gasket
geometry not being optimal for sealing as well as uneven clamping forces causing warpage and
inconsistent application of the Calofer. However, the pressure test did indicate that the mass flow
leak occurred from the cold channel into the hot channel via the area of the gasket separating the
cold channel from the hot channel manifold port (indicated in red in Fig. 7). It was also
discovered that the leak was present on the hot side of the recuperator, i.e. between the cold
channel outlet and the hot channel inlet. This meant that by utilising the throttle plate mass flow
data, the leak could be quantified by comparing the throttle plate mass flow data with data of the
mass flow meter, which shows the mass flow rate through the core of the recuperator.

m,, Throttle
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chh
Combustion
chamber

Fig. 9. Mark II leak and mass balance schematic.

The hot-side manifold tube leak, which was identified during the pressure test, could be
quantified by means of a mass flow rate comparison as well as a mass balance if one considers a
control volume around the area highlighted in Fig. 7. Fig. 9 is a schematic representation of the
leak area. It details the division of the mass flow as well as which temperatures had to be
considered. Fig. 10 shows the placement of in-stream thermocouples within the Mark II test rig.
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Fig. 11. Complete Mark II test rig with calming section and mass flow meter.

Fig. 11 depicts the completely assembled Mark II test rig with the Suto S421 mass flow meter
installed. A throttle plate with a 7.1 mm hole was installed between the cold outlet tube and the
combustion chamber, similar to Fig. 5. What is noteworthy is the 4 metre-long inlet section. This
was installed so that fully developed, uniform flow would pass the mass flow meter, and accurate
data could be collected. To mitigate the corrosion that was discovered in the Mark I test rig (see
Section 4.1.4), the Mark II test rig was oriented vertically as opposed to horizontally so that any
condensation formed in the hot channels upon start-up could drain from the hot outlet. The
insulation thickness was also increased from 50 mm that was implemented for Test 1 to a
thickness of 100 mm for Test 2, to further reduce the total heat loss.
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3.3 Measurement equipment

Calibrated in-stream and weld-pad (surface temperature) K-type thermocouples were used. The
uncertainty associated with the WIKA TC 40 in-stream thermocouples is a function of the
temperature as shown in Eq. (19).

Uncertainty (T) = 0.00000327(T)? + 0.00069333(T) + 0.798 (19)

For pressure measurements, calibrated Honeywell ratiometric pressure transducers with a
maximum absolute operating pressure of 344.7 kPa were used. The maximum pressure
transducer uncertainty was 1.66 kPa. The transducers required a supply voltage of 5 V, where
0 kPa was set at 10% (0.5 V) and 344.7 kPa at 90% (4.5 V) of 5 V. The pressure function is
shown in Eq. (20).

P =86.1845(V) — 43.09225 (20)

The mass flow rate was calculated by considering both the temperature and pressure
measurements on either side of the throttle plate. In doing so, the mass flow rate was determined
using Mach number relations for air flow through the throttle plate hole. The calibrated
Suto S421 mass flow meter was used to determine the total mass flow rate through the
recuperator core. A Keysight 34972A LXI data acquisition unit was used with an accuracy of
1 °C for K-type thermocouple measurements and 0.0041% when measuring DC voltage.

4. Testing and results

In this section, the temperature, mass flow and pressure measurements are discussed for the
Mark I and Mark II recuperators. Approximately 25 ml of the low-cost sealant was used per
channel pair. The assembly cost was found to be low relative to welding or furnace brazing costs.

4.1. Test 1
Test 1 was carried out using the Mark I recuperator (see Section 3.1).

4.1.1 Temperatures

Firstly, the wall temperature measurements were compared with the in-stream temperature
measurements. This was due to the in-stream thermocouple being heated to a higher temperature
than the walls, resulting in radiative heat transfer (radiation effect on the in-stream
thermocouples). Table 1 shows that the difference between the measured in-stream and wall
temperatures in Kelvin only ranges from 0.6% to a maximum of 3.7% for the hot inlet
temperature, because of the well-insulated recuperator. To calculate the effectiveness, the
maximum available heat transfer needs to be found using Eq. (9). Subsequently, the heat transfer
for the channel in question needs to be determined. Eq. (10) is used to determine the heat transfer
from the hot channels, while Eq. (11) is used to determine the heat transfer to the cold channels.
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The effectiveness values for either the hot or cold channels can be determined by substituting
into Eq. (21). It must be noted that the most important effectiveness value is that of the cold
channel because this effectiveness indicates how much of the waste heat is being recycled back
into the cycle. Finally, the amount of heat loss that occurs to the environment can be ascertained
by implementing Eq. (22).

Qrn
Elhlel = —Q[ < 21
max
Qloss = Qh - Qc (22)
Table 1
Averaged in-stream and wall temperature measurements at steady state (Mark I).
Cold inlet temperature (7¢,i) [°C] 48.9
Cold outlet temperature (7c.0) [°C] 258.3
Cold outlet wall temperature (7cw.0) [°C] 254.9
Temperature after throttle (7u) [°C] 218.2
Wall temperature after throttle (7w.ar) [°C] 213.7
Hot inlet temperature (75.) [°C] 406.4
Hot inlet wall temperature (75,w.;) [°C] 382.3
Hot outlet temperature (74,0) [°C] 72.7

Table 2 shows the averaged temperatures at steady state for the surface thermocouple
measurements. What is observable about the top, side and bottom surface temperatures is that
they increased more exponentially than linearly over the length of the recuperator due to the fact
that the conductivity of the insulation increased with temperature. A curve was fitted to the top,
side and bottom surface temperatures, yielding correlation coefficients of R%op= 0.8236, R%side=
0.9912 and Rsoiom= 0.9972 for the top, side and bottom functions respectively. This yields
Egs. (23), (24) and (25):

Tyop(X) = 24.140468% (23)
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Tsige(x) = 24.78¢0149% (24)

Thottom(X) = 25.88¢0381% (25)

Equations (23), (24) and (25) are integrated for x-values from 0 to 1, representing the length of
the recuperator surface to give average insulation surface temperatures of Tins,topavg = 30.8 °C,
Tins.side.avg = 26.7 °C and Tins,bottomavg = 31.5 °C. These average values are shown in Table 2. The
measured insulation temperatures on the ends of the recuperator were taken to be the average
values due to the small width relative to the length. The values in Table 2 are used for validation
of the model.

Table 2
Recuperator steady-state averaged heat loss temperatures (Mark I).
T, top,avg [°C] 139.4
Tw,bottom,avg [°C] 142.5
Tins,top [°C] 25.7
Tins,top,2 [°C] 26.9 Tins, top,avg [°C] 30.8
Tins,top,3 [°C] 41
Tins,sige [°C] 24.7
Tins side,2 [°C] 26.9 Tinssideavg [°C] 26.7
Tins side3 [°C] 28.7
Tinspottom,1 [°C] 26
Tinspottom,2 [°C] 31 Tins, bottom,ave [°C] 31.5
Tinspottom,3 [°C] 38.1
Tins.ena,1 [°C] 26.1
Tins,enda,2 [°C] 100.2

4.1.2 Pressures

The pressure measurements took place at the same locations as the in-stream thermocouples. The
measurement of the pressures allows for three key pieces of information to be determined,
namely the mass flow rate, which is discussed in Section 4.1.3, the pressure ratio, and the
pressure losses. The atmospheric pressure for the testing was taken at the beginning and end of
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each test and was found to remain constant over that period at Pam = 87 kPa. Thus, only four
pressures were actively measured during the tests, and their steady-state averaged values can be

observed in Table 3.

Table 3

Recuperator steady-state averaged absolute pressures (Mark I).

Cold inlet pressure
(Pci) [kPa]

Cold outlet pressure
(P c,o) [kPa]

Pressure after throttle
(P at) [kPa]

Hot inlet pressure
(Pni) [kPa]

174.1

173.1

134

132.5

The pressure ratio is calculated using Eq. (26), while Egs. (27), (28) and (29) allow for the cold-

side, hot-side and total pressure losses to be found:

r= Pc,i
Patm
AP, = Pc,i_Pc,o
AP, = Ph,i_Patm

AP,,t = AP. + AP,

4.1.3 Mass flow rate

(26)

27)
(28)

(29)

The role of the throttle plate in the experimental setup was to simulate the pressure drop that
would be produced by the rest of the small-scale STBC, as well as to allow for the determination
of the mass flow rate by means of compressible flow relations utilising Mach numbers. The
throttle plate (orifice plate when used as a measurement device) had a hole of known diameter
(1.6 mm), and the pressures and temperatures on either side of the throttle plate were measured,
thus allowing the Mach number to be calculated using Eq. (30), followed by the mass flow rate

using Eq. (31) [44]:

P.\° P..\* P
M = —11.343 <P—“t> +23.971 <P—“t> —18.163 (P—‘”> +5.5891

c,0 C,0

(30)

c,0

M

m= A h\/f
thrOttlelm R

ZE%J
|1+ m2(55)]

(1)
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where it is assumed that the gas constants, y = 1.4 and R = 287 J/kg.K for air [36], and the
temperature is in Kelvin.

4.1.4 Results

Table 4
Main experimental results (Mark I).
Mass flow rate (1, ) [kg/s] 0.000535
Maximum heat transfer rate (Qy,q,) [W] 194.2
Hot-side heat transfer rate (Q,) [W] 182.5
Cold-side heat transfer rate (Q,) [W] 113.7
Total heat loss rate (Qp5s) [W] 68.7
Cold-side effectiveness (&c) 0.586
Pressure ratio () 2
Cold-side pressure loss (4P¢) [kPa] 0.9
Hot-side pressure loss (4Px) [kPa] 45.5
Total pressure loss (4Prw:) [kPa] 46.4

The results of the data and equations in the previous three sections are presented in Table 4 for
the Mark I recuperator. What is noteworthy about the results is the relatively low effectiveness
and fairly high hot-side pressure loss. To gain more insight into the reason for this occurrence as
well as the performance of the high-temperature sealant and the recuperator’s ability to be
dismantled, the test rig was disassembled. The Soudal Calofer sealed the recuperator very well
but still allowed the plates to be separated without much difficulty. Upon inspection, the cold-
side channels appeared to have some surface rust, most likely due to moisture. This was to be
expected because the material used was mild steel. Despite the rust, there was no fouling, which
resulted in a measurable layer. However, the severity of the contamination that was discovered in
the hot channels was unprecedented. A thick layer of black soot coated all the heat transfer
surfaces. As a result of the incomplete combustion, the fouling layer was estimated to be
anywhere between 0.2 to 0.4 mm thick on each surface. This resulted in the 1 mm channel
height, b, being reduced to a height varying from 0.6 mm to 0.2 mm, thus explaining the
substantial pressure loss. Fig. 12 provides some perspective on the contrast between the cold
channels (left) and the hot channels (right).
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Fig. 12. Condition of the cold cﬂannels (left) and the hot channels

4.1.5 Model validation

To compare the model with the experimental results, the parameters that characterised the
experimental setup during testing had to be inputted into the model, as shown in Table 5.
Additional inputs that were necessary to approximate the experimental results included adding a
fouling layer thickness to the hot-side geometry.

Table S
Mark I theoretical model inputs.
Pressure ratio (r) 2
Mass flow rate (1, ) [kg/s] 0.000535
Cold inlet temperature (7¢,:) [°C] 48.9
Hot inlet temperature (75, [°C] 406.4
Channel width (@) [m] 0.025
Channel height (b) [m] 0.001
Channel length (L) [m] 0.32
Plate thickness () [m] 0.001
Number of channel pairs (N) 2

An average fouling layer thickness of # = 0.321 mm was assumed on each surface of the hot
channel, which aligned with the measured fouling thicknesses attained during the disassembly of
the test rig. Additionally, the hot-side fouling factor had to be increased from the cold-side value
of Rre = 0.0006 m>.K/W to Rsxn = 0.0125 m2.K/W, which at the determined fouling thickness
corresponded to a fouling thermal conductivity of k= 0.026 W/m.K. This conductivity is low
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but within the possible range of fouling conductivities. Table 6 includes the remainder of the
outputs from the model as well as a comparison with the experimental data.

Table 6
Mark I main model outputs and comparison.

Qloss AP APy APror o o
Component Wi ec (%) (kPa] (kPa] [kPa)] Teo [°C] | Tho [°C]
Model 68.68 0.586 0.98 45.4 46.38 258.5 77
Experimental 68.7 0.586 0.9 45.5 46.4 258.3 72.7
Difference 0.02 0 0.08 0.1 0.02 0.2 4.3

The model outputs tend to adhere to the experimental data quite well. The 4.28 °C difference for
the hot outlet temperature indicates that there are some minor additional experimental heat losses
for which the model does not account. The areas where the model lacks with respect to
estimating the heat losses can be observed in Table 7, where the heat loss temperatures
calculated by the model are shown and compared with the experimental measurements. The
model considers the insulation thicknesses, which are inputted values that matched the insulation
thickness used on the test rig. These value are fins,iop = fins,botom = 60 mm , finssidze = 77.5 mm and
tins,end= 60 mm for the top, bottom, side and end insulation sections respectively.

Table 7
Model heat loss temperatures and comparison (Mark I).

Component Tinstop.ave | Tinssideavg | Tinspotomavg | Tins,end1 | Tinsend2 | Twtopave | Twbottomave
[°C] [°C] [°C] [°C] [°C] [°C] [°C]
Model 30.6 27.3 31.2 27.5 100.16 159.6 141.4
Experimental 30.8 26.7 31.5 26.1 100.2 139.4 142.5
Difference 0.2 0.6 0.3 1.4 0.04 20.2 1.1

Testing showed that although the Calofer sealed the Mark I recuperator very well, the
combustion chamber design was not suited to the low air flow rates. The inability for the LPG to
combust stoichiometrically led to incomplete combustion occurring. This was indicated during
initial testing of the chamber alone where a large yellow flame protruded from the opening, as
well as during testing when black soot was occasionally ejected from the recuperator outlet. The
low effectiveness is attributed to the low number of channel pairs. This results in the large heat
losses incurred by the top and bottom surfaces only being distributed among a small number of
channels; thus, the heat loss per channel is high, significantly reducing the effectiveness.
Increasing the number of channels would therefore also increase the effectiveness, purely from a
relative heat loss perspective.
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4.2. Test 2

The Mark II recuperator was used in Test 2 (see Section 3.2).

4.2.1 Temperatures

Table 8
Test 2 steady-state fluid temperatures (Mark I1).
Cold inlet Cold outlet Temperature | Combustion Hot inlet Hot outlet
temperature temperature after throttle temperature temperature temperature
(Tei) [°C] (Teo) [°C] (Tw) [°C] (Teen) [°C] (Thi) [°C] (Tho) [°C]
22.40 479.79 472.68 769.36 566.38 139.48
1000
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800
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Fig. 13. Test 2 measured thermocouple temperatures versus time.

Test 2 exhibited an initial period of heavy transience while the combustion chamber was being
calibrated to maintain a uniform temperature. Once stabilised, a steady-state region of operation
was observed from 7100 seconds to 8520 seconds. Fig. 13 displays the temperature data for the
fluid stream at the various points of measurement. One of the advantages of the Mark II test rig
over the Mark I setup was that there were more in-stream thermocouples to measure fluid
temperature at various points. The steady-state averaged fluid temperatures for Test 2 are shown
in Table 8. The noteworthy difference between the combustion temperature and the hot inlet
temperature is discussed in Section 4.2.3.

4.2.2 Pressures
The steady-state pressure data for Test 2 is listed in Table 9. The pressure data gathered was
consistent, and the cold inlet pressure was the parameter that was maintained at a constant value
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throughout the testing to achieve a pressure ratio of about 1.5, which was proposed for the small-

scale STBC [11].

Table 9
Test 2 steady-state absolute pressure values.
Atmospheric Cold inlet Cold outlet Pressure after Hot inlet
pressure (Pamm) pressure (Pe,i) pressure (Pe,o) throttle (Par) pressure (Pr,i)

[kPa] [kPa] [kPa] [kPa] [kPa]
87.93 130.85 127.89 113.31 111.90

4.2.3 Mass flow rate

Table 10

Test 2 mass flow data.

Throttle mass flow rate
( mthrottle ) [kg/s]

Total mass flow rate (1, )
[kg/s]

Leak mass flow rate (7, )
[ke/s]

0.0147 0.00499 0.0097

Table 11
Test 2 calculated hot inlet temperature.

Averaged hot inlet manifold temperature

Calculated hot inlet temperature (7%.:) [°C] T ) [°C]
hi_avg

576.95 566.38

_ Mieak hc,o + Menrottle hcch
Mot

hn,; (32)

The total mass flow rate of air through the recuperator core was provided by the mass flow meter,
while the throttle mass flow rate was provided via the same methodology implemented in
Section 4.1.3, specifically Egs. (30) and (31). The leak amount as determined via the experimental
data was simply the difference between the aforementioned mass flow rates. Note that the leak only
affected the hot inlet temperature of the recuperator core, which still experienced the full mass flow
rate. Table 10 contains the mass flow rates used to calculate the hot inlet temperature. Using
Eq. (32) as well as the enthalpy values of the fluid streams, the hot inlet enthalpy can be determined.
Once the hot inlet enthalpy is calculated, it can be used to find the hot inlet temperature from
thermodynamic tables [44], the result of which is represented in Table 11. The hot inlet
temperature to be calculated can be compared with the average of the manifold temperature
measurements, 7525 and 7h50 (see Fig. 10). The calculated hot inlet temperature is relatively close
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to the average of the manifold fluid temperatures, exceeding the measured value slightly.
Therefore, the calculated hot fluid inlet temperature confirms the leak mass flow rate.

4.2.4 Results and validation

Table 12
Mark II theoretical model inputs.
Pressure ratio (7) 1.49
Mass flow rate (1, ) [kg/s] 0.0147
Cold inlet temperature (7¢,i) [°C] 22.4
Hot inlet temperature (77%,) [°C] 577
Channel width (a) [m] 0.06
Channel height (b) [m] 0.0009
Channel length (L) [m] 0.4
Plate thickness (¢) [m] 0.0009
Number of channel pairs (V) 20

To conduct a validation, the Mark II recuperator geometries and Test 2 fluid conditions are
entered into the model for the recuperator core. Table 12 contains all the necessary inputs to
analyse and compare the theoretically calculated performance with the experimental results.
Because of the accurate mass flow rate measurements, the calculated hot inlet temperature was
utilised for the effectiveness calculation. Table 13 shows the results from the model as well as
the comparison with the experimental results. The experimental results yielded a cold-side
effectiveness of 82.5% and a total pressure loss of 24.9 kPa. An error propagation analysis was
performed in Appendix A, which shows that an uncertainty of 0.74% and 3.32 kPa is applicable
for the cold-side effectiveness and total pressure loss respectively. Upon analysis of the results, it
can be noted that the model accurately predicted the cold outlet temperature, the effectiveness
and the hot-side pressure loss values. The heat loss rate shows some deviation from the
experimental data. However, because the calculated overall heat loss rate was a relatively low
value (less than 100 W) and the thermocouples each had an error which could cascade during the
calculation process, this deviation was inconsequential. The cascading of errors and additional
heat loss also caused the hot outlet temperature to be experimentally higher than that of the
model, while the slightly larger cold-side pressure loss was due to the leak since the cold flow
channels were at a higher pressure than the hot flow channels.
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Table 13
Mark II main model outputs, experimental results and comparison.

Component Model Experimental Difference

Total heat loss rate (Qp5s) [W] 64.4 -147.9 212.3

Cold-side effectiveness (ec) 0.868 0.825 0.043
Cold-side pressure loss (4P.) [kPa] 2.08 2.95 0.87
Hot-side pressure loss (4Pr) [kPa] 21.3 21.9 0.6
Total pressure loss (4Prwr) [kPa] 23.4 24.9 1.5
Cold outlet temperature (7c,0) [°C] 503.8 479.8 24
Hot outlet temperature (7%,0) [°C] 99.1 139.5 40.4

5. Case study

The validated recuperator model can be used to explore the application of the recuperator within
a small-scale STBC optimised by Le Roux et al. [13] using the method of entropy generation
minimisation, thus providing input criteria. This process should provide some insight into the
potential performance of the proposed recuperator and how changing various aspects of the
available geometries affects its capabilities. The input parameters taken from Le Roux et al. [13]
are displayed in Table 14.

Table 14
Optimised STBC input parameters.
Cold inlet Hot inlet Ambient
) Mass flow rate
Pressure ratio (7) (i) [ke/s] temperature (7ci) | temperature (77:) | temperature (7-)
m
[°C] [°C] [°C]
1.49 0.06 83.7 726.9 27

The additional parameters that were fixed for the modelling process can be observed in Table 15.
These include the plate thickness and channel height. They were fixed at this value because it is a
commonly available thickness of grade 316 stainless steel sheet, from which the symmetrical
plates and gaskets could easily and cost-effectively be manufactured. Therefore, the channel
width could be ascertained next in a pre-calculation, using the model, to determine a fixed
channel width input for the remainder of the modelling. This was achieved by increasing the
width of the channel so that a pressure ratio of » = 2 (selected as a precaution to account for
possible off-optimal operating points during transient periods) resulted in a safety factor of 2
between the plate stress and yield stress of grade 316 stainless steel at 800 °C. This ensured that
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no significant deflection would occur so as to close off the channels, as well as limiting creep
deterioration. It was further assumed that for the real application, the LPG or another preferred
fuel would be completely combusted, thus resulting in either no or an insignificant fouling layer
thickness and a much lower fouling factor.

Table 15. Additional STBC modelling parameters.

Plate thickness (¢) [m] Channel height (o) [m] Channel width (@) [m]

0.001 0.001 0.05

3
¢
=
5]
>
> —L=095m
= L=0.85m ||
° —L=075m
= ——L=0.65m|]
) L=0.55m
S 03 L=045m
‘ ——L=035m
0.2 L=025m
0,1 ——L=015m ||
——L=0.05m
0
0 100 200 300 400

Number of channel pairs (V)

Fig. 14. Model results for effectiveness versus number of channel pairs at various channel
lengths.

In addition to the aforementioned inputs, the same insulation thicknesses as the test rigs were
used. The type and number of measurement probes that were considered in the validation were
also kept consistent and matched the experimental test rig. A manifold tube diameter of 50 mm
was used. Making use of these parameters, Fig. 14 and Fig. 15 were generated by plotting the
cold-side effectiveness and total pressure loss against the number of channels for varying
channel lengths respectively. Additionally, the plots for the various channel lengths ended at
different positions due to the hot-side outlet temperature approaching the cold-side inlet
temperature. Increasing the number of channels from this point on would only result in no further
useful heat transfer occurring.

Another geometrical factor that was explored was that of the manifold tube diameters. The
channel length was kept constant at L = 0.25 m at four different manifold tube diameters. The
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smallest manifold tube diameter was 25 mm because any smaller produced larger pressure losses
than what could possibly be allowed. The largest manifold tube diameter was 100 mm because
increasing it further would not result in any significant reduction in pressure loss, but would
continue to increase the heat loss, resulting in a lower effectiveness. Fig. 16 and Fig. 17 show the
results of the aforementioned analysis.

35
k —L=0.95m

= 30 L=0.85m [
z —L=0.75m
= 5 —L=065m| |
% L=055m
bt L=045m
2 20 L=035m [
E L=025m
§ —L=0.05m
o,
E 10
=]
o

5

0

50 100 150 200 250 300 350 400 450

Number of channel pairs (V)

Fig. 15. Model results for pressure loss versus number of channel pairs at various channel
lengths.

The results of the analyses demonstrated that there appeared to be no combination of geometries
which allowed the recuperator design with parameters shown in Tables 14 and 15 to adhere to
the specifications set forth by McDonald [22], because an effectiveness of 90% or above could
not be achieved while maintaining a pressure loss of below 5%. A 5% pressure loss with the
pressure ratio stipulated in Table 14 at an atmospheric pressure of Pum = 87 kPa equates to a
pressure loss of APwt = 6.5 kPa. Fig. 15 shows that this can be achieved when N = 150 and
L =0.45 m, with an effectiveness of about 85%. A maximum cold-side effectiveness of 89%
with a total pressure loss of 19 kPa can be obtained when L = 0.95 m, as shown in Fig. 14 and
Fig. 15.
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Fig. 16. Effectiveness versus number of channel pairs for varying manifold tube diameters.
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Fig. 17. Pressure loss versus number of channel pairs for varying manifold tube diameters.

A recuperator with L = 0.95 m and N = 50 is further investigated in Figs. 18, 19 and 20, with
manifold tube diameter of D; = 0.0833 m. The results show that the cold-side effectiveness
increases as the channel width increases and that the channel width can be chosen for minimum
pressure loss. The results show that a recuperator with L = 0.95 m, N = 50, a = 0.225 m and
b=2.25mm should allow for a cold-side effectiveness of 90% with a total pressure loss
of 0.76 kPa. This result adheres to the specifications set forth by McDonald [22]. This result also
correlates well with the results shown in Le Roux and Sciacovelli [18] where an optimum
recuperator geometry of L = 1.5 m, N =45, a = 0.225 m and b = 2.25 mm was found for a solar
Brayton cycle with a net power output of 2.05 kW, a total mass flow rate of 0.05 kg/s and a
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thermal storage temperature of 1100 K. It should be noted from Fig. 20, however, that the
maximum stress in the recuperator plates increases as the channel width increases, according to
Eq. (17). The maximum deflection also increases with the channel width according to Eq. (18).
Fig. 20 shows that by increasing the wall thickness, the maximum stress and deflection can be
decreased; however, the total weight and cost also increases. It is therefore recommended that, to
prevent channel deflection when using wider flow channels, the implementation of a spacer in
the middle of each channel can be investigated in future work, to achieve efficiencies of above

90%.
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Fig. 18. Effectiveness versus channel width for L = 0.95 m, N = 50.
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Fig. 19. Pressure loss versus channel width for L = 0.95 m, N = 50.
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6. Conclusion

It has been stated that a personalised micro-turbine power generation system may become as
commonplace as a personal computer. Couple this to an excellent solar direct normal irradiation
(DNI) resource, and a small-scale recuperated solar thermal Brayton cycle (STBC) shows
enormous potential. A recuperator comprises up to 30% of the capital cost associated with a
micro-turbine package. Thus, the objective of this research was to investigate a metal gasket in a
clamped plate-type recuperator, together with a low-cost high-temperature sodium silicate-based
sealant, that can be cost-effectively manufactured. The effectiveness and pressure drop
characteristics of the clamped plate-style recuperator were considered. Two experimental
investigations were performed on two different small-scale test rigs to validate a mathematical
model, based on a novel bone-shape recuperator as well as a wide-channel recuperator. The
mathematical model was used to analyse the performance of a full-scale recuperator for
operation in an STBC by taking the stress and deflection of the plates into consideration.

The experimental testing showed firstly that the physical construction was simple and cost-
effective, and that the clamped plate-style high-temperature sealant combination worked very
well together for the recuperator core, facilitating an easy assembly and disassembly process.
About 25 ml of the sealant was used per channel pair. The assembly cost was found to be low
compared to the cost of welding or furnace brazing. The ability of the recuperator to be easily
disassembled allowed for a thorough post-testing inspection. The construction sustained an
airtight seal (Mark I) at various pressures and high temperatures for the entire testing period,
provided the assembly process was done in an expedient manner as well as uniformly. Despite
the occurrence of heavy soot-based fouling deposits during Test 1 due to incomplete combustion
of the LPG as a result of the very low air mass flow rates, the model was able to match the values
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gathered from the testing. The data showed a cold-side effectiveness of 58.6% and a total
pressure loss of 46.4 kPa. In the case of Test 2, a leak of the total mass flow rate from the cold
channel to the hot inlet manifold tube was identified, quantified and accounted for, after which
the model closely matched the experimental results for the recuperator core. This resulted in a
cold-side effectiveness of 82.5% and a total pressure loss of 24.9 kPa at an average mass flow
rate of about 0.74 g/s per channel.

As a case study, input data from literature, gathered from an optimisation study conducted on a
small-scale STBC, was implemented to investigate whether a specific recuperator design could
function well within the STBC. The results showed that, for a total mass flow rate of 0.06 kg/s,
the combination of an effectiveness of 85% and a pressure loss of 5% could be attained if 150
channel pairs with a channel height of 1 mm, a channel width of 50 mm, and a channel length of
450 mm are used. Alternatively, a cold-side effectiveness of 89% could be achieved by
increasing the total pressure loss to 19 kPa with a channel length of 950 mm. The results also
showed that the total pressure loss can be decreased by increasing the channel width. A cold-side
effectiveness of 90% with a total pressure loss of 0.76 kPa can be attained if 50 channel pairs
with a channel height of 2.25 mm, a channel width of 225 mm, and a channel length of 950 mm
are used; however, the maximum stress and deflection will increase significantly. The
implementation of a spacer in the middle of each channel would therefore be required.

For future work, it is recommended that a large-scale recuperator be built and tested to confirm
the performance characteristics of larger mass flow rates. Furthermore, the design could possibly
benefit from the addition of heat transfer enhancement mechanisms. One such adjustment would
be to have the plates either laser cut and then indented to form structural ridges or to have them
stamped out of sheet with the structural geometries included. This will allow for a larger channel
width to be explored before mechanical stress and deflection of the plates become an issue. The
main areas of concern should be the gasket geometry and assembly method so as to develop a
uniform and consistent assembly technique that results in an airtight seal for every unit
assembled. This may be achieved by regulating the amount of water added to the Soudal Calofer
for thinning purposes to achieve a consistency which facilitates uniform application and
extended drying time to allow for the assembly to be completed while not thinning the sealant
too much so as to lead to a seal failure. In conjunction, the clamping force distribution is critical
to sealing the inner channel division, where the leak occurred in Test 2. Alternatively, the
channel division section of the gasket should be designed more carefully to aid the Calofer in
sealing, perhaps by incorporating a double-walled design, thus trapping Calofer more securely.
Furthermore, it is recommended that the usable lifespan of such a recuperator be determined. To
do so, one or several recuperators, potentially of varying geometries, should be tested at a
multitude of operating conditions. Most crucially, thermal and pressure cycling must be
investigated, especially when seal integrity is concerned.
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Appendix A. Error propagation analysis for effectiveness and pressure drop
To analyse the effect that error propagation has on the cold-side effectiveness value, which was
experimentally determined for Test 2, Eq. (A-1) is considered.

e = Qc _ mtotcp,c (Tc,o - Tc,i) _ Tc,o - Tc,i
c

= = = (A-1)
Qmax mtoth,c (Th,i - Tc,i) Th,i - Tc,i

The effect of the combined thermocouple and data logger uncertainties can be determined for
each temperature.

8T,; =+/(0.82)2 + (1)2 = 1.29°C (A-2)
8T, , =+/(1.88)2 + (1)2 = 2.13°C (A-3)
8Th; = +/(2.29)2 + (1)2 = 2.5°C (A-4)

Utilising the combined uncertainties for each temperature, the uncertainty due to temperature
difference can be found as shown below.

8(Tyo — Tei) =+/(2.13)2 + (1.29)2 = 2.49°C (A-5)
8(Tp;i — Tep) =+/(2.5)2 + (1.29)2 = 2.81°C (A-6)
Too — To; = 479.8 — 22.4 = 457.4°C (A7)
Thi— Te; = 577 — 22.4 = 554.6 °C (A-8)

The total uncertainty associated with the cold-side effectiveness can be determined as shown
below.

Se 2.49\* /281\?
— = + =40.74 9 (A-9)
le] \/<457.4) (554.6) - %

The total pressure loss can be characterised by Eq. (A-10).

APy = (Pc,o - Pc,i) + (Ph,i - Ph,o) (A-10)
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Because of the small uncertainty in DC voltage measurement of the data acquisition unit
(Keysight 34972A LXI), it will be omitted from the uncertainty analysis. Therefore, the only
uncertainty which plays a role in the cascading uncertainty is the pressure transducer uncertainty.
The following equations detail the calculation of the uncertainty associated with the total

pressure loss.

Nomenclature

2§_§ha~w\mg§b@m STEENN

v Z
e

Q- Q-
*

ST oNT IR Y

8(P.o, — P.;) = /(1.66)% + (1.66)2 = 2.35 kPa
§(Pni — Pro) = /(1.66)2 + (1.66)2 = 2.35 kPa
§(APo) = +/(2.35)% + (2.35)2 = +3.32 kPa

Area, m?

Channel width, m
Channel height, m
Capacity ratio

Specific heat, J/kg.K
Diameter, m

Hydraulic diameter, m
Manifold tube diameter, m
Young’s modulus, GPa
Friction factor

Enthalpy, J/kg
Conductivity, W/m.°C
Length, m

Mach number

Mass flow rate, kg/s
Number of channel pair
Nusselt number

Pressure, Pa

Heat transfer rate, W
Available solar power, W
Pressure ratio

Gas constant, J/kg.K
Fouling factor, m>.°C/W
Thickness, m
Temperature, °C

Overall heat transfer coefficient, W/m?.°C
Velocity, m/s

(A-11)
(A-12)
(A-13)
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Greek letters

D QA T M=

Subscripts
25

50

at

atm

avg
bottom
c

c

cch
channel
end

S

h
headertube
I

ins

leak
loss
max

net

0

S

side
steel

t
throttle

top

Power, W

Distance, m
Dimensionless position
Deflection, m

Gas constant,

Effectiveness

Density, kg/m?

Mechanical stress, Pa

Dimensionless temperature difference

Depth of 25 mm

Depth of 50 mm

After throttle

Atmospheric

Average

Bottom of

Compressor (only in Fig. 1)
Cold

Combustion chamber exhaust
Per channel

The end of the body

Fouling layer

Hot

Associated with the header tube
Inlet

Insulation

Denotes the leak value

Loss of

Maximum

Net

Outlet

Surface

Side of

For steel

Turbine

Associated with the throttle plate
Top of
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tot Total

ts Top surface

tubes Per tube

w Wall

o0 Environment
Abbreviations

CSP Concentrated solar power
LPG Liquified petroleum gas
NTU Number of transfer units
PV Photovoltaic

STBC Solar thermal Brayton cycle
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