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Preface to ”Wind Turbine Aerodynamics II”

As the pioneer of renewable energy, wind energy is developing very quickly all over the world.

To reduce the levelized cost of energy (LCOE), the size of a single wind turbine has been significantly

increased and will continue to increase further in the near future. This tendency requires the further

development and validation of design and simulation models. This Special Issue “Wind Turbine

Aerodynamics II” is a collection comprising numerous important works addressing the aerodynamic

challenges appearing in such a development.
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1. Introduction

To alleviate global warming and reduce air pollution, the world needs to rapidly shift
towards renewable energy. As the pioneer of renewable energy, wind energy is developing
very fast all over the world. In order to capture more energy from the wind and reduce the
levelized cost of energy (LCOE), the size of a single wind turbine has recently increased
to 16 Mega-Watt (MW) [1], and will be increased further in the near future. Big wind
turbines and their associated wind farms have advantages, but also challenges in all wind
energy sciences, including wind turbine aerodynamics. The typical effects are mainly
related to the increases in Reynolds number, in blade flexibility, and possibly in wind
turbine noise. This Special Issue collects a number of important works addressing these
aerodynamic challenges. Aerodynamics of wind turbines is a classic concept, and is the key
for wind energy development, as all other wind energy sciences rely on the accuracy of its
aerodynamic models. There are also several Special Issues on wind turbine aerodynamics.
This guest editor edited a Special Issue in Renewable Energy on aerodynamics of offshore
wind energy systems and wakes in 2014 [2], which collected state-of-the-art research articles
on the development of offshore wind energy, and a Special Issue in Applied Sciences on
aerodynamics in 2019 [3], which collected various important aerodynamics problems.

2. Current Status in Wind Turbine Aerodynamics

In the context introduced above, this Special Issue was to collect latest research articles
on various topics related to wind turbine aerodynamics, which includes Wind turbine
design concepts, Tip loss correction study, Wind turbine acoustics modelling, and Vertical
axis wind turbine concept. A summary of the collected papers is given below in the order
mentioned above.

There are also three papers dealing with Wind turbine design concepts. Sun et al. [4]
presented a coned rotor concept with different conning configurations, including special
cones with three segments. The authors made the analysis based on the DTU-10 MW
reference rotor [5] and found that the different force distributions of upwind and downwind
coned configurations agree well with the distributions of angle of attack, which are affected
by the blade tip position and the cone angle, and the most upwind and downwind cones
have a thrust difference up to 8% and a torque difference of up to 5%. The coned rotor
concept has potential to be used for super-large wind turbines. The influence of tilt angle
on aerodynamic performance of the virtual NREL 5 MW wind turbine [6] was studied by
Wang et al. [7]. It was found that the change in tilt angle results in changing the angle of
attack on wind turbine blade, which affects the thrust and power of the wind turbine, and
the aerodynamic performance of the wind turbine is best when the tilt angle is about 4◦.
Subsequently, the effects of wind shear were also studied for the turbine with a tilt angle
of 4◦, and it was found that wind shear will cause the thrust and power of the wind
turbine to decrease. Yang et al. [8] experimentally studied the effect of Gurney flaps on the
performance of a wind turbine airfoil (DTU-LN221 airfoil [9]) under different turbulence
levels (T.I. of 0.2%, 10.5%, and 19.0%) and various flap configurations. By further changing

Appl. Sci. 2021, 11, 8728. https://doi.org/10.3390/app11188728 https://www.mdpi.com/journal/applsci

1



Appl. Sci. 2021, 11, 8728

the height and the thickness of the Gurney flaps, it was found that the height of the Gurney
flaps is a very important parameter, whereas the thickness parameter has little influence,
and the maximum lift coefficient of the airfoil with flaps is increased by 8.47% to 13.50%
under low turbulent inflow condition.

There is one paper dealing with tip loss correction study. Tip loss correction is impor-
tant for predicting the aerodynamic performance of a wind turbine, and modelling the
tip loss correction is essential in wind turbine aerodynamics. Zhong et al. [10] presented
a tip loss correction study for actuator disc/Navier–Stokes simulations with the newly
developed tip loss correction model in [11]. The study was conducted to simulate the
flow past the experimental National Renewable Energy Laboratory (NREL) Phase VI wind
turbine [12] and the virtual NREL 5 MW wind turbine [6]. Three different implementations
of the widely used Prandtl tip loss function [13] are discussed and evaluated, together
with the new tip loss correction in [10]. It was found that the performance of three differ-
ent implementations [14–16] is roughly consistent with the standard Glauert correction
employed in the blade element momentum theory, but they all tend to make the blade
tip loads over-predicted, and the new tip loss correction shows superior performances in
various flow conditions.

There is one paper dealing with the development of flow-structure-acoustics frame-
work for predicting and controlling the noise emission from a wind turbine under wind
shear and yaw [17]. A wind turbine operating under wind shear and in yaw produces
periodic changes of blade loading, which intensifies the amplitude modulation (AM) of
the generated noise, and thus can give more annoyance to the people living nearby. In this
study, the noise emission from a wind turbine under wind shear and yaw is modelled with
an advanced fluid-structure-acoustics framework, and then controlled with a pitch control
strategy. The numerical tool used in this study is the coupled Navier–Stokes/Actuator
Line model EllipSys3D/AL [18], structure model FLEX5 [19], and noise prediction model
(Brooks, Pope, and Marcolini: BPM) [20] framework. Simulations and tests were made for
the NM80 wind turbine [21] equipped with three blades made by LM Wind Power. The
coupled code was first validated against field load measurements under wind shear and
yaw, and a fairly good agreement was obtained. The coupled code was then used to study
the noise source control of the turbine under wind shear and yaw.

There is one paper dealing with a study of orthopter-type vertical axis wind turbine
(O-VAWT) concept [22]. The study by Wijayanto et al. [23] investigated the effects of hori-
zontal shear flow on the power performance characteristics of an O-VAWT by performing
wind tunnel experiments and computational fluid dynamics (CFD) simulations. A uniform
flow and two types of shear flow (advancing side faster shear flow (ASF-SF) and retreating
side faster shear flow (RSF-SF)) were employed as the approaching flow to the O-VAWT.
The ASF-SF had a higher velocity on the advancing side of the rotor. The RSF-SF had a
higher velocity on the retreating side of the rotor. It was found that the location where
ASF-SFs with high shear strength dominantly occur is ideal for installing the O-VAWT.

3. Future Research Need

Although this Special Issue has been closed, more research in wind turbine aero-
dynamics is expected, as the goal of wind energy research is to help the technological
development of new, environmentally friendly, and cost-effective large wind turbines and
wind farms.

Funding: The special issue was funded by the key programs of the Ministry of Science and Technol-
ogy, grant number 2019YFE0192600 (Research on Key Technologies of Low Noise Wind Turbine).
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Abstract: In order to develop super-large wind turbines, new concepts, such as downwind load-
alignment, are required. Additionally, segmented blade concepts are under investigation. As a simple
example, the coned rotor needs be investigated. In this paper, different conning configurations,
including special cones with three segments, are simulated and analyzed based on the DTU-10 MW
reference rotor. It was found that the different force distributions of upwind and downwind coned
configurations agreed well with the distributions of angle of attack, which were affected by the blade
tip position and the cone angle. With the upstream coning of the blade tip, the blade sections suffered
from stronger axial induction and a lower angle of attack. The downstream coning of the blade tip
led to reverse variations. The cone angle determined the velocity and force projecting process from
the axial to the normal direction, which also influenced the angle of attack and force, provided that
correct inflow velocity decomposition occurred.

Keywords: coned rotor; aerodynamics; wind turbine; computational fluid dynamics

1. Introduction

Wind turbines are increasing in size and rated power in order to meet the requirement
of wind energy development and further reduce the cost of energy (COE). Commercially
available wind turbines are reaching 15 MW and are expected to achieve a power levels of
20 MW with even larger rotor diameters. As the blade mass increases subcubically with the
blade length [1], the mass per blade would surpass 75,000 kg for a 20 MW wind turbine [2],
which will give rise to difficulties in the design and construction of such systems. Adopting
carbon fiber laminates in the major load-carrying region, such as the cap, can reduce the
blade mass. Smart blades with advanced control strategies, together with add-ons, such
as moving trailing edge flaps, can reduce the load and cost [3]. However, the utilization
of advanced materials and the smart control techniques is constrained by cost [2]. Blade
structure optimization [4–6] can also reduce blade mass. An optimization study on a 5 MW
wind turbine rotor [6] found that the blade-tower clearance impedes the further reduction
of blade mass, which implies the importance of coned, tilted, and prebending rotors. These
ideas are not new, and have already been commercially applied. The coned rotor can
reduce the static and dynamic loads [7], which will greatly reduce the blade weight and
cost. Prebending blades are manufactured with their stacking lines flexed toward the wind.
Compared with coned and tilted rotors, prebending blades can be mounted on the nacelle
without the need to modify the design of the latter.

Based on the ultralight, load-aligned rotor concept, a downwind design by Loth et al. [2,8]
was proposed to orient the resultant force of blades along the span-wise direction. Their
blades are mostly under a tensional force and suffer fewer bending moments than tradi-
tional blades. Additionally, downwind rotors have a larger tower clearance. Therefore,
this load-aligned downwind design will get rid of the rotor-tower clearance constraint and
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make the full use of the material strength, which allows more flexible and lighter blades
to be manufactured. It was found that a two-bladed rotor following this concept leads
to a mass saving around 27%, based on a 13.2 MW reference rotor [9,10]. Qin et al. [11]
upscaled the load-aligned design from 13.2 MW to 25 MW. Additionally, segmented blades
and outboard pitching ideas were discussed as a means of overcoming the increased edge-
wise loads of load-alignment. Wanke et al. [12] compared a 2.1 MW three-bladed upwind
turbine with the downwind counterparts. It was concluded that downwind configurations
have no clear advantage over the original upwind design. This conclusion was made on
the condition that downwind rotors are not specially redesigned for downwind conditions;
redesigns may yield different results. Bortolotti et al. [13] compared 10 MW upwind and
downwind three-bladed rotors, with and without active cone control. They found that
downwind designs, despite having reduced cantilever loadings, did not show obvious
advantages over upwind designs. Ning and Petch [14] published an integrated design of
5–7 MW downwind turbines and compared it with its upwind counterparts. It was found
that 25–30% of the rotor mass could be reduced at Class III wind sites. The overall cost of
energy was reduced by only 1–2%, because the benefits of a reduced rotor mass are offset
by a larger tower mass, required to maintain the overhang of the mass center in downwind
configurations. They noted the potential to reduce the cost of energy by using downwind
rotors, but also acknowledged that more studies are needed. In short, discussions on the
downwind and load-alignment concepts are ongoing, and the shift to downwind designs
will require more studies.

Inspired by the above studies on load-aligned or downwind concepts, the present
paper puts forward a conceptual design, as shown in Figure 1. This concept actively cones
the blade tip rather than the whole blade. When wind velocity increases from cut-in speed
to rated speed, the blade tip cones further downwind to make the outer part of blade
actively load-aligned. However, the inner part of blade is prebended to a fixed load-aligned
shape and is fixed to the hub. The maximum thrust of the rotor normally appears near
the rated power condition. This new concept can reduce the blade root flapwise bending
moments with the alliance of a fixed load-aligned part and an actively load-aligned part.
When the wind speed approaches the cut-off speed, the thrust force gradually decreases.
Meanwhile, the rotor has a constant rotational speed and a constant centrifugal force, so
that the blade tip can cone upwind slightly to meet the new load-aligned condition. Under
extreme wind conditions such as typhoons, the blade tip will fold and pitch to a feathered
state. This active tip-conning process consumes less energy than the original load-aligned
concept [9,10] which cones the whole blade, and may consume a non-negligible amount
of power [13]. Additionally, the new concept has a mass center closer to the tower which
introduces smaller tower base moments than the original load-aligned concept; this is
especially beneficial under very strong winds. Last but not least, the downwind concepts
can extend the cut-off wind speed to a larger value (for example 30 m/s), as they have a
larger tower-blade clearance compared to the upwind configuration.

  
(a) (b) 

Figure 1. New concept of a combination of a fixed and an active load-alignment: (a) blade shape under different wind
conditions; (b) sketch of load-alignment.
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The present paper mainly focuses on the aerodynamic aspects related to these designs.
In [9–14], although different simulation tools were utilized, the aerodynamic computations
were all based on Blade Element Momentum (BEM) theory. However, classical BEM
theory is not suitable for coned rotors, especially with a large cone angle. Mikkelsen
et al. [15] applied the traditional BEM method to a coned rotor. It was found that obvious
errors appeared, even if a proper decomposition of the inflow velocity on coned blades
was made. The inapplicability of the classical BEM method was also noted by Madsen
et al. [16] and Crawford et al. [7,17]. Crawford corrected the BEM method by applying
a vortex method as well as the proper decomposition of the inflow velocity in the rotor
plan [17]. The conclusions in the above studies [9–14] contain strong uncertainties due to
the application of classical BEM to coned rotors. So, it is of vital importance to accurately
compare the aerodynamic characteristics of these designs, which is the foundation of all
of these concepts. Nevertheless, aerodynamic research on coned, tilted and prebended
rotors is very limited. Notably, computational fluid dynamics (CFD) methods with three
dimensional (3D) body-fitted meshes are scarce. Actuator disc (AD) CFD methods are one
of the commonly used numerical methodologies. Madsen and Rasmussen [18] compared
four downwind rotors utilizing the AD CFD method, and found that the span-wise axial
induction distributions and power coefficient were obviously influenced by the out of plane
bending. With the help AD CFD, Mikkelsen et al. [15] also found a similar influence of
coning on inducted velocities. It was also found that the upwind conning had a 2–3% higher
power coefficient than the downwind configuration. However, AD-based methods are
inherently coupled with BEM, which has some limitations. Winglets can be seen as partially
coned blades. Farhan et al. [19] utilized a 3D CFD method to analyze the effect of winglets,
observing that their influence extended to 30% of the radial sections. The phenomenon
whereby the uncurved part of the blade was influenced by the deformed part was also
observed in the study [18]. The Vortex Method (VM) can also be adopted to analyze such
rotors. Chattot [20] utilized the VM method to investigate the influence of different blade tip
configurations such as sweep, bending and winglets, and found that the whole blade was
influenced by the curved part. Additionally, it was found that upwind prebending yielded
increased power compared to the downwind configuration, which agreed with research
presented in [15,18,19]. Further study is needed to understand the nonlinear behavior
related to blade bending, as noted by Chattot [20]. Shen et al. [21] utilized the VM method to
optimize rotor blades and found that the bended blade tip had an aerodynamic influence on
the whole blade, and that this could not be accounted for using the traditional BEM method.
Lastly, wind tunnel experiments could be conducted to explore these rotor concepts [22–24].
Due to their complexity, experiments to date have only investigated overall performance,
such as thrust and torque, rather than span-wise force distribution. Therefore, dedicated
CFD simulations are indispensable, especially on full-scale wind turbine rotors with 3D
body-fitted meshes. Prebending has a continuously changing slope or cone angle, so it
is hard to quantify its effects. Conning is the basis of prebending, and conning designs
are suitable for parametric studies. In a previously published paper [25], the authors
simulated different up/downwind conning and presented a preliminary aerodynamic
analysis. The present paper will analyze the aerodynamic performance of different conning
effects, such as inflow velocity decomposition and angle of attack analysis. Additionally,
this paper will cover novel cones with three segments, which is a simplification and
standardization of the new concepts shown in Figure 1.

The paper is organized as follows. In Section 2, the configurations of the cones and the
employed numerical methods are presented. Results and discussions are given in Section 3.
Finally, conclusions are drawn in Section 4.

2. Modeling and Methods

2.1. Modelling of Different Cone Configurations

In order to analyze the aerodynamic performance of the load-aligned concepts, differ-
ent conning configurations were designed, as shown in Figures 2 and 3. These configura-
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tions are transformed from the DTU-10-MW Reference Wind Turbine (RWT) [26,27] rotor,
which is referred to as the baseline rotor, according to Equations (1) and (2). To focus on
the effects of coning, a DTU-10-MW RWT without cone, tilt, prebend, nacelle or hub was
used. At radial position r, coned configurations had their blade stacking lines translated
out of the rotor plane with a displacement of Zcone.

Zcone =

{
0, r ≤ TtransR

(r/R − Ttrans)R/Ccone, r > TtransR
(1)

where R is the rotor radius, Ttrans is the relative radial position where cone starts, and
Ccone controls the slope of the stacking line. As shown in Figure 2a, Ttrans = 5/R means
cone starting at 5 m, and Ttrans = 1/3 means cone starting at R/3. The cone angles are
controlled by Ccone. When Ccone = ±4, ±8, the rotors have cone angles of ±14.0362◦,
±7.1250◦, respectively. A larger |Ccone| produces a smaller cone angle, and a positive Zcone
makes a downwind cone. As shown in Figure 2b, several special coning configurations are
shown, which are further coned at 2R/3. These special cone designs have an out of plane
displacement of Zcone, as defined by Equation (2).

Zcone =

⎧⎪⎪⎪⎪⎨
⎪⎪⎪⎪⎩

0, r ≤ TtransR
(r/R − Ttrans)R/Ccone, TtransR < r < 2R/3
(2/3 − Ttrans)R/Ccone, r ≥ 2R/3, for S0

(4/3 − Ttrans − r/R)R/Ccone, r ≥ 2R/3, for S1
(2r/R − Ttrans − 2/3)R/Ccone, r ≥ 2R/3, for S2

(2)

  
(a) (b) 
Zcone
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Ccone Ttrans R

Ccone Ttrans R
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Figure 2. Conning configurations: (a) Ttrans = 5/R with Ccone = ±4, ±8 and Ttrans = 1/3 with Ccone = ±4; (b) special
configurations abbreviated as C4S0, C4S1, C4S2, C4, C-4S0, C-4S1, C-4 S2 and C-4.

       

    (a)            (b)            (c)             (d)        (e) 

Figure 3. Down/upwind coned configurations with Ccone = ±4 and Ttrans = 1/3: (a) C4 and C-4;
(b) C4S0 and C-4S0; (c) C4S1 and C-4S1; (d) C4S2 and C-4S2; (e) straight baseline.
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In the rest part of the paper, a name abbreviation rule is applied for Ttrans = 1/3
configurations. Ccone = ±4 and Ttrans = 1/3 are named as C4 and C-4, respectively. Symbols
S0, S1 and S2 are used to discriminate among the configurations at r > 2R/3. For example,
the case of Ccone = ±4 and Ttrans = 1/3 followed by S2 is abbreviated as C4S2 and C-4S2,
which have their blade tips farthest from the rotor plane. The symbol of S1 represents a
reverse blade tip cone, such that C4S1 has its blade tip pointing to the upwind direction of a
downwind cone at r < 2R/3. Lastly, the symbol S0 represents a zero cone angle at r > 2R/3.
In short, C4 stands for downwind and C-4 for upwind, and S0, S1 and S2 represent blade
tip configurations. For the sake of aerodynamic comparisons, all the configurations have
the same projected areas and the same distribution of airfoil thickness, chord and twist.
The shapes of different configurations are depicted in Figure 3, with the wind flow from
the negative Z to the positive Z.

2.2. Mesh Structure and CFD Method

The baseline rotor has been studied elsewhere [26–28]; past studies provided refer-
ences for the mesh configuration applied here. The mesh employed a commonly used
O-O configuration with the surface mesh on one blade containing 256 points in the airfoil
circumferential direction and 128 points in the span-wise direction. The volume mesh was
expanded from the surface mesh to the far-field boundary (approximately 17R away) with
128 cells along the normal direction. To meet the computational requirement of Y + <2, the
first cell height was 2 × 10−6 m. Finally, the grid was constructed with 432 blocks which
contained 14.16 million structural cells in total. A similar mesh configuration is accurate
enough to simulate the aerodynamic performance of the DTU 10 MW RWT rotor [26,28]
which can be found on the DTU 10 MW RWT project website [27]. Such mesh settings
were used for all the coned configurations in the present paper. The blade surface mesh of
C4S1 is shown in Figure 4a, and the mesh distributions on two cross-sections are illustrated
in Figure 4b,c.

   
(a) (b) (c) 

Figure 4. Mesh around the blades: (a) blade surface mesh; (b) mesh on a section away from the
near-blade blocks; (c) mesh on an airfoil cross-section in the near-blade region.

The flow state is treated as incompressible, and the turbulence flow is fully developed.
The flow-field was solved by the Reynolds-Averaged Navier-Stokes (RANS) equations
with the k − ω SST turbulence model [29]. The SIMPLE algorithm was utilized to couple
the pressure and velocity equations. EllipSys3D, developed by the Technical University of
Denmark and widely validated over the past 20 years, was used as the CFD solver. Detailed
descriptions of the solver can be found in [26,30]. Additionally, detailed boundary condition
descriptions and baseline rotor validation can be found in a previous publication [25],
where the same numerical methods were adopted. At a wind speed of 12 m/s, few force
differences appeared between steady and unsteady simulations in the root region (r < R/3)
where flow separations and 3D rotational augmentations were expected [28]. The forces
along the outer part of blade remained identical. In this paper, steady CFD simulations were
performed to investigate the influence of coning at a wind speed of 9 m/s, i.e., at which the
unsteady effects were negligible. The operational parameters of the baseline rotor, listed in
Table 1, were applied for all the coned configurations.
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Table 1. The operational parameters.

Wind Speed (m/s) Pitch (Degree) Rotational Speed (RPM)

9.000 0.000 7.229

3. Results and Discussions

In this section, the aerodynamic performance of the coned DTU 10 MW rotor, coning
at a blade position near the root (Ttrans = 5/R), is presented. In order to explain the physics
behind the coned rotor, the concept of angle of attack (AOA) on the rotor blade sections
was extended to include coned rotors. The results are discussed through the concept of
angle of attack.

3.1. Four Configurations of Coning Near the Root: Ttrans = 5/R and Ccone = ±4, ±8

3.1.1. Force Performances

Firstly, the overall aerodynamic performance of the configurations presented in
Figure 2a are compared. The two configurations of Ccone = ± 4 and Ttrans = 1/3 also
appear in Figure 2b, where they are abbreviated as C4S2 and C-4S2. These configurations
are not discussed here, and will be explored in Section 3.2. In Table 2, the thrust T and
torque Q of the other four configurations in Figure 2a are listed. As high torque and low
thrust are beneficial, the torque-to-thrust ratio (QT) was used to compare different conning
configurations. The relative variations of these parameters are denoted as δT, δQ and δQT;
for example, δT means

δ =
| T |cone − | T |straight

| T |straight
× 100% (3)

Table 2. Thrust and torque of different configurations (Ttrans = 5/R).

Straight Ccone = 8 Ccone = −8 Ccone = 4 Ccone = −4

T(KN)
δT

1046.06 1057.24 1025.85 1060.77 998.63
0.00% 1.07% −1.93% 1.41% −4.53%

Q(KNm)
δQ

7283.11 7254.96 7268.08 7195.15 7205.48
0.00% −0.39% −0.21% −1.21% −1.07%

QT(m)
δQT

6.96 6.86 7.08 6.78 7.22
0.00% −1.44% 1.76% −2.58% 3.63%

The most upwind-coned configuration Ccone = −4 gives the lowest thrust, i.e., 4.53%
lower than that of the baseline without coning. Although Ccone = −4 reduces the torque
by 1.07% compared with the baseline, it has the highest QT due to the obvious decline of
thrust. The downwind counterpart Ccone = 4 produces the highest T, lowest Q, and lowest
QT, which is unfavorable. Among the pair of Ccone = ±8, the upwind configuration also
has a smaller T, a higher Q and a higher QT than the downwind counterpart.

To understand the overall performance differences shown in Table 2, the tangential
and axial force per unit span length is shown in Figure 5. The axial force Fz is parallel to
the rotor axis, and the tangential force Ft is perpendicular to Fz. The aforementioned forces
are the summation of all the three blades. Near the blade tip, the upwind configurations
had a larger Ft and Fz than the downwind counterparts. For example, the Ft and Fz curves
of Ccone = −4 were higher than those of Ccone = 4. Towards the blade root, the situation
reversed, i.e., the upwind configurations had a lower Ft and Fz. For the distribution of
Ft, the upwind and downwind counterparts had an almost reversed Ft distribution of the
baseline rotor with straight blades. The upwind configurations had a higher Ft near the
blade tip, which is more beneficial to an increase of torque. As a result, the torque of Ccone
= −4 and −8 was slightly higher than Ccone = 4 and 8, as listed in Table 2. However, all four
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coned configurations had a smaller torque than the baseline. For the distribution of Fz, the
baseline did not lie in the middle of an up/downwind pair, especially toward the blade tip.
Although upwind lines gradually surpassed their downwind counterparts and approached
the baseline near the blade tip, they barely went above the baseline. The largest upwind
cone Ccone = −4 showed the overall lowest Fz, which was consistent with the results shown
in Table 2. It is difficult to understand why the force distribution behaved like this, so more
analyses are needed.

  
(a) (b) 
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Figure 5. Force distributions along radial direction: (a) tangential force; (b) axial force.

3.1.2. Flow Field Analysis

Analyzing the flow field around a wind turbine, such as inflow velocity and angle of
attack (AOA), may help to understand the force distributions mentioned above. The inflow
velocity decomposition for the upwind and downwind coned rotors is illustrated in Figure
6. This decomposition was made in the YZ plane, which contained the rotor axis and the
pitch axis of a blade. The unit vectors z, r, s and n were along the axial, radial, span-wise
and normal directions, respectively. At a far upstream position, the axial velocity was V0,
the normal velocity component was V0cosβ, and the radial velocity was zero. Towards the
rotor, the axial and normal velocity decreased and the radial velocity increased. Arriving at
the rotor, the axial and normal velocity was reduced to V0-Wz, V0cosβ-Wn, and the radial
velocity increased to Vr. Here, Wz is the axial induction velocity at the aerodynamic center
(AC) and Wn is the normal induction velocity at AC.

Figure 6. Inflow velocity decomposition for an upwind and a downwind coned rotor.

Due to the presence of Vr, the resultant velocity Vinflow in the YZ plane was not
horizontal and did not equal to V0-Wz, as shown in Figure 6. The velocity decomposition
was different for the upwind and downwind coned configurations. For an upwind cone
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configuration, projecting the resultant velocity Vinflow to the normal component was
different to that on a downwind counterpart, as the projection angle γ was different.
However, the radial velocity component is omitted in the traditional BEM method because
there is no equation to describe the radial flow. Then, it was assumed that the inflow
velocity Vinflow would be along the axial direction and would be equal to V0-Wz. When
projecting the inflow velocity Vinflow to the normal component, the projection angle γ
equaled the cone angle β. Thus, the upwind and downwind pair had the same value of
cosβ, Fn and Fz. In short, the traditional BEM methods cannot distinguish the upwind and
downwind coning, which is clearly in contrast with reality.

Another way to analyze the flow is to use the concept of angle of attack, which
is conducted on the planes perpendicular to the blade spanwise direction. At present,
difficulties or uncertainties remain in the extraction of AOA from 3D CFD simulations or
experiments, which is different from that in the 2D situations. There are different kinds of
methods to extract AOA from CFD data, which are thoroughly discussed and compared
in [31,32]. Most methods predicted similar AOA at midspan, but it should be kept in
mind that the results near the blade root and tip varied from one method to another. The
Average Azimuthal Technique (AAT) [31–33], proposed by Hansen et al. [33], was used
in the present paper. At a given rotor radius, AAT extracts the inflow velocity on two
circles which are just upstream and downstream of the rotor, as shown in Figure 7a. The
number of points on a circle is 72 in the present study. AAT estimates the velocity at AC by
averaging the up- and down- stream data, and then calculates AOA using Equation (4).
However, Equation (4) is only applicable for straight blades without cones. A general form
of AOA, which is suitable for coned rotor analyses, is Equation (5).

αz= tan−1(
Vz
Vt

)− θ = tan−1(
V0 − Wz

Vt
)− θ (4)

αn= tan−1(
Vn
Vt

)− θ = tan−1(
V0 cos β − Wn

Vt
)− θ (5)

where Vz is the estimated axial velocity at AC, Vn is the estimated normal-wise velocity
at AC, Vt is the estimated tangential velocity at AC, and θ is the local pitch angle. When
applied to straight blades without a cone, Equation (5) is reduced to Equation (4), because
Vn becomes Vz. As most studies available on AOA extraction are for straight blades
without coning, Equation (4) is commonly used. To extract AOA, the distance from AC to
the up-/down- stream annulus was set to one local chord length C, as shown in Figure 7b,
where the axial velocity in the YZ plane is also illustrated.

  
(a) (b) 

Figure 7. Sketch of points used by AAT to extract AOA: (a) straight baseline; (b) coned rotor.
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The streamlines in the YZ plane of the two coned configurations are drawn in Figure 8,
where the axial velocity contour is also shown. The streamlines of the downwind coned
case in Figure 8b were more up-pointing than those of the upwind coned case in Figure 8a.
Especially near the blade tip, the upwind cone had a smaller projection angle γ and had
streamlines which were more perpendicular to the blade. When projecting the real inflow
velocity Vinflow in direction n, the upwind coned rotor had a smaller Vn value, even if with
the same Vinflow value. Therefore, it is more straight forward to analyze αn, which reveals
the inflow condition in the normal-wise Xn plane.

 
(a) 

 
(b) 

Figure 8. Streamlines in the YZ plane with axial velocity contours for the two coned configurations:
(a) upwind coned rotor of Ttrans = 5/R, Ccone = −4; (b) downwind coned rotor of Ttrans = 5/R, Ccone = 4.

To explore the mechanism behind the interesting force distributions shown in Figure 5,
the distribution of αz and αn are compared in Figure 9. It was found that the αz of an
upwind cone is always smaller than its downwind counterpart, which is not consistent
with the force distributions. Interestingly, the αn curve of the upwind cone intersected with
its downwind counterpart. Near the blade root, downwind configurations had a larger
αn than their upwind counterparts, which indicated larger thrust and tangential force.
Towards the blade tip, the downwind coning made the αn gradually decrease below that of
upwind cone, which was consistent with the force distribution. Additionally, as shown in
Figure 5, there was a phenomenon whereby an up/downwind pair had an almost reversed
Ft distribution relative to the baseline, but had a less symmetric distribution of Fz curves,
especially towards the tip. A reasonable explanation is given below. The upwind cone had
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a slightly larger αn than the straight baseline toward the blade tip, and therefore, also had a
larger Fn, which is the normal force parallel to n, as shown in Figure 6. But the force Fz in
Figure 5b was along the axial direction, which has a relationship with Fn as follows:

Fz · dr = Fn · cos β · dr (6)

where the force along the span-wise direction is usually small and thus neglected. Although
Fn of the upwind coning was slightly larger than the baseline near the tip, after projecting
Fn to Fz, the Fz may have been smaller than the baseline, as shown in Figure 5. It is known
that a cone angle always leads to a cosβ which is smaller than one; however, there is no
projection process for the tangential force Ft. Therefore, the Ft curves of the upwind cone
shown in Figure 5 could be higher than the baseline curves, which follow the αn curves
more closely. Lastly, uncertainties still lie in the extraction of AOA, especially near the
blade tip [31,32], but it is clear that this provides a view to explain the force distribution
shown in Figure 5.

 
                     (a) 

z

 
                     (b) 

n

Figure 9. Distributions of angle of attack: (a) αz; (b) αn.

To validate the extracted αn in Figure 9, streamlines and pressure plots around the
normal blade section at r = 77.59 m are shown in Figure 10. This slice was normal-
cutting, which was parallel to the normal-wise Xn plane. It was found that the three
airfoil sections were all in an attached flow condition. The αn of these three configurations
could be approximately compared by analyzing the slopes of the streamlines ahead of the
leading edge. As the slopes of the streamlines in Figure 10a–c only had minor differences,
representative streamlines near the stagnation point were extracted from Figure 10a–c
and compared in Figure 10d. It is shown that the upwind coning had a slightly larger αn
than the downwind counterpart, which was consistent with the findings shown Figure
9b; meanwhile, the straight baseline lies in the middle. Additionally, it was clear that
the upwind configuration had a lower pressure on the suction-side leading edge than
its downwind counterpart, which was in agreement with the larger force of the upwind
coning described in Figure 5.
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(a)                                                (b) 

 
  (c)                                         (d) 

Figure 10. Streamlines and pressure on r = 77.59 m normal-cut plane: (a) upwind coning of Ttrans = 5/R, Ccone = −4;
(b) straight baseline; (c) downwind coning of Ttrans = 5/R, Ccone = 4; (d) comparisons of streamlines near stagnation points.

3.2. Special Coned Configurations: C4S0, C4S1, C4S2, C4, C-4S0, C-4S1, C-4 S2 and C-4

3.2.1. Overall Force Performance

Configuration C-4S2 gives the lowest thrust among the cases listed in Table 3, i.e.,
7.30% lower than the baseline rotor. C-4S2 had the largest blade tip offset among the
upwind configurations. Although C-4S2 reduced the torque by 1.96%, it still had the largest
torque-to-thrust ratio QT due to the large reduction of thrust. The downwind counterpart
C4S2 produced the lowest Q and the lowest QT, which was unfavorable. The upwind
configuration surpassed its downwind counterpart, as also revealed in the pairs of C4 and
C-4, C4S0 and C-4S0. For these pairs, the upwind coned rotors had a smaller T, a larger Q
and a higher QT than their downwind coned counterparts. However, for the pairs C4S1
and C-4S1, the downwind configuration C4S1 had a higher QT. Interestingly, the blade tip
of the downwind configuration C4S1 was pointing upwind, which may be the reason why
C4S1 had a higher QT. Lastly, it should also be noted that the radial velocity component is
omitted in the traditional BEM method. Therefore, the same results will be obtained for
an upwind configuration and its downwind counterpart, such as C4S2 and C-4S2, which
is clearly in contrast with reality. In Table 3, it may be seen that the thrust discrepancy
between C4S2 and C-4S2 reached nearly 8%. The torque discrepancy was approximately
5%. These results reveal that the inaccuracies of traditional BEM methods are not negligible,
making the conclusions from [9–14] in Section 1 disputable.

Table 3. Thrust and torque of different configurations.

Straight C4S2 C4 C4S0 C4S1 C-4S1 C-4S0 C-4 C-4S2

T(KN)
δT

1046.06 1051.37 1061.10 1054.99 1032.59 1040.55 1031.22 1005.89 969.73
0% 0.51% 1.44% 0.85% −1.29% −0.53% −1.42% −3.84% −7.30%

Q(KNm)
δQ

7283.11 7055.26 7197.34 7261.64 7254.33 7250.16 7280.18 7242.09 7140.14
0% −3.13% −1.18% −0.29% −0.40% −0.45% −0.04% −0.56% −1.96%

QT(m)
δQT

6.96 6.71 6.78 6.88 7.03 6.97 7.06 7.20 7.36
0% −3.62% −2.58% −1.14% 0.90% 0.07% 1.40% 3.41% 5.75%
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3.2.2. Distributed Force Performances

The axial force Fz and tangential force Ft per unit length are compared in Figure 11.
Figure 2b is redrawn in Figure 11a, where the upwind configurations are denoted by the
dashed lines and downwind by the dotted lines. Clearly, C4S0 and C-4S0 had the same
configuration as the straight baseline when r > 2R/3, or in other words, without coning.
As a result, the Ft and Fz curves of C4S0, C-4S0 and the straight baseline were very close.
In the same spanwise range, C4 and C-4S1 had the same cone angle, as did C-4 and C4S1.
Correspondingly, the same cone angle led to close Ft and Fz curves. The discrepancy
between the close curves increased towards r = 2R/3, because the coning point at r = 2R/3
distorted the nearby flow. In short, the same cone angle near the tip will lead to close
force distribution.

 
  (a)                                        (b) 

 
(c)                                        (d)  

Zcone
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Figure 11. Comparison of special coning: (a) redrawn of special cone configurations; (b) tangential force; (c) axial force;
(d) zoomed view of axial force.

When R/3 < r < 2R/3, the four configurations C4S2, C4, C4S0, C4S1 had the same
cone angle as shown in Figure 11a. Additionally, their counterparts C-4S2, C-4, C-4S0,
C-4S1 had the same cone angle as well. However, none of the Ft and Fz curves coincided,
even if the same cone angles existed, as shown in Figure 11b,c, which indicated that the
cone effect in this range was not solely controlled by the cone angle itself. Additionally,
traditional BEM methods will predict the same force distribution under the same cone
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angle, which implies that such an approach is not applicable here. When r < R/3, all the
cone configurations coincided with the straight baseline. However, only C4S1 and C-4S1
had close force distributions comparable to the straight baseline. The force distribution of
C ± 4S2, C ± 4 and C4 ± S0 varied from configuration to configuration. It was found that
C4S1 and C-4S1 were totally different cone configurations at r > R/3, but that they had the
same blade tip position as the straight baseline. This implies that the influence of the coned
part on the straight part is mostly determined by the blade tip position. Traditional BEM
will predict the same force distribution again, or fail at r < R/3, even if all the configurations
have a zero cone angle.

There are many interesting phenomena between the curves in Figure 11. Looking
closely at group C4S2, C4, C4S0, and C4S1, the Ft and Fz curves (especially Ft lines) are
nearly parallel with each other in the range of R/3 < r< 2R/3. The case C4S2 had the highest
force curves, and C4, C4S0, and C4S1 had successively lower forces. Coincidently, this was
consistent with the successively upstream-moving of the tip positions from Z = 3Ztip to
2Ztip, Ztip and 0 m (Ztip = 7.4292 m). If the blade tip is located at a more upstream position,
it will cause the blade sections to be further immersed in the wake, which will lead to a
stronger axial induction velocity Wz, a smaller axial inflow velocity, and a lower αz and
αn. The variation of αz and αn will be validated later in Section 3.2.3. In short, the upwind
transformation of the blade tip is consistent with the successive reduction of the Fz and Ft
curves. Focusing on the four counterparts, C-4S2, C-4, C-4S0, and C-4S1, the curves were
nearly parallel and successively ascending with the downstream-moving of the blade tips.
Transforming the blade tip into a further downstream position, the blade sections immerse
less heavily into the tip vortex trace, leading to a smaller Wz and a higher αn. Additionally,
the nearly parallel curves of C4S2, C4, C4S0, and C4S1 had different slopes compared with
those of C-4S2, C-4, C-4S0, and C-4S1, and apparently different slopes compared with the
baseline rotor.

3.2.3. Flow Field Analysis

To understand the force characteristics presented in Section 3.2.2, further flow field
analyses were carried out. Firstly, the streamline and the axial velocity contour in the
YZ plane of C ± 4S2, C ± 4S0, and C ± 4S1 are shown in Figure 12. In the range of
R/3 < r < 2R/3, the downwind cone C4S2 shown in Figure 12a had obviously lower
velocity in the near wake region than that of C-4S2 shown in Figure 12b. This revealed
that more energy was extracted by C4S2, which is consistent with the higher thrust force in
Figure 11. Additionally, the downwind C4S2 had slightly larger wake expansion, which
means a larger radial velocity. If the three figures on the left hand side are compared, the
wake deficit is weaker and weaker when the blade tip is successively moving upstream
from Figure 12a to Figure 12c,e. This means that the energy extracted by the rotor was
progressively smaller, which is in agreement with the successive decline in the Ft and Fz
curves in the range R/3 < r < 2R/3 in Figure 11. If the right hand side figures are compared,
the wake deficit becomes stronger when the blade tip transforms downstream. This also
confirms the successive increases in the Ft and Fz curves from C-4S2 to C-4S0 and then
C-4S1. In the range r > 2R/3, the streamlines of C4S1 and C4S2 were the most and the
least perpendicular streamlines w.r.t. to the blade, respectively, which led to the largest and
smallest Fn. But, as shown in Equation (6), the large cone angle β reduces the value of Fz,
which causes the Fz of C4S1 to barely surpass the baseline.

Utilizing the AAT AOA-extraction method introduced in Section 3.1.2, the αz and αn at
different radial positions are compared in Figure 13. In the range of r > 2R/3, the αz and αn
of C4S0 and C-4S0 nearly coincided with the straight baseline, which was consistent with
the close Ft and Fz curves, as shown in Figure 11. This was because the three configurations
were all without coning. What is more, C4 and C-4S1 had the same cone angle, which led
to close αn distributions. Similarly, C-4 and C4S1 also had close αn distributions. In the
range of R/3 < r < 2R/3, the four configurations, C4S2, C4, C4S0 and C4S1, had nearly
parallel αn curves. The αn line of C4S2 was the highest, and C4, C4S0 and C4S1 had
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successively lower curves, which matched the successive decreases of the Ft and Fz curves
in Figure 11. As discussed in Section 3.2.2, this was caused by the upstream movement
of the tip positions, which made caused the blade sections to be further immersed into
the wake, leading to decreases in αz and αn. In contrast, focusing on the group C-4S2, C-4,
C-4S0, and C-4S1, the αn curves successively ascended with the downstream movement of
the blade tips. In the range of r < R/3, C4S1 and C-4S1 had similar αz and αn distributions
to the straight baseline. This was because the three configurations had the same blade
tip position, although distinctly different cones appeared at r > R/3. Generally speaking,
the αn distributions matched the force distributions in Figure 11. It is clear that the αn
distributions can reveal the mechanism of force distributions on coned sections, even if
the blades are coned into three parts. Additionally, correctly commutating αn is of vital
importance for improving the traditional BEM method, although further discussion of this
is beyond the scope of this paper.

  

(a) (b) 

  
(c) (d) 

  
(e) (f) 

Figure 12. Streamline in the YZ plane with axial velocity contours: (a) C4S2; (b) C-4S2; (c) C4S0;
(d) C-4S0; (e) C4S1; (f) C-4S1.
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r

Figure 13. Distributions of angle of attack: (a) αz; (b) αn.

4. Conclusions

In future designs of super-large wind turbines, the question of being upwind or
downwind will be an important one for the wind energy industry. The present paper put
forward a conceptual design consisting of an actively load-aligned blade tip and a fixed
load-aligned blade root. In order to evaluate the advantages and disadvantages of these
concepts, it is of vital importance to carefully select appropriate tools. Different conning
configurations, including special cones with three segments, were simulated and analyzed
based on a 10 MW reference rotor. The results provide knowledge regarding the complex
force distributions of these configurations, and could serve to improve the traditional BEM
on traditionally or specially coned rotors.

Up- and down- wind coning approaches yield different aerodynamic performance, e.g.,
in their total integrated loading, distributed force, and flow fields. The force distributions
and their differences may be explained by the concept of the angle of attack. It was found
that parameters which have the greatest influence on the angle of attack are the position
of blade tip and the cone angle. The blade tip position determines the induction velocity
contour, and subsequently, the inflow velocity at the blade sections. With the upstream
movement of the blade tip, blade sections away from the tip will be immersed more
heavily in the tip vortex trace. Then, the blade sections will suffer from stronger axial
induction, smaller axial inflow velocity, a lower angle of attack, and consequently, a lower
force distribution. The downstream movement of the blade tip has the opposite effect.
The cone angle determines the velocity and force projecting process from the axial to the
normal direction, which influences the thrust and tangential forces in the normal and axial
directions. The correct inflow velocity decomposition, which connects the axial and normal
directions, is indispensable. The same relative blade tip position and cone angle will result
in the same force; however, applying the same tip position or cone configuration alone
does not guarantee the same aerodynamic performance.

The aerodynamic performance discrepancy between an upwind cone and its down-
wind counterpart is significant. In the present study, the most upwind and downwind
cones had a thrust difference up to 8% and a torque difference of up to 5%. Nevertheless,
the traditional BEM method could not differentiate an upwind cone from its downwind
counterpart under the same chord, twist and airfoil distributions. Many studies on load-
aligned concepts or comparing upwind/downwind designs have utilized tools based
on traditional BEM, which arguably makes their conclusions disputable. A correction
to the traditional BEM method must be made before it can be used to assess new cone
concepts. Such an improved BEM should consider the influence of blade tip position and
cone angle, and adopt the corrected inflow velocity decomposition. To date, debate over
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up- or down-wind coning is ongoing. The design and optimization of super-large coned
rotors still has a long way to go.
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Featured Application: This research has certain reference significance for improved wind turbine

performance. It can also provide reference value for wind shear related study.

Abstract: Aerodynamic performance of a wind turbine at different tilt angles was studied based on
the commercial CFD software STAR-CCM+. Tilt angles of 0, 4, 8 and 12◦ were investigated based on
uniform wind speed and wind shear. In CFD simulation, the rotating motion of blade was based
on a sliding mesh. The thrust, power, lift and drag of the blade section airfoil at different tilt angles
have been widely investigated herein. Meanwhile, the tip vortices and velocity profiles at different
tilt angles were physically observed. In addition, the influence of the wind shear exponents and the
expected value of turbulence intensity on the aerodynamic performance of the wind turbine is also
further discussed. The results indicate that the change in tilt angle changes the angle of attack of
the airfoil section of the wind turbine blade, which affects the thrust and power of the wind turbine.
The aerodynamic performance of the wind turbine is better when the tilt angle is about 4◦. Wind
shear will cause the thrust and power of the wind turbine to decrease, and the effect of the wind
shear exponents on the aerodynamic performance of the wind turbine is significantly greater than the
expected effect of the turbulence intensity. The main purpose of the paper was to study the effect of
tilt angle on the aerodynamic performance of a fixed wind turbine.

Keywords: wind turbine; tilt angle; unsteady aerodynamics; computational fluid dynamics

1. Introduction

The use of wind energy has increased over the past few decades. Today, wind energy is the
fastest growing renewable energy source in the world [1]. Despite the amazing growth in the installed
capacity of wind turbines in recent years, engineering and science challenges still exist [2]. The main
goals in wind turbine optimization are to improve wind turbine performance and to make them more
competitive on the market. Studies have shown that the wind turbine tilt angle affects the shear
force and bending moment at the tower top and the blade root [3], and the interaction between the
blade and the tower also affects the aerodynamic performance of the wind turbine [4]. Therefore, it is
necessary to study the effect of tilt angle on wind turbine performance and analyze the characteristics
of blade–tower interaction, aiming to improve the wind turbine performance.

In recent years, more and more scholars have been paying attention to the interaction between
the blades and towers of wind turbines. Kim et al. [4] studied the interaction between the blade
and the tower using the nonlinear vortex correction method. They concluded that as the yaw angle
and wind shear exponent increase, the interaction between the blade and the tower decreases. The
influence of the tower diameter on the interaction between the blades and the tower is higher than that
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of the tower clearance. Meanwhile, this interaction may increase the total fatigue load at low wind
speed. Guo et al. [5] used blade element moment (BEM) theory to study the interaction between the
blade and tower. Their results show that the blade–tower interaction is much more significant than
that of the wind shear. Wang et al. [6] researched the blade–tower interaction using computational
fluid dynamics (CFD). Their research shows that the influence of the tower on the total aerodynamic
performance of the upwind wind turbine is small, but the rotating blade will cause an obvious periodic
drop in the front pressure of the tower. At the same time, we can see the strong interaction of blade
tip vortices. Narayana et al. [7] researched the gyroscopic effect of small-scale wind turbines. Their
findings show that changing the tilt angle can improve the aerodynamic performance of small-scale
wind turbines. Recently, Zhao et al. [3] proposed a new wind turbine control method. In their control
method, tilt angle increases as wind speed increases, with the purpose of reducing the blade loading
and maintaining the power of the wind turbine at high wind speeds. Their research shows that the
new control method can reduce the shear force at the top and bottom of the tower when compared
with the yaw control strategy.

Many researchers have studied the effect of tilt angle on the structural performance of a wind
turbine. For example, Zhao et al. [8] studied the structural performance of a two-blade downwind
wind turbine at different tilt angles. However, there is little research on the effect of tilt angle on the
aerodynamic performance of wind turbines. In this paper, aerodynamic performance of a wind turbine
at different tilt angles is studied. All simulations are performed in CFD software STAR-CCM+ 12.02.
Through a comparison of aerodynamic performance of the wind turbine at different tilt angles, the
effects of tilt angle on the thrust, power and wake of the wind turbine are studied.

2. Numerical Modeling

2.1. Physical Model

In this study, the governing equation uses the unsteady Reynolds-averaged Navier–Stokes
equation. The SST k−ω turbulence model was used in current simulations. A separated flow model
was used to solve the flow equation. SIMPLE solution algorithm was used for pressure correction.
Convection terms used the second-order upwind scheme. In the unsteady simulation, the time
discretization used the second-order central difference scheme. In addition, due to the sliding mesh
approach, no hole cutting was necessary, making the calculations more efficient than with the use of an
overset mesh. Thus the sliding mesh technique was used to handle rotating motion of a blade [9].

2.2. Turbulence Model

The SST k−ω turbulence model can consider the complex flow of the adverse pressure gradient
near the wall region and the flow in the free shear region. Thus, the SST k −ω turbulence model is
suitable for simulating the rotational motion of the blade [10]. In addition, this turbulence model can
accurately capture wind turbine wake [11,12].

In the Reynolds-averaged N-S equations, τi j = −ρu′i u′j refers to the Reynolds stress tensor.
Reynolds stress tensor and mean strain rate tensor (Sij) are related by the Boussinesq eddy viscosity
assumption:

τi j = 2νtSij − 2
3
ρkδi j (1)

where νt refers to the eddy viscosity, ρ refers to the density, k refers to the turbulence kinetic energy
and δi j refers to the Kronecker delta function.

To provide closure equations, in the SST k−ω turbulence model, the turbulent kinetic energy (k)
and specific dissipation of turbulent kinetic energy (ω) also need governing transport equations, which
are given as follows:

Dρk
Dt

= τi j
∂ui
∂xj
− β∗ρωk +

∂
∂xj

[
(μ+ σkμt)

∂k
∂xj

]
(2)
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Dρω
Dt

=
γ

νt
τi j
∂ui
∂xj
− βρω2 +

∂
∂xj

[
(μ+ σωμt)

∂ω
∂xj

]
+ 2(1− F1)ρσω2

1
ω
∂k
∂xi

∂ω
∂xj

(3)

In the formulas above, the model coefficients are defined as follows:

β∗ = F1β1
∗ + (1− F1)β2

∗ (4)

β = F1β1 + (1− F1)β2 (5)

γ = F1γ1 + (1− F1)γ2 (6)

σk = F1σk1 + (1− F1)σk2 (7)

σω = F1σω1 + (1− F1)σω2 (8)

The blending function F1 is defined as follows:

F1 = tanh

⎧⎪⎪⎨⎪⎪⎩
⎧⎪⎨⎪⎩min

⎡⎢⎢⎢⎢⎣max

⎛⎜⎜⎜⎜⎝
√

k
β∗ωy

,
500υ∞

y2ω

⎞⎟⎟⎟⎟⎠,
4ρσω2k
CDkωy2

⎤⎥⎥⎥⎥⎦
⎫⎪⎬⎪⎭

4⎫⎪⎪⎬⎪⎪⎭ (9)

where CDkω refers to the cross-diffusion term, y refers to the distance to the nearest wall and υ refers to
the kinematic viscosity. F1 is equal to zero in the region away from the wall (k− ε turbulence model)
and one in the region near the wall (k−ω turbulence model).

The eddy viscosity is

νt =
a1k

max(a1ω, ΩF2)
(10)

where Ω is the absolute value of the vorticity and F2 is the second blending function, defined as

F2 = tanh

⎡⎢⎢⎢⎢⎢⎣max

⎛⎜⎜⎜⎜⎝ 2
√

k
β∗ωy

,
500υ
y2ω

⎞⎟⎟⎟⎟⎠
2⎤⎥⎥⎥⎥⎥⎦ (11)

A more detailed description of the SST k−ω turbulence model is provided in [10]. In this study,
the parameters for the SST k−ω turbulence model are as follows:
σk1 = 0.85 σω1 = 0.5 β1 = 0.075 a1 = 0.31 β∗ = 0.09 k = 0.41 σk2 = 1
σω2 = 0.856 β2 = 0.0828 γ1 =

β1
β∗ − σω1k2√

β∗
γ2 =

β2
β∗ − σω2k2√

β∗

2.3. Computational Domain

The computational domain was divided into the rotating and outer domains, as shown in Figure 1.
The size of the entire outer domain was 12D(x) × 5D(y) × 4D(z). The distance from the wind turbine
to the velocity inlet was 3D, and the distance to the pressure outlet was 9D, where D is the diameter
of the wind turbine. Due to the complex geometry of the blades, we used the trimmed cell mesh
technology to generate high-quality meshes. In order to capture the complex flow around the blade, a
fine mesh was used around the blade. A 10-layer boundary layer mesh was generated near the blade
and the hub. The total thickness of the boundary layer was 0.03 m, and the growth rate was 1.2. A
six-layer boundary layer mesh was generated near the tower and the nacelle. The total thickness of the
boundary layer was 0.1 m, and the growth rate was 1.2. Figure 2b shows the refined sliding mesh
regions around the blade. Figure 2c,d shows a close-up view of the blades and nacelle tower.
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(a) (b) 

Figure 1. Rotating and outer domain: (a) rotation domain for wind turbine simulation; (b) entire
computational domain for numerical simulation.

 
(a) (b) 

 
(c) 

 
 

(d) (e) 

Figure 2. The computational mesh domain for the wind turbine: (a) full grid domain, (b) sliding
mesh regions, (c) close-up view of the blade surface, (d) close-up view of the hub surface mesh and
(e) close-up view of nacelle and tower.

2.4. Boundary Conditions

Figure 2a illustrates the setting of the boundary conditions in this study. In the computational
domain, the inlet boundary, bottom and top surfaces were set as velocity inlets. The pressure outlet was
set at the outlet boundary. The sides of the computational domain were set to the plane of symmetry.
In this simulation, all of the y+wall treatment of near-wall modeling was applied. In order to reduce
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the convergence order and improve the solution accuracy, the maximum internal iterations within
each time-step was 10 [13].

3. Results and Discussion

3.1. Validations

The 1/75 scale model of a DTU 10 MW reference wind turbine was used for the mesh independence
test. In the numerical verification, the tilt angle of the wind turbine was not considered. The main
parameters of the scale model are given in Table 1. A detailed introduction of the blade parameters at
40 different blade sections is provided by [14]. Figure 3 shows the wind turbine geometric model and
the surface grid. After scaling according to the scale factor, the boundary layers near the blade and
hub surface have five layers of refined grid with the total layer thickness of 0.004 m and a progression
factor of 1.2.

Table 1. Principal dimensions of the scale model.

Specifications DTU Down-Scaled

Number of Blades 3
Rotor Diameter (m) 2.37
Hub Diameter (m) 0.178

Rated Wind Speed (m/s) 5.53
Rated Rotor Speed (rpm) 330

  

(a) (b) 

Figure 3. Geometric model and surface grid: (a) the rotor geometric model; (b) the blade surface grid.

The blade surface mesh size includes the maximum mesh size and the minimum mesh size. The
number of meshes corresponding to different mesh sizes is shown in Table 2. According to previous
study, the time-step size corresponding to 1◦ increment of azimuth angle of the wind turbine per
time-step was applied in all simulations [15]. Moreover, the simulation was run under unsteady
conditions. The comparison of thrust and torque for different grid resolutions with the same wind
speed of 5.53 m/s, rotor speed of 330 rpm and time-step size of 5 × 10−4 s is presented in Tables 3
and 4. It can be observed from Tables 3 and 4 that the grid resolution of Case 3 is sufficient to solve
the unsteady aerodynamics of the wind turbine. Therefore, the grid resolution of Case 3 was used in
subsequent simulations.
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Table 2. Mesh size of blade surface.

CFD Mesh Type Case 1 Case 2 Case 3 Case 4

Maximum Size (mm) 3.000 2.000 1.500 1.100
Minimum Size (mm) 0.500 0.350 0.250 0.180

Total Mesh Number (million) 1.850 3.240 4.630 9.400

Table 3. Comparison of thrust between experiment and CFD simulation at different grid densities.

CFD Mesh Type LIFES50+Wind Tunnel Data (N), [14] Present Study (N) Error (%)

Case 1

68.631

70.010 2.000
Case 2 69.660 1.500
Case 3 69.520 1.300
Case 4 69.500 1.300

Table 4. Comparison of torque between experiment and CFD simulation at different grid densities.

CFD Mesh Type LIFES50+Wind Tunnel Data (N·M), [14] Present Study (N·M) Error (%)

Case 1

6.232

5.690 8.700
Case 2 5.850 6.100
Case 3 5.900 5.300
Case 4 5.920 5.000

Simulations at different wind speeds were performed, and the simulation results were compared
with wind tunnel experiment data, as presented in Figure 4. In this paper, we always keep the pitch
angle at 0◦, so we have not considered the working conditions above the rated wind speed. When the
wind speed is close to the rated wind speed, the thrust and torque of the CFD simulation are lower
than those of the wind tunnel experiment, but the maximum error is not more than 10%. This means
that STAR-CCM+ can accurately simulate the aerodynamic performance of the wind turbine under
rotating motion.

  
Figure 4. Comparison of thrust and torque between wind tunnel experiment and CFD simulation at
different wind speeds (Case 3).

In order to ensure the reliability of the NREL 5 MW real-scale wind turbine simulation, the NREL
5 MW real-scale wind turbine was used for grid convergence analysis. Major properties of the NREL
5 MW reference wind turbine are given in Table 5 [16]. Figure 5 shows the blade alone geometric
model and full configuration geometric model with the tower. The blade alone model was used
for numerical verification, and the full configuration model was used to investigate the effect of tilt
angle on the aerodynamic performance of the wind turbine. Near the wall surface of the blades and
hub, the boundary layers have 10 layers of refined grid with the total layer thickness of 0.03 m and a
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progression factor of 1.2. The same wind speed of 11.4 m/s and rotor speed of 12.1 rpm were applied in
all simulations. Meanwhile, in all simulations, the time step is the time taken by the wind turbine to
increase the azimuth angle by 1◦.

Table 5. Principal dimensions of the NREL 5 MW reference wind turbine.

Specifications

Rated Power (MW) 5
Rotor Orientation, Configuration Upwind, 3 blades

Rated Wind Speed (m/s) 11.4
Rated Rotor Speed (rpm) 12.1

Rotor Diameter (m) 126
Hub Diameter (m) 3

Hub Height (m) 90
Tower Base Diameter (m) 6
Tower Top Diameter (m) 3.87

Pre-cone (◦) 2.5

 
(a) (b) 

Figure 5. Geometric model of a 5 MW reference wind turbine: (a) the rotor geometric model; (b) the
full configuration model.

The number of meshes corresponding to different mesh sizes is shown in Table 6. The comparison
of power for different grid resolutions with the same wind speed of 11.4 m/s and rotor speed of 12.1 rpm
is presented in Table 7. It can be observed from Table 7 that the grid resolution of Case 2 is sufficient to
solve the unsteady aerodynamics of the wind turbine. Therefore, the grid of Case 2 was used for the
simulation of NREL 5 MW real-scale wind turbines at different wind speeds.

Table 6. Mesh size of blade surface.

CFD Mesh Type Case 1 Case 2 Case 3

Maximum Size (m) 0.20 0.10 0.05
Minimum Size (m) 0.04 0.02 0.01

Total Mesh Number (Million) 1.52 4.80 9.53

Table 7. Comparison of power between NREL data and CFD simulation at different grid densities.

CFD Mesh Type NREL Data (MW), [16] Present Study (N) Error (%)

Case 1
5.000

4.767 4.700
Case 2 4.981 0.380
Case 3 5.020 0.400
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Aerodynamic simulations of a wind turbine with various wind speeds were tested and compared
with the FAST results. The obtained thrust and power were compared with the corresponding NREL
data calculated by FAST V8, as presented in Figure 6. The power agrees well with the NREL data,
but the thrust tends to be smaller than that from NREL data. The reason for the difference between
the CFD method and the FAST can be summarized as follows: (a) the FAST does not consider the
three-dimensional flow effects around blades; (b) in the BEM method, in order to calculate a rotor with
a limited number of blades, a tip loss correction model needs to be added. The results obtained by
different tip loss correction models are also quite different [17]. FAST uses a Prandtl tip loss correction
model [16]. Therefore, the CFD result of the thrust is significantly lower than the FAST result. A similar
phenomenon appeared in [18]. However, at the rated wind speed, compared with FAST data, the
errors of the thrust and power obtained by CFD are less than 5% Through the above analysis, the
grid of Case 2 can accurately simulate the aerodynamic performance of NREL 5 MW real-scale wind
turbines. Therefore, the grid of Case 2 was used to simulate the effect of tilt angle on the aerodynamic
performance of the wind turbine.

  
Figure 6. Comparisons of thrust and power.

3.2. The Effect of the Tilt Angle on the Aerodynamic Performance of the Wind Turbine

In this study, nacelle tilt angles of 0, 4, 8 and 12◦ were investigated. Figure 7 shows the structure
of the wind turbine at different tilt angles. In the picture, β is the pre-coning angle, and γ is the shaft
tilt angle. The azimuth of the rotor is defined as ψ, as presented in Figure 8. In Figure 8, the blue rotor
is the initial position with the 0-azimuth angle. Subsequent analysis is based on the results after the
wind turbine has stabilized. Under different tilt angles, the change in wind turbine thrust and power
with the azimuth is shown in Figure 9. Comparing the no-tower curve with the other four curves,
it can be seen that the thrust and power generate periodic fluctuations due to the influence of the
tower. When the blades pass through the tower, the thrust and power will periodically decrease. This
phenomenon is called the blade–tower interaction (BTI) [19]. The BTI effects begin at approximately
30◦ rotor azimuth and dissipate at approximately 100◦ rotor azimuth, as presented in Figure 10. This
agrees with previous studies, which all show effects in approximately this same 70◦ range [19].

Figure 9 shows the difference between the thrust and power at approximately 60, 180 and 300◦
azimuth with the same nacelle tilt. This phenomenon is due to the interaction between the blade and
the tower creating a random vortex. As the nacelle tilt increases, the blade and tower interactions
gradually weaken. Therefore, this phenomenon becomes less important as the nacelle tilt increases. In
Figure 10, when ψ is approximately 65◦, the thrust and power of the wind turbine at 4 and 8◦ nacelle
tilt are higher than 0 and 12◦ nacelle tilt.
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Figure 7. Structure of the wind turbine at different tilt angles.

Figure 8. Definition of the azimuth.

  

Figure 9. Comparison of thrust and power at different nacelle tilt angles.

  
Figure 10. Comparison of thrust and power at different nacelle tilt angles (partial enlargement).
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The position of the blade relative to the tower with the 60◦ azimuth is shown in Figure 11.
Instantaneous pressure magnitude and streamlines at blade sections r/R = 0.5, r/R = 0.7 and r/R = 0.9
(Blade 1) of the wind turbine are presented in Figures 12–14. In the low span (r/R = 0.5) suction side, the
flow separation phenomenon can be observed. However, the flow remains attached for higher radial
sections (r/R = 0.7 and r/R = 0.9). In addition, with the increase of the nacelle tilt, the flow separation of
the low span suction side is gradually weakened. The variation of the pressure distribution around
different sections airfoil with the nacelle tilt can also be observed.

Figure 11. Blade position (ψ = 60◦).

Figure 12. Instantaneous pressure magnitude and streamlines diagram (r/R = 0.5).
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Figure 13. Instantaneous pressure magnitude and streamlines diagram (r/R = 0.7).

Figure 14. Instantaneous pressure magnitude and streamlines diagram (r/R = 0.9).

H. Rahimi et al. [20] studied different methods of calculating the angle of attack of the wind
turbine section airfoil. However, in CFD, when considering the interaction between the blade and
the tower, it is difficult to calculate the angle of attack of the blade section airfoil. Therefore, only the
effect of tilt angle on the blade section airfoil load is considered in this paper. Figure 15 shows the
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distribution of azimuth average thrust and tangential force along the blade span. From the figure, we
can see that in terms of thrust, when the tilt angle is 4◦, the distribution of the thrust along the blade
span does not change much compared to the 0◦ tilt angle. However, when the tilt angle is increased
to 8 and 12◦, the thrust of the section airfoil at the blade tip is lower than the values at 0 and 4◦ tilt
angle. In terms of tangential force, the tangential force gradually decreases as the tilt angle increases,
for up to 0.5 of the span. However, the tangential force at 4◦ tilt angle does not change much compared
to 0◦ tilt angle. Figure 16 shows the distribution of thrust and tangential force along the blade span
when the blade is located in front of the tower. In terms of thrust, the thrust of the section airfoil
gradually increases as the tilt angle increases, for up to 0.7 of the span. Regarding the tangential force,
the increase of the tilt angle also increases the tangential force, for up to 0.6 of the span. However,
regardless of thrust or tangential force, the value at 8◦ of tilt does not change much compared to 12◦ of
tilt. This means that the influence of the tower becomes weaker after the tilt angle exceeds 8◦.

Figure 15. The average thrust and average tangential force per unit of span along the blade span for
Blade 1.

 

Figure 16. Thrust and tangential force per unit of span along the blade span for Blade 1.

Thrust force per unit of span along the rotor span for Blade 1 is shown in Figure 17. In the blade
root, the thrust will fluctuate with the change of the azimuth angle, which is mainly caused by the
three-dimensional flow of the blade root. In the middle of the blade, when the azimuth angle is 0-180◦,
the thrust is the largest at 4◦ tilt angle, and the thrust is the smallest at 12◦ tilt angle. When the azimuth
angle is 180-360◦, the thrust gradually decreases as the tilt angle increases. In the vicinity of the blade
tip, when the azimuth angle is 0-180◦, except for the tilt angle of 0◦, the thrust has a change that
increases first and then decreases with the change of the azimuth angle. When the azimuth angle is
180-360◦, the thrust curve decreases first and then increases, and the thrust gradually decreases as the
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elevation angle increases. Figure 18 shows the tangential force per unit of span along the rotor span for
Blade 1. We can see that in the middle of the blade and near the tip of the blade, the tangential force of
the section airfoil in the 180-360◦ angle range is higher than the value in the 0–180◦ angle range, except
for the case of the 0◦ tilt angle. At the same time, we found that in the middle of the blade and near the
tip of the blade, when the azimuth angle is 180◦, the thrust and tangential force at 0◦ tilt are the smallest,
which is mainly due to the maximum interaction between the blade and the tower at 0◦ tilt angle.

 
(a) r/R = 0.3 (b) r/R = 0.5 

 
(c) r/R = 0.7 (d) r/R = 0.9 

Figure 17. Thrust force per unit of span along the rotor span for Blade 1.

 
(a) r/R = 0.3 (b) r/R = 0.5 

Figure 18. Cont.
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(c) r/R = 0.7 (d) r/R = 0.9 

Figure 18. Tangential force per unit of span along the rotor span for Blade 1.

3.3. The Effect of the Tilt Angle on the Wind Turbine Wake

The instantaneous isovorticities occurring when the blade is in front of the tower are presented in
Figure 19. One can clearly see that these instantaneous diagrams with nacelle tilt angle shows that
there is a strong flow interaction between the wake generated by the blade root, hub and tower regions.
Because of the existence of the tower, there are strong unsteady flow interactions between tower vortex
and blade tip vortex during downstream propagation. This interaction caused the blade tip vortex to
break behind the tower. In addition, an increase in tilt angle will cause the blade tip vortex tube to tilt.

Figure 19. Side-view of instantaneous isovorticity contours for different nacelle tilt angles.

The instantaneous x-vorticities at different sections in four tilt angles are presented in Figure 20.
We can observe that there is a clear difference in the blade tip vortex at different tilt angles. At 0 and 4◦
tilt angles, the blade tip vortex has only negative x-vorticities. When the tilt angle is changed to 8◦,
positive x-vorticity and negative x-vorticity appear in the right half of the blade tip vortex. When the
tilt angle is changed to 12◦, the left part of blade tip vortex is negative and right part is positive. At the
same time, it can be seen that there are slight differences in the tower-generated vortexes of the four
cases. By comparison, at the positions of x/D = 0.25 and x/D = 0.5, the vortex generated by the tower
behind the rotor at the tilt angle of 4◦ is slightly less than other cases. When the tilt angle reaches 12◦,
the vortex generated by the tower is broken.
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tilt angle = 0 deg 

   

tilt angle = 4 deg 

   

tilt angle = 8 deg 

   

tilt angle = 12 deg 

   

 

Figure 20. Instantaneous x-vorticities at different sections for four tilt angles.

The corresponding vertical x-velocity profiles are presented in Figure 21. When the tilt angle is
0◦, as the downstream distance increases, the velocity field behind the wind turbine is approximately
symmetrical about the centerline and keeps a circular shape. However, as the tilt angle increases,
the velocity field behind the wind turbine shows asymmetry and gradually moves to the upper
right. Meanwhile, the low-velocity region at the end of the wake gradually decreases with increasing
tilt angle.
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Figure 21. Vertical section x-velocity profiles at y = 0 m.

Figure 22 shows the distribution of instantaneous axial velocity along blade span at the wind
turbine downstream positions of 0.5D, 2.5D, 3.5D and 4.5D, which represent the development of the
velocity in the wake. Observing the instantaneous axial velocity distribution at the position of X/D = 0.5,
it can be seen that the upper half of the curve does not change much with the tilt angle, but the lower
half of the curve changes significantly with the tilt angle. In addition, it can be seen that the lower half
of the curve has the smallest fluctuation at the 4◦ tilt angle, which means that the interaction between
the blade tip vortex downstream of the wind turbine and the tower wake vortex is the weakest at a tilt
angle of 4◦. We can also observe a similar phenomenon in Figure 21. Observing the instantaneous
axial velocity distribution at the positions of X/D = 2.5 and X/D = 3.5, we can see that as the tilt angle
increases, the minimum velocity in the wake gradually increases and shifts upwards. However, at the
position of X/D = 4.5, there is a slight decrease in the minimum velocity as the tilt angle increases. This
is due to the upward shift of the wake-end deceleration zone.

  
X/D = 0.5 X/D = 2.5 

Figure 22. Cont.
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X/D = 3.5 X/D = 4.5 

Figure 22. The distribution of instantaneous axial velocity along blade span at the wind turbine
downstream positions of 0.5D, 2.5D, 3.5D and 4.5D.

3.4. Wind Shear

The change in wind speed with height was determined according to the power function given in
International Electrotechnical Commission (IEC) 61400-1 [21] and presented as follows:

VZ

VZr

=
( Z

Zr

)γ
(12)

where VZ refers to the wind speed at height z, VZr refers to the reference wind speed at height Zr and
γ refers to the wind shear exponent. Zr refers to the hub height. In this study, the reference wind speed
is 11.4 m/s. In this paper, wind shear exponents are 0.09, 0.2 and 0.41. The wind shear exponent of 0.09
indicates a very unstable atmospheric state, 0.20 represents a neutral state and 0.41 represents a very
stable state [4].

The turbulence intensity was calculated according to the formula in IEC 61400-1 [21] and given
as follows:

IT = Ire f (0.75Vhub + 5.6)/Vhub (13)

where IT is the turbulence intensity, Ire f is the expected value of the turbulence intensity and Vhub is the
reference velocity at the hub. In this paper, Ire f values are 0.12, 0.14 and 0.16. Ire f of 0.12 represents
lower turbulence characteristics, 0.14 describes medium turbulence characteristics and 0.16 describes
higher turbulence characteristics.

Table 8 shows the average power along one rotation of the wind turbine after it has stabilized. It
can be seen from Table 8 that, compared with uniform wind, wind shear will cause the average power
of the wind turbine to decrease by about 14%. At the same time, it can be found that the average power
of the 4◦ tilt angle is close to that of the 0◦ tilt angle and is higher than the average power of the 8 and
12◦ tilt angles under uniform wind or wind shear conditions. The deviation (|Pa − Pm|) of the power
relative to the average power at an azimuth angle of 180◦ gradually decreases as the tilt angle increases
(see Figure 23, Table 8). When the tilt angle reaches 8◦ and continues to increase, |Pa − Pm| will remain
unchanged. This means that as the tilt angle increases, the interaction between the blade and the tower
gradually weakens. When the tilt angle exceeds 4◦, the influence of the tilt angle on the interaction
between the blade and the tower can be ignored. However, when the tilt angle exceeds 4◦, it will cause
a significant decrease in the average power of the wind turbine. Therefore, considering the power of
the wind turbine and the interaction between the blade and the tower, it is more appropriate to set the
wind turbine tilt angle to about 4◦.
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Table 8. Power for uniform wind and wind shear flow conditions at Vhub = 11.4 m/s (γ = 0.2, Ire f = 0.14).

Tilt
Angle (◦)

Average Power Pa (MW)
Power Pm at 180◦ Azimuth

Angle (MW)
|Pa−Pm| (MW)

Uniform
Wind

Wind
Shear

Error
(%)

Uniform
Wind

Wind
Shear

Error (%)
Uniform

Wind
Wind
Shear

0 4.92 4.20 14.63 4.73 4.08 13.74 0.19 0.12
4 4.91 4.21 14.26 4.79 4.15 13.36 0.12 0.06
8 4.85 4.18 13.81 4.78 4.14 13.39 0.07 0.04
12 4.75 4.12 13.26 4.68 4.08 12.82 0.07 0.04

  

Figure 23. Thrust and power versus azimuth angle for various tilt angles at Vhub = 11.4 m/s (γ = 0.2,
Ire f = 0.14).

Figure 24 describes the influence of wind shear exponents (γ) on the aerodynamic performance of
the wind turbine. It can be seen from Figure 24 that the thrust and power of the wind turbine when the
wind shear exponent is 0.41 are higher than the values when the wind shear exponents are 0.09 and
0.20. It can be found from Table 9 that the average thrust and power of the wind turbine under different
wind shear exponents have the smallest error when the wind shear factor is 0.41 compared with the
uniform wind, and the average thrust and power of the wind turbine are almost the same when the
wind shear factors are 0.09 and 0.2. In Table 9, the wind shear exponent of 0.00 means uniform wind
inlet conditions. In Figure 24, it can be seen that the fluctuation of the wind turbine thrust and power
curve when the wind shear factor is 0.09 is significantly higher than the other two cases. This means
that the wind shear exponent has an effect on the interaction between the blade and the tower.

Figure 24. Thrust and power versus azimuth angle for various wind shear exponents (γ) at Vhub = 11.4
m/s (Ire f = 0.14, tilt angle = 4◦).
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Table 9. The power for various wind shear exponents (γ) at Vhub = 11.4 m/s (Ire f = 0.14, tilt angle = 4◦).

Wind Shear
Exponents

Average Power Pa (MW) Average Thrust Ta (KN)

Power
Relatively Uniform

Wind Error (%)
Thrust

Relatively Uniform
Wind Error (%)

0.00 4.91 0.00 709.16 0.00
0.09 4.19 14.66 677.89 4.41
0.20 4.21 14.26 678.38 4.34
0.41 4.30 12.42 680.64 4.02

At the same time, as can be seen from Figure 25, at different turbulence intensity expectations, the
thrust and power of the wind turbine are basically the same. This shows that the expected value of the
turbulence intensity has little effect on the thrust and power of the wind turbine. Therefore, when
using wind shear to simulate a wind turbine, it is necessary to focus on the size of the wind shear
exponents according to simulated working conditions.

Figure 25. Thrust and power versus azimuth angle for various expected values of the turbulence
intensity (Ire f ) at Vhub = 11.4 m/s (γ = 0.2, tilt angle = 4◦).

4. Conclusions

The computational fluid dynamics (CFD) method was used to simulate the aerodynamic
performance of a fixed wind turbine with different tilt angles. By comparing the aerodynamic
performance of a wind turbine at different tilt angles, it was found the aerodynamic performance of
the wind turbine is better when the tilt angle is about 4◦. The main purpose of the paper was to study
the practical importance of effect of tilt angle on the aerodynamic performance of a wind turbine. The
main conclusions of the paper are as follows:

1. In order to balance the power generation efficiency of the wind turbine and the interaction
between the blade and the tower, the tilt angle of a wind turbine can be set at about 4◦ to obtain better
aerodynamic performance.

2. The increase of the tilt angle will cause the load of the section airfoil to change, thus affecting
the thrust and power of the wind turbine. When the blade is located in front of the tower, increasing
the tilt angle will increase the load of the section airfoil. At the same time, after the tilt angle reaches 8◦,
the change in the load of the section airfoil with the tilt angle will not be obvious.

3. Wind shear will cause the thrust and power of the wind turbine to decrease, and the effect of
the wind shear exponents on the aerodynamic performance of the wind turbine is significantly greater
than the expected effect of the turbulence intensity. When performing wind turbine simulations, it
is recommended to use a wind shear that is closer to that found in the real environment instead of
uniform wind.
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In summary, in order to ensure that a fixed wind turbine has an improved aerodynamic
performance, the tilt angle of the wind turbine when installed should be about 4◦. In reality,
for a floating offshore wind turbine, a tilt angle of about 4◦ may not be appropriate, so the effect of tilt
angle on a floating offshore wind turbine should be further studied in future works.
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Abstract: The objective of the current work is to experimentally investigate the effect of turbulent flow
on an airfoil with a Gurney flap. The wind tunnel experiments were performed for the DTU-LN221
airfoil under different turbulence level (T.I. of 0.2%, 10.5% and 19.0%) and various flap configurations.
The height of the Gurney flaps varies from 1% to 2% of the chord length; the thickness of the Gurney
flaps varies from 0.25% to 0.75% of the chord length. The Gurney flap was vertical fixed on the pressure
side of the airfoil at nearly 100% measured from the leading edge. By replacing the turbulence grille
in the wind tunnel, measured data indicated a stall delay phenomenon while increasing the inflow
turbulence level. By further changing the height and the thickness of the Gurney flap, it was found
that the height of the Gurney flap is a very important parameter whereas the thickness parameter
has little influence. Besides, velocity in the near wake zone was measured by hot-wire anemometry,
showing the mechanisms of lift enhancement. The results demonstrate that under low turbulent
inflow condition, the maximum lift coefficient of the airfoil with flaps increased by 8.47% to 13.50%
(i.e., thickness of 0.75%), and the Gurney flap became less effective after stall angle. The Gurney flap
with different heights increased the lift-to-drag ratio from 2.74% to 14.35% under 10.5% of turbulence
intensity (i.e., thickness of 0.75%). However, under much a larger turbulence environment (19.0%),
the benefit to the aerodynamic performance was negligible.

Keywords: wind tunnel experiment; wind turbine airfoil; turbulence; Gurney flap;
aerodynamic characteristics

1. Introduction

Wind power generation technology has been maturely developed in the past decades. Airfoil is
a basic element of a wind turbine blade, and its aerodynamic characteristics have a major influence
on the wind energy conversion efficiency. Among the conventional rotor aerodynamic design
strategy, the blade add-ons were of particular interest to further improve wind energy efficiency.
Therefore, mounting flap to the airfoil trailing edge was one of the most feasible methods to improve
the aerodynamic performance of wind turbines. In addition to power production, such a technique can
also effectively reduce the aerodynamic loads both of wind turbine blades and tower. If a sophisticated
controller was implemented, the flap can further reduce turbulence-induced fatigue loads, so that
longer lifetime was guaranteed. After the pioneering work of Liebeck [1], a large number of studies
have been conducted to explain the phenomena induced by the presence of this device. More recently,
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research objects were most focused on airfoil attached various shapes of flaps, such as Gurney
flaps [2,3], triangular flaps [4], separate trailing edge flaps [5,6] and deformable trailing edge flaps [7,8].
For experiment tests, Zhang et al. [9] and Amini et al. [10] studied the aerodynamic effect of a Gurney
flap based on the airfoil through wind tunnel experiments. T Lee et al. [11] carried out a wind tunnel
test of the lift force and pitching moment coefficients of both trailing edge flaps and Gurney flaps
with different shape parameters. Based on a 5 MW reference wind turbine, Chen et al. [12] designed
and optimized a trailing edge flaps such that the blade mass can be further reduced but still maintain
the desired power performance. Medina et al. [13] explored the flow mechanisms of a flap at a high
deflection angle. When the flap works in a separated flow region, he provided some ideas for realizing
instantaneous action or alleviating extra aerodynamic loads on wind turbines. Elsayed et al. [14]
studied the flap tip vortexes and characterized the flow structures behind a flap in a low-speed wind
tunnel by using particle image velocimetry. Little et al. [15] designed a trailing edge flap by using
a single medium plasma driver which resulted in a higher lift force. Bergami et al. [16] designed
an active controller of a trailing edge flap on a 5 MW reference wind turbine and proved that the
flap could effectively control aerodynamic loads. Edward et al. [17] also conducted experiments on
a flaps noise drop. According to the wind tunnel tests based on a full-size rotor, Straub et al. [18]
found that flaps could also be used to control noise and vibration such that the noise generated by
blade vortex interaction could be reduced by 6 dB. For numerical simulations and theoretical analyses,
Traub et al. [19] fitted a semi-empirical equation by summarizing the performance of a large number
of flaps. Lario et al. [20] numerically solved the unsteady flow field of Gurney flaps at high Reynolds
numbers through the discontinuous Galerkin method. By analyzing dynamic characteristics of an
airfoil with Gurney flaps through the numerical simulation, Li et al. [21] found that flaps were capable
to reduce unsteady aerodynamic loads of wind turbines. Zhu et al. [22] numerically simulated the
airfoil with trailing edge flaps using the immersed boundary method and found that flaps could
be combined with the paddle movement to adjust the aerodynamic loads of a wind turbine airfoil.
Ng et al. [23] investigated the trailing edge flap together with an aeroelastic analysis. It was noted that
the trailing edge flap could be a smart device to control aeroelastic deformation.

All the above researches on the flaps were built on the uniform inflow of low turbulence
intensity. In the past, there were few studies carried out by flow over flaps under high turbulence
intensity [24,25], however, such a flow condition often occurs on wind turbines operating in a wind
farm. Considering wind turbines operate in a turbulence environment, the conclusions obtained from
the previous studies might not be accurate. Therefore, to simulate wind turbines under turbulence
environment, active and passive wind tunnel turbulence generation methods can be used. The active
technology includes a vibrating grille and multi-fan wind tunnel; the maximum turbulence intensity can
reach more than 20% [26]. The passive control structure was relatively simple, which can be divided into
grille, wedge, and rough square types among the passive turbulence generators, it was more convenient
to construct grilles, which have gain very popular use. In this experiment, specific turbulence levels
were passively controlled by a grille with proper grid size.

The investigations presented in this paper were focused on the coupled effects of Gurney
flap and turbulence inflow. The Gurney flaps were experimentally investigated under various
turbulence intensities and flap configurations. The desired turbulent flow passes the airfoil was
achieved by changing the grille size as well as the distance between the grille and the airfoil model.
The hot-wire anemometer was used to record the wind speed and turbulence intensity in a flow
cross-section. The quantitative information obtained during the experiment includes: (1) turbulent
field descriptions, (2) airfoil pressure coefficients, (3) lift-to-drag coefficients, (4) wake measurements.
On that basis, the aerodynamic performance of Gurney flaps with different heights and thicknesses
was researched. The values of lift and pitching-moment coefficients were obtained through the
integration of surface pressures. The wake rake array was also used to determine the values of drag
coefficient. Furthermore, the flow fields near the trailing edge of airfoil were tested which could further
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verify the reason for lift improvement. Finally, concluding remarks accompany the discussion of the
experimental investigations.

2. Experimental Setup

The experiments were carried out in a wind tunnel located at Yangzhou University. It was a
close-loop type wind tunnel which contains two experimental sections. The measurements were
conducted in the smaller section with the cross-section parameters of 3 m × 1.5 m, and the length
is 3 m. The operational wind speed range was 0~50 m/s and the calibrated maximum turbulence
intensity in the free stream was 0.2%. The DTU-LN221 airfoil model [27], as shown in Figure 1,
was adopted which has a chord length of 0.6 m and a span length of 1.5 m. The airfoil model was
vertically placed in the test section. The bottom part of the airfoil section was connected by the rotating
shaft, which was fixed on a rotational plate, as demonstrated in Figure 2. Therefore, the angle of attack
can be remotely controlled via a shaft connection with a motor below the wind tunnel. The airfoil
model was made of aluminum alloy where small taps were drilled on the surface of the middle section,
with the location sketched in Figure 1. The arc length between the taps was approximately spaced
every 2.5% of chord length starting from the leading edge to 90% of the trailing edge. The hollow
plastic hoses were connected on the reverse side of the airfoil surface which has an outer diameter of
1.2 mm. Thus, a total of 77 pressure taps were arranged for the pressure measurement on the surface
of the airfoil. The pressures on the airfoil surface were sensed by the electronic pressure acquisition
system of PSI (Pressure Systems Inc., Hampton, VA, USA). The pressure system used in the experiment
has a sampling frequency of 333.3 Hz, a measuring range of ±2.5 kPa and a measuring accuracy of
±0.05%. Figure 1 also shows the chord-wise position, so the lift and pitching-moment of the test airfoil
were achieved by integrating the pressure and the position of the taps on the surface. The lift coefficient
and pitching-moment coefficients were given by

Cl = Cn cosα−Ct sinα

Cm =
1∫

0

(
Cpl −Cpu

)
(0.25− x̂)dx̂

(1)

where

Cn =
1∫

0

(
Cpl −Cpu

)
dx̂

Ct =
ŷu max∫

ŷl max

(
Cp,be −Cp,a f

)
dŷ

(2)

where Cl and Cm are the lift coefficient and pitching-moment coefficient, respectively; αrepresents
the angle of attack; x̂ is the relative chord length; ŷ is the thickness value relative to the chord length;
Cpu and Cpl are the pressure coefficient on the suction and pressure sides of the airfoil, respectively;
Cn and Ct are the normal force coefficient and tangential force coefficient, respectively. Cp,be and
Cp,af are the pressure coefficient before and after the maximum thickness of airfoil; ŷu max and ŷl max
represent the maximum thickness values of the suction and pressure sides relative to chord length.
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frictional drag

Figure 1. Schematic diagram of measuring position.

Grilles

 
Figure 2. Experimental test device.

At a small angle of attack, the aerodynamic drag largely consists of frictional drag, while the
data measured by surface pressure taps cannot accurately represent the drag force, so the drag can
be measured by the momentum method more precisely. As shown in Figure 2, a wake rake array
was placed at 0.7 chord length behind the trailing edge of the airfoil and at the same vertical level as
the pressure taps. The measurement range of the wake probes was 80.8 cm, 102 total pressure pipes
(with an outer diameter of 1.2 mm) and 4 static pressure pipes (with an outer diameter of 2 mm) were
averagely arranged, with an 20 cm apart for the static pressure pipes. To prevent air leakage, all pressure
tubes were connected by plastic hoses to the pressure measurement device. Besides, two Pitot tubes
were installed at 1.6 m measured from the downstream of grilles where the free stream velocity was
recorded. The drag coefficients were given as follows

Cd =
2
c

∫
w

√
P01 − P
P0 − P∞

⎡⎢⎢⎢⎢⎣1−
√

P01 − P∞
P0 − P∞

⎤⎥⎥⎥⎥⎦ds (3)

where Cd is the drag coefficient; c is the chord length, w is the range of integration; s is the coordinate
along the thickness direction of the wake rake array; P∞ and P0 are the static pressure and total pressure
measured by the Pitot tubes; P and P01 are the static pressure and total pressure measured by the wake
rake array. It should be noted that there is a total pressure loss along the Pitot tubes to the wake rake
array, therefore the total pressure loss should be added to each total pressure measuring point of the
wake rake array.

Figure 3 presents the schematic diagram of the grille geometry. The grilles assembled with many
squared alloys with geometry specified by four parameters a, b, c and d. These small squares were
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bolted together and on top of the grille the rubber pads were attached. During the measurements,
two types of grilles were implemented. The dimensions of the two grilles were provided in Table 1.
The width of the longitudinal grille and the transverse grille were denoted by a and c, respectively;
the width and the height of the spacing were denoted by b and d, respectively, the thickness along the
flow direction was e.

b d

a

c

Rubber pads

Anchor bolts

(a) 

Anchor bolts

Grille

1000mm1000mm

200
mm

Section1Section8

100
mm

200
mm

200
mm

100
mm

100
mm

100
mm

(b) 

Figure 3. Schematic diagram of experimental grille. (a) Front view; (b) side view.

Table 1. Dimensions of the experiment grilles.

a (cm) b (cm) c (cm) d (cm) e (cm)

Scheme 1 3 34 3 32 3

Scheme 2 6 31.4 6 29.8 3

Behind the grille, there were eight measurement sections designed for velocity recording. At each
of the section, 15 measurement points were uniformly spaced. The center of the topmost measurement
point corresponds to the geometrical center of the wind tunnel section. The horizontal and vertical
spacing of measuring points were 10 cm, as displayed by the black spots in Figure 3a. In addition,
we set eight measurement sections one to two meters behind the grille, as shown in Figure 3b. The wind
speed was measured through a Dantec hot-wire probe (type 55P61). The sampling frequency was
5 kHz, and the test wind speeds were consistent with that in the airfoil experiment. Figure 4 displays
the device of turbulence measurement. Besides, wake measurements in this paper were carried out on
an electronically controlled traverser consisting of a two-dimensional probe, as displayed in Figure 5.
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Figure 4. Grille turbulence generated device.

 

Figure 5. Wake measurements.

The influence of the flap height and thickness were two key parameters which influence the
overall aerodynamic performance of the airfoil. For this reason, a total of nine types of flaps were
designed in the experiments, namely, the flap with heights h of 1%, 1.5% and 2% chord length (6 mm,
9 mm and 12 mm, respectively) and with relative thicknesses d of 0.25%, 0.5% and 0.75% chord length
(1.5 mm, 3 mm and 4.5 mm, respectively). The diagram of the flap used in the experiment was given
in Figure 6. As shown, the flap has an L shape; the bottom part has a width of 7 mm which was
attached to the pressure side of the airfoil trailing edge. During the experiments, the flap was vertically
attached near the position of 100% of the chord length, see Figure 2 with the specific experimental
setup. The coordinate system behind the trailing edge was defined for subsequent wake measurements,
also the x and y axis were set in the vertical and the forward directions, respectively. The black spots in
the Figure 6 represented the hot-wire measuring positions set at downstream of the trailing edge.

Figure 6. Flap geometry.
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3. Experimental Results and Analysis

In the experiment, the free stream flow velocity was 20 m/s, and the corresponding Reynolds
number based on the airfoil chord length was 0.8 × 106, although wind turbines often operate at
wind speed below 20 m/s, but the magnitude of the Reynolds number was up to an order of 106.
Therefore, the experimental value of the Reynolds number was chosen to approach an order of
magnitude corresponding to those obtained from full-scale wind turbines. Two types of grilles generate
different turbulence levels in the wind tunnel, such that the experiments were mainly separated into
low and high turbulence cases. To be specific, a grille was placed at the upstream of the airfoil test
section which results in different aerodynamic characteristics of flow over the airfoil with and without
a Gurney flap.

3.1. Experimental Results of Grille Turbulence Generator

The measurements were first conducted for the two grilles. Figure 7 illustrates the time series
of the instantaneous velocity at the central measuring point of the 6th section. As shown in Figure 7,
the incoming wind became highly disturbed, for this reason, a statistical analysis was done for the
flow field. The decay of turbulence intensity from the grilles towards the airfoil test section was
reported in Figure 8a. Within the scope of the test, the averaged turbulence intensity was recorded
along 8 downstream sections (each measured with 15 points). Besides, the margin of error in Figure 8a
was expressed as the standard deviation of each section data. According to Figure 8a, the average
turbulence intensity of downstream in scheme one dropped from 13.5% at the position of 1.0 m behind
the grille to 9.4% at the position of 2.0 m; the average turbulence intensity of the downstream in scheme
two was higher than scheme 1, which decreased from 27.7% at the position of 1.0 m behind the grille to
15.9% at the position of 2.0 m. The standard deviations of turbulence intensity of the two schemes
drops quickly towards the test section. The change in turbulence level indicates that there were very
high turbulence fluctuations just behind the grille which yielded very unstable flow field. The flow
became gradually stabilized owing to the mutual dissipation over a propagation distance. To ensure a
homogeneous and isotropic turbulent field, so the distance 1.6 m (from the leading edge of the airfoil
to the grille) was selected for placing the leading edge of the airfoil. The turbulence intensity measured
at the 6th section of the two schemes was 10.5% and 19.0%, respectively. Figure 8b illustrates the power
spectral density (PSD) of the wind speed at the two grille schemes measured at the central measuring
point of the 6th section (1.6 m measured from grille to the hot-wire probes). Obviously, the larger
the turbulence intensity was generated, the larger the amplitude of the power spectral density was
observed. Moreover, the power spectra amplitude in the downstream direction was consistent with
the corresponding Karman spectra, and it dropped down rapidly after the frequency over 30 Hz,
which suggests that the grille distance was more proportional to the turbulent kinetic energy.

 
Figure 7. The time series of the instantaneous streamwise velocity (the 6th section, central
measuring point).
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(a) (b) 

Figure 8. Description of the flow field behind the grilles. (a) Turbulence intensity and average velocity
(Re: 0.8 × 106); (b) Comparison of the PSD (1.6 m behind the grille).

3.2. Experimental Results of the Baseline Airfoil

To verify the accuracy of the experiment, the experimental data from the wind tunnel of LM Wind
Power were selected as a reference [28]. The aerodynamic data of the DTU-LN221 airfoil under uniform
inflow were measured in the LM wind tunnel experiment at the approximate Reynolds number of
1.5 × 106. The lift and drag data were selected as a cross-validation case. In consideration of the
interference effect of wind tunnel wall, the maximum blockage ratio in this experiment was about
8.4%, so the experiment measured data of the airfoil were corrected by after the reference [29], and the
experimental data analyzed below were all corrected. In order to perform a comparison, Figure 9
shows the comparison of experimental data of the DTU-LN221 airfoil under uniform inflow condition.
To minimize the uncertainty, measurements were performed several times for comparison test at the
approximate Reynolds number of 1.5 × 106, YZU1, YZU2, YZU3 represents the results of the repeated
experiments. As shown in Figure 9, the lift and drag coefficients were very similar before the stall
angle, while there were some discrepancies in the stall state. Consider the cause of flow separation,
the deviation of results of drag is quite considerable, but the stall angles tested in the two wind tunnels
were nearly the same. The reason for this may be that although the airfoils were of the same type,
they were individually manufactured, for example the roughness of the airfoil surface may affect the
experimental results. Besides, there were some differences in drag measurements, LM adopted the
model surface pressure distribution in a certain range of the angle of attack, while YZU used the wake
probes at all angles. Similar phenomena were seen in different wind tunnel laboratories [30–32]. In the
following, for reason of comparisons, the measured data are averaged.

  

(a) (b) 

Figure 9. Comparison of experimental data of the DTU-LN221 airfoil (uniform inflow, Re: 1.5 × 106).
(a) Lift coefficient comparison; (b) drag coefficient comparison.
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3.3. Experimental Results of the Gurney Flap under Uniform Inflow

This subsection starts to investigate the aerodynamic characteristics of the effect of Gurney flap
in low turbulent inflow condition, the Reynolds number was decreased to 0.8 × 106. Seen from the
Figure 10, three lift and drag curves were compared with the original at the angle of attack ranged from
−9.6◦ to 14.4◦. As shown, the lift coefficients increased with the increase of the height of the Gurney
flap before the stall angle, while it was also realized that the effect of the Gurney flap was limited
at a high angle of attack. The lift coefficient slopes and the stall angles of the flapped airfoil remain
essentially unchanged compared to the baseline airfoil, but the flapped airfoil caused a leftward shift
compared to the baseline airfoil. In order to show the changes of aerodynamic characteristics clearly,
the following lift and drag differences were defined:

Δcl =

∣∣∣clbs − clgf
∣∣∣

clbs
× 100% (4)

Δcd =

∣∣∣cdbs − cdgf
∣∣∣

cdbs
× 100% (5)

Δcld =

∣∣∣cldbs − cldgf
∣∣∣

cldbs
× 100% (6)

where clbs and cdbs are the lift and drag coefficients obtained from the baseline airfoil, respectively.
clgf and cdgf are the lift and drag coefficients obtained from the flapped airfoil. cldbs and cldbs are the
lift-to-drag ratio obtained from the baseline airfoil and flapped airfoil.

  
(a) (b) 

  
(c) (d) 

Figure 10. Variation of the aerodynamic characteristics with different heights of Gurney flaps
(uniform flow, Re: 0.8 × 106). (a) Lift coefficient comparison; (b) drag coefficient comparison;
(c) pitching-moment coefficient comparison; (d) lift-to-drag ratio comparison.
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When the flap height changes to 6 mm, 9 mm and 12 mm, the maximum lift coefficients were
increased by 8.47%, 9.56% and 13.50% at 9.4 degrees, respectively. Looking into the drag coefficients
shown in Figure 10b, within the range of −9.6~10.4◦, the drag coefficients show regular change where
the frictional drag dominates as expected. The drag coefficients rise rapidly in the stall state, at this
time the change in drag coefficient was dominated by pressure drag. For example, at an angle of
attack of 12.4◦, with the flap heights of 6 mm, 9 mm, 12 mm the drag coefficients were increased
by 39.67%, 59.92% and 113.43%, respectively. According to Figure 10c, the Gurney flap generated
a prominent increase in the pitching-moment coefficient compared to the baseline airfoil, the value
increased with the heights of the Gurney flaps and reached negative peak values at approximately
4.4◦. Based on Figure 10d, the lift-to-drag ratios were compared. When the angle of attack was less
than 8.4◦, the lift-to-drag ratios were all larger than the baseline airfoil. However, the maximum
lift-to-drag ratios of the Gurney flap at three heights were smaller than the baseline airfoil. When the
flap heights were 6 mm, 9 mm and 12 mm, the corresponding maximum lift-to-drag ratios were
decreased by 17.16%, 22.79% and 24.47%, respectively. In the range after the stall angle, the presence
of the Gurney flap reduces the lift-to-drag ratios and the higher the flap height, the more the lift
efficiency decreases. When the angle of attack was 12.4◦, for example, the lift-to-drag ratios of the flap
with heights of 6 mm, 9 mm and 12 mm were decreased by 26.55%, 38.11% and 52.20%, respectively.
Meanwhile, we observed the same trend from the other thicknesses of the Gurney flaps (i.e., of 1.5 mm),
When the flap height changes to 6 mm, 9 mm and 12 mm, the maximum lift coefficients were increased
by 9.27%, 9.78% and 14.08% at 9.4 degrees.

The following study in this section will be focused on the effect of the thickness of the Gurney flap.
Figure 11 illustrates the changes in the aerodynamic characteristics of the baseline airfoil and airfoil
with a height of 9 mm of Gurney flaps under uniform flow. As seen from the figure, by changing the
thickness of the Gurney flap, the lift-to-drag curves of the flapped airfoils with different thicknesses
almost overlaps, it seems that the flap thickness does not have obvious effect in the aerodynamic
performance. The results imply that the small increase of the flap thickness does not change the degree
of downward turning of the mean flow and recirculation flow around the trailing edge of the airfoil.

  
(a) (b) 

Figure 11. Cont.
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(c) (d) 

Figure 11. Variation of the aerodynamic characteristics with different thicknesses of Gurney flaps
(uniform flow, Re: 0.8 × 106). (a) Lift coefficient comparison; (b) drag coefficient comparison;
(c) pitching-moment coefficient comparison; (d) lift-to-drag ratio comparison.

3.4. Experimental Results of Gurney Flap under 10.5% Turbulence Intensity

This subsection starts to investigate the aerodynamic characteristics of the Gurney flap under
a turbulent inflow with an intensity of 10.5%. Figure 12 shows the changes in the aerodynamic
characteristics of the baseline airfoil and the Gurney flaps with a thickness of 4.5 mm when the
turbulence intensity of the incoming flow was 10.5%. The measured angle of attack ranged from
−9.6◦ to 20.4◦. As shown, under the present turbulence intensity of 10.5%, all cases induced a stall
delay. The stall angle was nearly delayed from the original 9.4◦ to about 16.4◦ under turbulent flow.
In Figure 12a, with the increase of turbulence intensity, the maximum lift coefficient of the baseline
airfoil reaches 1.611 and increases by 17.59% as compared with uniform inflow condition. An interesting
observation was that in such a turbulence environment, the lift coefficients were not significantly
different from each other under the current three flapped configurations. For the flap heights of 6 mm,
9 mm and 12 mm, the maximum lift coefficients were increased by 15.21%, 17.19% and 17.26% at
18.4 degrees, respectively. The increase rate was found larger than that under the uniform turbulence
condition. The margin of error in Figure 12a was expressed as the variance of the time-averaged lift
coefficient. As can be seen from the Figure 12a, the pressure uncertainty increased with the increase of
the angle of attack, and the lift coefficient fluctuations caused by the pressure fluctuations were the
most obvious pronounced when the attack angle reaches the stall angle. According to Figure 12b,
the increase in the lift of the flapped airfoil was at a cost of increasing drag. The drag coefficient of the
flapped airfoils was also non-linearly raised in the stall state. For example, when the angle of attack
was 20.4◦, the drag coefficients were increased by 12.50%, 37.50% and 44.53%, respectively. As can be
seen from Figure 12c, compared with the baseline airfoil, the Gurney flap also generated a prominent
increase in the pitching-moment coefficient, the negative peak values delay to about 6.4◦compared
with the uniform inflow condition. As demonstrated in Figure 12d, the peak value of the lift-to-drag
ratio becomes less as compared with the uniform flow condition in all cases. Unlike the low turbulence
condition, the maximum lift-to-drag of Gurney flap with different heights slightly increased relative to
the baseline airfoil. The maximum lift-to-drag raised 14.35%, 9.15% and 2.74% respectively when the
flap heights were 6 mm, 9 mm, and 12 mm, respectively, with the maximum lift-to-drag ratio occurred
at the smallest flap height. Besides, in contrast to the situations of 1.5 mm thickness of the Gurney
flaps, the Gurney flaps also achieved a lift increase under 10.5% turbulence intensity. The maximum
lift coefficient was increased by 14.77%, 14.83%, and 16.44% for height equals to 6 mm, 9 mm and
12 mm, respectively. The two thickness configurations both had maximum lift-to-drag efficiency at
6 mm height, for the three heights, respectively.
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(a) (b) 

  
(c) (d) 

Figure 12. Variation of the aerodynamic characteristics with different heights of Gurney flaps
(T.I. of 10.5%, Re: 0.8 × 106). (a) Lift coefficient comparison; (b) drag coefficient comparison;
(c) pitching-moment coefficient comparison; (d) lift-to-drag ratio comparison.

In addition, the effects of various flap thicknesses were investigated. Figure 13 indicates the
change of the aerodynamic characteristics of the baseline airfoil and airfoil with a height of 4.5 mm of
the Gurney flaps when the turbulence intensity was 10.5%. As Figure 13 shows, like low turbulence
conditions, after changing the thickness of the Gurney flap under turbulence condition of 10.5%,
the aerodynamic characteristics of flapped airfoil almost show no change. The main difference in
the Figure 13d was concentrated in the large lift-to-drag ratio zone, obviously because the pressure
fluctuations caused by the turbulence and the flow separation at the airfoil surface result in the
deviation of the measurement.
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(a) (b) 

  
(c) (d) 

Figure 13. Variation of the aerodynamic characteristics with different thicknesses of Gurney flaps
(T.I. of 10.5%, Re: 0.8 × 106). (a) Lift coefficient comparison; (b) drag coefficient comparison;
(c) pitching-moment coefficient comparison; (d) lift-to-drag ratio comparison.

3.5. Experimental Results of Gurney Flap under the 19.0% Turbulence Intensity

To study the aerodynamic characteristics of the Gurney flap under high turbulence conditions,
Figure 14 shows the changes of aerodynamic characteristics under the turbulence condition of 19.0%.
The measured angle of attack ranged from −9.6◦ to 24.4◦. As seen in Figure 14, the presence of
turbulence enhanced the lift coefficient and drag coefficient for all cases. In Figure 14a, with the
increase of turbulence intensity, the maximum lift coefficient continually increased, and the maximum
lift coefficient of the baseline airfoil reaches 1.781 at 18.5 degree, with a 30.00% increase relative to that
under low turbulence condition. The maximum lift coefficients increased by 2.13%, 3.37%, 5.39% at
18.5 degrees, respectively relative to the baseline airfoil, when the heights of the flaps were 6 mm,
9 mm, and 12 mm. Furthermore, since the pressure fluctuations were determined by the fluctuation’s
energy of the turbulent flow, the fluctuations of lift coefficient were increased relative to that under
the turbulence condition of 10.5%. According to Figure 14b, the drag coefficient of the baseline airfoil
changes more obvious than those under the low turbulence condition. The drag coefficients were no
longer gentle within the range before stall, and it also rises sharply in the stall state. Such a trend
was more noticeable after adding the Gurney flap. For example, at the angle of attack was 22.4◦,
the drag coefficients increased by 32.11%, 37.22% and 37.96%, when the flap heights were 6 mm, 9 mm,
and 12 mm respectively. As can be seen from Figure 14c, the Gurney flap also produced a significant
increase in the pitching-moment coefficient and such situation still existed in turbulent flow condition.
Based on Figure 14d, unlike that under the condition of 10.5%, the lift gain obtained with Gurney flap
is, unfortunately, coupled to a larger increase in drag. Adding Gurney flap with different heights at
most of the angles reduces the lift-to-drag relative to the baseline airfoil, and the Gurney flap doesn’t
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show obvious effect under the turbulence condition of 19.0%. At the same time the same situation
occurred at other thicknesses of the Gurney flaps.

  
(a) (b) 

  
(c) (d) 

Figure 14. Variation of the aerodynamic characteristics with different heights of Gurney flaps (T.I. of
19%, Re: 0.8 × 106). (a) Lift coefficient comparison; (b) drag coefficient comparison; (c) pitching-moment
coefficient comparison; (d) lift-to-drag ratio comparison.

Figure 15 exhibits the changes in the aerodynamic characteristics of the baseline airfoil and
airfoil with Gurney flaps of height 4.5mm under the turbulence condition of 19.0%. As can be seen
from it, with the increase of turbulence intensity, obviously, there were more pressure fluctuations.
The curves of flapped airfoils with different thickness no longer overlap totally, in the majority of
angles, the difference from 2% to 5%, though it may sometimes reach 20%.

  
(a) (b) 

Figure 15. Cont.
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(c) (d) 

Figure 15. Variation of the aerodynamic characteristics with different thicknesses of Gurney flaps (T.I. of
19%, Re: 0.8 × 106). (a) Lift coefficient comparison; (b)drag coefficient comparison; (c) pitching-moment
coefficient comparison; (d) lift-to-drag ratio comparison.

3.6. Surface Pressure Characteristics

To analyze the mechanism of turbulent inflow coupled with Gurney flap, Figure 16 illustrates the
pressure coefficient distribution of the baseline airfoil and airfoil attached with the Gurney flap under
different turbulent inflow when Reynolds number Re = 0.8 × 106. The x-axis shows the chord-wise
position x/c and the y-axis shows the pressure coefficients Cp. The pressure coefficients Cp on the airfoil
surface were given

Cp =
pi − p0

0.5ρU2
0

(7)

where pi is the pressure at the pressure tap of i (i = 1:77), p0 is the free stream static pressure at the
airfoil tested by the Pitot tube, ρ is the air density and U0 is the free stream velocity.

(a) 

 
(b) 

Figure 16. Cont.
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(c) 

 
(d) 

 
(e) 

 
(f) 

Figure 16. The surface pressure coefficients under different angle of attack (Re: 0.8 × 106). (a) α = −9.6◦;
(b) α = −3.6◦; (c) α = 2.4◦; (d) α = 8.4◦; (e) α = 12.4◦; (f) α = 18.4◦.

Figure 16 illustrates that the pressure coefficients of the baseline airfoil under different turbulence
conditions with small angles were similar to each other. However, with the increase of angle of
attack, the differences become more pronounced at the leading edge. In contrast to the Gurney flaps,
Figure 16a shows that at the angle = −9.6◦, the differences between the flapped airfoils were small.
With the increase of the angle of attack, as the angle of −3.6◦, compared with the baseline airfoils,
the intersection of the airfoil with Gurney flap moves to the leading edge under different conditions.
Besides, the pressure coefficients (with the angle = −3.6◦ and 2.4◦), the pressure distribution indicate a
larger the pressure difference in the range of 0.8 < x/c < 0.9. When the angle of attack was 2.4◦ and 8.4◦,
both the pressure coefficient absolute values of the baseline airfoil and the Gurney flap tendency to
increase with the increase of turbulence intensity, and the flapped airfoil becomes more obvious than
the baseline airfoil. At a large angle of attack, due to the condition of stalling (Figure 16e,f), there was
significant flow separation both on the suction side of flapped airfoil and baseline airfoil under uniform
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inflow. The larger the turbulent inflow, the larger the peak value on the leading edge of the suction
side, and also the larger pressure coefficient on the pressure side.

As seen from the above, the influence of turbulent inflow coupled with Gurney flap on the
pressure coefficients of airfoil was complicated. Turbulent inflow changes the flow around the airfoil
surface and restrains the flow separation, after attaching the Gurney flap, the pressure distribution on
both suction and pressure sides changed more significantly. Especially in the turbulence condition,
the trailing edge pressure distributions were farther apart for the flapped airfoil. In these situations,
the increased peak values of pressure coefficients at the leading edge increased the integral area of the
pressure coefficients, so the lift force was therefore increased.

3.7. Wake Profile Characteristics

Figure 17 presents the distribution of wake velocity measured by the wake rake array under
uniform inflow. As can be observed, when the angle of attack was 8.4◦, which was before the stall
angle of attack, the wake of airfoil with the Gurney flap was inclined to the pressure side of the airfoil.
When the angle of attack was 11.4◦, which was after the stall angle, the Gurney flap weaken the ability
of the wake position deflection. Moreover, the wake velocity deficit was significantly increased, and the
Gurney flap began to have side effects on the aerodynamic characteristics of the airfoil. The higher the
Gurney flap is, the larger the wake velocity deficit is, so it indicates a higher mean drag.

  
(a) (b) 

Figure 17. The wake velocity measured by the wake rake array (uniform inflow, Re: 0.8 × 106).
(a) α = 8.4◦; (b) α = 11.4◦.

By comparing the flows in the near trailing edge region of the airfoil with Gurney flap. The resultant
velocity distribution of the baseline airfoil and the airfoil attached with Gurney flap (9 mm in height
and 4.5 mm in thickness) at the angle of attack 8.4◦ (before the stall angle) and 11.4◦ (after the stall
angle) under uniform inflow were depicted in Figure 18. The vertical direction Y denoted the forward
distance from the hot-wire probe to the trailing edge, and the horizontal direction X denoted the lateral
distance from the hot-wire probe to the trailing edge. As shown in Figure 18, the black solid spots
were the actual measurement positions by using the electronically controlled traverser. As shown,
the wake flows shift to the pressure side in both the two situations. When the angle of attack was 8.4◦,
the airfoil with Gurney flap had a larger velocity deficit than the baseline airfoil, which suggests an
increased drag. When the angle of attack was 11.4◦, the velocity deficit of the baseline airfoil was also
less than the Gurney flap, but there was no obvious difference between the offset direction caused by
the flapped airfoil and the baseline airfoil which were being similar to the far field results measured by
the wake rake array.
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(a) (b) 

 

(c) (d) 

Figure 18. Velocity distribution of the region behind trailing edge (uniform inflow, Re: 0.8 × 106).
(a) α = 8.4◦, baseline airfoil; (b) α = 8.4◦, Gurney flap 9 mm × 4.5 mm; (c) α = 11.4◦, baseline airfoil;
(d) α = 11.4◦, Gurney flap 9 mm × 4.5 mm.

Figure 19 presents the power density spectrum measured by the region 1 cm directly behind the
trailing edge under uniform inflow. As can be observed, at the angle of attack 8.4◦, both along-wind
and across-wind display an obvious peak in the power density spectrum, meanwhile the across-wind
energy increased in the flapped airfoil. It indicates there are counter rotating vortices generated by the
Gurney flap, while the wake of baseline airfoil does not show the existence of vortex shedding [33].
Gurney flaps also have a wake structure similar to the Karman vortex street behind the cylinder at
bigger Reynolds number (i.e., of 0.8 × 106), the flow oscillations were caused by the separating of the
shear layer on the pressure side and suction side of the trailing edge. The Karman vortex street both
can be found in uniform flow and turbulent flow, so the increased lift produced by the Gurney flap
seems can be explained in turbulent flow condition, either. Moreover, from the lift coefficients shown
above, the size of structures was affected by turbulence level. Besides, as compared with the reference
data under similar condition [33], with the increase of the Reynolds number, from Re = 1 × 105 to
0.8 × 106, the Strouhal number decreased from 0.151 (Re: 1 × 105, 2% chord length) to 0.128 (Re: 2 × 105,
2% chord length) and to 0.088 (Re: 0.8 × 106, 1.5% chord length).
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(a) (b) 

Figure 19. Comparison of the power density spectrum (uniform inflow, Re: 0.8 × 106). (a) α = 8.4◦,
baseline airfoil; (b) α = 8.4◦, Gurney flap 9 mm × 4.5 mm.

4. Conclusions

In summary, this paper presented a study of the aerodynamic performance of airfoils with/without
the Gurney flap under different turbulence conditions by means of wind tunnel experiments.
The experimental observations were as follows:

The Gurney flap deflects the wake position from the pressure side of the airfoil, increasing the
vertical distance between the airfoil chord and the middle arc. The surface pressure characteristics
revealed that the pressure difference of the trailing edge was larger for the flapped airfoil in the
turbulence condition. Moreover, due to the special wake structure, the Gurney flap also indicates
the vortex generated at the trailing edge, which results in a greater lift of the airfoil. The lift
increment obtained from Gurney flap was influenced by the turbulence intensity, meanwhile a large
increase in drag was observed as well. Under a medium range of turbulence intensity (i.e., of 10.5%),
the maximum lift-to-drag ratios increased from 14.35% (flap 6 mm × 4.5 mm, a = 12.4◦) to 14.47%
(flap 6 mm × 1.5 mm, a = 12.4◦), the 1.0% Gurney flap case has the best performance, that’s probably
because the decrease of boundary layer thickness under turbulent conditions, so the height of 1.0%
was optimal. However, under a much larger turbulence inflow (i.e., of 19.0%), all experimental data
have shown that the impact was negligibly small. The drag increment was found to surpass the benefit
of the increase in lift, resulting in a worse lift-to-drag ratio than the baseline airfoil.

It was of importance to note that there are two kinds of measurement uncertainties could affect
the acquired results. One was stochastic uncertainties caused by the discrete pressure data which
can be eliminated by multiple measurements. The other one was systematic uncertainties caused by
measuring instruments which can be reduced by calibration of the instruments before the experiment.

Based on the observations from the present measurements, it was found that under very high
turbulence level, e.g., with 19% of turbulence intensity, the Gurney flap has very small influence on the
airfoil aerodynamic performance. The measurement results show the Gurney flap may be used in areas
with slightly lower turbulence. Nevertheless, wind turbines in real life were running in the turbulent
atmospheric boundary layer, as shown above, the effects of Gurney flap are highly dependent on
turbulent inflow, it seems that the Gurney flap would be installed as a scalable form and preferred to
have smaller size, such that it would get more potential benefits at all periods of rotation. In addition,
it should be noted that the incoming flow is often a combination of rotational wake from the previous
wind turbines. Research on the lift increment of Gurney flap was not isolated, it always interacted
with such highly unsteady aerodynamic issues. Therefore, to analyze more precisely the effects of
combining such turbulence levels with Gurney flap, further experiments should be carried out for the
rotor blades in highly turbulent flows. This was in progress on a wind turbine blade composed of
several DTU-LN221 wing sections.
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Abstract: The Actuator Disc/Navier-Stokes (AD/NS) method has played a significant role in wind
farm simulations. It is based on the assumption that the flow is azimuthally uniform in the rotor
plane, and thus, requires a tip loss correction to take into account the effect of a finite number
of blades. All existing tip loss corrections were originally proposed for the Blade-Element Momentum
Theory (BEMT), and their implementations have to be changed when transplanted into the AD/NS
method. The special focus of the present study is to investigate the performance of tip loss corrections
combined in the AD/NS method. The study is conducted by using an axisymmetric AD/NS solver
to simulate the flow past the experimental NREL Phase VI wind turbine and the virtual NREL 5MW
wind turbine. Three different implementations of the widely used Glauert tip loss function F are
discussed and evaluated. In addition, a newly developed tip loss correction is applied and compared
with the above implementations. For both the small and large rotors under investigation, the three
different implementations show a certain degree of difference to each other, although the relative
difference in blade loads is generally no more than 4%. Their performance is roughly consistent with
the standard Glauert correction employed in the BEMT, but they all tend to make the blade tip loads
over-predicted. As an alternative method, the new tip loss correction shows superior performance
in various flow conditions. A further investigation into the flow around and behind the rotors
indicates that tip loss correction has a significant influence on the velocity development in the wake.

Keywords: wind turbine aerodynamics; actuator disc; AD/NS; tip loss correction; blade element
momentum

1. Introduction

Wind energy is nowadays an important and increasing source of electric power. It has been the
biggest contributor of renewable electricity except for hydropower, sharing about 5.5% of the global
electricity production in 2018 [1]. As a primary subject of wind turbine technology, aerodynamics [2]
largely determines the efficiency of wind energy extraction of an individual wind turbine or a wind
farm. Along with the extensive development of high quality wind resources onshore, there are several
trends in wind power industry: A large number of newly installed wind turbines have to be installed
in areas with lower wind speeds and complex terrain; the layout optimization of wind turbine array
becomes very important for wind farm design; offshore wind power development is accelerating,
and the rotor size is continuously increasing. These trends need to be supported by more advanced
and refined aerodynamic tools. More accurate aerodynamic load prediction is required for the design
of a new generation of wind turbines with high efficiency and relatively low weight. Furthermore,
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a wind farm with dozens of wind turbines needs to be studied as a whole in order to take into account
the complex interference between wind turbines.

Blade Element Momentum Theory (BEMT) [3,4] and Computational Fluid Dynamics (CFD) [5,6]
are two essential methods of wind turbine aerodynamic computation. BEMT is no doubt the key
method for rotor design [7], while CFD gives the most refined data of aerodynamic loads and flow
parameters. A full CFD simulation with resolved rotor geometry is usually employed for an individual
wind turbine [8,9]. However, full CFD is not suitable for a wind turbine array, due to the huge
computational cost. The Actuator Disc/Navier-Stokes (AD/NS) method [10–13] was developed for
this situation, in which the rotor geometry is not resolved, and thus, the number of mesh cells is
greatly reduced. AD/NS is based on a combination of the blade-element theory and CFD. The flow
field is still solved by CFD, while the rotor entity is replaced by a virtual actuator disc on which an
external body force is acted. If the blade entities are represented by virtual actuator lines, it is called
the Actuator Lines/Navier-Stokes (AL/NS) method [14–17]. As compared to AD/NS, the flow around
the rotor solved by AL/NS is closer to the reality, since the rotor vortices are simulated. However,
AL/NS requires more grid cells to describe the actuator lines, and thus, is seldom employed in wind
farm simulations.

The AD/NS method has played a significant role in wind farm simulations involving wake
interaction [18,19], complex terrain [20,21], atmospheric boundary layer [22,23], noise propagation [24,25],
etc. Nevertheless, the AD model assumes that the number of blades is infinite, and thus, no tip loss is
simulated, causing an over-prediction of the blade tip loads and power output. In order to take tip loss
into account, a reliable engineering model has to be embedded into the numerical solver, which is
usually called tip loss correction. However, all tip loss corrections were originally proposed for BEMT,
and there is no tip loss correction specially developed for AD/NS. Most of the literature about AD/NS
simulations either did not mention tip loss or declared that the Glauert tip loss correction [26] was
employed. It is worth mentioning that AD/NS and BEMT solve the momentum of the flow past the
rotor by using two completely different approaches. The former employs CFD, while the latter applies
the momentum theory, though they share the actuator disc assumption and the blade-element theory.
That leads to different implementations of tip loss correction for the two methods. In the BEMT, tip loss
correction is realized by applying a correction factor F into the induced velocity through the rotor.
In the AD/NS, the velocity is naturally found by the NS solver, and factor F can only be used to modify
the external body force. The question is whether a tip loss correction has a good global performance
when it is transplanted into AD/NS. Even for the BEMT itself, evaluations indicate that accurate tip loss
correction is still not well achieved [27], and the development of new correction models is still going
on [28–33]. In contrast with the massive study in the BEMT, tip loss corrections applied to AD/NS lack
a comprehensive evaluation.

In the present work, the 2-Dimensional (2D) axisymmetric AD model is employed, and steady-state
simulations are performed. The code solves the incompressible axisymmetric NS equations for the
experimental NREL Phase VI wind turbine [34] and the virtual NREL 5MW [35] wind turbine under
various axial inflow conditions. The main purpose of the numerical study is to evaluate the performance
of the tip loss corrections applied to AD/NS. Three different implementations of the Glauert tip loss
correction are discussed. In addition, a new tip loss correction recently proposed by Zhong et al. [33]
is introduced and compared. The normal and tangential forces of blade cross-sections are chosen as
the key parameters for the present evaluation. Because of the long arm of force, computational errors
of the forces acted on the tip region are most likely to cause non-ignorable errors of the blade bending
moment and the rotor torque (power generation). A BEMT study on the NREL Phase VI wind turbine
by Branlard [27] showed that the power generation would be overestimated by 15% if no tip loss
correction was made and a deviation of about 5% exists when various existing tip loss corrections were
applied. That highlights the significance of the present study on tip loss correction.

The innovation of the present study lies in the following items. (a) Different implementations of the
Glauert tip loss factor F are gathered, discussed and compared, and finally, one of them is recommended
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according to its best performance. Such kind of work has never been reported in the existing literature.
(b) The Glauert correction is found to have a similar performance when it is transplanted from BEMT
to AD/NS. (c) The new tip loss correction of Zhong et al. [33] is for the first time employed in AD/NS
simulations. It is found to be generally superior to the Glauert-type corrections. That provides an
alternative choice for a more accurate prediction of the blade tip loads. (d) Tip loss correction is found
to have a significant influence on the velocity field, which highlights the importance of an accurate tip
loss correction for not only the blade loads, but also the wake development.

The paper is organized as follows: In Section 2, the axisymmetric AD/NS method is introduced,
including the governing equations of the NS approach and the formulae of the AD model; In Section 3,
the Glauert and the new tip loss corrections are introduced; In Section 4, the implementations of the tip
loss corrections used in AD/NS are described; In Section 5, the numerical setup, as well as the involved
simulation cases, are introduced; In Section 6, all simulation results are presented and discussed; Final
conclusions are made in the last section.

2. Axisymmetric AD/NS Method

2.1. Governing Equations

The governing equations of the present AD/NS simulation are the incompressible axisymmetric
NS equations. In a cylindrical coordinate system as shown in Figure 1, the axial direction is defined
along the z-axis, the radial direction is represented by r, and the tangential direction is represented by
θ, the continuity equation is written as
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Figure 1. Definition of coordinates and the stream tube through an actuator disc.
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In the above equations, uz/ur/uθ is the axial/radial/tangential velocity, p is the static pressure, ρ is
the air density, ν is the kinematic viscosity coefficient of air, fz, fr, fθ are the source term of the axial,
radial, tangential external body forces, respectively.

2.2. Force on Actuator Disc

The conceptual idea of the AD/NS method is to solve the aerodynamic force of rotor blades by
using the blade-element theory and then applying its counterforce as an external body force into the
momentum equations.

At each time step of solving the NS equations, the velocity passing through the actuator disc is
detected and used to determine the axial induced velocity Wa and the tangential induced velocity Wt,

Wa = V0 − uz, (5)

Wt = −uθ. (6)

The axial interference factor a and tangential interference factor a′ are then determined by,

a =
Wa

V0
, (7)

a′ = Wt

Ωr
, (8)

where V0 is the wind speed, and Ω is the rotating speed of the wind turbine rotor.
The above interference factors are azimuthally unchanged according to the axisymmetric condition,

which implies an infinite number of blades and zero tip loss. In order to estimate the tip loss of the
realistic rotor with a finite number of blades, the interference factors need to be corrected as

ã = fcorr(a), (9)

ã′ = f ′corr(a
′), (10)

where ã and ã′ denote the corrected axial and tangential interference factors, fcorr and f ′corr represent
correction functions.

The axial and tangential induced velocities after the correction are written as

W̃a = V0ã, (11)

W̃t = Ωrã′. (12)

According to the velocity triangle shown in Figure 2, the flow angleφ, angle of attack α, and relative
velocity Vrel are then determined by

φ = tan−1
(

V0 − W̃a

Ωr + W̃t

)
, (13)

α = φ− β, (14)

V2
rel =

(
V0 − W̃a

)2
+

(
Ωr + W̃t

)2
, (15)

where β is the local pitch angle of a blade cross-section.
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Figure 2. Illustration of the velocity and the aerodynamic force for a blade cross-section.

With the determined angle of attack and relative velocity, the lift coefficient Cl and drag coefficient
Cd of each cross-section of the blade can be obtained from tabulated airfoil data. According to the
relationship of force projection, the normal and tangential force coefficients are determined by

Cn = Cl cosφ+ Cd sinφ, (16)

Ct = Cl sinφ−Cd cosφ, (17)

The axial force Fz and tangential force Fθ per radial length of the rotor are then given by

Fz =
1
2
ρV2

relcBCn =
1
2
ρV2

relcB(Cl cosφ+ Cd sinφ), (18)

Fθ =
1
2
ρV2

relcBCt =
1
2
ρV2

relcB(Cl sinφ−Cd cosφ), (19)

where c is the local chord length, and B is the number of blades. Ignoring the effect of the radial flow,
the vector form of the counterforce acting on the air is

→
F = (−Fz, 0,−Fθ). (20)

Rather than distributing the force only on the disc, the above force is regularized by the following
Gaussian distribution along the axial direction in order to avoid a numerical singularity. The Gaussian
distribution has been widely used and proven to be proper for AD/NS and AL/NS simulations [10,14–17].

→
Fε = ηε

→
F , ηε =

1
ε
√
π

exp
[
−
(z− z0

ε

)2
]
, (21)

where z0 is the axial position of the disc. The parameter ε serves to adjust the concentration of the
regularized force, which is in the present study set to ε = 0.02R where R is the rotor radius.

The source terms of the external body force in the momentum Equations (2)–(4) need to be replaced
with the above force per unit volume. In the axisymmetric coordinate system, a 2D grid cell with an
axial length of Δz and a radial height of Δr represents a volume of 2πrΔrΔz, and thus, the force per
unit volume is

→
f =

→
FεΔrΔz

2πrΔrΔz
=

→
Fε

2πr
, (22)

Using Equations (20) and (21), it reads

→
f =

ηε
→
F

2πr
=

(
−ηεFz

2πr
, 0,−ηεFθ

2πr

)
, (23)
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i.e., ⎧⎪⎪⎪⎪⎨⎪⎪⎪⎪⎩
fz = −ηεFz

2πr
fr = 0

fθ = −ηεFθ2πr

. (24)

3. Tip Loss Corrections

3.1. Glauert Correction

The tip loss correction of Glauert [26] was developed from the study of Prandtl [36]. A function F,
which was later recognized as the first tip loss factor, was derived by Prandtl making Betz’s optimal
circulation [37] go to zero at the blade tip,

F =
2
π

arccos
{
exp

[
−B

2

(
1− r

R

)√
1 + λ2

]}
, (25)

where B is the number of blades, r is the local radial location, R is the rotor radius, and λ is the tip
speed ratio. The original derivation of Prandtl was written very briefly and was elaborated more
in [4,27,38] as for a more detailed derivation.

Later on, Glauert made further contributions. First, he interpreted the physical meaning of factor
F as the ratio between the azimuthally averaged induced velocity and the induced velocity at the blade
position, leading to

F =
a

aB
=

a′
a′B

, (26)

where a = 1
2π

∫ 2π
0 adθ and a′ = 1

2π

∫ 2π
0 a′dθ are the azimuthally averaged axial and tangential

interference factors, and aB and a′B are the interference factors at the blade position. Second, the local
inflow angle φ was introduced into the function in order to make it consistent with the local treatment
of the BEMT, leading to the following new formula of factor F,

F =
2
π

arccos
{

exp
[
−B(R− r)

2r sinφ

]}
. (27)

The factor F was then applied into the momentum theory through a straightforward way
of multiplying the axial velocity at the rotor plane with factor F, resulting in the following thrust and
torque for an annular element,

dT = 4πrρV2
0a(1− a)Fdr, (28)

dM = 4πr3ρV0Ωa′(1− a)Fdr. (29)

Using another two equations of dT and dM derived from the blade-element theory,

dT =
1
2
ρV2

relcCnBdr =
1
2
ρV2

relc(Cl cosφ+ Cd sinφ)Bdr, (30)

dM =
1
2
ρV2

relcCtBrdr =
1
2
ρV2

relc(Cl sinφ−Cd cosφ)Brdr, (31)

and the velocity triangle at the rotor plane, the equations for the interference factors in the BEMT
approach was derived to be:

a
1− a

=
σ(Cl cosφ+ Cd sinφ)

4F sin2 φ
, (32)

a′
1 + a′ =

σ(Cl sinφ−Cd cosφ)
4F sinφ cosφ

. (33)
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The above two equations lead to the final iterative formulae of the BEMT approach with the
Glauert tip loss correction. Their difference from the baseline BEMT approach is only the appearance
of factor F in the equations. Obviously, the application of the Glauert correction in BEMT is very
simple, which is also a great advantage. There are several variations of the Glauert correction in which
the way of applying factor F is different [39,40], but the original Glauert tip loss correction is the most
commonly used form till today.

3.2. A Newly Developed Correction

A new tip loss correction was recently proposed for BEMT by Zhong et al. [33], based on a novel
insight into tip loss. In contrast with the Prandtl/Glauert series corrections that begin with an actuator
disc and estimate the effect of the finite number of blades, the new correction begins with a non-rotating
blade and estimates the effect of rotation on tip loss. It has been validated in BEMT computations and
showed superior performances in the cases involving flow separation or high axial interference factor.

The correction was realized by using two factors of FR and FS that treat the rotational effect and
the 3D effect, respectively.

FR = 2− 2
π

arccos
{
exp

[
−2B(1− r/R)

√
1 + λ2

]}
, (34)

FS =
2
π

arccos

⎧⎪⎪⎨⎪⎪⎩exp

⎡⎢⎢⎢⎢⎣−
(

1− r/R
c/R

)3/4⎤⎥⎥⎥⎥⎦
⎫⎪⎪⎬⎪⎪⎭, c =

St

R− r
, (35)

where c denotes a geometric mean chord length, and St is the projected area of the blade between the
present cross-section and the tip. The purpose of introducing c is to deal with tapered blades and those
with sharp tips.

The factor FR was applied to the BEMT approach by using:

aFR(1− aFR)

(1− a)
=
σ
(
C̃l cosφ+ C̃d sinφ

)
4 sin2 φ

, (36)

a′FR(1− aFR)

(1 + a′)(1− a)
=
σ
(
C̃l sinφ− C̃d cosφ

)
4 sinφ cosφ

, (37)

in which the employed lift and drag coefficients were corrected by factor FS, rather than the direct use
of the airfoil data.

C̃l =
1
2

[
Cl(α)FS + C∗l

]
, (38)

C̃d =
1

cos2 αi

[
Cd(αe) cosαi +

(
C̃l cosαi + Cd(αe) tanαi

)
sinαi

]
; (39)

where
C∗l =

1
cos2 αi

[Cl(αe) cosαi −Cd(αe) sinαi], (40)

αi =
Cl(α)

m
(1− FS), (41)

where m is the slope of the lift-curve of the airfoil before flow separation, αi is called the downwash
angle, and αe is called the effective angle of attack.

By comparing with the Glauert tip loss correction, the new tip loss correction appears more
complicated in application. It is simplified in the present study: First, Equations (36) and (37) will not
be employed naturally in the AD/NS method; Second, Equations (38)–(41) are further simplified to

C̃l =
1
2
[Cl(α)FS + Cl(αe)], αe = α− αi, (42)
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C̃d = Cd(αe) + C̃l tanαi, αi =
Cl(α)

m
(1− FS). (43)

The simplification is derived by using the fact that αi and Cd are relatively small. More detailed
applications are shown in the next section.

4. Applying Corrections to AD/NS Simulation

4.1. Application of Glauert Tip Loss Factor F

Equations (32) and (33) where the Glauert tip loss factor F is applied are not employed in the AD/NS
method because the flow is simulated by the NS solver instead of the momentum theory. As a result,
an alternative way has to be employed correctly to apply the tip loss factor F. Nevertheless, among the
literature studies, little literature mentions the detail of how the tip loss factor is applied to the AD/NS
simulations. After an extensive literature review, we have found three representative documents
in which Sørensen et al. [41], Mikkelsen [42], and Shen et al. [43] described their implementations.
In order to facilitate the distinction, the implementations adopted by the three studies are denoted as
Glauert-A, Glauert-B and Glauert-C in the present paper, respectively.

4.1.1. Glauert-A Correction

Sørensen et al. [41] performed a tip loss correction by applying factor F to modify the aerodynamic
force that determines the external body force in the NS equations. They replaced the lift coefficient Cl
by Cl/F (there was no need to modify the drag in their study as the drag was assumed not to produce
the external body force). In the present Glauert-A correction, Cn and Ct, in Equations (18) and (19),
are replaced by:

C̃n = Cn/F, (44)

C̃t = Ct/F. (45)

That is equivalent to replacing Cl by Cl/F and Cd by Cd/F, according to Equations (16) and (17).
Sørensen et al. [41] did not explain the reason why factor F could be directly used to modify the

force. They might be inspired by Equations (32) and (33) in which the existence of F can be looked as
corrections to Cn and Ct, although from a physical point of view it is a correction to the interference
factors. It is important to note that the corrected force is only used for determining the external body
force, so as the flowfield, while the force acting on the blade should be regarded as the original one.
In addition, the interference factors in Equations (9) and (10) should no longer be corrected, leading
to ã = a and ã′ = a′.

This implementation involves a division operation with denominator F, which causes unreasonable
big values of C̃n and C̃t at the extreme tip where F→ 0 . However, there is no exact criterion for
defining what a big value is unreasonable because the C̃n and C̃t themselves are introduced as an
engineering correction rather than a physical concept. Sørensen et al. [41] did not mention this problem,
and no obvious numerical fluctuation is observed in his result. That is possible because the problem is
limited to a very small area at the tip, and thus, the integral effect of the resulted unreasonable body
force is also small.

4.1.2. Glauert-B Correction

Mikkelsen [42] compared Equations (32) and (33) to the corresponding baseline equations without
factor F. The baseline equations are

a
1− a

=
σ(Cl cosφ+ Cd sinφ)

4 sin2 φ
, (46)

a′
1 + a′ =

σ(Cl sinφ−Cd cosφ)
4 sinφ cosφ

. (47)
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In order to distinguish from the parameters in the baseline equations, we here rewrite Equations (32)
and (33) to

Fã
(1− ã)

=
σ
(
C̃l cos φ̃+ C̃d sin φ̃

)
4 sin2 φ̃

, (48)

Fã′
(1 + ã′)

=
σ
(
C̃l sin φ̃− C̃d cos φ̃

)
4 sin φ̃ cos φ̃

. (49)

The implementation of Mikkelsen [42] adopts the following equations which implies an assumption
of φ = φ̃which in fact does not accurately hold,

a
1− a

=
σ(Cl cosφ+ Cd sinφ)

4 sin2 φ
=

Fã
(1− ã)

, (50)

a′
1 + a′ =

σ(Cl sinφ−Cd cosφ)
4 sinφ cosφ

=
Fã′

(1 + ã′)
. (51)

The corrected interference factors were, thus, determined by

ã =
a

F(1− a) + a
, (52)

ã′ = a′
F(1 + a′) − a′ . (53)

The tip loss correction was completed as the above functions for ã and ã′ were used to replace
Equations (9) and (10).

4.1.3. Glauert-C Correction

Shen et al. [43] performed their correction by directly using Equation (26) which represents the
physical meaning of factor F. Using the azimuthally uniform condition (a = a), the correction was
completed by replacing Equations (9) and (10) with

ã = aB = a/F, (54)

ã′ = a′B = a′/F. (55)

Similar to the Glauert-A correction, this implementation involves a division operation with
denominator F. That causes an unphysical big value of ã at the extreme tip where F→ 0 . A limiter is
set in the present study to force the result to be ã = 1 when it is greater than 1. The value of ã′ is usually
much less than ã and is not limited here.

4.2. Application of New Correction

The application of the new correction consists of two steps: The first is using factor FR determined
by Equation (34) and the second is using factor FS determined by Equation (35).

In the first step, an implementation similar to the Glauert-C correction is adopted, which is
performed by replacing Equations (9) and (10) with

ã = a/FR, (56)

ã′ = a′/FR. (57)

A limiter of ã = 1 is used when a is greater than 1. The angle of attack α can then be determined by
calculations using Equations (11)–(14).
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The second step is to correct the lift and drag coefficients by using Equations (42) and (43),
the result of which is used to replace the Cl and Cd in Equations (18) and (19).

5. Computational Setup

5.1. Flow Solver and Mesh Configuration

The 2D axisymmetric NS equations are solved by using an in-house code EllipSys2D [44,45]
developed at Technical University of Denmark (DTU). The code is a general incompressible flow
solver with multi-block and multi-grid strategy. The equations are discretized with a second-order
finite volume method. In the spatial discretization, a central difference scheme is applied to the
diffusive terms and the QUICK (Quadratic Upstream Interpolation for Convective Kinematics) upwind
scheme is applied to the convective terms. The SIMPLEC (Semi-Implicit Method for Pressure-Linked
Equations) scheme is used for the velocity-pressure decoupling. The turbulence flow is simulated using
the method of Reynolds-averaged Navier-Stokes equations (RANS) in which the k-ω turbulence model
of Menter [46] is employed with a modification for a better simulation of the turbulence quantities
in the free-stream flow [47,48].

The coordinate for the AD/NS simulations is defined in the z-y plane. A computational mesh is
generated, as shown in Figure 3 where the inflow, outflow and axisymmetric boundaries are indicated,
the length of the computational domain is 30, which is nondimensionalized with the rotor radius.
The blade is positioned at z = 0 and the grid cells are clustered around z = 0 and y = 1 to ensure a better
resolution near the blade tip. The mesh is composed of four blocks where 64 × 64 grid points are
used for each block. There are 64 grid points on the AD along the radial direction, and 20 points
in the range of [-0.02, 0.02] in the axial direction where the Gaussian distribution of the body force
plays a significant role. Since the axisymmetric boundary condition is applied, the 2D flow solution is
regarded as an azimuthal slice of a full 3D field.

 
Figure 3. Mesh configuration for the Actuator Disc/Navier-Stokes (AD/NS) simulations.

The above computational setup has been proven to perform well in AD/NS simulations, as shown
in the previous work of Cao et al. [49] where both blade loads and wake flows were validated
against experiments.

5.2. Simulation Cases

Simulations are performed for two different wind turbines of the NREL Phase VI [34] and the
NREL 5MW [35] that represent a small and a large rotor size, respectively. Additionally, the NREL
Phase VI rotor has a very blunt blade tip shape as compared with the NREL 5MW rotor.

The operational conditions of the two rotors are listed in Table 1. Cases 1, 2 and 3 are set to be
consistent with the NREL UAE experiment in axial inflow conditions [34]. Various wind speeds of 7 m/s,
10 m/s and 13 m/s are considered, while the rotating speed remains unchanged. The flow is fully
attached on the blade surface at a wind speed of 7 m/s, but is partly separated at 10 m/s and 13 m/s
(Higher wind speed leads to heavier flow separation) [8]. Measured pressure distributions (from which
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the force can be obtained by pressure integral) at five blade sections (r/R = 0.30, 0.47, 0.63, 0.80, 0.95) are
available for these cases [50]. Cases 4 and 5 are two typical points on the designed power curve of the
NREL 5MW wind turbine [35]. The wind speed and rotating speed of Case 5 are the rated parameters
of this wind turbine. Case 4 represents a condition with a lower wind speed of 8 m/s at which the
rotating speed is reduced to 9.22 rpm for tracking the optimum tip speed ratio.

Table 1. Simulation cases for two different wind turbines.

Rotor Name Number
Wind Speed

(V0, m/s)
Rotating Speed

(Ω, rpm)
Tip Speed
Ratio (λ)

Tip Pitch
Angle (◦)

NREL Phase VI

1 7.0 72 5.4 3

2 10.0 72 3.8 3

3 13.0 72 2.9 3

NREL 5MW
4 8.0 9.22 7.60 0

5 11.4 12.06 6.98 0

These cases cover the following multiple situations: Wind turbines with remarkably different
rotor sizes and tip shapes; flow with fully attached and separated conditions; operating conditions
with various wind speeds and rotating speeds. It is, therefore, interesting to see the performance of the
tip loss corrections in these cases.

Experimental data are preferred as the reference for the computational results of the NREL Phase
VI rotor, as well as the full CFD data are also displayed in some results. For the cases of the NREL
5MW rotor, there is no experimental data available such that the full CFD data are the only reference.
The related full CFD simulations were previously conducted by the authors, see Zhong et al. [8,33].

6. Simulation Results

6.1. Results of Glauert-Type Corrections

6.1.1. Glauert-A/B/C Corrections

The blade loads for Cases 1, 2 and 3 are gathered in Figure 4, which represent results obtained
from the NREL Phase VI rotor. The NREL Phase VI blade has a linear change of chord distribution
starting from r = 1.3 m with a constant slope of 0.1. The chord length is 0.358 m at the tip, which is
about 48% of the largest chord length in the blade inboard part. Therefore, the loads do not converge
to zero without a tip loss correction.

(a) Case 1: V0 = 7 m/s, = 72 rpm 

F n
 

r R 

r R r R

F n F t

Figure 4. Cont.
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(b) Case 2: V0 = 10 m/s, = 72 rpm 

(c) Case 3: V0 = 13 m/s, = 72 rpm 
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r R 

r R r R

F n F t
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r R 
r R r R

F n F t

Figure 4. Normal force Fn and tangential force Ft along the NREL Phase VI blade.

It is noticed that there is a certain degree of difference between the results of the Glauert-A/B/C
corrections in the tip region (e.g., at r/R > 0.8). In general, Glauert-C leads to lower loads which are
closer to the experimental data, Glauert-A gives results close to, but slightly higher than, those of
Glauert-C, while Glauert-B results in relatively higher loads near the tip. Taking the Fn in Figure 4a as
an example of quantitative comparison, the relative difference between the results of Glauert-B and
Glauert-C is about 4% at r/R = 0.95. The difference in other cases is not larger than this value.

At a wind speed of 7 m/s, all the curves of Fn generally agree with the five experimental data
except that at r/R = 0.95 where an overestimation is observed. This overestimation becomes much more
remarkable as the wind speed increases to 10 m/s and 13 m/s. At 10 m/s, there is no much difference
around r/R = 0.9 between the results with no correction and with the Glauert-type corrections, indicating
that almost no effective correction is made here. At 13 m/s, the curves of the Glauert-type corrections even
exceed the uncorrected curve in a r/R range of about [0.66, 0.88]. It is clear that the corrections perform
much worse at the higher wind speeds as compared with 7 m/s. The overestimation at r/R = 0.95 is also
observed in the results for Ft, although it looks better to some extent, especially at 7 m/s.

Considering the fact that the Glauert correction was derived based on the potential hypothesis,
it is reasonable to believe that the unusually poor performance at the higher wind speed is caused by
the flow separation. According to the results of the NREL UAE Phase VI experiments [50], the angle
of attack at most cross-sections of the blade exceeds the linear range of their aerodynamic polar when
the wind speed is increased to be higher than 10m/s. Taking the cross-section of r/R = 0.63 as an example,
the angles of attack are 5.9◦, 11.8◦, 16.9◦ at a wind speed of 7 m/s, 10 m/s, 13 m/s, respectively. The exact
operating points for three cases on the lift polar of the S809 airfoil (the airfoil of all cross-sections
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of the NREL Phase VI blade) are depicted in Figure 5. It clearly shows that Case 2 and Case 3 are
in the nonlinear lift region corresponding to flow separation, while Case 1 is in the linear lift region
corresponding to attached flow, which implies that flow separation occurs at 10 m/s and 13 m/s.

 α

C
l

−

V

V

V

Figure 5. Operating points of the cross-section of r/R = 0.63 on the lift polar of the S809 airfoil.
(The Reynolds number of the airfoil is 1 × 106 which is close to that of the cross-section).

The normal and tangential forces along a blade of the NREL 5MW rotor are plotted in Figure 6.
As a widely studied virtual rotor, full CFD solutions [33] are often used as the reference data. Although
the typical rotating speed of the NREL 5MW rotor is a few times less than the NREL Phase VI rotor,
the resulted tip speed ratio is higher, which is closer to the optimal design point. The blade tip of the
NREL 5MW rotor is smoothly sharpened where the slope at the last 4 m is 0.46, and the chord length at
the tip is only 4.3% of the largest chord length in the blade inboard part. It can be seen in Figure 6 that
the loads at the tip naturally approach to zero even without a tip loss correction.

(a) Case 4: V0 = 8 m/s, = 9.22 rpm 

F n
 

r R 
r R r R

F n F t

Figure 6. Cont.

79



Appl. Sci. 2019, 9, 4919

(b) Case 5: V0 = 11.4 m/s, = 12.06 rpm 
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r R 
r R r R

F n F t
Figure 6. Normal force Fn and tangential force Ft along the NREL 5MW blade.

As a large wind turbine with pitch control, there is no flow separation on the most area of the
blade, including the tip. That means the flow pattern ideally keeps the same on the blade as the wind
speed increases, which is significantly different from the situation of the NREL Phase VI rotor. As seen
in Figure 6, by increasing the wind speed from 8 m/s to 11.4 m/s, the forces are greatly increased,
whereas, their distributions near the tip region remain similar. All the Glauert-A/B/C corrections
over-predict the normal forces near the blade tip, whereas, better agreement with the reference data is
found for the tangential forces. Such a result is to some extent similar to that of the NREL Phase VI
rotor at 7 m/s. Slight discrepancies are also noticed between the three Glauert-type corrections, and the
Glauert-C performs better among them.

6.1.2. Comparison with BEMT Results

The Glauert tip loss correction was originally proposed for BEMT. As applied to AD/NS simulations,
the correction factor F works in a different way. It is worth to mention that the specific difference
in the final results would be caused by the transplantation from BEMT to AD/NS. In order to perform
a comparison, BEMT computations under the same conditions of the present study are conducted.

The comparisons were shown by percentages, which represent the relative change of blade loads
before and after using a tip loss correction,

δn =
Fn,No − Fn,Gl

Fn,No
× 100%, (58)

δt =
Ft,No − Ft,Gl

Ft,No
× 100%, (59)

where Fn,No and Fn,Gl are the normal forces obtained from computations with no tip loss correction and
with the Glauert correction (the standard Glauert correction in BEMT and the Glauert-type corrections
in AD/NS), respectively, Ft,No and Ft,Gl are the corresponding tangential forces.

The above parameters are calculated independently using BEMT and AD/NS. The results are
shown in Figure 7 where the Glauert-BEMT denotes the results for the standard Glauert correction
used in BEMT, and the Glauert-A/B/C denotes the results for the Glauert-type corrections used
in AD/NS. A certain degree of difference between the Glauert-BEMT and the Glauert-A/B/C results is
observed. The Glauert-C again shows the best performance, since it is generally most consistent with
the Glauert-BEMT, which means the transplantation of the tip loss correction from BEMT to AD/NS
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does not notably influence its performance. The results for Cases 3 and 4 also agree with the above
conclusion, which is not displayed here for simplicity.

(a) Case 1: NREL Phase , V0 = 7 m/s, = 72 rpm 

(b) Case 2: NREL Phase , V0 = 10 m/s, = 72 rpm 

r R r R

n t

r R r R

n t

(c) Case 5: NREL 5MW, V0 = 11.4 m/s, = 12.06 rpm 
r R r R

n t

Figure 7. Distributions of δn and δt along a rotor blade.
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6.2. Results of New Tip Loss Correction

The simplified form (see Section 3.2) of the new correction developed by Zhong et al. [33] is used
in the present simulations. The results of blade loads for Cases 1, 2 and 5 are displayed in Figure 8a–c,
respectively. Case 1 represents a typical condition of the NREL Phase VI wind turbine with the fully
attached flow on its blades, while Case 2 represents another condition of flow separation (stall). Case 5
represents the rated operating condition of the NREL 5MW wind turbine. The results for Cases 3 and 4 are
not displayed here for simplicity. (The performance of the correction in Case 3 is similar to that in Case 2,
while the performance in Case 4 is similar to that in Case 5.) The Glauert-C correction, which performs
best in Glauert-A/B/C, is compared with the new correction. Full CFD results [33] are employed as the
reference data for the NREL 5MW wind turbine. As compensation for the sparse points of the experimental
data, full CFD data [8,33] are also employed for the NREL Phase VI wind turbine.

(a) Case 1: NREL Phase , V0 = 7 m/s, = 72 rpm 

(b) Case 2: NREL Phase , V0 = 10 m/s, = 72 rpm 

r R r R

F n F t

r R r R

F n F t

Figure 8. Cont.
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(c) Case 5: NREL 5MW, V0 = 11.4 m/s, = 12.06 rpm 

r R r R

F n F t
Figure 8. Normal force Fn and tangential force Ft along the NREL 5MW blade.

It is seen in the result of Case 1, as shown in Figure 8a, that the full CFD result achieves the best
agreement with the experimental data and the new correction is superior to the Glauert-C correction.
As compared to the Glauert-C correction, the overestimation of Fn in the tip region is properly corrected
towards the reference data by the new correction. A similar tendency is seen from the tangential
force distribution. In Case 2, as shown in Figure 8b, the new correction maintains its accuracy,
while the Glauert-C correction produces larger positive error, due to the occurrence of flow separation.
The performance of the two corrections is similar to those in BEMT computations [33].

For the NREL 5MW rotor, as shown in Figure 8c, the new correction again makes a better correction
to the blade loads in the tip region. The corrected curve of Fn for the new correction is closer to the
reference data compared to that for the Glauert-C correction. The difference between the two corrections
in tangential force (Ft) is small, and both the corrections can be considered to be doing well.

6.3. Comparison of Velocity Field

The blade loads are affected by the local flow around the blade, and the forces consequently
modify the flow around the blade and further in the wake. The flowfield simulated by the AD/NS
demonstrates how the tip loss corrections affect the velocity field. In order to clearly show the influence
of using different tip loss corrections, instead of directly showing the velocity field, the following
velocity difference is defined,

δuz =

∣∣∣uz,new − uz,Gl
∣∣∣

uz,new
× 100%, (60)

where uz,new and uz,Gl are the axial velocity obtained from the simulations using the new tip loss
correction and the Glauert-C tip loss correction, respectively.

Figure 9 displays the contours of δuz in the flow field of the studied two rotors, which highlights
the influence of the tip loss corrections in terms of changing the velocity field not only around the blade
tip, but also in the wake. The influence of δuz is more concentrated near the blade tip in the rotor plane,
whereas, the inner part is hardly affected. In the wake, the influence range of δuz tends to cover a wider
radial space downstream. The magnitude is even increased in the wake of the NREL 5MW rotor.
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(a) Case 1: NREL Phase  rotor, V0 = 7 m/s,  = 72 rpm 

 
(b) Case 5: NREL 5MW rotor, V0 = 11.4 m/s,  = 12.06 rpm 

Figure 9. Contours of the axial velocity difference between the results of the new and the Glauert-C tip
loss corrections.

7. Conclusions

This work presented AD/NS simulations for the NREL Phase VI and the NREL 5MW rotors, which
represent the typical small size and modern size rotors. The primary purpose of the numerical study is
to evaluate the performance of tip loss corrections employed in the AD/NS simulations. Three different
implementations of the widely used Glauert tip loss factor F, denoted as Glauert-A/B/C, are discussed
and evaluated in the study. In addition, a newly developed tip loss correction is also evaluated. As an
extension, the influence of employing different tip loss corrections to the velocity field is studied as
well. The following conclusions are drawn from the present study:

• The three different implementations of the Glauert tip loss factor showed a certain degree
of difference to each other, although the relative difference in blade loads is generally no more
than 4%. The Glauert-C correction, in which the tip loss factor F is directly used to be divided
by the interference factors, is recommended for AD/NS simulations, since it gives results closest
to the reference data in all the studied cases.

• The performance of the Glauert-C correction in AD/NS was found to be almost equal to that
of the standard Glauert correction in BEMT. That provides evidence for the reasonableness of the
transplantation of the tip loss correction from BEMT into AD/NS.

• The Glauert-type corrections tend to make an over-prediction of the blade tip loads. In contrast,
the new correction showed superior performance in various conditions of the present study.

• A difference in tip loss correction leads to the influence of not only on the blade tip loads, but also
on the velocity field around and after the rotor. The range of this influence is observed expanding
in the rotor wake. In addition, the magnitude of this influence is found to be increased after the
NREL 5 MW rotor.

The above observations help to understand the performance of different tip loss corrections
employed in AD/NS simulations. It is indicated that the blade loads, as well as the wake velocity,
can be simulated better by choosing the best implementation of the Glauert tip loss factor or employing
the new tip loss correction. That is the major contribution of this study.
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Abstract: Noise generated from wind turbines is a big challenge for the wind energy industry to
develop further onshore wind energy. The traditional way of reducing noise is to design low noise
wind turbine airfoils and blades. A wind turbine operating under wind shear and in yaw produces
periodic changes of blade loading, which intensifies the amplitude modulation (AM) of the generated
noise, and thus can give more annoyance to the people living nearby. In this paper, the noise emission
from a wind turbine under wind shear and yaw is modelled with an advanced fluid-structure-acoustics
framework, and then controlled with a pitch control strategy. The numerical tool used in this study is
the coupled Navier–Stokes/Actuator Line model EllipSys3D/AL, structure model FLEX5, and noise
prediction model (Brooks, Pope and Marcolini: BPM) framework. All simulations and tests were
made on the NM80 wind turbine equipped with three blades made by LM Wind Power. The coupled
code was first validated against field load measurements under wind shear and yaw, and a fairly
good agreement was obtained. The coupled code was then used to study the noise source control of
the turbine under wind shear and yaw. Results show that in the case of a moderate wind shear with a
shear exponent of 0.3, the pitch control strategy can reduce the mean noise emission about 0.4 dB and
reduce slightly the modulation depth that mainly occurs in the low-frequency region.

Keywords: aeroacoustics; wind turbine; noise modelling; noise control

1. Introduction

As a clean and renewable energy, wind power has the advantages of low cost, low environmental
pollution and wide availability. These unique advantages of wind power make it an important part
of the sustainable energy mix in many countries. However, wind energy also has some drawbacks
that hinder its global use. The noise caused by wind turbines has become one of the primary sources
polluting the urban environment today. Wind turbine noise caused by the movement of the blades
through the air is often seen as an essential aspect causing great annoyance as compared with other
noise sources [1]. In Danish regulation [2], a modern wind turbine should be set up at least four times
its tip height away from residential areas. Even segregated by such a long distance, a turbine still
produces a sound pressure level (SPL) of more than 40 dB (A), which almost equals some common home
appliances [3]. A wind turbine operating under wind shear and in yaw produces periodic changes
of blade loading, which intensifies the amplitude modulation (AM) of the generated noise, and thus
can give more annoyance to the people living nearby. If the aerodynamic noise of a wind turbine can
be reduced without limiting its rotational speed, wind energy can be utilized with a high efficiency.
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Therefore, in this paper, aerodynamic characteristics and noise features of a wind turbine in wind shear
and yaw is studied.

Noise from a wind turbine or wind farm often has a feature of amplitude modulation with a
varying sound pressure amplitude during its operation. There are two types of AM noise: the one is
created by changing the blade noise directivity to receiver [4] and the other is caused by non-uniform
inflow and operation, for example the operation in wind shear and yaw. There are three methods
(Japanese F-S method [5], UK method [6] and min-max method [7]) to characterize the modulation
depth. Recently, Barlas et al. [8] studied the amplitude modulation caused by a wind turbine wake
using an advanced Computational Fluid Dynamics (CFD) (EllipSys3D/AL) and a sound propagation
model based on solving parabolic wave equation and found that the modulation depth can reach
4–5 dB even with the same strength of noise source.

The prediction formulae of trailing edge noise were summarized first using data from an
experiment by Schlinker and Amiet in 1981 [9]. In 1985, Grosveld [10] used the helicopter noise
formulae synthesized by Schlinker to calculate the emission noise of several two-blade, low-power
downwind horizontal axis wind turbines, and the results were in good agreement with the measured
data. In 1986, De Wolf continued the research based on a similar model [11]. Back to 1981, Viterna [12]
utilized an approach for the low-frequency noise of a wind turbine. A rather complex airfoil self-noise
prediction model (known as the Brooks, Pope and Marcolini: BPM model) using wind tunnel acoustic
measurements of National Advisory Committee for Aeronautics (NACA) 0012 airfoils was published
by Brooks et al. [13] in 1989. In 1996, Fuglsang and Madsen [14] used the BPM model and the inflow
noise model by Lowson [15] modified from Amiet’s model [16] to calculate the noise emission of a
Vestas V27 wind turbine. In 2003, the National Renewable Energy Laboratory (NREL) [17] developed
its NREL AirFoil Noise (NAFNoise) based on the BPM model. The BPM was improved by including
the real blade geometry for predicting wind turbine noise generation by Zhu et al. from Technical
University of Denmark (DTU) in 2005 [18]. In 2009, Bowdler [19] studied wind shear effects on
noise at different locations and at different time instants of the day and of the year using field data
collected at wind farm sites. Oerlemans [20] investigated the influence of wind shear on the amplitude
modulation of wind turbine noise in 2015. Wind shear and atmospheric turbulence effects on wind
turbine noise using the Monin–Obukhov similarity theory was studied in 2016 by Yuan and Cotté [21].
To predict the trailing-edge noise, a more advanced trailing-edge noise model (TNO) was developed
by Parchen [22] using a relation between the sound pressure level at far field and the surface pressure
spectrum at trailing edge and related the far field sound spectrum as a function of turbulent boundary
layer quantities. A refined TNO model using CFD was made by Kamruzzaman et al. [23] to consider
the non-isotropic issue in the trailing-edge boundary layer. Tian [24] extended Amiet’s model for
simulating noise from a wind turbine.

This paper deals with the development of an advanced fluid-structure-noise technique for
simulating noise generated from a wind turbine and controlling the noise generation of the wind
turbine in wind shear and yaw by adjusting the pitch angle of its blades. A coupled flow and acoustics
code that simultaneously predicts the noise and aerodynamic outputs of a wind turbine is applied in
this study.

The paper is organized as follows. Section 2 presents the related theory and methodology.
Validation and control results are presented in Section 3. Finally, conclusions are drawn in Section 4.

2. Theory and Methodology

The flow past a wind turbine is modelled with the actuator line (AL) method introduced by Sørensen
and Shen [25], which was implemented in DTU’s in-house finite volume code EllipSys3D. The actuator
line method was coupled successfully with a high-order spectral method by Kleusberg et al. [26,27].
EllipSys3D was developed by the co-operation of the Department of Mechanical Engineering at
DTU [28] and the Department of Wind Energy at Risø National Laboratory [29] that is now the
Department of Wind Energy at DTU. The AL method [25,30] represents the aerodynamic loads of
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wind turbine blades by using a body force distributed along rotating lines. The body force imposed
in the Navier–Stokes equations is computed by the aero-elastic code FLEX5 [31] also developed at
DTU. The coupling of FLEX5 and EllipSys3D/AL methods is performed at every time-step. The flow
data at the blades from EllipSys3D/AL are interpolated from the flow mesh and then fed into FLEX5.
Using these information, the angle of attack and relative velocity including blade deformation/motions
are calculated in FLEX5 and the aerodynamic loads on the blades are obtained further by using
tabulated airfoil lift, drag and moment vs. angle of attack (AoA) data including dynamic stall. The new
blade positions and loads from FLEX5, which includes the effect of blade bending and motion of
the rotor (up/down/side-to-side/rotations) are then fed into EllipSys3D/AL as a body force on the
moving actuator lines. With these new blade positions, the new loads are redistributed on the CFD
mesh and a new solution is obtained in EllipSys3D/AL. In a standard aero-elastic code, these effects
and motions are calculated by using the blade momentum theory (BEM) as the aerodynamic model.
Here, the high-fidelity Navier–Stokes AL method was used to solve the fluid-structure interaction
problem instead. To perform with large eddy simulation, the mixed scale model of Ta Phuoc [32,33]
was used. To calculate the noise emission from the blades, the BPM code was used. The variables of
angle of attack and relative velocity were calculated in FLEX5 and fed to BPM. A flow chart of the
combined EllipSys3D/AL, FLEX5 and BPM framework is shown in Figure 1.

Figure 1. Flow chart of the combined EllipSys3D/AL, FLEX5 and BPM program.

In EllipSys3D, the solution to the incompressible Navier–Stokes equations is advanced in time
using an iterative time-stepping method. The velocity-pressure coupling equations at each time-step
are solved iteratively by sub-iterations with the usage of under-relaxation. First, the code solves
the momentum equations as a predictor so that the solution can be advanced in time. The pressure
correction equation, i.e., the rewritten continuity equation in satisfying the local mass flux conservation
in the discretized form, is solved as a corrector making the final flow field satisfy the continuity
constraint. This is a two-step procedure corresponding to a single sub-iteration, and the process is
repeated until the solution becomes convergent within sub-iterations. The variables are then updated
after the convergent solution is updated, and then followed by the next time step.

The aero-elastic code FLEX5 was designed to simulate a wind turbine’s dynamic behavior
regarding different wind conditions. FLEX5 operates in the time domain, and the output is the
time-series of simulated loads and deflections. The detailed information of nine modules in FLEX5 can
be found in [34].

The acoustic prediction BPM model used in this work takes the detailed geometrical and flow
information into account, e.g., tip shape, blade geometry (chord and twist distributions) as well as
instantaneous wind speed and direction. The velocity at each blade segment is computed by accounting
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for the induction effect and the vibration velocity of the blades. Furthermore, the geometry contours of
airfoil sections of blade segments are also included in the prediction as important inputs, such as the
boundary thickness and displacement thickness. The boundary layer parameters for a NACA 0012 was
benchmarked with the viscous-inviscid interaction code XFOIL [35] and the strong viscous-inviscid
interactive coupling code Q3UIC [36], and compared with the measured values [13]. The comparisons
(not shown) indicated that XFOIL under-predicts the boundary layer thicknesses about 30% and Q3UIC
gave a good agreement with the measurement. In this study, we compute the boundary quantities of
airfoils using Q3UIC. For more advanced calculations, the structure deformation in the blade torsion
direction can also be considered, which will lead to changes in angle of attack. More details about the
noise prediction calculation can be found in [18,37].

In wind turbine control systems, the proportional–integral–derivative (PID) controller is widely
applied to control the generator speed and blade pitch angle. Obviously, the ideal controller should be
developed by using the PID controller theory. In the present study, given the practical complexity,
two control strategies, of (1) full step pitch input control and (2) interpolated pitch input control,
are developed, which are P-type controls.

For the full step pitch input control, the blade pitch β is controlled at each time-step with an
objective of AoA at one or more selected cross-sections, αi, equal to its mean value in a cycle at one or
more selected cross-sections, αi,mean, as follows

β =
1
N

∑
i = 1,...,N

αi − αi,mean

where N is the number of selected cross-sections. After approximately 100 s, the solution becomes
stable. Alternatively, the interpolation pitch input control can be used and Figure 2 illustrates the
concepts. The idea is to control the blade pitch in the way that (i) at the peaks or troughs of one or
more cross-sections, the blade pitch is controlled as the one in the full step pitch input control; (ii) at
the azimuth positions in between the blade pitch is controlled by a pitch angle interpolated from the
pitch angles at the peaks and troughs in (i) according to its azimuth position. Concretely, the peaks and
troughs are extracted first with their corresponding azimuth angles and the mean AoAs are obtained
from the maximums and minimums (red circles in Figure 2):

Figure 2. Pitch input setup based on angle of attack (AoA).

3. Numerical Results

In this section, the accuracy of the used numerical code is first assessed by performing a validation
against field measurements performed in the DanAero project [38]. Results from the control study
under the same conditions are presented afterwards.
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3.1. Validation of the Simulation Framework

Before going further to discuss the performance of a wind turbine in different operation
setups, the accuracy of the simulation code should be verified first. The 2.3 MW NM80 wind turbine
was used here.

The design geometry of the LM 38.8 blade and aerodynamic airfoil data for the generic 2.3 MW
variable speed and pitch controlled NM80 wind turbine were provided through a confidential agreement
of using the DANAERO database. The airfoil data were used directly in AL/FLEX5, and the structural
data originally prepared for HAWC2 were used to produce an equivalent FLEX5 input file. We assume
the wind turbine operates in an ideal situation, so the tilt angle and tower shadow effects are neglected.
Some key parameters of the wind turbine are listed in Table 1.

Table 1. Key wind turbine parameters.

Parameters Value Parameters Value

Rotor diameter 80 m Rated wind speed 16 m/s
Hub height 60 m Max rotor speed 16.2 rpm

Rated power 2.3 MW
Cut-in wind speed 4.5 m/s Cut-out wind speed 25 m/s

Specific parameters for the two verification cases are listed below in Table 2.

Table 2. Description of Case I and Case II.

Parameters Case I Case II

Pitch angle −4.75◦ −4.75◦
Rotor speed 16.2 rpm 16.2 rpm

Hub height wind speed 9.792 m/s 8.429 m/s
Shear exponent 0.249 0.262

Air density 1.22 kg/m3 1.22 kg/m3

Yaw angle −6.02◦ −38.34◦
Ambient pressure 1005 Pa 1020 Pa

Figure 3 describes the configuration of the wind turbine and some parameters defined in Table 2.

Figure 3. Configuration of a wind turbine under wind shear and yaw.

In the computations, a relatively fine mesh of about 19 million cells was used with
192 × 192 × 512 cells in the transversal, vertical and streamwise directions in a domain of
[−16R, 16R] × [0R, 19R] × [−16R, 34R] (R is the rotor radius), respectively. A time-step based on
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rotor radius and inflow wind speed of 0.002 was used. A resolution of 30 cells per rotor radius was used
in the rotor plane and 18 cells per rotor radius were uniformly distributed from 1D (rotor diameter)
in front of the turbine to 11D behind the turbine in order to have a good resolution in the wake
region. The airfoil data used in the computations were 2-dimensional airfoil data provided from
the International Energy Agency (IEA) Task 29 consortium. To take into account the dynamic stall
effects, the Øye dynamic stall model [34] was used as this is a part of FLEX5.

The boundary condition used in the computations is that at the inlet (min z), spanwise boundary
(x direction) and up-boundary (max y), a sheared wind velocity profile is used, at the ground (y = 0)
no-slip condition is used, and at the outlet (max z) the convective boundary condition is used. In this
study, no synthetic inflow turbulence is used.

Figures 4 and 5 illustrate the comparisons between the measured data and simulation
results. The simulation results were extracted from a cycle after the flow was stabilized. The forces
normal and tangential to the local airfoil chord at 33%, 48%, 76% and 92% rotor radius noted as Fn33,
Ft33, Fn48, Ft48, Fn76, Ft76, Fn92, Ft92, respectively, are shown below:

 
(a) 

 
(b) 

 
(c) (d) 

 
(e) (f) 

Figure 4. Cont.
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(g) (h) 

Figure 4. Forces normal and tangential to the local chord at 33%, 48%, 76% and 92% rotor radius for
Case I (a) Fn33; (b) Ft33; (c) Fn48; (d) Ft48; (e) Fn76; (f) Ft76; (g) Fn92; (h) Ft92.

 
(a) (b) 

 
(c) (d) 

 
(e) (f) 

Figure 5. Cont.
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(g) (h) 

Figure 5. Forces normal and tangential to the local chord at 33%, 48%, 76% and 92% rotor radius for
Case II (a) Fn33; (b) Ft33; (c) Fn48; (d) Ft48; (e) Fn76; (f) Ft76; (g) Fn92; (h) Ft92.

As observed, the magnitudes between the measurements and simulations are similar for most of
the quantities. In Case I, the computed normal force does not follow with the measured one and this is
probably due to the Øye dynamic stall model used in the computations, which does not perform well
at small angles of attack. On the other hand, the tangential force agrees well with the measurements.
In Case II, the normal force is seen to be very well captured, while the tangential force is slightly
over-predicted. The trends in function of azimuth angle (with 0◦ when the blade is down-pointing)
followed the numerical results well. Since the tangential force is sensitive to the local angle of attack
and airfoil data, calibrating airfoil data and its 3-dimensional corrections to rotational effects is a
challenge for accurately predicting the performance of a wind turbine under wind shear and yaw.
From the comparisons, it is also seen that the agreement is fairly good for both small (6◦) and large
(38◦) yaw angles under a moderate wind shear. Therefore, it can be concluded from the validation
that the simulation technique used in the present paper can predict the wind turbine performance
relatively well.

3.2. Power Performance and Load Simulation

Since a wind turbine is rarely working with a large yaw angle, we define scenarios for the
control study according to Case I in the validation. The specifics of the four different scenarios are
described below:

Case 1: No yaw, no shear;
Case 2: 10◦ yaw, no shear;
Case 3: No yaw, 0.3 wind shear power law exponent;
Case 4: 10◦ yaw, 0.3 wind shear power law exponent.

Figure 6 illustrates the streamwise velocity and pressure field for Case 1 and Case 4. Horizontal
axis x and vertical axis y are non-dimensional with the rotor radius of R = 40 m, which means the real
values of them should equal to the axis values times R. The rotor center is located at x = 1.5 and y = 1.5.
In Figure 6a, a velocity slowdown (induction effect) created by the rotor when exacting wind energy
can be observed in the areas both in front of and behind the rotor, where the impact of induction effect
is larger in the wake. When no shear is included, no wind speed stratification above the ground can
be observed. A significant wind speed stratification above the ground can be observed in Figure 6b,
while the wake is also mitigated by the lower longitudinal wind speed due to the shear. Similarly,
Figure 6c,d illustrate the pressure field for Case 1 and Case 4, respectively. In general, the pressure
in front of the rotor is larger than the pressure behind the rotor. By introducing the wind shear and
yaw, the pressure both in front of and behind the rotor is changed, especially for the pressure in front
of the rotor, which becomes more homogeneous.
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(a) (b) 

  
(c) (d) 

Figure 6. Streamwise velocity field and pressure field for Case 1 and Case 4: (a) streamwise velocity for
Case 1; (b) streamwise velocity for Case 2; (c) pressure for Case 1; (d) pressure for Case 2.

The angle of attack (AoA) at 90% length of the blade for the four scenarios with no control is
investigated. The comparison of the AoA can be found in Figure 7. In general, it can be observed that
the fluctuations of AoA become much larger by introducing yaw or shear. In this study, the 0.3 wind
shear power law exponent leads to a more significant amplitude change than the 10-degree yaw angle.

Figure 7. Angle of attack in a cross-section of 35.24 m (90%R) without control strategy.
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Figure 8 illustrates the comparisons of AoA under pitch control with respect to different scenarios.
It is noted that the pitch angle control in this study is performed using the AoA at 90%R where
the wind turbine noise source center is located [37]. In the beginning, due to inexact interpolation
values, the interpolated pitch control strategy results in more throbbing of AoA than the full step
control strategy. However, when it is converged, both control techniques lead to a significant reduction
of AoA fluctuations in all the four scenarios, while the mean of AoA remains the same.

 
(a) 

 
(b) 

 
(c) (d) 

Figure 8. Angle of attack in section 35.24 m (90%R) with control strategy: (a) Case 1; (b) Case 2;
(c) Case 3; (d) Case 4.

Figure 9 shows the pitch input values based on the results of AoA mentioned above. Pitch angles
for two control strategies are calculated by using the angle of attack at 90%R of the no control case.
It can be observed that the pitch is constant with 0.15

◦
pitch offset when no control is performed.

In terms of pitch in all the four cases, no significant difference can be found between control strategies I
and II.

 
(a) (b) 

Figure 9. Cont.
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(c) (d) 

Figure 9. Pitch in a cross-section of 35.24 m (90%R) with and without control strategy: (a) Case 1;
(b) Case 2; (c) Case 3; (d) Case 4.

In Figure 10, power and thrust coefficients, noted as Cp and CT, respectively, are plotted for the four
scenarios. It can be seen that Cp is similar in all the four scenarios whereas introducing the shear and
yaw slightly reduces Cp especially when Cp becoming more stationary, i.e., after 110 s. The reduction of
the mean Cp is mainly due to the yaw misalignment, where the axial wind speed is smaller. It also
should be noted that the scenarios with a yaw angle, Cp has more periodical fluctuations due to the
yaw angle. A similar trend like Cp can be found in the thrust coefficient CT, shown in Figure 10b,
where the reduction of CT is realized by the shear and yaw. The most significant difference happened in
the scenario with both yaw and wind shear. Moreover, it can be observed that the difference between
the yaw versus the yaw plus shear scenarios is relatively small. The reduction of CT in Case 2, Case 3
and Case 4 is due to the reduction of the axial wind speed caused by the yaw.

 
(a) (b) 

Figure 10. Cp and CT without control strategy: (a) power coefficient; (b) thrust coefficient.

By implementing the pitch adjustment, more fluctuations in Figure 11 are observed in the Cp

and CT signals while the mean Cp and CT almost remain the same. By introducing the control
methods, the fluctuation magnitudes of both control strategies increase, especially in control technique
I. Some jumps of Cp and CT values occur in the transient period as well. Moreover, the transient
periods when performing both control techniques are longer, as compared to no control. For control
technique I, the unexpected large fluctuations in CT and Cp might be explained by the large pitch
changes at each time step. For control technique II, similar results are observed when the fluctuation
magnitudes are much smaller. The possible explanation is that there are fewer input pitch values and
the corresponding interpolation enables better convergence of the elastic code.

99



Appl. Sci. 2020, 10, 7610

 
(a) (b) 

 
(c) (d) 

 
(e) (f) 

 
(g) (h) 

Figure 11. Power and thrust coefficients with a pitch adjustment: (a) Cp for Case 1; (b) CT for Case 1;
(c) Cp for Case 2; (d) CT for Case 2; (e) Cp for Case 3; (f) CT for Case 3; (g) Cp for Case 4; (h) CT for Case 4.

3.3. Acoustical Analysis

Effects of Wind Shear and Yaw on Sound Emission

Figure 12 illustrates the polar plot of the sound pressure level in the function of azimuth angle
of blade 1 for the four cases, which is called the amplitude modulation (AM) noise. AM noise is
often a big issue because it gives more perception to the people living nearby. However, it should
be noted that there are two different phenomena that make AM noise: one is caused by the blade
noise directivity change during its operation [4] and another is caused by the non-uniform flow and
operation, such as wind shear and yaw. In the present study, the latter is focused. The observer is
located at 1.5 m height and a distance of 500 m downstream from the turbine (500 m away from the
turbine is often a place where people are living although the sound propagation effects due to ground
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and atmospheric conditions are not considered here). The choice of the 500 m distance downstream
location is to minimize the AM noise created by the blade noise directivity change. The speed of
sound used in the calculations is 340 m/s. The turbulence level and turbulence length scale are set as
3% and 100 m, respectively. This choice was made in accordance with the 0.3 wind shear exponent
defined in the scenarios. A more realistic choice can be made when the detailed flow information is
measured. The 0◦ azimuth angle is defined when blade 1 is vertically down and coincides with the
tower. All these four scenarios are performed with no control. As can be observed in Cases 1 and
3, the sound pressure level is slightly larger when the shear is included, while it significantly decreases
with a 10◦ yaw, i.e., for both Cases 2 and 4. Normally, the SPL from one blade is highest when it is
pointing upwards. The reason can be seen from the BPM sound prediction equations that the SPL is
related to the fifth power of the oncoming velocity. For the case of three blades, at zero azimuth angle
(blade 1 is pointing downwards), the other two blades are pointing at 120◦ and 240◦ when the noise is
almost highest during its operation for Cases 3 and 4.

Figure 12. Sound pressure level in function of blade azimuth angle without control at 1.5 m height and
500 m distance downstream from the turbine at a wind speed of 6 m/s.

Figure 13 illustrates the comparison of SPL regarding different control scenarios. It can be
observed that compared with the non-controlled case, the controlled SPL results, i.e., with control
techniques I and II, are similar for Case 1 and Case 2. For Case 1, the peaks for both control
strategies are in step, whereas the magnitude of the no control results is slightly smaller. For Case
2, the fluctuations are also generally in step, and both the time and magnitude of the peaks are
consistent. Therefore, the implementation of the control techniques may not lead to noise reductions
for the no-shear scenarios. The main reason for the negligible difference in Cases 1 and 2 is that the
modifications of the pitch and the corresponding AoA are relatively small where the fluctuations
of noise level are mainly due to blade deflections. A larger difference is expected for a larger pitch.
It should be noted that Case 2 corresponds to a slightly lower SPL as compared to Case 1, due to the
yaw-caused lower axial wind speed. For Cases 3 and 4, a larger decrease of SPL, i.e., about 0.4 dB,
can be observed by introducing either control strategy I or II, whereas the trend remains the same.
No significant difference can be found between the results of the two control techniques. It can be
concluded that by introducing the control techniques, the reduction of SPL can be realized for the shear
scenarios. In comparison to the angle of attack plots in Figure 8 with those plots of SPL in Figure 13,
a non-linear effect between these two quantities is seen due to the blade structural responses. The AoA
variation of the interpolation control in Figure 8d is reduced about 1◦. According to the rule of a
1◦ AoA reduction resulting in a 1 dB noise reduction [39], the noise change in the present study is
within this range. For comparison, it can be observed that the differences between the controlled and
uncontrolled results of A-weighted SPL regarding all the cases are negligible. The reason is that the
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A-weighted SPL accounts for more of the high-frequency noise to which humans are more sensitive
and de-emphasizes the low-frequency contribution. In our case, the reduction of the noise mainly
occurs in the low-frequency part and thus the A-weighting SPL is similar in all the cases. It should
be noted that the low-frequency noise is important in far-field as it can propagate in a long distance
with very small air absorption. To check the AM noise, the modulation depth for Case 4 is calculated
according to the method proposed in [7] and shown in Table 3. From the table, it is seen that the
modulation depth is slightly reduced.

 
(a) 

 
(b) 

 
(c) 

 
(d) 

 
(e) 

 
(f) 

 
(g) (h) 

Figure 13. Sound pressure level and A-weighted sound pressure level of the turbine at 6 m/s wind
speed: (a) sound pressure level (SPL) for Case 1; (b) A-weighted SPL for Case 1; (c) SPL for Case 2;
(d) A-weighted SPL for Case 2; (e) SPL for Case 3; (f) A-weighted SPL for Case 3; (g) SPL for Case 4;
(h) A-weighted SPL for Case 4.
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Table 3. Modulation depth for Case 4.

condition 6 m/s no control 6 m/s full control 6 m/s inter control
modulation depth (dB) 0.3331 0.3127 0.2736

condition 10 m/s no control 10 m/s full control 10 m/s inter control
modulation depth (dB) 0.4308 0.3834 0.3692

Moreover, this phenomenon can be verified in Figure 14, where the contribution of SPL in different
frequencies at the time instant (120 s) is shown. From the figure, it is seen that at the low frequency
(which is less than 315 Hz), SPL is reduced obviously by the pitch control strategy.

Figure 14. SPL spectra of case 4 of the turbine at 6 m/s wind speed at a time instant of 120 s after control.

Figure 15 illustrates the SPL and A-weighted SPL in Cases 1, 2 and 4, but with a lager inflow wind
speed of 10 m/s. With the lager wind speed, the SPL increases about 8.5 dB in each case. The interesting
thing deserved to be noticed is that the pitch control methods at 10 m/s display a similar effect in
Case 4 as at 6 m/s but the variations in amplitude are more important. Since the A-weighted SPL
was designed according to human hearing and emphasizes the contribution from the high frequency
sound centered at 1000 Hz, it can give an impression that the control methods give a small effect on
A-weighted SPL. The modulation depth is listed in Table 3 and a small reduction is seen. It is worth
noting that the yaw and shear considered in this study are relatively small and these effects can be
much bigger in large shear and yaw cases. Moreover, the noise propagation effects due to changing
atmospheres and wakes [8] are not included here. In the future, the present noise source-modelling
framework will be further coupled with the propagation model [8] in order to control wind turbine
noise at far field.
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(a) (b) 

  
(c) (d) 

 
(e) (f) 

Figure 15. Sound pressure level and A-weighted Sound pressure level from the wind turbine at 10 m/s
wind speed: (a) SPL for Case 1; (b) A-weighted SPL for Case 1; (c) SPL for Case 2; (d) A-weighted SPL
for Case 2; (e) SPL for Case 4; (f) A-weighted SPL for Case 4.

4. Conclusions

In this paper, an advanced flow-structure-acoustics framework has been developed and validated
against load field measurements for the case of the 2.3 MW NM80 wind turbine under a moderate wind
shear and a small and a large yaw angle. The code has been further used for studying and controlling
noise generation from a wind turbine under a moderate wind shear and a small yaw, which is often
the case when a wind turbine operates. Through analysis of the results, several conclusions are
summarized here:

1. Simulations based on the coupled Ellipsys3D/AL/Flex5 framework agreed well with field load
measurements on the 2.3 MW NM80 turbine.
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2. It was observed that the wind shear had a significant impact on the flow field, which led to a
fainter wake. The longitudinal wind speed was reduced by introducing yaw, which accordingly
decreased the sound pressure level.

3. The reduction of sound pressure level under a moderate wind shear situation with a shear
exponent of 0.3 was undertaken by a pitch adjustment, while the power and thrust coefficients
generally became more undulant. The pitch adjustment techniques were only useful for the case
with a wind shear.

4. Given the miscellaneous reasons causing the wind turbine noise and the complex relations in
SPL prediction formulations, it was obviously found that SPL and AoA were not linearly related.
This non-linear relationship was also confirmed by comparing the variation of AoA and SPL.

5. Through the comparison of SPL and A-weighted SPL, the pitch control implemented in this paper
mainly affected the wind turbine noise at low frequencies, while unapparent effects occurred with
high-frequency noise.

6. The mean SPL was reduced with 0.4 dB and the modulation depth was reduced slightly.
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Abstract: To properly conduct a micro-siting of an orthopter-type vertical axis wind turbine (O-VAWT)
in the built environment, this study investigated the effects of horizontal shear flow on the power
performance characteristics of an O-VAWT by performing wind tunnel experiments and computational
fluid dynamics (CFD) simulations. A uniform flow and two types of shear flow (advancing side
faster shear flow (ASF-SF) and retreating side faster shear flow (RSF-SF)) were employed as the
approaching flow to the O-VAWT. The ASF-SF had a higher velocity on the advancing side of the
rotor. The RSF-SF had a higher velocity on the retreating side of the rotor. For each type of shear flow,
three shear strengths (Γ = 0.28, 0.40 and 0.51) were set. In the ASF-SF cases, the power coefficients
(Cp) were significantly higher than the uniform flow case at all tip speed ratios (λ) and increased with
Γ. In the RSF-SF cases, CP increased with Γ. However, when Γ = 0.28, the CP was lower than the
uniform flow case at all λ. When Γ = 0.51, the CP was higher than the uniform flow case except at
low λ; however, it was lower than the ASF-SF case with Γ = 0.28. The causes of the features of CP
were discussed through the analysis of the variation of blade torque coefficient, its rotor-revolution
component and its blade-rotation component with azimuthal angle by using the CFD results for flow
fields (i.e., horizontal velocity vectors, pressure and vorticity). These results indicate that a location
where ASF-SFs with high Γ values dominantly occur is ideal for installing the O-VAWT.

Keywords: orthopter; vertical axis wind turbine; power coefficient; torque coefficient; shear flow;
wind tunnel; CFD; delayed detached-eddy simulation

1. Introduction

Since the 2000s, interest in installing small wind turbines (SWTs) in the built environment has been
growing [1–9]. Wind conditions in the built environment are complex in nature and are characterized
by lower wind speeds and higher turbulence because of the presence of obstructions [8,9]. For SWTs to
be able to make up their costs within their lifetimes, they should have high efficiency and be placed at
sites with high wind speeds, such as coastal sites or high-elevation inland sites. However, in the built
environment, keeping the rotational speed of an SWT’s rotor as low as possible is preferable from the
viewpoint of aerodynamic noise [10,11]. Therefore, the optimal tip-speed ratio of an SWT in the built
environment should be as low as possible, while the maximum power coefficient of the SWT should be
as high as possible.

Wind turbines are classified into horizontal-axis wind turbines (HAWTs) and vertical-axis wind
turbines (VAWTs), based on the orientation of their rotation axes. Generally, in the built environment,
VAWTs are preferable to HAWTs because VAWTs do not suffer, as much as HAWTs, from reduced
energy outputs from frequent wind direction changes [12]. Wind turbines are further classified into
lift-type wind turbines and drag-type wind turbines, based on the aerodynamic force component that
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acts on a blade and dominantly contributes to the rotor rotation. With regard to lift-type VAWTs, a lot
of research on Darrieus-type VAWTs, including straight-bladed and helical-bladed ones, has been
conducted [13–16]. With regard to drag-type VAWTs, a lot of research on Savonius-type VAWTs has
been conducted [17–21]. In general, the optimal tip-speed ratio of a drag-type VAWT is less than
1.0 [11], which is much smaller than that of a lift-type VAWT. Moreover, although the maximum power
coefficient of a drag-type VAWT is generally much smaller than that of a lift-type VAWT, the power
coefficient of a drag-type VAWT is generally greater than that of a lift-type VAWT at a low tip-speed
ratio, of less than 1.0. Therefore, a drag-type VAWT is favorable in the built environment and was
researched by our research group.

Our group [22,23] researched a drag-type VAWT called the orthopter-type VAWT (O-VAWT).
The O-VAWT is a variable-pitch VAWT; each of the flat-plate blades not only revolves around the main
shaft but also rotates around its own blade axis, which is rotationally supported by a pair of connecting
arms. We investigated the effects of the number and aspect ratio of the flat-plate blades on the power
performance of the O-VAWT in a uniform flow by conducting wind tunnel experiments with an open
test section and three-dimensional computational fluid dynamics (CFD) simulations. When the number
of the blades was three and the aspect ratio of the blades was 1:1, the maximum power coefficient was
0.25 and the optimal tip-speed ratio was 0.4 [22]. Here, the optimal tip-speed ratios of Savonius-type
VAWTs are in the range of 0.45 to 1.0 [21]. Except for several studies that were conducted using a wind
tunnel with a very high blocking ratio of the closed test section, the maximum power coefficient of the
Savonius-type VAWT was, at most, 0.25 [21]. That is, the O-VAWT has a lower optimal tip-speed ratio
than Savonius-type VAWTs, although the maximum power coefficient is relatively high. Therefore,
from the viewpoint of aerodynamic noise, the O-VAWT can be more favorable in the built environment
as compared to Savonius-type VAWTs. Except for our studies, studies on the power performance of
O-VAWTs are very limited. Shimizu et al. [24] investigated the effects of the aspect ratio of the blade on
the power performance of an O-VAWT with two blades whose cross-sectional shape was an ellipse
by conducting wind tunnel experiments. Bayeul-Line et al. [25] examined the effects of the blade’s
cross-sectional shape (elliptical and straight) and the initial blade stagger angle on the performance of
an O-VAWT by conducting 2-dimensional CFD simulations. Cooper and Kennedy [26] examined the
power performance of an O-VAWT with three blades whose cross-sectional shape was the upstream
half of a NACA0010-65 section reflected about the mid-chord by conducting theoretical analysis
with a multiple-stream tube model and field measurements. Our group [23] conducted wind tunnel
experiments to compare the performance of an O-VAWT with elliptic blades and one with flat-plate
blades. By considering the mechanical loss torque, we obtained the maximum power coefficient of
0.246 at a tip-speed ratio of 0.4 for the O-VAWT with elliptic blades and of 0.288 at a tip-speed ratio of
0.4 for the O-VAWT with flat-plate blades. It should be noted that these studies on O-VAWTs were
conducted in conditions where the approaching flows had uniform distribution.

To properly conduct a micro-sitting of an O-VAWT in the built environment, it is important to
understand the effects of the strong shear approach flow with on the performance of the O-VAWT.
Figure 1 illustrates the approaching wind flow to a building. As the wind flow approaches the building,
the wind speed decreases, and the pressure increases. Then, the wind flow proceeds along the upwind
face of the building and separates at the corners on the roof and the side walls. As the separated wind
flow is not obstructed by the building, the pressure decreases, and the wind speed increases. Near the
upwind corners, the wind speed increases more than that of the approaching wind. In addition,
reverse flow regions are formed between the separated shear layer and the building’s walls. As a
result, strong shear flows are formed vertically over the roof surface and horizontally over the side
walls. Due to the mixing of momentum, the shear becomes weaker as the flow proceeds downstream.
To utilize the increased wind speed over the roof of a building, the effects of building shapes and
wind directions on the wind conditions have been investigated (e.g., [27]). Furthermore, the effects of
wind conditions, such as wind speed, turbulent intensity, and skew angles, on the potential energy
yield and the power performance of a wind turbine have been studied (e.g., [28,29]). In this study, we
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investigated the effects of horizontal shear flow on the performance of the O-VAWT by conducting
wind tunnel experiments and three-dimensional CFD simulations. A uniform flow and two types of
shear flow were employed as the approaching flow to the O-VAWT. One type had a higher velocity on
the advancing side of the rotor. The other type had a higher velocity on the retreating side of the rotor.
For each type of shear flow, we set three different shear strengths.

(a) 

 

(b) 

Shear 
flow

Shear 
flow

Wind
turbine

Wind
turbine

Wind
flow

Building

Figure 1. Illustration of the approaching wind flow to the wind turbine near upwind corners of a
building. (a) Bird view; (b) enlarged top view.

2. Experimental Approach

2.1. Wind Turbine Model

In this paper, we employed a right-handed Cartesian coordinate system (x1, x2, x3) = (x, y, z), in
which the z-direction was aligned in the vertical direction. The wind turbine used in this study was an
O-VAWT with three flat-plate blades as shown in Figure 2. The blade had a height of h = 4.00 × 10−1 m,
chord length of c = 4.00 × 10−1 m and thickness of 4.0 × 10−3 m. Each of the blades not only revolved
around the main shaft but also rotated around its own blade axis, which was rotationally supported
by a pair of connecting arms. The distance between the main shaft and one of the blade axes was
R = 2.55 × 10−1 m. In addition, each of the blade axes was connected with the main shaft by a chain
via sprockets. Since the ratio of the number of teeth on the sprocket of the main shaft to that of the
blade axis was 1:2, each of the blades rotated around the own blade axis a half time while the rotor
revolved around the main shaft one time. When seen from the top, the rotor revolved around the
main shaft counterclockwise and each of the blades rotated around the own blade axis clockwise as
shown in Figure 2c. Therefore, by using the angular velocity of the rotor revolution (ω), the angular
velocity of the blade rotation is expressed as −ω/2. Furthermore, as shown in Figure 2c, according to
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the azimuthal angle of a blade (ϕ), we call the range of 90◦ < ϕ < 270◦ the “upwind region” of the rotor,
0◦ < ϕ < 90◦ and 270◦ < ϕ < 360◦ the “downwind region” of the rotor, 180◦ < ϕ < 360◦ the “advancing
side of the rotor” and 0◦ < ϕ < 180◦ the “retreating side” of the rotor. The O-VAWT is designed so that
the drag force on a blade is large on the advancing side of the rotor while being small on the retreating
side of the rotor.

 

(a) (b) 

 

 

(c) (d) 

ω

φ

⁰

⁰

y

x
O

z

y
O

Figure 2. Orthopter-type vertical-axis wind turbine (O-VAWT). (a) A photograph of O-VAWT with
three flat blades, main shaft, arm, the chains and sprockets; (b) an isometric view of O-VAWT with
three flat blades; (c) motion of rotor and blades viewed from the top; (d) a projected swept area of the
rotor viewed from the upwind side.

Figure 2d shows a projected swept area of the rotor (A), which is defined as:

A = (2R + 0.5 c) h. (1)

We define the diameter of the rotor as:

D = 2R. (2)
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The O-VAWT had a rotor’s diameter of D = 5.1 × 10−1 m and a projected rotor′s swept area of
A = 2.84 × 10−1 m2 can be considered as a micro wind turbine. A small scale wind turbine that has a
diameter up to 1.25 m and the swept area up to 1.2 m2 is categorized as a micro wind turbine [4].

2.2. Experimental Setup for Uniform Flow Case

Figure 3a shows the experimental setup for the uniform flow case. The experiments were conducted
using a closed circuit wind tunnel with an open test section. The size of the cross section of the wind
tunnel outlet was 1.25 m × 1.25 m. The blockage ratio which is defined as the ratio of the projected
rotor′s swept area to the wind tunnel outlet area was approximately 18%. The O-VAWT was set in
the test section so that the rotor center was at the center of the cross-section of the wind tunnel outlet
and 0.850 m downwind of the wind tunnel outlet. Here, we defined the rotor center as the point on
the rotational axis of the rotor and at the mid-height of the blades. In addition, we set the origin of
the coordinate system at the rotor center, as shown in Figure 2c,d. The rotor was driven by a motor
(Mitsubishi Electric, GM-S) and its rotational speed (ω) was monitored by using a digital tachometer
(Ono Sokki, HT-5500) and controlled by using an inverter (Hitachi, SJ200). The rotor torque was
measured by using a torque meter (TEAC, TQ-AR), which was connected to the motor and shaft via
couplings. The output signal of the torque meter was converted by a 16-bit analog-to-digital converter
with a sampling interval of 0.5◦, and 36,000 items (50 revolutions) of data were stored. To measure the
reference wind speed U∞, an ultrasonic anemometer (Kaijo Sonic, DA-650-3TH and TR-90 AH) was set
approximately 2 m upwind of the wind tunnel outlet. The value of U∞ was kept at 8 m/s. The value of
tip speed ratio λ, which is defined as:

λ = Rω/U∞, (3)

was varied from 0.1 to 0.8 with an increment of 0.1.

2.3. Experimental Setup for Shear Flow Cases

To generate a horizontal shear flow, a perforated panel and a splitter plate were installed at the
outlet of the wind tunnel as shown in Figure 3b,c and Figure 4. The perforated panel had a width
of 1.0 m, a height of 1.5 m and a thickness of 2 × 10−3 m, and was set so that it covered half of the
wind tunnel outlet in the horizontal wind direction. Due to the existence of the perforated panel, the
pressure upwind of the panel increased and the wind flow rate through the wind-tunnel-outlet area
covered by the panel decreased while that through the uncovered wind-tunnel-outlet area increased.
When the perforated panel covered the wind-tunnel-outlet area upwind of the retreating side of the
rotor, the wind speed of the generated shear flow was higher on the advancing side of the rotor.
Hereafter, this type of shear flow is referred to as “advancing side faster shear flow” (ASF-SF). On the
other hand, when the perforated panel covered the wind-tunnel-outlet area upwind of the advancing
side of the rotor, the wind speed of the generated shear flow was higher on the retreating side of the
rotor. Hereafter, this type of shear flow is referred to as “retreating side faster shear flow” (RSF-SF).
The splitter plate was set vertically, parallel to the wind tunnel wall and at the center of the wind tunnel
outlet to avoid the horizontal component of the wind velocity in the generated shear flow becoming
significant. The splitter plate had a width of 0.88 m, a height of 1.25 m and a thickness of 4 × 10−3 m.
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Figure 3. The experimental apparatus and measurement devices; (a) in uniform flow, (b) in shear flows
and (c) the porous plate position at the nozzle exit of the wind tunnel in case of shear flows.
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Perforated 
panel 

Splitter 
plate 

Figure 4. The perforated panel and splitter plate set at the outlet of the wind tunnel.

To investigate the effects of the strength of the shear flow on the performance of the O-VAWT, we
generated three kinds of shear flows by using three perforated panels shown in Table 1. With regard
to a staggered round-hole perforated panel, the shielding ratio Φ, which is the ratio of the area that
shields the airflow to the whole area of the perforated panel, can be computed by:

Φ = 1− π d2

2
√

3 L2
, (4)

where d is a diameter of a hole and L is the distance between the centers of adjacent holes.

Table 1. Perforated panels. Here, d is the diameter of a hole, L is the distance between the centers of
adjacent holes and Φ is the shielding ratio.

Name d [m] L [m] Φ [-] Enlarged View

Perforated panel A 3 × 10−3 4 × 10−3 0.49

 

Perforated panel B 3 × 10−3 4.5 × 10−3 0.60

 

Perforated panel C 3 × 10−3 5 × 10−3 0.67
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Except for the installation of the perforated panels and the splitter plate, the experimental setup
for the measurement of the performance of the O-VAWT was the same as the uniform flow case. Prior
to the measurement of the performance of the O-VAWT, we measured the horizontal profiles of the
generated shear flows at 0.10 m downwind of and at the center height of the wind tunnel outlet by
using an x-type hot-wire probe (Kanomax, 0252R-T5).

2.4. Torque and Power Coefficients

Due to the difficulty of evaluating the mechanical losses of the bearings, the sprockets and the
chains, this study considers only the aerodynamic torque generated by the blades as the rotor torque of
the O-VAWT. The aerodynamic torque generated by the blades was computed by:

TB = TwB − TwoB, (5)

where TwB was the measured aerodynamic torque generated by the rotor when the blades were not
removed; and TwoB was the measured aerodynamic torque generated by the rotor when the blades
were removed. It is worth noting that, generally, when the blades were not removed from the rotor,
the rotor generated positive torque while the motor acted as a load to keep the value of ω constant.
Conversely, at all tip speed ratios, when the blades were removed from the rotor, the rotor generated
negative torque while the motor acted as the driving force of the rotor revolution. Therefore, at all tip
speed ratios, TB was higher than TwB.

The power coefficient describes that fraction of the power in the wind that may be converted by
the turbine into mechanical work [30] and is defined in this study as:

CP =
TBω

0.5ρAU3
0

, (6)

and the torque coefficient is defined as:

CT =
TB

0. 5ρAU2
0R

. (7)

Here, the U0 is the time-mean stream-wise velocity, u(x, y, z), averaged over the projected rotor’s
swept area at x = 0 and is computed by:

U0 =

∫ R
−(R+0.5c) u(0, y, 0)dy

2R+0.5c
. (8)

3. Numerical Approach

The CFD software utilized to simulate the wind flow field was ANSYS Fluent 17.2 [31,32]. The
numerical approach was based on our previous paper [22,33], in which the CFD simulations with
the delayed detached eddy simulation (DDES) turbulence model of flow around the O-VAWT were
conducted and the validities of the grid resolution and the time-step size were confirmed.

3.1. Governing Equations and Discretization Method

The flow field around the wind turbine was assumed to be incompressible and isothermal. The
DDES turbulence mode treats near-wall region in a manner like a Reynolds-averaged Navier–Stokes
(RANS) turbulence model and treats the rest of the flow field in a manner like a large-eddy simulation
(LES) turbulence model [34]. This model has the potential to achieve higher accuracy than RANS models
and save a large number of computing resources compared with pure LES models. The governing
equations for the CFD simulation with the DDES turbulence model based on the Spalart–Allmaras
(SA) model are the continuity equation:
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∂ui
∂xi

= 0, (9)

the Navier–Stokes equation:

∂ui
∂t

+
∂uiuj

∂xj
= − 1
ρ

∂p
∂xi

+ ν
∂
∂xj

(
∂ui
∂xj

+
∂uj

∂xi
− 2

3
δi j
∂ui
∂xj

)
− ∂
∂xj

[
∼
ν

(
∂ui
∂xj

+
∂uj

∂xi

)
− 2

3
kδi j

]
, (10)

and the transport equation for the kinematic eddy viscosity
∼
ν:

∂
∼
ν
∂t

+
∂
∼
νui
∂xi

= Cb1
∼
ν

⎛⎜⎜⎜⎜⎝S +

∼
ν

κ2dDDES
2

(
1− χ

1 + χ fν1

)⎞⎟⎟⎟⎟⎠+ 1

σ
∼
ν

⎡⎢⎢⎢⎢⎢⎣ ∂∂xj

⎧⎪⎪⎨⎪⎪⎩(ν+
∼
ν)
∂
∼
ν
∂xj

⎫⎪⎪⎬⎪⎪⎭+ Cb2

⎛⎜⎜⎜⎜⎝ ∂
∼
ν
∂xj

⎞⎟⎟⎟⎟⎠
2⎤⎥⎥⎥⎥⎥⎦−Cw1 fw

⎛⎜⎜⎜⎜⎝
∼
ν

dDDES

⎞⎟⎟⎟⎟⎠
2

(11)

where ui is the wind-velocity component in the xi direction; p is the pressure; ν is the kinematic viscosity;
t is the time; ρ is the air density; k is the turbulence kinetic energy; δij is the Kronecker delta; dDDES

is the DDES length scale; χ is (
∼
ν/ν); S is a scalar measure of the deformation tensor; fν1 and fw are

damping functions; and Cb1, Cb2, Cw1, σ∼
ν

and κ are constants.
The DDES length scale is computed by:

dDDES= d− f dmax (0, d− c desΔmax
)

(12)

where d is the distance to the closest wall; cdes is the empirical constant; and Δmax is the maximum edge
length of the local computational cell, i.e., Δmax = max (Δx, Δy, Δz). The switching between the RANS
and the LES mode depends on the following shielding function;

fd= 1− tanh
(
(8rd)

3
)

(13)

and

rd =

∼
ν√

ui, jui, jκ2d2
(14)

where ui,j is the velocity gradient. The damping functions and closure coefficients are as follows:

fν1 =
χ3

c3
ν1 + χ

3
, fw = g

⎡⎢⎢⎢⎢⎣ 1 + c6
w3

g6 + c6
w3

⎤⎥⎥⎥⎥⎦
1/6

, g = r + cw2(r6 − r), cw1 =
cb1

κ2 +
(1 + cb2)

σ∼
ν

, (15)

cb1 = 0.1355, cb2 =0.622, cν1 =7.1, cw2 = 0.3, cw3 = 2.0, σ∼
ν
=

2
3

, cdes = 0.65, κ = 0.4187. (16)

The governing equations are discretized by the finite-volume method. The advection terms of the
Navier–Stokes equations are discretized by the bounded central-difference scheme. The advection
term of the transportation equations for

∼
ν is discretized by a second-order upwind scheme. Other

spatial derivatives are discretized by the central-difference scheme. The time integration is performed
using the second-order implicit method.

3.2. Numerical Setup

The computational domain, the computational meshes and the boundary conditions are shown in
Figure 5. As the same as the experimental setup, the origin of the coordinate system is defined at the
center of the O-VAWT. The modeled O-VAWT was comprised of three blades, one main shaft and two
sets of connecting arms. To reduce the computational cost, other components, such as the chains and
sprockets are omitted. The sizes of these components are the same as those used in the experiment.
The computational domain consists of three blade domains, one rotor domain and one far-field domain.
The blade domain included one of the blades and rotates around each blade axis. The rotor domain
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included these three blade domains, the main shaft and the connecting arms and rotates around the
main shaft. The far-field domain was a stationary domain and its size was 23.5D × 17D × 5D. Except
for uniform flow cases, a splitter plate with the same thickness as the experiment was set at y = 0 and
x = −11.37D to −1.67D. In all domains, only unstructured meshes were used. Based on our previous
mesh-resolution dependency tests [33], the number of computational cells in each domain were set as
shown in Table 2. The total number of computational cells was approximately 10 million. All surfaces
of the solid components were covered with boundary-layer meshes. The first grid nodes over the
surface of the blades were y+ < 1 in all run cases.

 
 

  

   
 

0.82 D 

Blade domain 

Blade domain 

Blade domain 

0.84 D D 1.96 D 

Rotor domain 

(a) 

(d) 

(b) 

(e) (c) 

Figure 5. Computational domain, computational mesh and boundary conditions. (a) Top view of the
computational domain; (b) bird’s eye view of the computational domain with computational mesh and
boundary conditions; (c) modeled rotor; (d) blade domains and (e) rotor domain.

Table 2. Numbers of grid sizes.

Domain Mesh on This Research Regular Mesh Used by ElCheikh [33]

Blade 1 2,300,530 1,610,660
Blade 2 2,303,725 1,614,903
Blade 3 2,304,607 1,588,363
Blade 4 - 1,614,661
Rotor 1,756,635 2,127,497

Far end 1,770,583 441,196
TOTAL 10,436,080 8,997,280
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At the inlet boundary, the distributions of the stream-wise wind velocity shown in Table 3 were
implemented. These distributions were set so that when the O-VAWT is absent, the distributions of
the time-mean values of u at x ≈ −0.147 D, which corresponds to 0.1 m downwind of the wind tunnel
outlet, matched well with those of the wind tunnel experiment, which were generated by using the
three kinds of perforated panels with different shielding ratios Φ, as shown in Figure 6a,b. Here, UH
and UL are the maximum and minimum streamwise velocities in the profile of a shear flow measured
in the wind tunnel experiment; Γ is the velocity ratio defined as:

Γ =
UH −UL

UH+UL
(17)

Table 3. Distribution of u at the inlet boundary. Here, Γ is the velocity ratio; Φ is the shielding ratio of a
perforated panel; UH and UL are the maximum and minimum velocities in a shear flow.

Flow
Type

Γ Φ
UH

[m/s]

Range of
UH

Region
[m]

Velocity
Distribution in

Transition
Region

Range of
Transition Region

[m]

UL
[m/s]

Range of
UL

Region
[m]

Uniform 0 - 8 8 8
ASF-SF 0.51 0.67 13.2 y ≤ −0.24 UH ·(−y/0.24)0.3 −0.24 ≤ y ≤ −0.01 4.3 y ≥ −0.01
ASF-SF 0.40 0.60 12.1 y ≤ −0.22 UH ·(−y/0.22)0.35 −0.22 ≤ y ≤ 0.02 5.2 y ≥ −0.02
ASF-SF 0.28 0.49 10.8 y ≤ −0.18 UH ·(−y/0.18)0.2 −0.18 ≤ y ≤ −0.01 6.1 y ≥ −0.01
RSF-SF 0.51 0.67 13.2 y ≥ 0.24 UH ·(y/0.24)0.3 0.01 ≤ y ≤ 0.24 4.3 y ≤ 0.01
RSF-SF 0.40 0.60 12.1 y ≥ 0.22 UH ·(y/0.24)0.35 0.02 ≤ y ≤ 0.22 5.2 y ≤ 0.02
RSF-SF 0.28 0.49 10.8 y ≥ 0.18 UH ·(y/0.24)0.2 0.01 ≤ y ≤ 0.18 6.1 y ≤ 0.01
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Figure 6. Horizontal distribution of the time-mean values of streamwise velocity at the mid-height
of the wind tunnel outlet at x ≈ −0.147D, which corresponds to 0.1 m downwind of the wind tunnel
outlet, and x = 0, which corresponds to the position of the rotational axis of the O-VAWT, when the
O-VAWT is absent. (a) ASF-SF cases at x ≈ −0.147D, (b) RSF-SF cases at x ≈ −0.147D, (c) ASF-SF cases
at x = 0 and (d) RSF-SF cases x = 0.

It is worth noting that amplification factors of Γ = 0.28 and Γ = 0.51 are considered as 1.35 and
1.65, respectively, by computing UH/U∞. The amplification factor is defined as the ratio of wind speed
in the case where there are buildings to wind speed in the case where these buildings are removed.
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The separated shear flow from a building with an aspect ratio of 1:1:2 reaches an amplification factor of
1.2 [35]. In addition, the separated shear flow from a building with an aspect ratio of 1:1:6 reaches
an amplification factor of 1.7 [36]. At x = 0, the values of Γ do no change, as shown in Figure 6c,d.
However, due to the momentum diffusion, the horizontal gradients of the time-mean streamwise
velocity become weaker. One of the reasons for the relatively large discrepancies between the profiles
obtained by the experiment and the CFDs can be that the turbulence intensities of the CFDs are
significantly small compared to those of the experiments, as shown in Figure 7. Even though very
high values of turbulence intensity were set at the inlet boundary, the turbulence intensities dissipated
rapidly and became very small at x = 0 as compared to those of the experiments. As the setting of high
turbulence intensity at the inlet boundary leads to computational instability, we set no perturbation
condition at the inlet boundary. Table 4 shows the values of U0 computed by Equation (8) and the
Reynolds number which is defined as:

Re =
U0D
ν

(18)
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Figure 7. Horizontal distribution of the turbulence intensity of ASF-SF cases at the mid-height of the
wind tunnel outlet at x = 0, which corresponds to the position of the rotational axis of the O-VAWT,
when the O-VAWT was absent. (a) Linear scale on the horizontal axis and (b) logarithmic scale in the
horizontal axis.

Table 4. Experimental and computational fluid dynamics (CFD) results for the values of U0 and Re for
the uniform flow, ASF-SF and RSF-SF cases.

Flow Type Γ
U0 [m/s] Re

Experiment CFD Experiment CFD

Uniform 0 8 8 2.79 × 105 2.79 × 105

ASF-SF 0.51 10.08 9.78 3.52 × 105 3.41 × 105

ASF-SF 0.40 9.38 9.22 3.28 × 105 3.22 × 105

ASF-SF 0.28 8.73 8.72 3.05 × 105 3.05 × 105

RSF-SF 0.51 7.76 7.48 2.71 × 105 2.61 × 105

RSF-SF 0.40 7.72 7.36 2.70 × 105 2.57 × 105

RSF-SF 0.28 7.52 7.33 2.62 × 105 2.56 × 105

At the outlet boundary, the pressure outlet condition with p = 0 was imposed. On the surface
of the O-VAWT and the splitter plate, the no-slip boundary conditions were set. The sliding mesh
technique was used to couple the rotational domains and the stationary domain. The direction of the
rotor and the blade rotations are counterclockwise and clockwise, respectively, when viewed from the
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top (Figure 5a). By changing the rotational speed of the rotor ω, the tip speed ratio λ was set at 0.2, 0.4,
0.5, 0.6, or 0.8. The time step sizes were set as dt = 0.5◦/ω.

3.3. Torque and Power Coefficients

As mentioned in sub-Section 2.4, this study considers only the aerodynamic torque generated
by the blades as the rotor torque of the O-VAWT. Since each of the blade axes was connected with
the main shaft by a chain via sprockets, the aerodynamic torque on each of the blades about each of
the blade axes was transmitted through the chain and contributed to the torque about the main shaft.
Therefore, the rotor torque generated by a blade at an azimuthal angle ϕ is expressed as:

TB
(
ϕ) =TB_rev(ϕ) + TB_rot(ϕ), (19)

where TB_rev(ϕ) is the conventional blade torque that is calculated by multiplying the rotor radius
and the component of the aerodynamic force on the blade at ϕ in the rotor-revolution direction; and
TB_rot(ϕ) is the torque generated by the component of the aerodynamic force on the blade at ϕ in the
blade-rotation direction about the blade axis. Hereafter, we call TB (ϕ) the “blade torque,” TB_rev(ϕ) the
“rotor-revolution torque” and TB_rot(ϕ) the “blade-rotation torque.” The blade torque coefficient (CTB),
the rotor-revolution component (CTB_rev) and the blade-rotation component (CTB_rot) are defined as:

CTB(ϕ) =
TB (ϕ)

0.5ρAU2
0R

, (20)

CTB_rev(ϕ) =
TB_rev (ϕ)

0.5ρAU2
0R

, (21)

and

CTB_rot(ϕ) =
TB_rot (ϕ)

0.5ρAU2
0R

. (22)

It should be noted that CTB, CTB_rev and CTB_rot are coefficients of one blade.
The CFD simulations were conducted for eight revolutions of the rotor. Using the data of the last

two rotor revolutions, the torque coefficient CT was computed by the following formula:

CT =
n

Ne −Ns

Ne∑
N=Ns+1

2π∫
0

CTB dϕ. (23)

Here, n (= 3) is the number of the blades; Ns (= 6) is the number of the rotor revolutions before
starting the computation of CT; Ne (= 8) is the number of the rotor revolutions before finishing the
computation of CT. The power coefficient of CP was computed by Equation (6).

4. Results and Discussion

In this section, the results of the wind tunnel experiments and the CFD simulations for the power
performance of the O-VAWT, such as the dependency of the power and torque coefficients on the
tip speed ratio, the variations of the torque coefficients with azimuthal angle, are presented for the
uniform flow case and the shear flow cases. Subsequently, the causes of the features of the power
performance of the O-VAWT are discussed based on the CFD results of the flow fields.

4.1. Performance in Uniform Flow

Figure 8a shows the power and torque coefficients (CP and CT) of the O-VAWT in the uniform
flow. The CFD results are in good agreement with the experimental ones. The optimal tip speed
ratio at which CP becomes the maximum is less than unity; 0.4 in the experiments and 0.5 in the
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CFD simulations. As mentioned in the introduction, this low optimal tip speed ratio is a favorable
feature for the built environment from the viewpoint of aerodynamic noise. With increasing λ, CT
decreases monotonically from a small tip speed ratio (λ = 0.2). These tendencies are commonly found
among drag-type wind turbines. The wind-tunnel experimental results by Shimizu et al. [24] for CP
and CT of an O-VAWT with two elliptical cross-sectional blades show the same tendencies as our
results. The value of the maximum CP is 0.32 in our experiments and CFD simulations, while the
value is 0.176 in Shimizu et al.’s experiments. The main factors for the better performance of our
O-VAWT as compared to Shimizu et al.’s O-VAWT can be the number of blades and the cross-sectional
shape of the blades. In our previous studies, the maximum Cp improved from 0.189 to 0.244 by
changing the number of blades from two to three [33] and improved from 0.246 to 0.288 by changing
the cross-sectional shape of blades from ellipse to rectangle [23].
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Figure 8. Performance of the O-VAWT in the uniform flow; (a) the variation of power coefficient (CP)
and torque coefficient (CT) with tip speed ratios (λ) by the experiments and CFD simulations, (b)
rotor-revolution (CT_rev) and blade-rotation (CT_rot) components of torque coefficients (CT) computed
by the CFD simulations. The wind-tunnel experimental results by Shimizu et al. [24] for CP and CT of
an O-VAWT with two elliptical cross-sectional blades are added for reference.

Figure 8b shows CT_rev and CT_rot computed by the CFD results. The sum of CT_rev and CT_rot is
CT. As well as CT, the value of CT_rev decreases monotonically with an increase in λ. Conversely, the
value of CT_rot increases with an increase in λ. The values of CT_rev are positive and larger than those of
CT_rot except for λ = 0.8. At λ = 0.8, CT_rev is negative; however, CT_rot is positive and its absolute value
is larger than that of CT_rev. As a result, CT is positive at λ = 0.8.

Figure 9 shows the variations of blade torque coefficient (CTB), its rotor-revolution component
(CTB_rev) and blade-rotation component (CTB_rot) with respect to azimuthal angle (ϕ) at λ = 0.4 and 0.6.
The value of CTB is significantly large in the upwind region of the advancing side (ϕ ≈ 180◦ to 270◦)
of the rotor, being the maximum at ϕ ≈ 210◦. In the range of ϕ where CTB is significantly large, the
contribution of CTB_rev is dominant. Except for this range, CTB_rev does not always positively contribute
to CTB. At ϕwhere the value of CTB_rev is negative, the value of CTB_rot is generally positive and the
rotation of the blade positively contributes to CTB. Due to this positive contribution of CTB_rot to CTB,
the value of CTB is positive at almost all ϕ and the variation of CTB of the O-VAWT with respect to ϕ is
smaller as compared to that of a Savonius-type VAWT. The variation of CTB of a Savonius-type VAWT
with respect to ϕ in Figure 9 is a result of CFD simulation by Tian et al. [37]. The maximum CP and the
optimal λ of the Savonius-type VAWT were 0.258 and 1.0, respectively.
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Figure 9. The variation of blade torque coefficients (CTB), its rotor-revolution component (CTB_rev) and
its blade-rotation component (CTB_rot) with azimuthal angle (ϕ) at; (a) λ = 0.4 and (b) λ = 0.6. Note that
CTB, CTB_rev and CTB_rot are coefficients of one blade. The CFD simulation result by Tian et al. [37] for
the variation of CTB of a Savonius-type VAWT with ϕ is added for comparison.

4.2. Performance in Shear Flows

Figure 10 compares the experimental results for CP of the O-VAWT in the cases of the advancing
side faster shear flow (ASF-SF), the retreating side faster shear flow (RSF-SF) and the uniform flow.
In the cases of the ASF-SF, CP is higher than in the case of the uniform flow at all λ and increases with
an increase in Γ. In the cases of the RSF-SF, similar to the cases of the ASF-SF, CP increases with an
increase in Γ. However, when Γ = 0.28, the values of CP are lower than those of the uniform flow
case. Concerning the optimal λ, there is a trend that it shifts to higher λ in both cases of shear flows as
compared to the uniform flow case, except for the RSF-SF with Γ = 0.28.
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Figure 10. Power coefficient (CP) of O-VAWT in shear flows by the experiments.

Both in the cases of the ASF-SF (Figure 11a) and the RSF-SF (Figure 11b), the CFD results for Cp–λ
curves are in good agreement with the experimental ones. In the following discussion, we use the CFD
results for the torque of the O-VAWT and the flow field to explain the effects of shear flows on the
characteristics of the power performance.
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Figure 11. Power coefficient (CP) of O-VAWT in shear flows by the experiments and the CFD simulations
in the cases of; (a) the ASF-SF and (b) the RSF-SF.

Figure 12 shows the variations of blade torque coefficient (CTB), its rotor-revolution component
(CTB_rev) and its blade-rotation component (CTB_rot) with azimuthal angle (ϕ) in the cases of the ASF-SF.
It is confirmed that these profiles are qualitatively the same between the cases of λ = 0.4 and λ = 0.6.
Therefore, it is considered that the effects of the shear flow on the characteristics of the blade torque
variations with ϕ do not significantly change around the optimal λ. As compared to the case of the
uniform flow, CTB is higher on most of the advancing side of the rotor (ϕ ≈ 210◦ to 330◦) and lower
in the upwind region of the retreating side of the rotor, specifically at ϕ ≈ 120◦ to 150◦. In particular,
with an increase in Γ, CTB increases on most of the advancing side of the rotor (ϕ ≈ 210◦ to 330◦).
The optimal ϕ at which CTB is the maximum shifts to the downwind direction on the advancing side of
the rotor (ϕ ≈ 240◦) as compared to the case of the uniform flow. The effects of the shear flow on the
variations of CTB_rev with ϕ is almost the same as CTB. As compared to the case of the uniform flow,
CTB_rev is higher on most of the advancing side of the rotor (ϕ ≈ 210◦ to 330◦). In contrast, CTB_rot is
lower in most of the upwind region of the advancing side (ϕ ≈ 180◦ to 240◦) and slightly higher in the
upwind region of the retreating side of the rotor, specifically at 120◦ to 150◦ as compared to the case of
the uniform flow. With an increase in Γ, CTB_rot decreases in the upwind region of the advancing side
of the rotor (ϕ ≈ 180◦ to 240◦). Due to its negative values of CTB_rot, the optimal ϕ at which CTB is the
maximum slightly shifts to the downwind direction as compared to CTB_rev.

Figure 13 shows the variation of blade torque coefficient (CTB), its rotor-revolution component
(CTB_rev) and its blade-rotation component (CTB_rot) with azimuthal angle (ϕ) in the cases of the RSF-SF.
Since these profiles are qualitatively the same between the cases of λ = 0.4 and λ = 0.6, it is considered
that the effects of the shear flow on the characteristics of the blade torque variations with ϕ do not
significantly change around the optimal λ. As compared to the case of the uniform flow, CTB is
significantly higher in most of the upwind region of the retreating side (ϕ ≈ 120◦ to 180◦) and lower on
most of the advancing side of the rotor (ϕ ≈ 210◦ to 330◦). In particular, with an increase in Γ, CTB
increases in the upwind region of the retreating side of the rotor. The optimal ϕ at which CTB is the
maximum shifts to the upwind region of the retreating side of the rotor (ϕ ≈ 150◦) as compared to the
case of the uniform flow. The effects of the shear flow on the variation of CTB_rev with ϕ is almost the
same as CTB. As compared to the case of the uniform flow, CTB_rev is higher in most of the upwind
region of the retreating side (ϕ ≈ 100◦ to 160◦) and lower on most of the advancing side of the rotor
(ϕ ≈ 210◦ to 330◦). In contrast, CTB_rot is slightly lower in most of the upwind region of the retreating
side (ϕ ≈ 90◦ to 150◦) and slightly higher in most of the upwind region of the advancing side of the
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rotor (ϕ ≈ 180◦ to 240◦) as compared to the case of the uniform flow. Furthermore, with an increase in
Γ, CTB_rot decreases in most of the upwind region of the retreating side (ϕ ≈ 100◦ to 160◦) and increases
in most of the upwind region of the advancing side of the rotor (ϕ ≈ 180◦ to 240◦).
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Figure 12. The variation of blade torque coefficient (CTB), its rotor-revolution component (CTB_rev) and
its blade-rotation component (CTB_rot) in the cases of the ASF-SF computed by the CFD simulations;
(a) for λ = 0.4 and (b) for λ = 0.6. Note that CTB, CTB_rev and CTB_rot are coefficients of one blade.
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Figure 13. The variation of blade torque coefficient (CTB), its rotor-revolution component (CTB_rev) and
its blade-rotation component (CTB_rot) in the cases of the RSF-SF computed by the CFD simulations;
(a) for λ = 0.4 and (b) for λ = 0.6. Noted that CTB, CTB_rev and CTB_rot are coefficients of one blade.

4.3. Flow Characteristics

Figures 14a, 15a and 16a show the temporal sequence of the horizontal distributions of normalized
horizontal velocity vectors, normalized pressure and normalized vorticity, respectively, at the
mid-height of the O-VAWT at λ = 0.4 in the case of the uniform flow. At ϕ = 180◦ to 270◦, the
approaching flow to the blade has a large velocity component perpendicular to the blade, and the
pressure on the upwind side of the blade is high. Due to this high pressure, CTB_rev is significantly high
in the range of ϕ = 180◦ to 270◦ in Figure 9. In addition, at ϕ = 210◦ to 270◦, due to the strong large
vortex formed near the outer edge of the downwind side of the blade, the pressure is low near the
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vortex. This low pressure positively contributes to CTB_rev (see Figure 9 at ϕ = 210◦ to 270◦). By contrast,
this low pressure negatively contributes to CTB_rot (see Figure 9 at ϕ = 210◦ to 270◦). At ϕ = 300◦ and
330◦, the approaching flow to the blade has a small velocity component perpendicular to the blade and
the pressure on the upwind side of the blade is not high. Therefore, CTB_rev is lower as compared to the
upwind region of the advancing side of the rotor (see Figure 9 at ϕ = 180◦ to 270◦). At ϕ = 0◦ to 120◦,
the attack angle of the blade is positive (here, the counterclockwise direction is defined as positive)
and the flow separates over the outer side of the blade. Therefore, on the upwind edge of the blade
and on the inner side of the blade near its upwind edge, the pressure is relatively high. In contrast,
on the outer side of the blade near its upwind edge, the pressure is relatively lower. This pressure
distribution contributes negatively to CTB_rev and positively to CTB_rot.
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Figure 14. The temporal sequence of the horizontal distributions of normalized horizontal velocity
vectors of the O-VAWT for λ = 0.4 in the case of; (a) the uniform flow, (b) the ASF-SF with Γ = 0.51 and
(c) the RSF-SF with Γ = 0.51.
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Figure 15. The temporal sequence of normalized pressure at the mid-height of the O-VAWT for λ = 0.4
in the case of; (a) the uniform flow, (b) the ASF-SF with Γ = 0.51 and (c) the RSF-SF with Γ = 0.51.

Figures 14b and 15b and Figure 16b show the temporal sequence of the horizontal distributions of
normalized horizontal velocity vectors, normalized pressure and normalized vorticity, respectively, at
the mid-height of the O-VAWT at λ = 0.4 in the case of the ASF-SF with Γ = 0.51. At ϕ = 210◦ to 330◦,
the approaching flow to the blade has a larger velocity component perpendicular to the blade, and
the pressure on the upwind side of the blade is higher as compared to the uniform flow case. Due to
this higher pressure, CTB_rev is higher than the uniform flow case (see Figure 12 at ϕ = 210◦ to 330◦).
In addition, at ϕ = 210◦ to 240◦, wind speed is significantly increased at the outer edge of the blade and
a significantly stronger and larger vortex is formed near the outer edge on the downwind side of the
blade. Near the vortex, the pressure is lower as compared to the uniform flow case. This low pressure
contributes to higher CTB_rev and lower CTB_rot as compared to the uniform flow case (see Figure 12 at
ϕ = 210◦ to 240◦). At ϕ = 120◦ and 150◦, the pressure on the outer side of the blade is lower due to
the lower speed approaching flow to the blade. Furthermore, the pressure on the inner side of the
blade near its upwind edge is higher due to the existence of the blade at ϕ = 240◦ or 270◦, respectively.
This pressure distribution contributes to lower CTB_rev and higher CTB_rot as compared to the uniform
flow case (see Figure 12 at ϕ = 120◦ to 150◦).
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Figure 16. The temporal sequence of normalized vorticity at the mid-height of the O-VAWT for λ = 0.4
in the case of; (a) the uniform flow, (b) the ASF-SF with Γ = 0.51 and (c) the RSF-SF with Γ = 0.51.

Figures 14c, 15c and 16c show the temporal sequence of normalized horizontal distributions of
horizontal velocity vectors, pressure and vorticity, respectively, at the mid-height of the O-VAWT at
λ = 0.4 in the case of the RSF-SF with Γ = 0.51. At ϕ = 120◦ and 150◦, the approaching flow to the
blade has a larger velocity component perpendicular to the blade and the pressure on the outer side
of the blade is higher as compared to the uniform flow case. Due to this higher pressure, CTB_rev is
higher than the uniform flow case (see Figure 13 at ϕ = 120◦ and 150◦). Furthermore, wind speed is
increased at the upwind edge of the blade and a stronger vortex is formed near the upwind edge of the
blade on its inner side. Near the vortex, the pressure is lower as compared to the uniform flow case.
This low pressure contributes to higher CTB_rev and lower CTB_rot as compared to the uniform flow case
(see Figure 13 at ϕ = 120◦ and 150◦). At ϕ = 210◦ to 300◦, except in the vicinity of the upwind side
of the inner edge of the blade at ϕ = 210◦, the approaching flow to the blade has a smaller velocity
component perpendicular to the blade and the pressure on the upwind side of the blade is lower as
compared to the uniform flow case. Due to this lower pressure, CTB_rev is lower than the uniform flow
case (see Figure 13 at ϕ = 210◦ and 300◦). In addition, at ϕ = 210◦ and 240◦, the vortex formed near the
outer edge of the downwind side of the blade is weaker and the pressure drop becomes smaller as
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compared to the uniform flow case. This smaller pressure drop contributes to lower CTB_rev and higher
CTB_rot as compared to the uniform flow (see Figure 13 at ϕ = 210◦ and 240◦).

5. Conclusions

We investigated the effects of horizontal shear flow on the performance characteristics of an
orthopter-type vertical axis wind turbine (O-VAWT) by conducting wind tunnel experiments and
computational fluid dynamics (CFD) simulations. In addition to a uniform flow, two types of shear
flow were used as the approaching flow to the O-VAWT. One type was an advancing side faster shear
flow (ASF-SF), which had a higher velocity on the advancing side of the rotor. The other type was a
retreating side faster shear flow (RSF-SF), which had a higher velocity on the retreating side of the
rotor. For each type of shear flow, we set three different velocity ratios (Γ = 0.28, 0.40 and 0.51), which
were the ratios of the difference between the highest velocity and the lowest velocity in a shear flow to
the sum of the highest and lowest velocities. The main findings are summarized as follows:

1. In the ASF-SF cases, the power coefficients (CP) were significantly higher than the uniform flow
case at all tip speed ratios (λ) and increased with Γ. The experimental results for the maximum CP
of the ASF-SF case with Γ = 0.51 and the uniform flow case were 0.43 when λ = 0.6 and 0.32 when λ
= 0.4, respectively. Around the optimal λ, the blade torque coefficient (CTB) on the advancing side
of the rotor was, in general, significantly higher than the uniform flow case and increased with Γ,
predominantly contributing to the increase in CP. The CFD results for the maximum discrepancies
of CTB on the advancing side of the rotor between the ASF-SF case with Γ = 0.51 and the uniform
flow case were 0.38 when λ = 0.4 and 0.44 when λ = 0.6. The high values of CTB of the ASF-SF
cases on the advancing side of the rotor were mainly caused by the higher pressure on the upwind
side of the blade due to the higher speed of the approaching flow and by the lower pressure near
the outer edge of the downwind side of the blade due to the formation of a larger vortex.

2. In the RSF-SF cases, CP increased with Γ. However, when Γ = 0.28, CP was lower than the uniform
flow case at all λ. When Γ = 0.51, CP was higher than the uniform flow case except at low λ;
however, it was lower than the ASF-SF case with Γ = 0.28. The experimental results for the
maximum CP of the RSF-SF case with Γ = 0.28, the RSF-SF case with Γ = 0.51 and the ASF-SF
case with Γ = 0.28 were 0.29 when λ = 0.4, 0.33 when λ = 0.5 and 0.35 when λ = 0.5, respectively.
Around the optimal λ, the blade torque coefficient (CTB) on the retreating side of the rotor was, in
general, higher than the uniform flow case and increased with Γ, predominantly contributing to
the increase in CP. The CFD results for the maximum discrepancies of CTB on the retreating side
of the rotor between the RSF-SF case with Γ = 0.51 and the uniform flow case were 0.60 when
λ = 0.4 and 0.36 when λ = 0.6. The high values of CTB of the RSF-SF cases on the retreating side
of the rotor were mainly caused by the higher pressure on the outer side of the blade on the
upwind side of the rotor, due to the higher speed of the approaching flow. By contrast, CTB on the
advancing side of the rotor was, in general, lower than the uniform flow case, due to the lower
pressure on the upwind side of the blade.

3. CTB consists of the rotor-revolution component (CTB_rev) and the blade-rotation component
(CTB_rot). In all the shear flow cases, as well as the uniform flow case, the contributions of CTB_rev
to CTB were dominant. The dependencies of CTB_rev and CTB_rot on Γ had the opposite tendencies.

These findings are useful for micro-siting of an O-VAWT in the area where shear flows occur.
A location where ASF-SFs with high Γ values dominantly occur is ideal for installing the O-VAWT.
At a location where not only ASF-SFs but also RSF-SFs occur at high frequencies, higher Γ values
are preferable. However, the shear flows utilized in this study are limited in their profiles and the
relative positions to the rotor. To properly conduct the micro-siting of an O-VAWT in the area where
various kinds of shear flows occur, such as the vicinity of a building, it is essential to understand the
performance characteristics of the O-VAWT in the various kinds of shear flows. Therefore, in future
research, we plan to investigate the effects of the broadness of the shear layer and the relative position
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of the shear flow to the rotor on the O-VAWT’s performance characteristics. In addition, we plan
to investigate the effects of the turbulence intensity of the approaching flow on the CFD results for
the O-VAWT’s performance characteristics by setting obstacles, which emit eddies, upwind of the
O-VAWT to avoid the rapid dissipation of high turbulence intensity.
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