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Abstract

This study presents the experimental and numerical characterization of composite laminates manu-
factured using a novel method known as Advanced Placed Ply (AP-PLY). The behavior of cross-ply
and quasi-isotropic AP-PLY laminates under uniaxial tension is compared with that of baseline
laminates. Stiffness is found to be unaffected by the preforming process, while the strength is
dependent on the laminate configuration. A 3D multiscale numerical modeling framework is de-
veloped to capture the effect of the through-thickness fiber undulations present in the AP-PLY
composites. The ability of the framework to accurately predict the stress-strain behavior and
failure mechanisms at a relatively low computational cost is demonstrated. The approach is also
exploited to investigate the influence of design parameters and improve the strength of the lami-
nates. These results show the potential of the numerical framework to optimize the fiber placement
preforming process to design AP-PLY components for structural applications.

Keywords: Computational modeling, Damage mechanics, Automated Fiber Placement (AFP),

3-Dimensional reinforcement

1. Introduction

Automated Fiber Placement (AFP) is an emerging technique to manufacture advanced com-
posites for the aerospace industry. One of its main advantages is the possibility to define complex
fiber paths to optimize the stiffness for a given loading scenario [1, 2, 3, 4]. One example of AFP
three-dimensional reinforcement is AP-PLY (or Advanced Placed Ply), a novel strategy to produce
pseudo-woven structures with improved impact resistance. Compared with existing methods for
impact tolerance improvement, such as z-pinning or 3D weaving, AP-PLY preforming does not
result in fiber breakage and introduces only minimal fiber crimp, allowing AP-PLY laminates to
retain the excellent undamaged in-plane strength and stiffness of conventional angle-ply laminates
[5].

The first investigations of AP-PLY laminates were performed by Nagelsmit, who reported a
significant improvement in the mode I interlaminar fracture toughness (89.2%) and the compression
after impact (CAI) strength (15%) relative to conventional laminates [6]. These conclusions are
echoed in a number of more recent studies [7, 8, 9, 10, 11, 12]. The majority of the existing

studies have been primarily experimental in focus. Although 2D analytical and numerical models
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have been developed to estimate stiffness and delamination [6, 13, 14], their capacity to predict
the 3D stress-strain response of complex AP-PLY composites with multiple tow orientations is
limited. The development of numerical models for damage tolerance analysis is a first step to
provide thorough insight into the failure micro-mechanisms of this family of composites and to
facilitate their adoption in structural applications. The primary challenge lies in the replication of
the complex geometries of AP-PLY laminates at a reasonable computational cost.

AP-PLY laminates with only two orthogonal tow orientations are essentially woven laminates,
and as such their geometries can be generated relatively easily with software packages such as
TexGen or WiseTex [15, 16]. As the number of tow orientations in an AP-PLY laminate rises,
however, their internal architecture becomes increasingly complex and cannot be easily replicated
using textile geometry creation packages, which are based on two dimensional Bézier splines. More-
over, these approaches use simplified yarn shapes, are subject to tow interpenetration issues, and
are costly and time consuming to adapt to AP-PLY composites [17, 18].

Rad et al. modeled the tensile response of quasi-isotropic AP-PLY composites using an elastic
3D shell model. The model does not, however, account for the effect of through-thickness fiber
undulations, a limitation which the authors acknowledge inhibits the accuracy of their model
predictions [10]. More recently, Li et al. developed a software package to generate 3D geometries of
AP-PLY laminates [18]. A subsequent study by Li et al. utilized their tow-based modeling strategy
to predict the behavior of two different types of AP-PLY composites to three point bending [19].
While the generated geometries show good agreement with micrographs of manufactured laminates,
and the correlation between the experimental and numerical results is good, the computational
cost of the model is significant, and it is still subject to interpenetration issues when the mesh is
not sufficiently refined [18]. Moreover, since the model uses cohesive interactions to capture matrix
cracking, rather than a continuum damage mechanics or XFEM approach, arbitrary crack paths
cannot be captured. Finally, the lack of a fiber failure criteria limits the ability of the numerical
model to simulate load cases where interlaminar damage is not the primary damage mechanism.

The aim of this paper is to provide a comprehensive study of the tensile response of AP-PLY
laminates and develop a multiscale simulation framework for structural design of components man-
ufactured using AFP. In this study, the in-plane response of two different AP-PLY configurations
is studied. The mechanical properties of the AP-PLY composites are compared with conventional
angle-ply laminates to quantify the effect of the preforming process on the undamaged in-plane
strength and stiffness of the laminates. A 3D multiscale numerical framework is developed to
efficiently capture the effect of through-thickness fiber undulations. The predictive capability,
computational cost, and limitations of the approach are analyzed. Consequently, the numerical
framework is exploited to investigate the influence of manufacturing parameters on the mechanical

response of the AP-PLY composites.
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2. Materials and methods

Two AP-PLY laminates with different internal architectures were manufactured: (i) a cross-ply
laminate [0/90]2s (XPap-pLy) and (ii) a quasi-isotropic laminate with stacking sequence [0/45/90/-
45]s (QIap.-pry). The latter represents the state of the art in terms of the complexity of its internal
architecture [11, 9, 7]. The AP-PLY panels were laid up by hand in a process emulating automated
fiber placement. Tows were cut out of a roll of prepreg (SHD Composites VITC401) to a width
of 10 mm, then placed into a mold in a predefined sequence. Guides were used to ensure correct
alignment. Figure 1 illustrates the layup process for the quasi-isotropic AP-PLY laminate. In
both laminates a gap of three tow widths was left between tows placed in the same pass, as in
[10, 12]. The 300 x 300 [mm?] panels were cured in a hot press under 4 bars of pressure at 120°C
for 120 minutes. In addition, two reference — non AP-PLY — laminates were manufactured for
comparison with the AP-PLY panels, (XPyct and QI,¢). The discrepancies between the thicknesses
of the AP-PLY and baseline specimens were negligible. The average thicknesses of the cross-ply
AP-PLY and baseline specimens were 1.68 mm and 1.63 mm respectively. The quasi-isotropic AP-
PLY and baseline thicknesses were 1.61 mm and 1.63 mm. A fiber volume fraction of approximately
53.2% was obtained for all the laminates. Glass fiber end tabs were adhered to all specimens using

an epoxy adhesive film (SHD Composites VTFA400).

‘QV'AE"
AV.047. D 4.
VO4V.D 44D

047. DA’V A4
AdV.DA'4V.8 4
.PA'4V.84)
PA'4V.84V.8

Pass 1: 0° Pass 2: 45° Pass 3: 90°

Pass 4: -45° Pass 16: -45° Manufactured QI Laminate

Figure 1: Layup process for a quasi-isotropic AP-PLY laminate. Note layup steps 5-15 are omitted for brevity.

Specimens were extracted using a water cooled diamond saw. The dimensions of the baseline
specimens conformed to the ISO 527 standard (25x 250 [mm?] with 50 mm long end tabs). However,
the AP-PLY specimens had larger dimensions (40x 300 [mm?] with 100 mm long end tabs) to ensure
their mechanical response was representative of the behavior of their parent laminates. As discussed
in the work of Rad et al. certain AP-PLY laminate configurations, including the quasi-isotropic

AP-PLY laminate in this study, do not contain a well defined representative volume element (RVE)
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[10]. Where an RVE is not readily identifiable, an “approximate” RVE can be determined. In the
case of the QI AP-PLY specimens, this approximate RVE measures 40 x 40 [mm?].

The tensile characterization was carried out in accordance with the ISO 527 standard. Six spec-
imens from each panel were tested using an MTS 300 kN universal testing machine, at 2 mm/min
cross-head displacement. Full-field displacements were recorded using a 2D digital image correla-
tion system, with post-processing conducted using the VIC-2D software package. The laminates

were inspected using a Hitachi TM4000Plus Scanning Electron Microscope (SEM).

3. Multiscale Numerical Modeling

The model presented in this section describes the mechanical response of AP-PLY laminates
including the mechanical response of the tow undulations created by the preforming process. The
role of the through-thickness reinforcement is critical to the accurate prediction of deformation, fail-
ure and damage progression in 3D composites [20, 10]. Modeling the tow undulations explicitly as
solid continua is challenging due to the complexity of their internal architecture at non-orthogonal
tow crossovers. Moreover, this approach is subject to tow interpenetration issues, which may re-
quire manual intervention to resolve [18]. In this study, a new approach is proposed in which the
macroscale variations in strength and stiffness resulting from the presence of tow undulations are

captured through the use of multiscale modeling.

Resin rich regions
/ between parallel tows

Straight tow =
regions P

Region types
[] Resin-rich
[] straight fiber
[ undulation

Through thickness
fiber undulation regions

Figure 2: Illustration of the idealized geometry used in the numerical models.

AP-PLY laminates are first divided into regions of three different types: straight fiber, undula-
tion and resin-rich regions. Figure 2 illustrates schematically the idealized geometry of a cross-ply
AP-PLY laminate divided in such a manner. The elements in each region are assigned the ma-

terial properties, volume fractions, and orientations of their constituents. Resin-rich regions, for
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Figure 3: Flowchart illustrating the multiscale algorithm for 3D damage modeling in AP-PLY composites. The ¢

superscript denotes the time step (0 indicates the initial time step). The D variable represents the damage matrix.

example, consist of a non-undulating tow and a neat resin pocket. The elements in each region
function as mesoscale unit cells. In this manner, the effects of through-thickness undulations can
be captured without modeling curved fiber paths geometrically.

The global strain state at each integration point, as determined through the macroscale model,
is provided as input to the multiscale algorithm. The strains on each constituent at the mesoscale
(in the element coordinate system) are assumed to be equal to the global strains through an iso-
strain assumption [21]. This assumption is reasonable given the in-plane loading and the relatively
small out-of-plane fiber orientations encountered in AP-PLY laminates. However, care should be
taken when extending this approach to laminates with higher fiber curvatures, large heterogeneities,
or load cases which stress the material primarily in the through thickness direction. The strains
in the global coordinate system are subsequently transformed to the material coordinate system
for each of the mesoscale orthotropic constituents (this operation is not performed for the resin

constituent). The stresses in each constituent — in the the material coordinate system — are then
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Figure 4: Schematic of the unit cells for the different region types.

determined using the appropriate constitutive model (see Sections 3.2 and 3.3). This approach
separately captures the initiation and evolution of damage in each constituent. Once the stresses
in each constituent have been determined they are rotated back to the global coordinate system.
The homogenized stress on each element can then be calculated through volumetric averaging of
the stresses in each constituent. A flowchart summarizing the modeling methodology can be found

in Figure 3.

3.1. Microscale model

Unit cells are defined to represent the region types (straight tow, undulation, or resin rich)
identified in Figure 2. Depending on the region they represent, the unit cells contain differing
proportions of fiber tow and pure resin micro constituents, see Figure 4. In addition, the fiber tow
micro constituents in each unit cell possess an in-plane and out-of-plane orientation.

The simplest of these representative volume elements is the straight fiber tow unit cell, which
does not contain any pure resin pockets, and whose fibers are all aligned in the plane. Resin
rich unit cells represent the edges of tows where the fiber volume fraction is comparatively low,
consisting of a pure resin and straight tow constituents. Lastly, through thickness tow undulations
are modeled through the combination of four geometrically congruent unit cells, as illustrated in
Figure 4. Each unit cell contains either an undulating tow and a resin pocket, or two tows with
differing in-plane and out-of-plane orientations.

The stress-strain response of the tow and resin micro-constituents are governed by their respec-

tive material models, described in Sections 3.2 and 3.3. In the case of the tow constituents, the
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global macroscale strain is transformed into the material coordinate system defined by the in-plane
ply angle (a) and the average out-of-plane orientation (¢g.4), as defined in Figure 4. Note that

since the pure resin regions are isotropic, strains in these regions do not need to be transformed.

3.2. Constitutive behavior: fiber tows

Damage in the impregnated fiber tows is defined by a continuum damage mechanics framework
that degrades the stiffness of the material as damage accumulates based on the models developed
by Maimi et al. and Shah et al. [22, 23, 21].

Material behavior prior to failure is linear-elastic. After the onset of damage, the gradual
unloading of a ply is simulated according to damage evolution laws expressed as function of three
damage variables: d;, representing longitudinal fiber damage, ds, representing transverse damage
in the plane of the ply, and ds representing out-of-plane damage. All damage variables are equal
to zero prior to damage initiation, and increase to unity at strains corresponding to failure. The
compliance tensor of the material can be expressed as a function of the damage variables and the

elastic constants of the material as:

2 m —5 0 0 0
H- _% _% m 0 0 0 (1)
0 0 0 Tau-aos 0 0
0 0 0 0 e A eenryem 0
0 0 0 0 0 =il

To ensure mesh objectivity, the constitutive model employs the crack band model proposed by
Bazant and Oh, in which the energy dissipated by an element is regularized using its characteristic
length [24]. The characteristic lengths of each micro-constituent, i, were defined as the cubic root
of each their volume Vj, which means the most accurate results are obtained using elements with

an aspect ratio close to one [25, 26].

(=W (2)

=gt M=123 k=TC )

where GY; is the fracture toughness of the material along the loading direction M, adjusted to
account for the volume fraction of the constituent in the unit cell. In other words, the volumetric
fracture energy density is calculated by dividing the fracture toughness of the relevant material by
its characteristic length — the cubic root of the volume of the corresponding constituent. g%, is
the energy dissipated per unit volume, 7" and C' denote tensile and compressive loads, respectively,
and £ is the characteristic length of the constituent. The strain-softening relationships for fiber

and matrix damage modes are illustrated in Figure 5.
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Figure 5: Longitudinal (a) and transverse or through-thickness (b) stress—strain response.

The initiation of damage under longitudinal loading is governed by simple non-interactive max-
imum strain criteria F' and FC:

€11
FI(ZWQ k=T,C (4)
S5

where )% represents the strain corresponding to the strength of the material, i.e. e€{¢ = X©/Ey;.
After the onset of damage, the stiffness of the material is degraded according to a scalar damage

variable d¥, defined by an exponential law. In tension, the exponential law is given by Equation 5.

rexp 47 (1) )

T
dy =1—
where r] is the longitudinal tensile elastic domain threshold, initially equal to one and increasing
monotonically with damage evolution. The tensile elastic domain threshold is a function of both
the tensile and compressive failure criteria. This is because cracks that form under compressive

loading open on load reversal [22].

o = max { L (7} e () ©)
where s denotes a single time step, in the range from 0 to ¢, and ¢ is the current time step. AT
is a parameter that ensures the correct dissipation of fracture energy and is a function of the
characteristic length in the fiber direction fgy,. F41 is the Young’s modulus in the fiber direction,

GT is the longitudinal tensile fracture energy, and X7 is the longitudinal tensile strength.

AT _ 2£ﬁb (XT)2
Y 2B GT — tg, (XT)?

(7)

In compression, the damage variable d{ must be expressed as a function of both the longitudinal
damage variable df and the compressive elastic domain threshold r{. While cracks formed under
tensile loading will close under compressive loads, the broken and misaligned fibers cannot carry

any additional load [23].

d$ =1.0— (1.0 — d$*)(1.0 — Afd]) (8)
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where df* is the exponential damage evolution function for purely compressive damage, given by

Equation 9.

1
d?* =1- T—Cexp [Alc (1 - Tlc)] 9)
1

Note that since the tensile cracks close under load reversal the compressive elastic domain
threshold is not affected by tensile damage, see Equation 10. The A{ is defined in the same

fashion as in the tensile mode.

ré —max{l,nl%>§ {Flc}} (10)
20, (X©)?
AS = o (X7) (11)

= 2
2E11G¢ — g, (XO)
The Ali parameter defines the extent to which damage accumulated in tension affects the
compressive response

1— Ea

E
‘ﬁ:blﬁl (12)

where F11 and Foy are the longitudinal and transverse moduli of a lamina. The b parameter is
used to control the extent of stiffness retention. When b = 1, the loads are assumed to be carried
solely by the matrix. When b = 0 fibers are assumed not to have lost alignment and there is no
loss in stiffness. In the present work, an intermediate value of 0.5 has been used.

Finally, the longitudinal damage variable d; can be expressed as a function of the tensile and
compressive damage variables and the sign of the longitudinal normal stress. This accounts for the

closure of cracks occurring under load reversal.

—011>

o1

dy = arimn) | gof (13)
|o11
Under loading transverse to the fibers, a composite will fail through matrix cracking and/or

fiber matrix decohesion. Damage initiation is predicted by a three-dimensional adaptation of the

Hashin failure criteria [21]:

poT _ (@»)Z (?2)+ (?23> 14
“Uvr) fls) e

~ 2 C 2 ~ ~ 2
2C (—022) Y 022 T12
o= (G5) | Gsr) 1|7 (82) (19)
por _ (@) (T (7 ”
R + 5K T 5T (16)
~ 2 C\ 2 ~ ~ 2
3C <*033> Z 033 T31
(56) + () 1 22 (5) (7

T
where Y,

ye, zTt

s, and ZC are the tensile and compressive strengths in the transverse and

through-thickness directions, respectively, and SZ, ST, SE are the shear strengths in the 12, 23,

187
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and 31 directions, respectively. The is subscript indicates in-situ strengths [27, 28] and ~ indicates
a trial stress component.

Four damage variables (da,dS,dY,dS) are defined that correspond to the four failure criteria.
When the value of a failure criterion exceeds unity, the corresponding damage variable is updated to
induce softening of the material in the relevant direction. For matrix damage, stiffness degradation

is linear, and is defined by a damage evolution law of the form:

ef (e — &%)
e (ef —ev)

where € is the strain at damage onset, ¢ is the current strain, and ' represents the ultimate failure

d= (18)

strain, given by:

ef = (joggc) (19)

where G. is the fracture energy of the material in the relevant direction, ¢. is the characteristic

length and ¢ is the stress at damage initiation. Note that since the shear moduli are degraded by
a combination of the dy, ds, and d3 variables, the model does not account for the higher toughness
of the composite in shear.

Consequently, the damage variables do and ds can be calculated as:
di =1.0—(1.0—dl)*(1.0-d) i=2,3 (20)

3.8. Constitutive behavior: pure resin
Pure resin regions are assumed to be linear-elastic and isotropic with initial stiffness F,,. As
such, their stiffness is degraded using a single scalar damage variable d,,,. The compliance matrix,

which is a function of the damage state, is:

7(1_1[1“1) —v —v 0 0 0
—v 7(171%)) —v 0 0 0
1 —V —UV ﬁ 0 0 O
H = F Liv (21)
m 0 0 0 A=) 0 0
0 0 0 0 A 0
L0 0 0 0 0wy |

Damage onset is predicted using the following pressure dependent loading functions adapted

from the work of Liu et al. [29]:

pr_ 3t (YC—-yT)

T . if I, >0 (22)
3Jo4+ 1 (YO -YT
FC=_22 ;(EYT ) if [ <0 (23)

where I is the first invariant of the stress tensor, and .J; is the second invariant of the deviatoric
stress tensor, and YT and Y© are the tensile and compressive strength of the pure resin region,

respectively, assumed to be equal to the transverse strengths of the unidirectional tows.

10
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After failure initiation, damage is dissipated according to the following exponential damage
evolution law following the same methodology described in Section 3.2:
di;:1—rikexp [AX (1-rK)] k=T.,C (24)
m
where AT and AS are the tensile and compressive fitting parameters used to ensure correct dis-
sipation of fracture energy, and rL and r$ represent the elastic domain thresholds under tensile

and compressive loading, respectively, defined as:

20"
A = =7 k=T 2
T _ T C
Tm_maX{l’?i%?%{FM}’?i%ﬁ{FM}} (26)
C _ C
ro —max{l,griaoﬁ {FM}} (27)

where /¢ is the constituent’s characteristic length, QEI and gfg are the tensile and compressive
fracture energies, and FEy, is the bulk resin modulus. In this study the bulk resin properties were
assumed to be identical to the transverse properties of a unidirectional tow. Finally the damage

variable dy, is calculated based on the tensile and compressive damage variables:

dypw = 1.0 — (1.0 — dL) (1.0 — dS) (28)

3.4. Implementation

The multiscale algorithm developed in the previous sections was implemented as a VUMAT
subroutine in Abaqus/Explicit. The complete source code is available for download on GitHub !.
Material properties were characterized experimentally according to the relevant standards and are
listed in Table 1 with the exception of the longitudinal fracture toughnesses which were taken
from the literature. Go_ was determined based on the intralaminar shear fracture toughness Gg
and the fracture angle under pure transverse compression (53°) [23]. The undulation ratio and
volume fractions of the unit cell constituents were estimated from SEM micrographs. For the
press-manufactured carbon epoxy laminates used in this study the undulation ratio (as defined in
Figure 4) was 0.0683.

Python scripts were developed to automate the creation of the finite element models. These
scripts are publicly available on available on GitHub 1Y. Coupons were discretized with 8 node
reduced integration linear solid C3D8R elements. Mesh seeds were defined such that the element
sizes were approximately equal to the size of the mesoscale unit cells and the length of the un-
dulation (a~ 1.5mm). This is the optimal element size to ensure a realistic macro-to-meso strain
transformation [21]. Tt is worth noting that due to the automatic partitioning of the complex ge-
ometry some elements may be smaller than the mesoscale unit cell. Mesh topology was dependent

on the laminate stacking sequence. Specimens were automatically meshed using swept meshes and

! https://github.com/rutger-kok/composite_cdm_ap_ply

11
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Table 1: Mechanical properties of the SHD Composites VTC401.

Property Value  Source

Elastic properties

Eq1 (GPa) 124.35 1ISO 527-4
Esy = E33 (GPa)  7.231  1ISO 527-4
G2 = G31 (GPa) 3.268  I1SO 14129

Gas (GPa) 2.638  estimated as in [30]
Vs = vg1 () 0.339  ISO 527-4

vag (-) 0.374  estimated as in [31]
Strengths

X1 (MPa) 2550 ISO 527-4

X (MPa -1102  ASTM D 6641

YT = ZT(MPa) 44 ISO 527

YC = Z°(MPa) -184  ASTM D 6641

512 = §3L(MPa) 55 ISO 14129

523 (MPa) 83 ISO 14130
Fracture energies

GT (N/mm) 134.0  [32]

GC (N/mm) 95.0  [32]

G§ (N/mm) 0.38  [33]

G (N/mm) 1.62 [33]

the advancing front algorithm. As a result of this process, the quasi-isotropic specimen mesh was
largely unstructured, while the cross-ply specimens exhibited a much more regular mesh aligned
with the geometry of the tows.

It is worth noting that damage localization and mesh dependency — deficiencies of classical
local continuum damage mechanics models [34] — may result in the localization of damage in single
element bands. It is possible to exploit the mesh dependency by aligning lamina meshes with their
fiber direction to improve the accuracy of the predicted crack path [35, 36, 37, 38]. However, a
systematic review of mesh alignment in composite lamina concluded that it is unnecessary for the
accurate simulation of unnotched tensile tests [39]. The accumulation of damage leads to local
softening behavior as the tangent stiffness becomes negative, potentially causing the nonphysical
localization of deformation. To overcome this issue, each constituent’s fracture toughnesses have
been normalized by their characteristic length. As reported by other authors [24], this approach
helps to alleviate mesh dependency, although negative tangent stiffness matrices may still induce
damage localization in structured meshes. As such, it is important to consider the mesh topology
when simulating the behavior of AP-PLY laminates.

The validation of the fiber tow constitutive model and a mesh convergency study is available
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in Appendix A. Midplane symmetry was used to reduce computational cost. Enhanced hourglass
and distortion controls were enabled to improve numerical stability. Simulation runtimes for the
100 mm x 40 mm AP-PLY specimens varied from 33 mins to 600 mins running in parallel on 4
cores in a Intel Xeon E3-1230 Windows machine depending on the AP-PLY configuration.
Specimens were fully clamped at one end and a 0.5 mm/s velocity was imposed at the opposite
boundary to simulate the quasi-static experiment. The internal and kinetic energy in the model
were evaluated to ensure inertial forces were negligible. To avoid unrealistic element distortion
resulting from the strain-softening constitutive behavior, elements were deleted from the mesh if
the determinant of the deformation gradient F', i.e. the ratio of the deformed to the undeformed
element volume, exceeded predefined limits, see Equation 29 [40]. The implementation of these
deletion criteria improved stability and prevented simulations from aborting prematurely. It should
be noted these bounds must be reviewed if the element size and/or material properties are changed,
to ensure elements have dissipated all of their fracture energy before they are removed from the

model.

Delete element if (0 < det F < 0.8 or det F > 2.5 . (29)

4. Results and Discussion

4.1. Ezxperimental results
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Figure 6: Stress-strain response of baseline and AP-PLY composites.

Figure 6 shows representative stress-strain curves of the baseline and AP-PLY laminates and
the results are summarized in Table 2. Laminate moduli were evaluated over a strain range from
0.002 to 0.008, prior to damage initiation. No significant difference was found between the initial
stiffness of the AP-PLY and baseline cross-ply and quasi-isotropic panels. The result is consistent
with previous studies of AP-PLY laminates which have reported minor changes in undamaged
in-plane stiffness in spite of the presence of fiber crimp [6, 7, 9].

In terms of strength, the AP-PLY process was found to reduce the strength of the cross-

ply laminates by as much as 16.7%. The discrepancy can be attributed to stress concentrations
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Table 2: Experimental and numerical moduli and strengths for baseline and AP-PLY laminates.

Modulus (GPa) Strength (MPa)
Configuration
Exp. FEA Exp. FEA
XPap.pry 65.27 + 3.53 61.71 1060.31 £+ 47.55 1000.18
XPhase 63.59 £+ 1.23 63.26 1273.15 £ 55.61 1324.38
Qlap.pry 44.96 + 0.57 42.60 705.67 + 28.85 653.62
Qlpase 44.56 £+ 0.95 44.25 655.90 £ 29.79 643.11

induced by the through-thickness fiber undulations (see Figure 9). Post-mortem examinations of
the specimens indicated that ultimate failure of the specimens occurred along tow boundaries,
never splitting a tow in the direction parallel to the fibers. Additional stress concentrations were
also detected near the clamped ends of the specimens due to the high gripping pressures used to
prevent slippage of the large non-standard width specimens, in spite of the use of larger end tabs.
This was not an issue for the baseline specimens whose dimensions conformed to the ISO standard.

In contrast to the cross-ply specimens, the averaged quasi-isotropic AP-PLY specimen strength
was 7.6% higher than the baseline configuration. Notably, there was a distinct kink in the stress-
strain response of the baseline specimens at a load of approximately 500 MPa. This softening
behavior was not observed in the AP-PLY specimens, which exhibited linear elastic behavior up
to final failure. The non-linear behavior of the quasi-isotropic baseline specimens is attributed
to more extensive matrix cracking in the specimens prior to final failure, see Figure 8. In the
AP-PLY specimens the £45 and 90 degree tows do not form a continuous ply from one (clamped)
end of the specimens to the other. As a result of the discontinuity of these tows, they tend not to
form matrix cracks parallel to the local fiber direction within the tows themselves. Instead, these
tows debond from the rest of the laminate, i.e. matrix cracks only form between tows. While the
baseline cross-ply specimens also exhibit matrix cracking, they do not exhibit the same softening
behavior as the baseline quasi-isotropic composite because they contain a greater proportion of
load oriented plies. Similar behavior is observed in woven composites, in which extensive matrix

cracking does not result in a non-linear stress strain response [41].

4.2. Numerical response: AP-PLY composites

The numerical framework described above was used to simulate the tensile response of the
AP-PLY and baseline panels. Figure 7 compares the experimental and numerical stress-strain
curves and results are summarized in Table 2. Laminate moduli were evaluated over a strain range
from 0.002 to 0.008, prior to damage initiation. The tow region constitutive model was able to
accurately predict the stiffness and strength of the baseline laminates, and their failure modes, see
Fig. 8. The cross-ply specimens failed simultaneously at different points, both in the center and

near the clamps. This phenomena was well captured by the numerical model. The progressive ply
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Figure 7: Comparison of experimental and predicted stress-strain curves of cross-ply (a) baseline and (b) AP-PLY

and quasi-isotropic (c) baseline and (d) AP-PLY laminates.
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baseline laminates. Note the matrix cracking in the transverse and +45 degree tows.

failure in the quasi-isotropic specimens was also well predicted. Matrix cracking occurred at low
strains in the 90° plies, followed by the 4+45° laminae, spreading through the entirety of each ply.
Final failure of the the specimens was caused by fiber fracture in the 0° layers, with simultaneous
perpendicular and diagonal cracks.

The prediction of the mechanical response of the cross-ply AP-PLY panels was in very good
agreement with the experimental results. The discrepancies between the experimental and numer-
ical stiffness, strength, and strain to failure values amounted to 5.5%, 5.7%, and 1.8% respectively.
Reasonable agreement was also obtained for the response of the quasi-isotropic panel. Stiffness was
estimated by the numerical model to within 5.2% of the experimental modulus. However, as the
complexity of the internal architecture increased, the numerical model tended to underestimate
the strength, by approximately 7.4%.

The models presented a linear-elastic response until the onset of matrix cracking. As loads
were increased, strain concentrations developed at the through-thickness tow undulations due to
the differences in stiffness between adjacent tows with different out-of-plane orientation. Figure 9
compares the strain field on the surface of a cross-ply specimen (obtained using DIC) with the
numerical model predictions at 1.1% nominal strain. The size and location of the strain concen-
trations were captured relatively accurately by the numerical model in single element bands, even
using a coarse mesh.

The numerical models predicted the location and angles of the planes along which the specimens
fractured, which were always aligned with the undulation regions along transverse tow boundaries.
Figures 10 and 11 compare the experimentally observed fracture mechanisms with those predicted
by the numerical model. Despite the relatively coarse mesh, the model was able to predict the
crack paths accurately.

In the case of the quasi-isotropic laminate, failure occurred at a +45° angle. Fiber failure also
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Figure 10: Numerical predictions and experimental observations of damage in cross-ply AP-PLY laminates. The
finite element mesh used to discretize the top ply of the specimen is illustrated in (a). Subfigures (b) and (c)
exhibit the damage envelopes corresponding to fiber damage and transverse/through-thickness damage, respectively.

Deleted elements are not shown. Experimentally observed failure mechanisms are exhibited in (d).

happened on this inclined plane even in tows oriented in the loading direction, where failure would
normally be expected to occur on a plane normal to the tow. In the cross-ply specimens failure
occurred on a plane orthogonal to the loading direction aligned with one or more of the undulation
regions. Matrix cracking was only predicted in the vicinity of the tow boundaries, instead of spread
over the entirety of each transverse ply, as in the case of the baseline laminates. For example, the
transverse crack which initiated on the failure plane and runs along the tow boundary was well
captured by the matrix cracking criteria in the numerical model.

The accuracy of the numerical models decreased as the complexity of the internal architecture
rose due to the limitations of the homogenization approach. For example, in the quasi-isotropic
laminates the numerical stress-strain response diverged from the experimental results at high loads.
While the stiffness of the undulations in the direction of the fibers should be relatively unaffected
by damage to the matrix (in tension), due to the homogenization of the stresses in each undulation

region, matrix damage reduced the stiffness even in the direction of the undulating fibers. An
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Figure 11: Numerical predictions and experimental observations of damage in quasi-isotropic AP-PLY laminates.
The finite element mesh used to discretize the top ply of the specimen is illustrated in (a). Subfigures (b) and (c)
exhibit the damage envelopes corresponding to fiber damage and transverse/through-thickness damage, respectively.

Deleted elements are not shown. Experimentally observed failure mechanisms are exhibited in (d).

additional effect of the reduced stiffness was the premature triggering of the longitudinal failure
criteria, resulting in a lower ultimate failure strength. It should be noted that the non-linear re-
sponse of the resin and the shear response of the tows were not implemented. Incorporating these
phenomena into the constitutive models could potentially improve strength predictions, particu-
larly in the case of the quasi-isotropic laminates (or other composites with high resin content).
However, while it is important to acknowledge the potential for reduced accuracy in the predicted
strength of AP-PLY laminates with a large number of different tow orientations, the quasi-isotropic
laminates studied in the present work represent the current state-of-the-art in terms of geometric
complexity [6, 11, 7, 9].

Despite the aforementioned limitations, the multiscale homogenization/CDM framework pre-
sented in this study predicts the mechanical response of the AP-PLY composites with reason-
able accuracy and at a reduced computational cost compared to microscale or FE? approaches
[42, 43, 44, 45, 46]. The automated pre-processing (comprised of specimen partitioning, material
property assignment, and meshing) is 6 times faster than the approach developed by Li et al. [18]
when performed on a 4 core (Intel Xeon E3-1230) Windows machine with 16 GB of RAM. Fur-
thermore, the use of a coarse mesh (~1.5 mm characteristic length) to reproduce the response of
the undulations drastically reduces the computational cost of the models when compared against
microscale approaches that require meshes of the order of 0.07 to 0.35 mm to discretize the fiber
curvature, as in studies of 3D woven and braided composites [47, 48, 44, 49, 50, 51]. While these
microscale approaches might be able to replicate the stress-state in an AP-PLY composite with
greater accuracy, the high number of degrees of freedom required preclude their use in the analysis
of large structural components [52]. The methodology presented in this paper strikes a balance

between accuracy in the prediction of the stress-strain response and computational efficiency.
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4.8. Effect of specimen size

As discussed previously, the AP-PLY quasi-isotropic specimens characterized in this study
contained only an “approximate RVE” as a true RVE could not be identified for laminates with
this configuration. In spite of this, the experimental results exhibited low levels of variability: the
coefficients of variation of the modulus and strength amounted to 1.7% and 4.9% of their mean
values, respectively. To evaluate whether the dimensions of the specimen impact the numerical
model results, various virtual specimens with dimensions ranging from 30 x 30 [mm?] to 80 x
80 [mm?] were simulated.

Figure 12 illustrates the stress-strain response of the virtual specimens. As in the experimental
results, the use of an approximate RVE can be observed to have a minimal impact on laminate
performance. Even the specimen size that is smaller than the approximate RVE, 30 x 30 [mm?],
produces results in line with the larger specimens. The mean failure stress was found to be
673 MPa with a coefficient of variation of only 2.5%. The averaged laminate stiffness is 44.21 GPa
with a coefficient of variation of 1.8%. These results suggest the mechanical properties of an AP-
PLY component with no strictly identifiable RVE can be determined experimentally or numerically

within a reasonable scattering compatible with the requirements of primary structural components.

4.4. Effect of tow-skipping parameter

To investigate the effect of the tow skipping parameter on laminate performance, numerical
models of cross-ply and quasi-isotopic laminates were generated in which either 1 or 5 tows were
skipped (versus the 3 tow gap used for the experimental characterization). This parameter deter-
mines the density of the undulation regions in a laminate, hence a low tow-skipping value implies
a higher number of undulations.

Laminate stiffness was unaffected by the tow skipping parameter for both the quasi-isotropic
and cross-ply configuration (in agreement with the experimental results). Furthermore, the tow
skipping parameter had a negligible impact on the strength of the cross-ply laminate: the max-

imum stresses were almost identical for all three laminate configurations (Figure 13a). In the
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quasi-isotropic configuration however, increasing the number of skipped tows led to an increase in
laminate strength (Figure 13b). In AP-PLY laminates, the magnitude of the stress intensity fac-
tor resulting from an undulation region is dependent on the mismatch angle between the regions’
micro-constituents. In the cross-ply laminate the stress intensity factor at all tow undulations
was the same, and the undulations were sufficiently spread out so they did not interact. In the
quasi-isotropic laminate, however, reducing the spacing of the tows resulted in interactions between
the different tow undulation regions, increasing the stress intensity factor and thereby negatively
affecting laminate strength.

These results show the potential of the numerical framework to analyze the influence of pre-
forming parameters in the laminate’s mechanical performance. In particular, it could be used
to optimize the structural response of components manufactured by automated fiber placement
subject to complex loading states, such as low-velocity impact, a potential application for the

aerospace sector.
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Figure 13: Predicted stress-strain response of (a) cross-ply and (b) quasi-isotropic AP-PLY laminates with different

numbers of tows skipped between tows placed in the same pass.

4.5. Effect of the undulation ratio

The undulation ratio used in this study was obtained using SEM micrographs. For the given
material and processing method, the undulation ratio was found to be relatively constant, varying
by +£10% from the mean value of 0.0683. A sensitivity study was conducted to determine the effect
of the undulation ratio on the numerical model predictions. In the model this was implemented
by changing the length of the undulation and the adjacent resin rich regions. This methodology
resulted in a variation in the total fiber volume fraction of the laminate of £0.3% from the initial
53.2%, which was within the bounds of the experimental scattering. The results are illustrated in
Figure 14.

Laminate moduli were found to be relatively insensitive to changes in the undulation ratio. The
most likely explanation for this result is that changes to the undulation ratio have two competing

effects. First, as previously mentioned, increasing the undulation ratio increases the laminate FVF
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marginally. However, this change also increases the out-of-plane inclination of the fibers in the
undulation regions, reducing the stiffness of these regions and in turn the stiffness of the laminate
as whole.

In terms of strength, increasing the undulation ratio was found to have a negative impact on
the strength of the laminate for both the cross-ply and quasi-isotropic laminates. As mentioned
previously, increasing the undulation ratio results in larger out-of-plane fiber inclinations in the
undulation regions, leading to higher stress concentrations. As a result, the longitudinal fiber
failure criteria are triggered at lower nominal stresses in laminates with high undulation ratios.
This effect is more significant in the cross-ply laminates where stress-concentrations are higher due
to the greater ply mismatch angles. These results suggest that the AP-PLY process is best suited
to thin ply composites in which the amplitude of the fiber undulation, and therefore the undulation
ratio, is very small. High consolidation pressures during curing are likely to have a beneficial effect

on laminate strength, for the same reason.
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Figure 14: Predicted stress-strain response of (a) cross-ply and (b) quasi-isotropic AP-PLY laminates with different

undulation ratio value.

5. Conclusions

The in-plane tensile behavior of two different AP-PLY (or Advanced Placed Ply) laminates was
characterized and compared with the performance of baseline conventional angle-ply composites.
Due to the large RVE size, testing standards were adapted to ensure the response of the coupons
was representative of the behavior of their parent laminates. Experimentally, for a given undulation
ratio, the AP-PLY process was found to have a negligible impact on laminate stiffness, regardless of
the AP-PLY configuration. Despite the presence of fiber crimp, the in-plane stiffness, characteristic
of conventional angle-ply laminates, was retained in the AP-PLY laminates. The effect of AP-PLY
preforming on laminate strength was found to depend on the layup: cross-ply laminates were found
to be sensitive to the stress concentrations introduced by AP-PLY preforming, resulting in a lower
strength compared with their non-AP-PLY counterparts. In contrast, the quasi-isotropic AP-PLY

laminates exhibited higher strengths than the baseline laminates, possibly due to the capacity of
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the through-thickness reinforcement to arrest the propagation of matrix cracking and constrain it
to the tow boundaries.

A novel multiscale continuum damage mechanics model was developed to predict the stress-
strain response of AP-PLY composites. The AP-PLY panels were divided into three different
regions: (i) straight fiber tow, (ii) undulation and (iii) resin-rich. The elements in each region
acted as mesoscale unit cells. The homogenized stress state in each element at each time step
was calculated based on the constitutive behavior of its micro-constituents (tow or resin). A
continuum damage mechanics approach was incorporated to capture the failure of the composite.
The predictive capability of the model was demonstrated through the simulation of uniaxial tensile
tests. Predictions of laminate strength and stiffness were in good agreement with experimental
results (within 5.5% and 7.4% of the experimental results for the cross-ply and quasi-isotropic
laminates, respectively), and failure mechanisms were well captured by the modeling framework.
While the multiscale approach has its limitations, the proposed model was able to provide good
estimates of AP-PLY laminate performance at a reduced computational cost compared with fully
microscale approaches.

The numerical framework was subsequently exploited to investigate design aspects of AP-PLY
laminates. Firstly, a study on the effect of the specimen size on the laminate performance demon-
strated that coherent results can be attained using “approximate” RVEs. Mechanical properties
were consistent for all panel sizes and can be used for future damage tolerant design purposes,
independent of the dimensions of the structural component. Secondly, a parametric study on the
effect of the tow-skipping parameter in the laminate’s mechanical response was conducted. It was
found that increasing the number of gaps left between tows placed in the same pass increased the
strength of the quasi-isotropic laminate. Cross-ply laminate strength and stiffness were unaffected.
Lastly, the numerical model was used to investigate the effect of the undulation ratio on laminate
strength and stiffness. Lower undulation ratios, i.e. smaller out-of-plane fiber angles, were found
to increase laminate strength in both quasi-isotropic and cross-ply configurations. Stiffness was
unaffected by changes to the undulation ratio.

These results show the potential of the numerical framework to optimize the fiber placement
preforming process and design AP-PLY laminates with improved mechanical performance. The
simulation framework can be adapted in the future to capture features of composites manufactured
using automated fiber placement or filament winding, e.g. tow drops and misalignment. Subsequent
studies will focus on adapting the proposed model to the simulation of more complex loading states,
such as dynamic impulse and impact. The main challenge will consist of capturing complex failure
modes and energy dissipation mechanisms driven by matrix cracking such as tow splitting and

delamination while using a coarse mesh.
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8. Appendix A: Numerical model validation and mesh convergence

The fiber tow constitutive model was validated through the simulation of a baseline cross-ply
specimen. Figure 15(a) compares the experimental stress-strain response of the baseline composite
with the numerically predicted behavior at different mesh densities and Figure 15(b) shows the
response for one single element. Numerical and experimental results were in very good agreement
in terms of stiffness and strength. Failure is predicted accurately even at relatively low mesh
densities. At high loads matrix damage accumulation in the numerical model softens the stress-
strain response, however, this does not reduce the accuracy of the strain-to-failure prediction. The
main failure mode, fiber fracture in the plies oriented with the loading direction, was effectively
captured by the numerical model. The drop off in the load is the same regardless of the mesh
density, indicating that the energy dissipated in the formation of a crack is independent of the

element size.
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Figure 15: Mesh convergence plots showing (a) experimental and numerical stress-strain curves for a conventional
cross-ply laminate using different mesh densities and (b) stress strain response in single elements with different

dimensions illustrating that energy dissipation is a function of the element volume.
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