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Numerically efficient fatigue life prediction of offshore wind

turbines using aerodynamic decoupling

Abstract

The fatigue life prediction for offshore wind turbine support structures is computa-
tionally demanding, requiring the consideration of a large number of combinations of
environmental conditions and load cases. In this study, a computationally efficient
methodology combining aerodynamic decoupling and modal reduction techniques is
developed for fatigue life prediction. Aerodynamic decoupling is implemented to sep-
arate the support structure and rotor-nacelle assembly. The rotor dynamics were mod-
elled using an aerodynamic damping matrix that accurately captures the aerodynamic
damping coupling between the fore-aft and side-side motions. Soil-structure interac-
tion is modelled using p-y curves, and wave loading calculated based on linear irregu-
lar waves and Morison’s equation at a European (North Sea) site. A modal reduction
technique is applied to significantly reduce the required number of degrees of free-
dom, allowing the efficient and accurate calculation of hotspot stresses and fatigue
damage accumulation. The modal model was verified against a fully coupled model
for a case-study, monopile supported offshore wind turbine in terms of response pre-
diction and fatigue life evaluation. The modal model accurately predicts fatigue life
(within 2%) for a range of parameters at a fraction of computational cost (0.5%) com-

pared to the fully coupled model.

Key words: offshore wind turbines; fatigue life prediction; aerodynamic damping;

modal analysis.

1 Introduction

As the size of Offshore Wind Turbines (OWTSs) has been increasing in order to gener-
ate electricity more efficiently, they have become more susceptible to large amplitude
vibration and fatigue damage [1]. Therefore, an accurate prediction of fatigue life at

the preliminary design stage is required. At present, there are many wind turbine
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modelling software packages available, and most of them employ fully coupled mod-
els in which different components of OWTs are coupled based on multibody dynam-
ics. In the literature, many researchers used these fully coupled models to conduct fa-
tigue damage calculation for OWTs [2]. For example, Koukoura et al. [3] studied the
influence of wind-wave misalignment on fatigue in the OWT support structure. Their
simulations were performed using HAWC2 [4], which is an aeroelastic software
based on multibody formulation. Velarde et al. ([5][6]) also used HAWC?2 to study
the fatigue sensitivity and reliability of OWTs supported by gravity foundations and
monopiles. Marino et al. [7] focused on the influence of alternative wave models
when calculating wind turbine fatigue loads. The aero-servo-elastic software FAST
[8] developed by NREL combined with an external hydrodynamic module was used
by Hubler et al. [9] to obtain dynamic responses. They developed fatigue assessment
methodologies for OWTs considering scattering environmental conditions. FAST
modified to include Soil-Structure Interaction (SSI) matrices was used to conduct
time domain simulations. Horn et al. [10] introduced a stochastic model to assess the
fatigue reliability of an OWT. They used a fully coupled finite-element code
USFOS/VpOne to establish the numerical model of a bottom-fixed monopile-
mounted OWT.

A large number of environmental states and load cases needs to be considered when
calculating the fatigue life of OWT support structures [11], requiring a significant
computational effort. In a comprehensive fatigue analysis, the OWT structural re-
sponse needs to be computed and analysed for each of the combinations of environ-
mental parameters, leading to thousands of simulations [12]. In order to accelerate the
fatigue prediction, many studies concentrated on the reduction of the number of load
cases ([11][13][14][15]) or developing novel methods ([12][16]) to reduce the simula-
tion requirements. Stieng and Muskulus [15] proposed a method of reducing the num-
ber of required environmental states, based on importance sampling and a specially
adapted two-stage filtering procedure, from which pseudo-optimal sets of load cases
can be used to conduct the fatigue assessment of the monopile. Wilkie and Galasso
[16] developed a computational framework to conduct the OWT fatigue reliability
analysis, using Gaussian process regression to develop surrogate models of load-
induced fatigue damage, which allows the reduction of the computational effort with

high accuracy. Conducting the fatigue analysis of OWTs in the frequency domain
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[17] significantly reduces the computational effort but is generally not as accurate as
the time domain analysis. On the other hand, fully coupled models are usually more
computationally intensive as the interaction between many components along with the
environmental loading needs to be considered. In some cases, detailed Finite Element
(FE) models of the support structures are required, but it is often not possible to im-
plement those in current wind turbine modelling packages. As a result, a simplified
decoupling approach is desirable for faster fatigue analysis. A common model simpli-
fication is to lump the mass of the Rotor-Nacelle Assembly (RNA) at the top of the
flexible tower and apply the aerodynamic resultant thrust together with a dashpot or
an equivalent Rayleigh damping model to represent the aerodynamic damping [18].
For instance, Dong et al. ([19][20]) imported aerodynamic loading from HAWC2 to
USFOS to obtain the dynamic response of a jacket support structure in a 5 MW OWT
and analysed the long-term fatigue accumulation. Rezaei et al. ([21][22]) studied the
sensitivity of fatigue life of OWTs to damping and scour. They developed a detailed
FE model in Abaqus including nonlinear soil springs, and aerodynamic loads calcu-
lated by FAST. Muskulus [23] and Schafhirt and Muskulus [24] decoupled the wind
turbine system by separating the aerodynamic thrust into a static mean force, a dy-
namic turbulent force and a dynamic damping force. A simple expression for the

thrust was obtained by fitting a thrust coefficient to fully coupled simulation results.

The definition of the aerodynamic damping in decoupled wind turbine models is usu-
ally based on damping ratios. The determination of damping ratios can be based on
theoretical predictions ([25][26][27]) or measurements ([28][29][30][31][32]). How-
ever, using damping ratios separately in the Fore-Aft (FA) and Side-Side (SS) direc-
tions to represent the aerodynamic damping in OWTs implicitly ignores the influence
of damping coupling between the two directions. Tarp-Johansen et al. [33] found that
the aerodynamic damping for the first lateral tower mode (in the SS direction) is dif-
ferent for a normal tower configuration (the tower FA and SS motions both allowed)
and a stiff downwind tower configuration (the tower FA motion not allowed). Studies
by Chen et al. ([34][35]) emphasised the importance of the coupling between the FA
and SS motions and developed a decoupled wind turbine model with an aerodynamic

damping matrix to capture this coupling.
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In summary, most studies in literature concentrated on reducing the number of load
cases or developing more advanced statistical models to accelerate the fatigue analy-
sis of OWTs. Among the relatively few studies using simplified decoupling models to
conduct fatigue analyses, the inclusion of aerodynamic damping was usually imple-
mented by using aerodynamic damping ratios, not considering the important aerody-
namic damping coupling between the FA and SS motions. There is a need for compu-
tationally efficient ways of calculating fatigue life of OWTs with more advanced
decoupled models. This paper proposes a novel methodology, extending a previously
developed model based on modal reduction and aerodynamic damping decoupling to
include all relevant features such as soil-structure interaction and key dynamic cou-
plings. It is organised as follows. Section 2 presents the reference monopile supported
OWT which is used as a case study. The fully coupled model developed in Matlab
used for reference predictions is described. Section 3 introduces the development of
the decoupled full model with rigid blades and describes the modal reduction from the
fully coupled model. Section 4 details the calculation of the stress time history given
dynamic responses and the fatigue estimation method. Section 5 provides the fatigue
life results and explores the effect of varying structural damping. Section 6 concludes

the paper.

2 Fully coupled reference model

In the present study, a fully coupled aeroelastic model of a case study monopile-
supported OWT was implemented in Matlab and used as a reference model against
which reduced models are later compared. This structural model is a FE formulation
including the blades, tower and monopile (Section 2.1) with soil springs as described
in Section 2.2 representing SSI. The aerodynamic forces, presented in Section 2.3,
were computed using unsteady Blade Element Momentum (BEM) theory. The hydro-
dynamic force calculation is based on Morrison’s equation, described in Section 2.4.
The OWT model is based on the widely used 5MW reference monopile-supported
offshore wind turbine published by NREL [36]. The basic properties of this OWT are
listed in Table 1 and a schematic of it is shown in Fig. 1. The combination of the tow-
er, transition piece, and monopile foundation is defined as the support structure of the
OWT, which supports the RNA. The motivations for developing a bespoke model
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were the ability to include SSI, as this is an important feature in monopile-supported

OWTs, and taking advantage of the improved accuracy of the FE formulation.
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Fig. 1. Schematic of the NREL 5MW reference OWT.

2.1 Finite Element Model

In the FE model, the tower, blades and monopile were modelled using three-

dimensional Euler-Bernoulli beam elements. The numbers of beam elements for the

single blade, tower and monopile are 17, 11 and 26 respectively, bringing the total

number of beam elements is 88. For each node, there are six DOFs corresponding to

three translational motions and three rotational motions. A convergence study con-

firmed that the beam element number is sufficient. Given the material and geometrical

properties of the beam elements, the equations of motion of the OWT model can be

formulated by:

M(8)ii(t) + (Cseruc(t) + Csou(t))u(t) + K()u(e)

= FWind(t) + Fyyave (t),

1)
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where M(t), K(t) are the mass and stiffness matrices, Cgtc(t) and Cg,;;(t) are
the viscous damping matrices representing structural damping and soil damping re-
spectively, u(t) is the displacement vector, Fyq(t) and Fyq.,.(t) are the wind
force and wave force vectors. M(t) and K(t) are time dependent matrices [37]
when the OWT is operating, as the rotation of the blades was taken into consideration
by introducing a time dependent transformation when assembling the global matrix
from the local elemental matrices. The structural damping and soil damping in this
study are both assumed to be proportional Rayleigh damping using the relationship
C =aM + BK, where « and S are Rayleigh coefficients. These were determined
such that the total damping ratios due to the structural damping in the support struc-
ture and the soil damping were 1.5% according to [38]. The structural damping of a
single blade was selected as 0.48%, following the default FAST setting. Note that the
structural and soil damping matrices are time dependent, as they are proportional to
the time-dependent mass and stiff matrices. The contribution of hydrodynamic damp-
ing and the aerodynamic damping of the tower are small compared to other damping

sources [38] and therefore were not included [33].

The nacelle was modelled using a lumped mass at the tower top, added to the mass
matrix. For simplicity, the gravitational centre of the nacelle was located at the tower
top, so that moments of inertia of the nacelle about all axes are zero. Time domain
analyses were conducted by implementing the numerical integration scheme HHT-«a

[39], which is a generalised version of the Newmark-£ method.

Table 1 Basic properties of the NREL 5SMW reference OWT, based on [36].

Rotor Diameter, R 126 m
Hub Radius, 7y, 15m
Hub Height from Mean Sea Level (MSL) 87.6 m
Water Depth (MSL?), h 20m
Monopile Embedded Length 34m
Tower Diameter, Drower 3.87-6.00 m
Tower Thickness, trower 19-60 mm
Monopile Diameter, Dp;, 6m
Monopile Thickness, tp;e 60 mm
Lumped Mass at Top 350x10° kg




Natural Frequency for the First Bending | 0.24-0.25 Hz
Mode of the Support Structure
Natural Frequency for the Second Mode | 1.74-1.75 Hz
of the Support Structure

185 2.2 Soil model
186  The soil profile used in this study is a layered combination of sandy soils typical for a
187  European offshore site for which the 5SMW OWT model was developed. The soil pro-
188  file combines loose sand, medium sand, and dense sand from bottom to the pile head
189  with thicknesses of 14m, 14m, and 6m respectively, based on the data provided in
190  Appendix B in [40]. The soil properties are listed in Table 2.
191
192 Table 2 Mechanical properties of the soil profiles used in the model.

Soil type Density y | Poisson’s | Friction | Shear modu- Shear wave Elastic modulus

(1x10° ratio angle lus G velocity V; E; (MPa)
kg/m?) v @ (MPa) (m/s)

Loose sand 1.75 0.30 33° 47 164 18

Medium sand 1.90 0.30 36° 109 240 42

Dense sand 2.07 0.30 38° 182 297 70
193
194  The SSI was modelled using p-y curves recommended in DNVGL-RP-C212 [41],
195  where p is the resistance (pressure) from the surrounding soil when the pile deflects
196 laterally by distance y. The p-y relationship for a vertical pile in cohesionless soil can
197  be established using the following equation:

p = Ap, tanh (Z;f y), 2

198  where k,, is the initial modulus of subgrade reaction, A is a factor to account for
199 static or cyclic loading conditions, Z is the depth below the surface. This study
200 adopted the cyclic loading condition, as fatigue calculation corresponds to the cyclic
201  vibration of the monopile. The ultimate static lateral resistance, p,,, is defined as:
202  where, C;, C, and C5; depend on the friction angle of the soil, Dp;;. is the diameter
203  of the monopile.
204



205
206
207
208
209
210
211
212

213

214
215
216
217
218
219
220
221
222
223
224
225
226
227
228
229
230
231
232
233
234
235
236

In the model, the soil was modelled by a series of horizonal soil springs characterised
by Eq. (2) at different heights of the monopile foundation. The soil springs were lo-
cated at the nodes of the monopile. The displacements of the nodes of the monopile
were calculated given the average forces in the FA and SS directions. Then the soil
springs were introduced by directly inserting the spring stiffness coefficients into the
system stiffness matrix at relevant locates. In order to be consistent with the modal
analysis, which will be introduced in Section 3.2, the soil springs were set to be linear
such that the soil stiffness coefficients were kept constant during the time integration.

2.3 Wind loading

The wind loading calculation is based on classic unsteady Blade Element Momentum
(BEM) theory ([42][43]) with corrections. The iteration loop in a steady BEM code is
neglected in the unsteady BEM code since the iteration is replaced by a time evolu-
tion, assuming that the time step chosen is sufficiently small. The corrections adopted
in the unsteady BEM code include Prandtl and Glauert corrections [42]. To be con-
sistent with the derivation leading to the aerodynamic damping matrix (described in
Section 3), other corrections such as skew wake and dynamic wake corrections are not

included in the unsteady BEM code.

A non-uniform turbulent inflow wind field was used as the input to the unsteady BEM
code to calculate the aerodynamic forces acting on the blade elements. A customised
turbulent wind field generator was coded in Matlab, producing similar wind time se-
ries compared to the wind field generator in FAST, TurbSim [44]. The Kaimal spec-
trum was used to generate the turbulent wind field, and its relevant parameters (e.g.,
coherence length parameters) were selected as recommended by IEC 61400-3 [45].
The relationship between turbulence intensities and mean wind speeds at hub height
was defined according to the Normal Turbulence Model (NTM). Medium turbulence

intensity (Category B) was assumed.

The inflow wind velocities, the velocity caused by rotor rotation and the velocities
caused by blade vibration were used as input to the unsteady BEM code. The un-
steady code calculated the instantaneous local aerodynamic forces for all blade ele-

ments at every time step in the time integration. The aerodynamic force calculation
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based on the customised wind field generator and the unsteady BEM code was suc-

cessfully verified against FAST (results not shown).

2.4 Wave loading

Morison’s equation was used for the wave loading calculation. The wave force ap-
plied to the monopile is a combination of a viscous drag force and an inertia force
which can be expressed by

1 . T .
Fwave = E,DWDPileCdluwluw + prDlgileCmuw: (4)

where 1, and ii, are the velocity and acceleration of water particles, C; is the
drag coefficient, Dp;, is the diameter of the monopile between the mean sea level
and the mudline, C,, is the inertia coefficient and p,, is the density of water. Cy
and C,, were chosen as 1 and 2 respectively as the recommended values in [46]. The
velocities caused by monopile vibration were ignored in the wave loading calculation
as the monopile vibration velocities are much smaller than the wave particle veloci-

ties.

The wave profile is irregular and obtained by the superposition of wave components
following linear wave theory and JONSWAP spectrum [47]. For a particular frequen-

cy point f, the JONSWARP spectrum definition is given by
(f_fp)z]

S]S i SPM(f) : (1 —0.287 ln(y)) . yeXp - zazf;? ’ (5)
where
Spu(f) = 0.3125HZT, <L> exp [—1.25 <£> _ (6)
fp fp

fp is the peak frequency defined as 1/T,, Hy is the significant wave height, y is
the peak-shape parameter, which is assumed to be equal to 3.3 for the North Sea con-
ditions according to [47], o is the spectral width parameter. T,, is the wave peak pe-
riod. The wave elevation, velocity and acceleration time series can be obtained by
summing wave components corresponding to different wave frequencies. Combining
Morison’s equation and the linear irregular waves defined above, the wave forces

were defined in the external wave force vector in Eq. (1).

10
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3 Reduction to modal OWT model
3.1 Decoupled model

The fully coupled model described in Section 2 can be decoupled by computing the
resultants of the aerodynamic wind-rotor interaction at the tower top. This decoupling
is briefly summarised here. It was described in more detail in [35] and [48] for on-
shore wind turbines, where wave loading and SSI were not considered. The decou-
pling process starts with the linearisation of the resultant aerodynamic forces from the
rotor into static forces and damping forces proportional to the tower top velocities, as-
suming rigid blades. These linearised aerodynamic forces are then applied on the
RNA mass lumped at the tower top and the dynamic responses of the finite element
model of the OWT support structure can be obtained, excluding the analysis of blade
vibration. This is schematically illustrated in Fig. 2. An aerodynamic damping matrix
is introduced when calculating the damping forces. This decoupling process results in
a decoupled model with rigid blades and simplifies the calculation of aerodynamic

forces applied to the rotor.

When the OWT s in operation, the tower, transition piece and monopile foundation
mainly vibrate in the FA direction (x) and SS direction (y). Here the vertical vibration
is neglected due to its insignificance in the decoupling process and its very small am-
plitude. The linear motions at the tower top are represented by x and y, and the an-
gular motions represented by 6, and éy around the x and y axes respectively,
which are defined in Fig. 2. The blades are assumed to be rigid and the blade vibration
is ignored, so parametric excitations due to rotor dynamics are not included. Combin-
ing the BEM theory and tower dynamics, the aerodynamic forces applied to a flexible
tower can be linearised to the sum of terms corresponding to the forces for an as-
sumed rigid tower, plus terms proportional to the tower top linear and angular veloci-

ties, which can be expressed as
Rigid 5
Fg(l)%x(t) = FT;}ggl (t) - CAerouTop (t) (7)
The aerodynamic force resultants Ff.oX(t) are calculated at the tower top as forces

and moments, as shown in Fig. 2. Fa.9"

Top (£) does not depend on the tower vibration.

Ccro 1S called the aerodynamic damping matrix, which captures the aerodynamic

11
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damping caused by the wind-rotor interaction considering the coupling between the
tower top FA and SS motions. According to [48], Cgero 1S
Coxx ny Cxex Cxey 'I
C | Sx Sy Cyor  Cyey |
Aero ™ | Corx  Coyy Cox0x Caxey |'
Coyx  Coyy  Co,0, Co,0,

(8)

where the off-diagonal terms representing the damping coupling between the FA and
SS directions are not symmetric. The expression of Fi},;x(t) Is detailed in Appendix

A

Rotor.

S S
‘Mj \M' ?'Emped mass
—Tower

Transition piece

—| Mean sea level

Wave
Mudline
ESONSSS
Soi l
«—Monopile

Fig. 2. Schematic illustrating the decoupling of the aerodynamic forces at tower top.

If the inflow wind field is turbulent and non-uniform, C,.,, is atime-varying matrix.
To obtain a constant C,4.,., and thus simplify the aerodynamic decoupling, C,.,,
was calculated using an inflow wind field assumed to be uniform and constant at the
mean wind speed. It has been shown in a previous study [48] that the overall dynamic
responses from the model with the constant aerodynamic damping matrix agree well

with those from the model with the time-varying aerodynamic damping matrix. For a

12
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particular set of mean wind speed, rotor rotation speed, and blade pitch angles, the

aerodynamic damping matrix can be calculated by following the derivations in [35]

and [48]. Ff;f,id(t) was calculated based on the non-uniform wind field and the un-

steady BEM code.

The decoupled model with rigid blades is formed as follows. The blade masses are
lumped together with the nacelle mass at the tower top, so the total number of beam

elements reduces to 37 due to the exclusion of the blade elements. The static compo-

Rigid

nent of the condensed aerodynamic forces, Frp,

(t), can be directly applied at the

tower top as an external force independent of the tower top velocities. As a result, the
equations of motion for the decoupled model with rigid blades can be written as
M’ﬁ,(t) + (C,Struc + C,Soil + C,Aero)ﬁ’(t) + K,u,(t) (9)

igid

= F,I;Vl'gid (t) + F,Wave (t)’
where M, C'strucy C'soitn € aero and K’ are the reduced mass, structural damping,
soil damping, aerodynamic damping and stiffness matrices respectively. C’4.,, con-

tains the terms in C,,.,, in EQ. (8) at appropriate locations. Wing(t) is the external

aerodynamic force vector which includes Ff.oX(t) at the nodes at the tower top.
u'(t) is the reduced displacement vector, where the prime sign represents the reduced
size of the matrices and vectors compared to those for the fully coupled model. The
model described by Eq. (9) effectively reduces the fully coupled OWT system by us-
ing finite elements to only model the support structure and capturing the wind-rotor-
tower interaction through the lumped mass at the top and the aerodynamic damping

matrix.

3.2 Modal model

A partial decoupling can be obtained from the equations of motion in Eq. (9) using the
normal (undamped) mode shapes. The undamped mode shape matrix ¥ can be com-
puted from the eigen analysis of the mass and stiffness matrices M’ and K'. As the
damping matrix is not used to compute W, the modes considered here are real. The
reduced displacement vector u’(t) can then be written as the generalised coordinate

vector a(t) multiplied by the normal (undamped) mode shape matrix: u'(t) =

13
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Ya(t). Multiplying the transpose of the modal shape matrix, W7, at both sides of Eq.
(9), we obtain
WTM'Pa(t) + YT (C seruc + Csou + € aero) Pa(t)
+ PTK'Pa(t) (10)
= WTF' [0 (6) + PTF 1 ape (0.
The equation above can be written in concise form:
Mé(t) + (Cseruc + Csou + Caero)@(t) + Ka(t)

(11)

__ gRigid =
= Fyina t Fwave,

where M and K are the modal mass and stiffness matrices, Cgpycs Csoi and

pRigid

wWind and

C..ro are the modal structural, soil and aerodynamic damping matrices,
Fyyave are the modal wind force and wave force vectors. M and K are diagonal ma-
trices due to orthogonality of the normal modes. As the structural damping and soil
damping are considered as Rayleigh damping, Cg;,c and Cs,; are also diagonal.
However, as C',,.,, is Not of a Rayleigh damping type, C,.,, iS Neither symmetric
nor diagonal. Therefore, C,,,, causes coupling between different modes and differ-
ent vibration directions. It is possible to consider a particular number of modes by
truncating the matrices and vectors in Eq. (11). For example, if considering the first
two bending modes of the support structure, the system matrix size becomes 4x4 and
the decoupled model is reduced to a 4-DOF model. Theoretically, considering more
modes results in more accurate dynamic responses. However, it was found that the
dynamic responses of the OWT are dominated by the first two bending modes of the
support structure. For simplicity, only the results from the 4-DOF model are shown
and used later. The time history of the generalised modal coordinate a(t) was ob-
tained by solving Eq. (11) using the HHT-a time integration method. The dynamic
responses of the whole tower and monopile were calculated using modal expansion
described by u’(t) = Pa(t). If displacement-dependent p-y curves are implemented
to calculate the soil reactions at every time step, a time-dependent stiffness matrix in-
cluding soil stiffnesses is inevitably introduced, making the modal reduction infeasi-
ble. Therefore, the inclusion of the soil springs in the modal model was realised using
constant soil spring stiffness corresponding to the slope of the p-y curve at the average
monopile lateral displacement.

14
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4 Fatigue damage prediction

For a given mean wind speed, the dynamic responses of the whole support struc-
ture can be obtained from the modal model just described after time integration. Then,
for a specific hotspot, the stress time history is calculated from the dynamic as de-

scribed in the following sections.

4.1 Stress calculation

In the fully coupled model, the dynamic component of the normal stresses o, at po-
sition (x,y) within a tower cross-section and at position z along the tower can be
directly obtained from the internal forces and the cross-section properties. The axial
stresses are made of a static component cause by the weight and a dynamic part
caused by the dynamic part of the FA and SS bending moments. In the reduced modal
model developed in Section 3.2, the displacement, velocity, and acceleration respons-
es along the wind turbine support structure can be directly obtained by superposition,
but further computation is necessary to obtain section stresses. Therefore, a method is
needed to estimate the stress time history at arbitrary locations using the displace-
ment, velocity and acceleration responses. Pelayo et al. [50] presented a method to ex-
tract the dynamic stress from the responses under dynamic loading and the modal pa-
rameters of a structure. This method was formulated for beams under uniaxial
bending [50], but the stresses in the FA and SS directions need to be considered sim-
ultaneously for OWTs. Therefore, this method was extended here to enable the calcu-
lation of stresses for bending in two directions.

Using the finite element method, the displacements u,(z,t) and u,(zt) in FA and
SS directions at any arbitrary height z along an individual beam element can be ap-
proximated by

Uux(z,t) = N*(2)uz (o), (12)

uy,(z,t) = N°(2)uj(¢), (13)
where N°(z) is the elemental shape function vector, uz(t) and u$(t) are the nod-
al displacement vectors in x and y directions for the beam element. For a given
cross-section-section and time, the Euler-Bernoulli bending strains are the product of

the  local curvatures and the distance from the neutral axis in each direction. The
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curvatures can be obtained from Egs. (12) and (13) by differentiating the shape func-
tions twice with respect to z. The resultant longitudinal stress at time t, position
(x,y) within the cross-section and z along the tower, is then the linear superposition
of the two strains multiplied by Young’s Modulus E'

0,,(x,y,2,t) = —E( Ne”(z)u,’}(t)x + Ne”(z)uf,(t)y). (14)

The signs result from the conventions defined in Fig. 1.
4.2 Fatigue damage calculation

The fatigue damage accumulation at the location of concern was calculated by rain-
flow counting the stress time series. The S-N curve was selected according to DNV
recommendations [49] and defined by

k
log(N) = log(a) — mlog <Aa <ttc ) ), (15)
ref

where N refers to the number of cycles to failure, Ac is the stress range, m is the
negative inverse slope of the S-N curve, log(a) is the intercept of log N axis, t..f
is the reference thickness, t. is the thickness through which a crack will most likely
grow, k is the thickness exponent of fatigue strength. After using rainflow counting
to bin the stress amplitudes into multiple stress levels and counting the number of cy-
cles in every stress bin, respective damages for each stress bin were added using the

Palmgren-Miner (PM) sum rule to obtain the total damage index D:
D=) — (16)

where n; is the number of cycles in i" stress bin, N; is the number of cycles to fa-
tigue failure for the nominal stress cycle amplitude i, and N, is the total number of
bins. To better quantify the fatigue damage, the fatigue damage index is normalized
using a reference damage index D,..r which is the damage required in 10 minutes of
simulation time that would lead to a total damage of 1 (failure according to PM sum

rule) over 30 years. The normalized fatigue damage is denoted by Dy,prm = D/Drey.

4.3 Environmental states

Table 3 Environmental states, based on data from ([51][21]).

State | V, (m/s) | T, (5) | Hs (M) | Psare (%) | State | W, (MVs) | T, (5) | Hs (M) | Pseace (%)

1 4 3 0.5 3.95 12 14 5 2.0 3.26
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429
430
431
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434
435
436

2 4 4 0.5 3.21 13 16 4 2.0 1.79
& 6 3 0.5 11.17 14 16 5 2.5 3.10
4 6 4 0.5 7.22 15 18 5 2.5 1.74
5 8 3 0.5 11.45 16 18 5 3.0 0.80
6 8 4 1.0 8.68 17 20 5 2.5 0.43
7 10 3 0.5 531 18 20 5 3.0 1.14
8 10 4 1.0 11.33 19 22 5 3.0 0.40
9 12 4 1.0 5.86 20 22 6 4.0 0.29
10 12 4 1.5 6.00 21 24 5 3.5 0.15
11 14 4 1.5 4.48 22 24 6 4.0 0.10

A set of environmental states according to ([51][21]) was adopted to determine the
load combinations and calculate the accumulated fatigue damage. Every combination
of wind speed 1, significant wave height H; and zero-crossing wave period T,
corresponds to an occurrence probability Pg;4:e, as shown in Table 3. In line with the
soil profile provided in Section 2.2, these environmental states are typical of a north-
ern European offshore site. To obtain the JONSWAP spectrum, a relationship be-
tween the zero-crossing wave period and the peak wave period T, = 1.31T, [52] was
used. Wind speeds from 4 m/s to 24 m/s were grouped into 2 m/s bins. Wave heights
and periods were grouped in 0.5 m and 1s bins, respectively. 22 environmental states
were used to conduct the fatigue analysis. 91% of probability of occurrence is for the
operational environmental states, with the remaining 9% corresponding to wind
speeds below the cut-in speed and thus low contribution to fatigue damage. The wind
and wave directionality in this study was simplified by assuming the wind and wave
loads are in the same direction (see e.g. Koukoura et al. [3] for the influence of wind-
wave misalignment). To represent the influence of the OWT control, the relationship
between the mean wind speed, rotor rotation speed and blade pitch angles shown in
Fig. 3 was adopted according to [36].
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Fig. 3. Relationship between the rotor speed (dashed), pitch angle (solid) and inflow
wind speed, based on [36].

5 Results and discussion
5.1 Fatigue damage calculation for a single wind speed

This section illustrates the fatigue calculation procedure for the 17" environmental
state with a mean wind speed of 20 m/s and corresponding turbulence intensity ac-
cording to the NTM. Simulations were performed for all environmental states (Table
3), with fatigue damage calculation results for the 9™ environmental state (mean wind

speed 12 m/s) shown in Appendix B.

The inflow wind field and wave profile were generated with the specified parameters
and implemented as inputs to the fully coupled model. A 10-minute simulation with
time step selected of 0.05s was first conducted with the fully coupled model. Then the
fully coupled model was reduced to the 4-DOF model using the method described in
Section 3. The dynamic responses of the support structure were obtained from the two
models with the same time step. Fig. 4 compares the displacement responses at the
tower top in the FA and SS directions obtained from the fully coupled model and the
4-DOF model. The difference between the responses from these two models can be
explained by the fact that blade flexibility and structural damping are not considered
in the 4-DOF model. However, the tower top responses generated by the fully coupled
model and the 4-DOF model generally agree well in terms of dynamic amplitude and
phase. The Time Response Assurance Criterion (TRAC) [53] is used here to quantify
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the degree of correlation between the two time histories. Considering two response
vectors u;(t) and u,(t), the TRAC is defined as

TRAC — [u, () "uy (8)]? ' (17)

[u; () Tuy (O] [ux () Tuy ()]
where u,(t) and u,(t) have the same duration and time step. A TRAC value close
to 1 indicates the two time histories are very similar. For the tower top displacement
responses from the fully coupled model and the 4-DOF model in Fig. 4, the calculated
TRAC values are 0.99 for the FA direction and 0.94 for the SS direction, indicating
that the responses from these two models are very close.
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Fig. 4. Comparison of the FA (a) and SS (b) displacement responses at the tower top
between fully coupled model and the reduced 4-DOF model (17" environmental state,

wind speed 20 m/s).

The Power Spectral Density (PSD) curves calculated from the FA tower top responses
in Fig. 4(a) using the fully coupled model and the 4-DOF model are compared in Fig.
5(a). It can be seen that for the frequency range from 0 to 2 Hz these two curves agree
very well. The FA response is dominated by the first bending mode of the support
structure at approximately 0.25 Hz frequency. The influence of the 3P loading, which
has a frequency of about 0.6 Hz, is observable in the frequency domain. The 17" en-
vironmental state corresponds to the rated rotor rotation speed of 12.1 rpm and a 0.2
Hz rotation frequency. Fig. 5(b) compares the PSD curves of the SS tower top re-
sponses in Fig. 4(b). For frequencies lower than 0.8 Hz, the two PSD curves agree

well, confirming that the 4-DOF model successfully captures the OWT dynamic be-
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482  haviour in the SS direction in this frequency range. The peak at the 3P frequency is
483  clearer in this figure. However, the 4-DOF model does not capture the peak around
484 1.2 Hz which corresponds to the 6P loading [54] (the tracking of this peak at different
485  wind speeds confirmed this). This is due to the aerodynamic decoupling which simpli-
486  fies the wind-rotor interaction. Comparison between the two models was made for
487  other environmental states in the frequency domain, from which it is evident that the
488  4-DOF model cannot capture frequency components related to higher multiples of the
489  rotation frequency (6P, 12P, etc.) in the dynamic responses. Nevertheless, as the SS
490 response is dominated by the first bending mode, not capturing the peak at 6P does
491  not significantly influence the accuracy of the 4-DOF model in terms of dynamic re-
492  sponse generation. This can be observed from the good agreement of the predicted vi-
493  bration response in Fig. 4(b) and will be further demonstrated later for the fatigue
494  damage prediction.
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495 Fig. 5. Comparison of the PSD curves of tower top displacement responses in the FA
496  (a) and SS (b) directions obtained from the fully coupled model and the 4-DOF model
497 (time series shown in Fig. 4).

498

499  For the fatigue calculation, it is necessary to obtain the stress time history at the
500 hotspot. The location of the hotspot is selected at the position of the node at the mud-
501 line. Although the location where the moment reaches its maximum value can be be-
502  low the mudline [21], the location at the mudline was picked for the purpose of illus-
503 trating the methodology. For the fully coupled model, the stress time history was

504  obtained directly from the internal forces and beam section properties. For the 4-DOF
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model, the calculation of the stress time histories was based on modal expansion ac-
cording to Eq. (14). At the selected section, the stress time history at the point where
the fatigue damage index reaches its maximum is used to compare the two models, as
shown in Fig. 6(a). Although there is some difference between the stress time histo-
ries, the fluctuations of the stresses are similar. The TRAC value for this stress time
history comparison is 0.99, indicating that stresses calculated by these two models
agree very well. In Fig. 6(b), the PSD curve of the maximum stress time history from
the fully coupled model agrees well with that from the 4-DOF model in the frequency
range from 0 to 1 Hz, showing that the 4-DOF model is able to capture similar dy-

namic behaviour in the dominant frequency range compared to the fully coupled

model.
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Fig. 6. Comparison of the stress of the hotspot at the mudline from the fully coupled

model and the 4-DOF model in the time domain (a) and frequency domain (b).

The normalised fatigue damage indexes corresponding to the stress time histories
were obtained using the method described in Section 4.2. The normalised fatigue
damage index and the computation duration are listed in Table 4. The calculated nor-
malised damage indexes using the stress time histories from the two models are very
close with a percentage difference of 3.7%. More importantly, the computation dura-
tion of the 4-DOF model is significantly shorter than that of the fully coupled model,
demonstrating that the 4-DOF greatly outperforms the fully coupled model in terms of

calculation speed. The computation speed of 4-DOF model is also significantly faster
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than that of OpenFAST [55], in spite of the latter modelling the blades and support

structure by modal superposition, thereby reducing the number of DOFs.

Table 4 Normalised fatigue damage indexes and computation durations for the fully

coupled model and the 4-DOF model (17" environmental state, wind speed 20 m/s).

Normalised damage Computation duration (s)
Fully coupled model 5.47 2348
4-DOF model 5.27 13

5.2 Fatigue life prediction

This section compares fatigue life prediction results calculated by the fully coupled
model and the 4-DOF model. The fatigue life prediction was based on the environ-
mental states in Table 3. For each of the 22 environmental states, to reduce the influ-
ence of randomness in turbulent wind and irregular waves, the normalised fatigue
damage index was calculated by averaging over simulations for 6 random seeds to
generate the inflow wind fields and the wave profiles. 10-minute simulations were
performed with the two models to obtain the stress time histories at the hotspot for
each random seed. The selection of the number and length of simulations is according
to IEC 61400-3 [45].

Fig. 7 compares the normalised damage indexes from the two models under different
environmental states. For low wind speeds, the normalised damage indexes are much
smaller than those with large wind speeds. Fig. 7 also shows the standard deviations
of the normalised damage indexes from the responses for the 6 random seeds from the
two models. It can be seen that for high environmental state numbers, the mean values
and standard deviations for the two models are generally close. The influence of the
random seed on the normalised fatigue damage index is relatively large for the higher
environmental states, as the standard deviations are large. For the 22™ environmental
state for instance, the mean value of the normalised fatigue damage index is around
12.5 with a standard deviation of around 3 (24%). Fig. 8 compares the normalised
damage contributions, which are the normalised damage indexes multiplied by the oc-

currence probabilities. Fatigue damage contributions are small for low wind speeds
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556  corresponding to environmental states 1 to 7. Overall, the fatigue damage calculation

557  results by the two models are close.
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559 Fig. 7. Comparison of the normalised damage indexes from the fully coupled model
560 and the 4-DOF model under different environmental states.
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562 Fig. 8. Comparison of the normalised damage contributions from the fully coupled
563 model and the 4-DOF model under different environmental states.

564

565  The percentage difference between the normalised damage indexes calculated by the
566  two models can reach up to 40% for low environmental states (up to 8), correspond-
567 ing to wind speeds lower than 12 m/s, probably due to the low absolute values of the
568 damages. The percentage difference becomes much smaller (around 5%) for higher
569  environmental states (from 11 to 22) corresponding to wind speeds larger than 12 m/s
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and these makes the most significant contribution to the fatigue life (as shown in Fig.
8).

Subsequently, the fatigue life was obtained according to Palmgren-Miner sum rule by
combing the calculated fatigue damage indexes in 10 minutes and the occurrence
probabilities of the environmental states. Table 5 lists the fatigue life predicted by the
fully coupled model and the 4-DOF model for the assumed structural damping of
1.5%. These two models only result in 2% difference in terms of fatigue life predic-
tion. The computation duration for the time integration of the fully coupled model is

84 hours, but the 4-DOF model only requires 30 minutes to complete the calculation.

Table 5 Fatigue damage indexes and computation durations for the fully coupled
model and the 4-DOF model (1.5% structural and soil damping).

Fatigue life (year) Computation duration
Fully coupled model 49.4 84 hours
4-DOF model 50.4 30 min
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Fig. 9. Fatigue life prediction by the fully coupled model (blue, solid) and the 4-DOF

model (red, dashed) for variation of the structural and soil damping.

A sensitivity analysis was conducted to study the influence of structural damping on
the fatigue life prediction, to test how well this close match would hold for a wider
range of input parameters. Damping ratios from 0 to 3% in 0.5% steps were assigned

as the structural and soil damping of the OWT system, and the fatigue life was pre-
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dicted using time series generated from the full and 4-DOF model for the same initial
conditions (6 x 10-minute simulations). As shown in Fig. 9, the predicted fatigue life
increases as the structural damping increases. The fatigue life predicted by the 4-DOF
model follows the same trend very closely and is consistently approximately 1-year
larger than that from the fully coupled model, with a maximum difference of 1.5
years. Given the uncertainty around standard fatigue life calculations, this consistently
small difference is not significant and indicates that the reduced model can be used to
carry out fatigue life assessments at a much-reduced computational cost.

5.3 Discussion of modelling assumptions

Combining the aerodynamic decoupling and modal reduction introduced in Sections
3.1 and 3.2 simplifies the fully coupled model into a numerically efficient modal
model. This process is underpinned by some assumptions, including rigid blades,
lumped RNA mass at the tower top, and limited modes dominating the low-frequency
vibration response in OWTSs. More details of these assumptions can be found in refer-
ences [35] and [48]. Among these assumptions, the rigid blade assumption is poten-
tially the most problematic. However, it was demonstrated in [35] that assuming rigid
blades does not significantly alter the aerodynamic damping contribution and only has
a limited impact on the overall natural frequencies of the wind turbine system. The ef-
fect of the number of modes required to carry out the fatigue analysis was investigated
as discussed in Section 3.2 and it was found that the 4-DOF mode, considering the
first two bending modes, provides the best compromise between computational speed

and accuracy.

The methodology was developed around a specific case study that can easily be ex-
tended or adapted to analyse other wind turbine systems such as fixed-bottom, three-
bladed, horizontal axis OWTs of various sizes supported with different foundation

types and considering wind, wave and tidal conditions.

6 Conclusions

This study proposes a computationally efficient fatigue life prediction methodology
for offshore wind turbines based on a recently developed aerodynamic decoupling
strategy and modal reduction. A fully coupled model can be reduced to a 4-DOF
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model, thereby significantly decreasing the number of DOFs in the OWT system,
while considering all relevant features such as soil-structure interaction and key dy-
namic couplings. Combining modal expansion and a method to extract the stresses
from nodal displacements, the stress time histories at the hotspot can be calculated ef-
ficiently using the 4-DOF model. The fatigue life of a reference 5 MW model OWT
was predicted considering typical northern European environmental states, using both
a fully coupled model and the reduced model. Results show that the 4-DOF model ac-
curately predicts fatigue damage and provides very close fatigue life prediction results
compared to the fully coupled model. A structural damping sensitivity study was car-
ried out and confirms that fatigue life predictions consistently matched within 2% for
a range of parameters. The good accuracy of the reduced model can be attributed to
the ability of the unconventional aerodynamic damping matrix, upon which it is
based, to better capture the coupling between the FA and SS directions than conven-

tional damping ratios.

In addition to accuracy, a significant advantage of the proposed fatigue life methodol-
ogy is its numerical efficiency and rapid computational speed. Compared to the fully
coupled model, aerodynamic decoupling and modal expansion significantly reduce
the required DOFs to be considered in the time integration. As a result, the duration of
the time integration for the modal model is around 0.5% of that for the fully coupled
model. Therefore, the proposed fatigue life prediction methodology has the potential
to be applied in the preliminary design practice to quickly estimate the fatigue life of
OWTs. In practical fatigue life assessment of OWTSs, the proposed methodology
could be advantageous, as reducing the analysis time is demanding with many envi-
ronmental states and load combinations to be considered. Employing the proposed
methodology, a more comprehensive fatigue life prediction with increased numbers of
load cases and parameter variation studies can be conducted. The proposed model
could be used to predict the influence of variations, e.g., of scour, mean sea level, tid-
al conditions, or changes to the turbine size and support structure. Some design pro-
cedures require a large number of dynamic response calculations, such as Monte Car-
lo-based fatigue reliability analysis or structural/control optimisation. Further research
should consider the comparison and validation against experimental data for deployed
offshore wind turbines and the extension to consider the flexibility and fatigue life

prediction of wind turbine blades.
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Appendix A

To consider a non-uniform inflow wind field, some modifications are needed to the
derivation process described in Section 3.3 of reference [35]. Keeping the initial as-
sumptions that the rotor is rigid and the RNA speed is small, the aerodynamic forces
applied to one blade element can be expressed by Egs. (4) to (7) in [35]. However,
when summing up the elemental blade forces for one blade, the three blades must be
considered individually, as the total aerodynamic forces experienced by different
blades are different due to wind turbulence and different azimuthal positions. In this
way, the aerodynamic force resultants can still be linearised as forces applied to a rig-
id tower plus terms related to the tower top velocities. Using the notations introduced
in [35], the total force at the tower top in the x (FA) direction can be expressed as

the sum of thrusts applied to all blades:
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825  The derivatives in Equations (A. 1) to (A. 4) can be found using expressions of partial
826  derivatives in Appendix A in [35]. According to Equations (A. 1) to (A. 4), the result-

827  ant aerodynamic forces from the rotor to the top of a flexible wind turbine tower,

828  Fih(t) = [EF'e*(¢t) EF'e*(t) ME'* (b) M”ex(t)] can be rewritten in the following

829  simplified form
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Caero =
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Appendix B

Simulations were conducted for all environmental states (Table 3), with Section 5.1

demonstrated here for the 9™ environmental state, corresponding to a mean wind

0.8

speed of 12 m/s, near the rated wind speed (11.4 m/s) of the considered OWT.

showing the fatigue calculation procedure for the 17" environmental state with a rela-

tively high mean wind speed of 20 m/s. The fatigue damage calculation results are
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Fig. B1. Comparison of the FA (a) and SS (b) displacement responses at the tower top
between fully coupled model and the reduced 4-DOF model (9™ environmental state,
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Fig. B2. Comparison of the PSD curves of tower top displacement responses in the
FA (a) and SS (b) directions obtained from the fully coupled model and the 4-DOF

model (time series shown in Fig. B1).
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Fig. B1 compares the tower top displacement responses in the FA and SS directions
obtained from the fully coupled model and the 4-DOF model, with good agreement
and TRAC values of 0.99 for the FA direction and 0.96 for the SS direction. These are
comparable to the respective TRAC values of 0.99 (FA direction) and 0.94 (SS direc-
tion) obtained in Section 5.1 for a wind speed of 20 m/s (17" environmental state).
Fig. B2 shows the comparison of the tower top responses in the frequency domain. It
shows that the responses generated by the two models are overall very similar in both
the time and frequency domain. However, as observed in Section 5.1 (Fig. 5(b)), the
4-DOF model cannot capture the 6P peak at 1.2 Hz. The maximum stress time histo-
ries at the hotspot obtained from the fully coupled model and the 4-DOF model are
compared in Fig. B3(a), with a TRAC value of 0.99. In Fig. B3(b) the maximum
stress time histories obtained from these two models are compared in the frequency
domain, showing that the two models predict very similar stresses at the hotspot, es-
pecially up to a frequency of 1 Hz (similar to Fig. 6). The normalised fatigue damage
index and the computation duration are listed in Table B1, demonstrating that the 4-
DOF model is able to predict fatigue damage accurately and very quickly compared to

the fully coupled model.
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Fig. B3. Comparison of the stress of the hotspot at the mudline from the fully coupled

model and the 4-DOF model in the time domain (a) and frequency domain (b).
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867 Table B1 Normalised fatigue damage indexes and computation duration for the fully

868 coupled model and the 4-DOF model (9" environmental state, wind speed 12 m/s).
Normalised damage Computation duration (s)
Fully coupled model 5.60 2350
4-DOF model 5.11 13
869
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