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Abstract

The choice of a suitable material model to simulate process induced dis-
tortions is important in order to achieve a right first time approach in the
design of new moulds. This work investigates the ability of the Cure Harden-
ing Instantaneously Linear Elastic (CHILE) model and a linear viscoelastic
material model to predict process induced distortions of an aerospace com-
posite frame. The material models were coupled with a cure kinetics model
and a chemical shrinkage model in order to capture the multi-physics phe-
nomena that take place during the curing process. The modelling of the
viscoelastic behaviour of the resin is performed with the use of a generalized
Maxwell model. A novel methodology is applied for shifting the relaxation
times of the composite based on its temperature and degree of cure. It is
shown that the viscoelastic model more accurately predicts the measured
distortions due to its ability to account for stress relaxation.
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1. Introduction

A goal in the manufacturing industry is to achieve a right first time ap-
proach. The application of this principle in the design process of moulds for
composites parts leads to significant reductions in the lead times and manu-
facturing costs. This is achieved by reducing the number of tools that have
to be manufactured or modified until a tool geometry is certified to produce
the part of the required quality.

Process Induced Distortions (PID) are inevitably present in composite
structures manufacturing. They are defined as the deviation of the structure
from its nominal CAD geometry and are the combined effect of spring-in and
warpage, which are the two deformation mechanisms that coexist in complex
composite structures to some degree [1]. The residual stresses which are
imposed on the part from its manufacturing process and are responsible for
its deformation field, are usually not known a priori to the designer of the
mould. Thus, an iterative mould design process is employed, which includes
the manufacturing of the mould, measuring the distortions of the part and re-
machining the mould geometry accordingly in order to reduce the distortions
of the part.

To achieve a right first time approach, the designer should be able to make
an accurate estimation of the distortions that are imposed on the composite
structure from its manufacturing process. This knowledge will enable the
designer to compensate for the distortions of the part by adjusting the tool
geometry [2]. This design approach known as mould geometry compensation
is widely employed by the aerospace industry (Fig. B.1), as it minimises
the loads that have to be applied to assemble the structure and the use of
shims which increase the weight of the assembly [3]. However, in complex
geometries like the composite frame studied here, an accurate estimation of
process induced distortions is an open research topic [4, 5, 6, 7]. This is due
to the variety of factors that contribute to process induced distortions and
due to the fact that in industrial applications a generally applicable, robust,
fast yet accurate simulation process is sought.

1.1. Factors that affect PID

Various researchers have investigated both experimentally [8] and numer-
ically the factors which create residual stresses in the composite structures
that lead to shape distortions [9, 10, 11].
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Svanberg in his research tried to evaluate and separate the factors that
contribute to shape distortions into four main categories according to their
relative significance [12]. The difference in the Coefficient of Thermal Expan-
sion (CTE) between the matrix and the fibres, the chemical shrinkage of the
resin, the laminate lay-up as well as the CTE of the mould are reported to
have a large effect on the induced residual stresses in the part. The void con-
tent and the fibre content gradients of the composite have moderate effect.
On the other hand, cure time and mould thermal conductivity are reported
by Svanberg to have small or no effect at all on shape distortions.

C. Albert et al. were the first to separate the factors that affect shape
distortions into two different categories namely intristic and extrinsic [1].
Intrinsic parameters are defined as parameters related to part geometry and
material properties. These parameters arise from inside the structure and
are the result of the composites constituents (namely the matrix and the
fibres). On the other hand, extrinsic parameters are defined as parameters
related to tooling or processing and arise from the environmental conditions
in which the structure is operating or from the manufacturing process of the
structure (curing cycle, tool part interaction etc.).

The researchers experimentally investigated the individual and interac-
tive effects of five design parameters: part shape, layup, flange length, part
thickness, and part angle, and three process parameters: tool material, tool
surface and cure cycle, on spring-in and warpage of C- and L-shaped compos-
ite specimens [1]. They concluded that both design and process parameters
can have a significant effect on spring-in and warpage and that there are mul-
tiple interactions between them. The researchers also found that aluminium
tooling always gives more spring-in than steel tooling, a statement also con-
firmed by Kappel [13]. By studying tool-part interaction on C- and L-profile
specimens Kappel concluded that it is driven by the difference between the
CTE of the mould and the composite structure when this is pressed to the
mould because of the autoclave pressure along with geometrical locking if
this is present. Thus, a higher tool CTE leads to increasing web warpage
and web warpage occurs even though a thermally compatible INVAR tooling
is used [13]. Furthermore, Zeng et al. suggest that the shape of the part has
significant influence on the warpage [14].

D. Stefaniak et al. [15] through their experimental investigations affirm
that warpage deformation of symmetric and initially flat laminates is mainly
driven by mechanical tool-part interaction as a non-uniform stress distribu-
tion field is locked in on the through thickness direction as the resin cures.
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Furthermore, tool surface roughness is observed to influence the magnitude
of these deformations significantly. The authors observed larger deflections
for higher tool coarseness values when no release film is used. Furthermore,
the use of release film on top of the tooling is able to transfer noticeable
amounts of shear stress and affect the deformations. This is in agreement
with the research of Liangliang et al. that the use of a PTFE release film
cannot eliminate the effect of the tool-part interaction [16]. However, the
magnitude of the effect of the release film on the warpage of the part depend
on the resin system used and on the coarseness of the tool surface.

N. Ersoy et al. investigated the development of spring-in angle during
cure of AS4/8552 thermosetting composite C-shaped specimens by using a
cure quench technique [17]. In their research they concluded that the ther-
moelastic component of spring-in, which refers to the shape change due to
the mismatch of CTE in the in-plane and through-the-thickness directions,
accounts for 50% of the final spring-in of fully cured components, while the
non-thermoelastic component of the spring-in, which is predominantly due to
cure shrinkage, accounts for the rest. They also concluded that for partially
cured specimens, the reason cure shrinkage and thermal effects before vitrifi-
cation contribute to spring-in is because they cause a geometrical change in
shape, which does not require substantial stresses to sustain it. As a result
they suggest that a postcuring operation will contribute to the reduction of
the spring-in angles of partially cured parts.

In their effort to improve the accuracy of predictions of process-induced
distortions after cool down of carbon-fiber-epoxy composite frames E. Kappel
et al. studied the CTE of orthotropic laminates [18]. They found that mea-
sured CTEs increasingly deviate from theoretical CTE values, derived from
unidirectional ply data using the CLT theory, when the degree of laminate
orthotropy, which is quantified by the in-plane Youngs modulus ratio Ex/Ey,
increases. They consider the observed effect as critical, as inhomogeneous
CTEs lead to process-induced distortions of curved composite structures.
Thus, they play a key role when carbon-fiber-epoxy composite frames shall
be made in tight dimensional tolerances. Wrong CTE calculation leads to
erroneous shape predictions, inaccurate tool compensation and finally to as-
sembly problems. Furthermore, to reduce the mismatch of resin contraction
and fiber contraction during the cure stage Hsiao et al. proposed to infuse
a small amount of carbon nanofibers (CNFs) into the preform while man-
ufacturing composite parts with the use of vacuum assisted resin transfer
moulding (VARTM) process [19].
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Process induced distortions of T-stiffeners and sandwich structures have
also been investigated with the intention of increasing dimensional control
of aerospace structures [20]. It was found that by increasing sandwich core
thickness the spring-in behaviour declines [21] while Mahadik et al. found
that the thermal expansion and Poissons ratio of the foam core were the
major contributors to spring-in [22].

1.2. Simulation approaches and material models

Analytical [23, 24, 25, 26, 27], semi analytical [28, 29] and numerical
approaches have been proposed to calculate process induced distortions [30,
31].

The analytical models offer fast calculation times and are used within
the academia to validate new numerical models as well as by industry to
get a first estimation of the expected spring-in angle of the structure. How-
ever, since their development is based on flat or C- and L-profile specimens
they are not considered suitable for an accurate prediction of process in-
duced distortions of complex geometries. Semi analytical models require as
input experimentally derived values of the studied structure and are able to
take into account factors (eg thickness of the structure) that pure analytical
models cannot.

A complete numerical process to simulate process induced distortions con-
tains a fiber compaction simulation in order to ensure that no (or minimum)
fiber wrinkling, bridging and fiber reorientation exist on the preform fol-
lowed by a resin flow simulation to calculate the distribution of fiber volume
fraction in the part.

Hubert [32] studied flow and compaction modelling on angled compos-
ite laminates. Lightfoot et al. [33] studied the mechanisms responsible for
fiber wrinkling and fiber misalignment of unidirectional plies during layup
of prepreg in the tool while Potter et al. [34] directly measured fiber mis-
alignment in as-delivered prepregs and observed that the material had fiber
waviness. Furthermore, Lamers [35] studied and modelled shape distortions
of composite structures due to processing induced fiber reorientation.

Then a sequentially coupled or fully coupled thermal-chemical-analysis
will enable the calculation of temperature and degree of cure distribution in
the part. The mapping of these fields to the mechanical analysis with the use
of a material constitutive equation results in the calculation of the residuals
stresses and the respective process induced distortions of the part [36, 37, 38].
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However, a complete simulation process, as presented above, for the pre-
diction of process induced distortions is rarely employed in the industry for
every part as it would require extensive material characterization, exper-
tise and processing power. Usually, assumptions are made like a uniform
fiber volume fraction and temperature field in the part omitting much of the
multi-physis complexity.

To employ numerical approaches to calculate process-induced distortions
various material models have been proposed. Elastic material models make
use of the Hooke’s law constitutive equation, and assume that the residual
stresses in the structure are starting to build up after the part has been cured
and starts to cool down to room temperature from its final hold temperature.

However, Ding et al. concluded in their research that pure elastic models
can provide a good prediction of residual stress only for thin laminates [39].
This is because of the complex temperature field gradients in thick laminates
and resulting inhomogeneous through-thickness degree of cure evolution [40].
Moreover, elastic models omit the effects of chemical shrinkage, the devel-
opment of residual stress before cool-down and stress relaxation during the
cure and cool down process [41]. To account for some of these deficiencies
Bogetti et al. studied residual stresses and deformation of thick composite
laminates and proposed a simulation process able to take into account the
chemical shrinkage of the resin during cure [42].

Moreover, Andrew A.Johnston proposed the Cure Hardening Instanta-
neously Linear Elastic (CHILE) constitutive model [43]. According to this
material model the evolution of the resin modulus can be divided into three
stages during the cure with that being the viscous state, the state where
the modulus quickly builds up and the fully cured state where no chemical
reaction takes place. With the use of the CHILE material model the chem-
ical shrinkage of the matrix can be taken into account. With the use of
the CHILE material model Guiming Zhang et al. performed computational
research on process-induced deformation of L-shaped variable-stiffness com-
posite structures during cure and investigated the influence of corner radius,
laminate thickness and flange length on spring-in [44].

The CHILE model however, is still instantaneously elastic model and can-
not predict the stresses relaxation during curing, cool down or post curing,
as it is not a time dependent model [41] [40]. In order to incorporate all the
time dependent factors that affect shape distortions during the manufactur-
ing process of thermoset composites, like heating and cooling rates, stress
relaxation and cure time, viscoelastic material models are needed.

6



According to Zhang et al. an accurate simulation on the cure-induced
residual stress should include the least two states of the entire cure process
(relaxed state, a viscoelastic state and an elastic state), and consider the
stress relaxation, thermal deformation and chemical shrinkage of the com-
posite [41]. Furthermore, Benavente with the use of a viscoelastic material
model predicted significant geometrical distortions at temperatures below
the glass transition temperature which were not possible to predict with the
use of elastic or CHILE model [36].

However, the viscoelastic material models have complex numerical model
formulations compared to elastic or the CHILE model. Furthermore, vis-
coelastic material models require longer calculation times and large amount
of memory to run because of the need to store model state variables from
the previous time step to calculate the stresses at the current time step.
Moreover, extensive material characterization is needed in order to derive
the necessary viscoelastic material properties for the viscoelastic models to
run.

Zocher et al. [45] presented a novel finite element scheme for linear
anisotropic viscoelasticity. The authors introduced a smart integration point
constitutive update algorithm whereby the stress increment is separated into
a part which is linear in the strain increment, and a non-linear contribution
which can be computed from stored results in the previous increment. How-
ever, they make the assumption of a single reduced time for all directions
which may be physically unrealistic for materials, such as fibre-reinforced
composites.

Harrison Poon and M. Fouad Ahmad proposed a constitutive update
scheme for simulating anisotropic, thermo rheologically simple, viscoelastic
solids [46] very similar in spirit to Zocher et al. With proper choice of state
variables their model obviates the need for non-physical assumptions such
as linear time variation of strain throughout the increment an assumptions
which is adopted by Zocher et al [45]. The model takes as input the con-
verged values of stress, strain and state variables at time n and the estimated
strain at time n + 1 and updates the stress tensor, state variables and the
Consistent Tangent Operator (CTO), which is used in a Newton type iter-
ative scheme. Harrison Poon and M. Fouad Ahmad in a later publication
extended their linear viscoelastic model to simulate solids exhibiting non-
linearity of the Schapery type [47, 48]. This model is more appropriate to
simulate cases where large deformations are expected and in cases where the
material changes its properties under deformation.

7



Eom et al. [49] have proposed a phenomenological model for the calcu-
lation of the relaxation modulus of a thermosetting system of the complete
range of cure. O Brien et al. [50] experimentally investigated the cure de-
pendent relaxation modulus of an epoxy system over the entire range of cure
extent and used the acquired data to develop a practical model for predict-
ing the cure dependence of the relaxation modulus throughout cure under
varying processing conditions. However, both approaches require extensive
material characterization over the entire cure range.

Finally, Ding et al. developed a three dimensional viscoelastic material
model to simulate thermo-rheologically simple materials and extended their
model to simulate also thermo-rheologically complex materials [39, 40]. In
thermo-rheologically simple materials (TSMs) the unrelaxed stiffness (the
stiffness in the glassy state) and the equilibrium stiffness (the stiffness in
the rubbery state) are temperature and degree of cure independent. On the
other hand on thermo-rheologically complex materials (TCMs) the equilib-
rium stiffness is temperature dependent. However, the description of thermo-
rheologically complex materials requires the most extensive material charac-
terisation and is considered to be cost prohibitive for most industrial pur-
poses.

1.3. Scope of the research

The scope of this research is to investigate a simulation framework suit-
able for the simulation of process induced distortions of large aerospace com-
posite frames. Since stress relaxation is reported by various researchers as
an important factor to be considered to accurately predict shape distortions
of the studied part after demoulding [51, 52], the linear viscoelastic material
model proposed by Harrison Poon [46] was chosen to be evaluated. This was
done due to its simple mathematical formulation compared to the material
models proposed by Ding et al [39, 40] and due to the convenient numerical
implementation with the use of a commercial implicit finite element solver.

We hereby present for the first time the combination of the time-cure-
temperature superposition principle originally presented by Simon et.al [53]
with the linear viscoelastic material model proposed by Harrison Poon [46].
A novel feature in this research is the application of time-cure-temperature
superposition principle with the use of the Williams-Landel-Ferry (WLF)
model for both the temperature and degree of cure shift, instead of the use
of the Arrhenius equation employed by Simon et.al, as the agreement of the
material tested with the WLF formulation was very good.
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As a reference for comparing the results of the visoelastic material model
the CHILE material model is used which is often employed in the industry
due to its simplicity and fast calculation times. Both material models were
coupled with a cure kinetics model, functions to calculate instantaneous fibre
volume fraction and Poisson’s coefficient of the composite material and use
the same micromechanics model to calculate lamina properties.

The proposed simulation framework focuses on the material modelling of
thin wall (5 mm approximately) structures from the gelation point of the
structure (after the fabric compaction and resin infusion process have been
completed) to consolidation and demolding by deliberately omitting much
of the multi-physics complexity prior to that point. However, the extension
of the proposed simulation frameworks to capture this increased complexity
would not require changes to the proposed modelling approach but only the
addition of the relevant functionalities.

While the majority of the numerical and experimental investigations on
process induced distortions found in the literature focus on flat, C- and L-
shaped composite specimens, in this research a complex composite frame
from the door surround structure of A350 aircraft was studied. A compari-
son between the simulation results of the material models tested against 3D
measurement data of the manufactured frame is presented here for the first
time and the deformation modes that act on the frame are discussed.

The aim of this research is to contribute to the maturity and adoption of
higher fidelity process induced distortions simulation frameworks by OEMs
and suppliers in the manufacturing process of aerospace composite frames.

2. Material Modelling

Since fiber properties within a composite structure do not substantially
change, the modelling effort focuses on the evolution of the resin properties
during cure. A mechanical-chemical simulation approach was adopted where
the material properties of the resin depend on the degree of cure of the resin
at each time step. To reduce computational time and modelling complexity
it was assumed that the laminate has a homogeneous temperature field at
each time step. In other words no temperature gradients exist in the part at
a given time.

The composite system studied in this paper is composed of IMS65 fibers
(supplied by the Toho Tenax) and EPS600 resin (supplied by Hexion). An
overview of the material modelling effort is depicted in Fig. B.2, where
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the function for the calculation of the shift factor aTx is employed only by
the viscoelastic material model. However, the proposed material modelling
approach as depicted in Fig. B.2 is still applicable over a wide range of
thermoset composite systems by the substitution of the specific material
constants or models (cure kinetics model, CTE material constants etc.) with
the respective material constants or models of the resin system of interest.

2.1. Cure kinetic model

The first step in the simulation of both material models is the calculation
of the degree of cure. For the calculation of the degree of cure at each time
step equation (1) was used, which is the result of the linear combination of
two autocatalitic models as presented by Lee et al. [54] with one of them
combined with a diffusion factor function as proposed by Cole et al. [55].

α̇ =
A1e

−Ea1
RT αm1(1 − α)n1

1 + eC(α−(αc0+αcTT ))
+ A2e

−Ea2
RT αm2(1 − α)n2 (1)

where :

• α̇ : Degree of cure rate

• R : Universal gas constant

• T : Temperature (K)

• A1, A2: Arrhenius constants

• Ea1, Ea2: Activation energies of the autocatalitic models

• m1, n1, C, αc0, αcT ,m2, n2 : Material constants

In order to calculate the degree of cure α from the curing rate α̇ Simpson’s
integration is used.

Dynamic scanning calorimetry (DSC) was used to characterize the cure
kinetics of the EPS600 resin system. The experimental investigations were
carried out according to the ISO 11357 standard. Then Eq.(1) was fitted to
the experimental data with the use of least-square fit and the material con-
stants of the equation were determined. The maximum deviation of Eq.(1)
from the experimental data is 2%.
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2.2. Glass Transition Temperature

The calculation of the degree of cure α at each time step enables the
calculation of the glass transition temperature Tg of the resin. This is done
with the use of the DiBenedetto equation Eq.(2):

Tg = Tg0 +
αλ(T∞g − T 0

g )

1 − (1 − λ)α
(2)

where :

• λ : DiBenedetto material constant

• α : Degree of cure

• T 0
g : Glass transition temperature at α0 (α = 0)

• T∞g : Glass transition temperature at α∞ (α = 1)

DSC was also used to measure the Tg of five resin specimens and determine
the DiBenedetto material constant λ by least squares fit of Eq.(2) to the
experimental results. The degree of cure of the manufactured specimens was
α=0, α=0.15, α=0.25, α=0.4 and α=1.

2.3. Coefficient of Thermal Expansion

The CTE of the EPS600 resin was measured with the use of DMA. Three
specimens were manufactured from the same tool and measured from room
temperature to 250oC. The CTE of the resin depends on the state of the
resin during the curing cycle. In the rubbery state the CTE of the resin was
approximated as 2.5 times greater than the CTE of the resin in the glassy
state according to the assumption made by Svanberg [12]. Eq.(3) was used
to determine the CTE according to its state [12]:

αCTEr =


αCTErub TC1 < T ∗

C2 + C3T
∗ + C4T

∗2 TC2 < T ∗ < TC1

αCTEglass + αα(T ∗ − TC2) T ∗ < TC2

(3)

where :

T ∗ = T − Tg (4)
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The quantities αCTErub and αCTEglass are the coefficient of thermal expansion of
the resin at the rubbery and glassy state respectively. TC1, TC2, C2, C3, C4, αα
used in Eq.(3) are material constants. T is the resin temperature and Tg is the
glass transition temperature. To determine these material constants Eq.(3)
was fitted to the experimental measurements.

2.4. Volumetric chemical shrinkage of the resin

The volumetric chemical shrinkage of the resin could be experimentally
measured from the gel point of the resin (Technical University of Munich,
Chair of Carbon Composites). Four specimens were manufactured and mea-
sured with the use of a rheometer according to the ASTM D 4473 standard.
Then the resin chemical contraction model Eq.(5) proposed by Johnston
[43] based on the work of Bogetti [42] was fitted to the experimental mea-
surements to describe the evolution of the resin’s chemical shrinkage. The
volumetric chemical shrinkage of the resin before the gelation point was ap-
proximated as zero.

V C
r =


0.0 α < αc1

Bαc + (V C∞
r −B)α2

c αc1 ≤ α < αc2

V C∞
r α ≥ αc2

(5)

where :

αc =
α− αc1
αc2 − αc1

(6)

The quantities B,αc1, αc2 used in Eq.(5) are material constants, V C∞
r is

the maximum volumetric chemical shrinkage of the resin and α is the degree
of cure.

2.5. Resin thermal and chemical strain

2.5.1. Resin thermal strain:

The resin is assumed to be an isotropic material having the same CTE at
its all principal directions. To calculate the resin linear expansional strains
equation (7)is employed:

εTr = αCTEr ∆T (7)

where:
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• αCTEr : Coefficient of thermal expansion of the resin

• ∆T : Increment of temperature

2.5.2. Resin chemical strain:

Similarly to the calculation of thermal strains, uniform strain contraction
for all principal strain components is assumed. To calculate the isotropic
chemical shrinkage strain, equation (8) was used [42]:

εCr = (1 + V C
r )

1
3 − 1.0 (8)

where V C
r is the instantaneous volumetric chemical shrinkage of the resin.

2.6. Lamina fiber volume fraction

As the resin changes its volume during the curing cycle due to chemical
shrinkage and thermal expansion the fiber volume fraction of the laminate
consequently evolves. In order to calculate the lamina’s instantaneous fiber
volume fraction the following calculation process is employed :

• Calculation of the resin’s specific volume at final product Eq.(9):

V Final
r = 1.0 − Vvoid − V Final

f (9)

where :

– V Final
r : Specific volume of the resin in the final product

– Vvoid : Specific volume of the voids in the final product.

– V Final
f : Fiber volume fraction of the final product.

• Calculation of the resin’s specific volume at the start of the manufac-
turing process based on its value in the final product Eq.(10):

V Start
r =

V Final
r

1 − V C∞
r

(10)

where:

– V C∞
r : Resin specific volume maximum chemical contraction. (ma-

terial constant)
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• Calculation of the resin’s specific volume change due to thermal strains
Eq.(11) [42]:

V T
r = ε1T + ε2T + ε3T + ε1T ε2T + ε1T ε3T + ε2T ε3T + ε1T ε2T ε3T (11)

T in equation Eq.(11) refer to thermal strains of the resin.

• Calculation of the instantaneous resin specific volume Eq.(12):

V Instant
r = V Start

r (1.0 + V T
r − V C

r ) (12)

where V C
r is the resin specific volume change due to chemical shrinkage.

• Calculation of the instantaneous fiber volume fraction Eq.(13):

V Instant
f = 1.0 − Vvoid − V Instant

r (13)

Here the assumption is made that the voids volume Vvoid of the part
remains constant during the curing cycle.

2.7. Resin Young’s modulus

2.7.1. CHILE material model:

Based on the work of Johnston [43], equation (14) was used to describe the
evolution of the resin E modulus during cure [56, 57]. The resin instantaneous
E modulus is a function of temperature and degree of cure of the resin.

Er =



Ermin α < αgel

E1 T ∗ < T1

E2 + (E1 − E2)
(T ∗ − T2)

T1 − T2
T1 ≤ T ∗ < T2

E3 + (E2 − E3)
(T ∗ − T3)

T2 − T3
T2 ≤ T ∗ < T3

E4 + (E3 − E4)
(T ∗ − T4)

T3 − T4
T3 ≤ T ∗ < T4

Ae−kT
∗

T4 ≤ T ∗ < T5

E5 T ∗ > T5

(14)
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The quantities E1, E2, E3, E4, E5, A, k, T1, T2, T3, T4, T4, T5 used in Eq.(14)
are material constants and Ermin is the E modulus of the resin in the viscous
state. Again T is the resin temperature, Tg is the glass transition temperature
and T ∗ can be calculated according to Eq.(4).

To determine the material constants of Eq.(14) for the case of the EPS600
resin, four UD specimens were manufactured and measured in three-point
bending test in the DMA apparatus according to ASTM D5023-07 standard.
The degree if cure of the tested specimens were 0.927 and the maximum
difference of the E-modulus of the specimens measured at the glassy state
was less than 3%.

2.7.2. Linear viscoelastic material model:

In order to derive the viscoelastic material properties of the EPS600 resin
studied here, dynamic mechanical analysis (DMA) was performed by the
Karlsruher Institut of Technology, Institut fur technische Mechanik (ITM)
on behalf of Premium AEROTEC GmbH. The DMA test was performed at
the temperature range of −30oC to 250oC with a temperature step of 5oC at
five discrete frequencies (0.5, 1.58, 5, 15.8 and 50 Hz) per temperature. The
degree of cure of the specimens tested was aref = 0.94.

After obtaining the experimental data from the DMA test, master curves
were created which describe the viscoelastic behaviour of the material beyond
the range of frequencies covered by experimental measurements. The creation
of the master curves is based on the time-cure-temperature superposition
principle proposed by Simon et.al [53]. According to this principle the effect
of temperature and degree of cure on the relaxation times are accounted
for by applying the time-temperature superposition principle [49] and the
time-cure superposition principle [58, 59].

The time-temperature superposition principle implies that the viscoelas-
tic behaviour at one temperature can be related to that at another tempera-
ture by a change in the time scale only [49]. In the case of thermo-rheological
simple materials the curves of the instantaneous modulus as a function of
time do not change shape as the temperature is changed but appear only to
shift left or right. To construct the master curve from the available DMA
data the reference temperature Tref was chosen to be equal to the glass tran-
sition temperature at the reference degree of cure Tref = Tg(aref ). Then
the DMA data of the specimens having different temperatures than Tref are
shifted horizontally along the frequency axis so that they superimpose with
the DMA data of the Tref specimen in order to form a continuous curve.

15



The empirical relation, first established by Malcolm L. Williams, Robert
F. Landel and John D. Ferry also called the Williams-Landel-Ferry or WLF
model Eq.(15) was used to calculate the temperature shift factor aT [60].

log(aT ) =
−Cg1(T − Tref )

Cg2 + (T − Tref )
(15)

where :

• aT : Temperature shift factor

• Cg1, Cg2 : Material constants

• Tref : Reference temperature chosen to be equal to the glass transition
temperature at the reference degree of cure Tref = Tg(aref )

• T : Temperature

The calculation of the Cg1, Cg2 is achieved by curve fitting to the available
DMA data. The WLF equation proved to match very well the experimentally
derived master curves indicating that the time-temperature superposition
principle holds true with the studied resin system.

Similarly to the temperature shift factor aT , a degree of cure shift factor
ax, accounts for the degree of cure dependence of the relaxation times. In
agreement with the work of Simon et.al [53], Plazek et.al [58], Lee et.al [59]
we assume that the degree of cure shift factor has a similar form independent
of degree of cure if the reference temperature is taken as Tg. Consequently,
the degree of cure shift factor ax in our case is calculated by Eq.(16)

log(ax) =
−Cg1(Tg(a) − T refg )

Cg2 + (Tg(a) − T refg )
(16)

where :

• ax : Degree of cure shift factor

• Cg1, Cg2 : Material constants as calculated above

• T refg : Reference glass transition temperature chosen to be equal to
the glass transition temperature at the reference degree of cure T refg =
Tg(aref )

16



• Tg : Glass transition temperature of the time increment

The combined cure-temperature shift factor can now be calculated from
Eq.(15), Eq.(16) as Eq.(17):

log(aTx) = log(aT ) + log(ax) (17)

The result of shifting the experimental data is the creation of two master
curves one for the storage modulus E

′
and one for the loss modulus E

′′

of the resin. Then the Generalised Maxwell element model Fig. (B.3) was
chosen to be fitted to these master curves to describe the viscoelastic material
behaviour of the resin [61].

The Generalised Maxwell element model consists of many spring-dashpot
Maxwell elements connected in parallel and a spring. The use of many
Maxwell elements is done in order to take into account that the relaxation
does not occur at a single time, but in a set of times. On the other hand
the purpose of the spring is to ensure that the stresses does not fully relax
and the viscoelastic material retains a small storage modulus when strain is
applied to the material.

The total number (N) of Maxwell elements which are needed by the Gen-
eralised Maxwell element model to accurately fit the experimental data de-
pend on the range of frequencies studied. A common practice is to separate
the frequency range to N segments at every logarithmic decade and assign to
each segment a Maxwell element (spring-dashpot) to model the viscoelastic
behaviour. The storage modulus E

′
and the loss modulus E

′′
of the studied

material can be calculated using Eq.(18).

E
′
=

N∑
i=1

Ei
(ωτi)

2

1 + (ωτi)2

E
′′

=
N∑
i=1

Ei
ωτi

1 + (ωτi)2

(18)

where :

• N : Total number of the Maxwell elements

• Ei : The relative stiffness of the ith Maxwell element

• τi : Relaxation time of the ith Maxwell element

17



• ω : The frequency of oscillation

• E
′
, E
′′

: The experimental value of the storage and loss modulus re-
spectively

To calculate the relative stiffness of every Maxwell element Ei, fitting
algorithms were used, the purpose of which is to identify the value of the
relative stiffness of the N Maxwell elements that minimise the deviation of the
model with the experimental data of the two equations presented in Eq.(18).
After determining the relaxation times τi and the relative stiffness of every
Maxwell element Ei, the resin relaxation tensile modulus can be calculated
at every time step of the curing cycle using the Prony series Eq.(19) [61]:

Er(t) = Eoo + (Eu − Eoo)
N∑
i=1

Ei exp

(
−t
aTxτi

)
(19)

where :

• N : Total number of the Maxwell elements

• Er(t) : The resin relaxation tensile modulus

• Eoo : Long term tensile modulus once the material is totally relaxed
(equilibrium or rubbery modulus)

• Eu : The unrelaxed resin modulus (glassy modulus)

• Ei : The relative stiffness of the ith Maxwell element

• τi : Relaxation time of the ith Maxwell element

• aTx : Degree of cure - temperature shift factor of the time step

• t : time

The Eoo rubbery modulus was set equal to the value of the loss modulus
E
′′

at the highest temperature (250oC) and frequency (50 Hz) tested in the
DMA analysis. On the other hand at low temperatures the material shows
glassy behaviour. As a result the Eu glassy modulus is equal to the storage
modulus E

′
at the lowest temperature (−30oC) and highest frequency (50

Hz) tested in the DMA analysis.
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2.8. Resin Poisson’s coefficient

For the calculation of the resin’s instantaneous Poisson’s coefficient Eq.
(20) was employed [43] :

νr(t) =
1

2
(1 − Er(t)(1 − 2ν∞)

E∞r
) (20)

where :

• ν∞ : The resin Poisson’s ratio at α∞ (α = 1.0)

• E∞r : Resin elastic modulus at α∞

• Er(t) : Resin Young’s modulus.

2.9. Resin G modulus

For the calculation of the resin instantaneous shear modulus Gr(t), Eq.
(21) was used assuming isotropic material behaviour :

Gr(t) =
Er(t)

2(1 + νr(t))
(21)

where:

• νr(t) : Instantaneous Poisson’s coefficient of the resin.

• Er(t) : Resin Young’s modulus.

2.10. Lamina engineering constants and expansional coefficients

Having calculated the resin’s properties, the next step in the material
modelling process is to employ a micromechanics model to derive the mechan-
ical properties and expansional coefficients of the lamina. This is achieved
by combining resin and fiber properties assuming orthotropic behaviour for
the lamina. The micromechanics model proposed by Bogetti was used to
calculate the E and G modulus and the Poisson’s ratio ν of the lamina [42].
The mathematical formulations of the model are presented in Appendix A.
The definition of the orthotropic stiffness tensor is presented in Appendix B.

19



2.11. Lamina strains

With the use of the ply expansional coefficients the calculation of the
strains of the lamina can be achieved.

The thermal strain of the lamina is calculated with the use of Eq.(22):

εTply = αCTEply ∆T (22)

where αCTEply is the coefficient of thermal expansion of the lamina.
The chemical strain of the lamina is calculated with the use of Eq.(23):

εCply = βCSCply εCr (23)

where βCSCply is the chemical shrinkage coefficient of the lamina.
The non mechanical strain of the lamina is the sum of thermal and chem-

ical strain Eq.(24). These strains have opposite sign.

εNonMech
ply = εTply − εCply (24)

The mechanical strain of the lamina is defined by subtracting from the
total ply strains the non mechanical part Eq.(25)

εMech
ply = εTotalply − εNonMech

ply (25)

where:

• ∆T : Increment of temperature

• εTotalply : Total strain at the end of the current time increment.

• εCr : Resin chemical strain Eq. (8).

2.12. Constitutive equations

2.12.1. CHILE material model

The CHILE material model [43] make use of the generalised Hooke’s law
constitutive equation Eq.(26), which is a set of analytical equations that
relate the stress tensor of the material point (σij), with the corresponding
mechanical strain tensor (εMech

kl ), with the use of the elastic stiffness matrix
(C0

ijkl).

σij =
∑
k

∑
l

C0
ijklε

Mech
kl (26)
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To calculate the mechanical strain tensor (εMech
kl ) and elastic stiffness

matrix (C0
ijkl) of a material point the calculation process depicted in Fig. B.2

is followed. Starting from the calculation of the degree of cure α of the time
increment Eq.(1) the calculation progresses to the calculation of the glass
transition temperature of the resin Eq.(2) followed by the calculation of the
instantaneous resin properties, needed for the homogenization step, namely
the instantaneous E, G resin modulus (Eq.(14) and Eq.(21) respectively) and
the instantaneous Poisson Eq.(20). The resin’s thermal and chemical strains
(Eq.(3) to Eq.(8)) and fiber volume fraction coefficient (Eq.(9) to Eq.(13))
can be calculated in parallel and prior to the calculation of the homogenized
material point’s expansional coefficients and strains.

With the use of the homogenization model proposed by Bogetti [42]
(Appendix A) the expansional coefficients (CTE and CSC) (Eq.(A.9) and
Eq.(A.10)) and the mechanical strain tensor (εMech

kl ) (Eq.(22) to Eq.(25)) of
the material point can be calculated.

The instantaneous elastic (glassy) stiffness matrix (C0
ijkl) can be calcu-

lated from Eq.(B.1) and Eq.(B.2) given as input the effective material prop-
erties calculated by the homogenization model (Eq.(A.1) to Eq.(A.8)).

Finally, Eq.(26) is applied to update the stress tensor of the material
point. The Consistent Tangent Operator (CTO) to be used by the iterative
solution process as depicted in Fig. B.4 is set in the CHILE material model
equal to the material point stiffness matrix (C0

ijkl).
In case each lamina is modelled with one integration point in the thickness

direction the above calculation process produces the stress and strain state
of the lamina. If more than one integration point in the thickness direction
is used (in our case three are used) an output request can be created in
ABAQUS based on these integration points to monitor the stress and strain
state of the lamina if needed for post processing purposes.

2.12.2. Poon’s linear viscoelastic material model

H. Poon et. al developed a constitutive update scheme for simulating
anisotropic, thermo rheologically simple, viscoelastic solids [46]. The con-
stitutive equation (27) is proposed by the researchers to calculate the stress
tensor of the next time increment.

σn+1
ij (t) =

∑
k

∑
l

(
C0
ijklε

Mech
kl

n+1 −Dn+1
ijkl

)
(27)

The calculation process depicted in Fig. B.2 is also employed in this case.
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The starting point is again the calculation of the degree of cure α of the time
increment. However, an additional feature here is the calculation of the shift
factor of the time increment (Eq.(15) to Eq.(17)) after the calculation of the
Tg of the resin. Instead of the use of Eq.(14) for the calculation of the resin
instantaneous modulus, Eq.(19) is employed which is the relaxation tensile
modulus of the time increment. With the use of the relaxation modulus the
Poisson coefficient of the resin Eq.(20) and shear modulus Eq.(21) can be
calculated. Then the mechanical strain tensor (εMech

kl ) of the material point
is calculated with the use of the resin relaxation modulus (homogenization
step Eq.(A.9), Eq.(A.10) and Eq.(22) to Eq.(25)).

The elastic (glassy) stiffness matrix (C0
ijkl) of a material point is calcu-

lated from Eq.(B.1) and Eq.(B.2) given as input the effective glassy stiffness
of the material, derived from the homogenization step. In the homogeniza-
tion step the glassy moduli of the resin is the sum of the stiffness of the
Maxwell elements [46].

The state variable Dn+1
ijkl is the fictitious creep stress, being defined as the

difference between the purely elastic stress based on instantaneous moduli
and the actual stress of the material. It is calculated using Eq.(28).

Dn+1
ijkl =

[
1

∆t
+

1

τia
n+1
Tx

]−1 [Dn
ijkl

∆t
+
C̃ijklε

Mech
kl

n+1

τia
n+1
Tx

]
(28)

The relaxation stiffness matrix C̃ijkl is calculated from Eq.(B.1) and
Eq.(B.2) given as input the magnitudes of transient decay of each Maxwell
element ((Eu-Eoo)Ei term of Eq.(19)) [46].

The Consistent Tangent Operator (CTO) is calculated using Eq.(29) .

∂σn+1
ij

∂∆εab
= C0

ijab −
∆t

∆t+ τia
n+1
Tx

C̃ijab (29)

In equations Eq.(27), (28), (29) :

• C0
ijkl : Glassy (elastic) stiffness matrix

• εMech
kl

n+1
: Mechanical strain tensor

• τi : Relaxation time of the ith Maxwell element

• an+1
Tx : Degree of cure - temperature shift factor
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• ∆t : Time increment

• C̃ijkl : Relaxation stiffness matrix calculated using as input the tran-
sient decay of the Prony series Eq.(19)

3. Experimental procedure

The composite structure that was studied in this research is shown in
Fig. B.5. It is a demonstrator frame from the door surround structure of
the Airbus A350 aircraft. It is made from Non Crimp Fabric (NCF) by
vacuum assisted process infusion as shown in Fig. B.6. The resin system
used to manufacture the part was the EPS600 resin supplied by Hexion [62].
The frame is made from UD as well as biax (45/-45) and triax (45/90/-45)
fabric of IMS65 fibers, an indeterminate modulus fiber supplied by Toho
Tenax. The properties of this fiber can be found in literature [63] or if not
explicitly defined by the supplier, can be approximated from the AS4 fiber
data published in the literature [43]. The fiber properties used in this research
are presented in Table B.1.

The composite frame was manufactured with the use of an inner and
outer tool. The female outer tool was made from INVAR alloy and the inner
male tool was made from aluminium as shown in Fig. B.7. Fig. B.8 shows
the manufacturing process that was followed. The preform was created as
shown in Fig. B.9 and then placed on the female mould. The preform was
manufactured larger than the final part to allow the machining operations to
produce the final geometry of the structure. The aluminium caul was then
placed on top of the preform and the whole assembly was put in a vacuum
bag.

The curing cycle that was used is depicted in Fig. B.10. Prior to resin
infusion the assembly is preheated with a heating rate of 2oC/min to 120oC
in the oven. In the mean time the resin is also heated from its storage
temperature of −18oC to 80oC. During this phase the resin transforms from
a solid to a liquid phase and its viscosity reduces. When the assembly in the
oven reaches 120oC the resin infusion starts and the resin’s viscosity drops
further. After the resin infusion is finished, a heat-up phase follows where
the assembly is heated to the curing temperature of 180oC with a heating
rate of 1oC/min. When the curing process is over the temperature in the
oven drops with a rate of −2oC/min until room temperature is reached.

After the curing process was finished the part was taken out of the mould
and was checked for manufacturing defects (voids distribution etc). Following
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its inspection the composite frame was machined to its final dimensions. The
length of the composite frame is around 1769 mm its maximum width is 190
mm and its minimum width 127 mm. The height of the inner flange varies
from 30 mm to 40 mm and the height of the outer flange from 75 mm to 30
mm.

After machining, the part was scanned with the use of a 3D scanner and an
stl file was created containing the information of the scanned geometry. This
was used as reference for comparing the simulation results of the material
models. The manufacturing and the 3D scanning of the composite frame
took place at the premises of Premium AEROTEC GmbH.
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4. Numerical implementation

4.1. Simulation Methodology and boundary conditions

The two material models where implemented in ABAQUS with the use of
customized User Material Subroutines (UMAT). The role of this subroutine
is to update the stress tensor and CTO of the material integration point that
it is called at every time increment of the curing history. Fig. B.4 depicts
how UMAT interacts with the ABAQUS solver.

Fig. B.10 depicts the laminate temperature that was used as input in
the calculation. It used to approximate the evolution of temperature in the
laminate instead of performing a three dimensional heat transfer analysis. It
is a product of manufacturing experience, similar to the temperature profiles
presented by Svanberg [12], who placed thermocouples at specific locations
on the laminate and recorded the temperatures during the curing cycle.

The simulation starts just before the gelation point of the resin and
stresses built up earlier in the curing cycle are assumed to contribute in-
significantly to the process induced shape distortions of the structure. The
curing history was divided into five steps from the gelation point of the resin.
These simulation steps along with their imposed boundary conditions are de-
picted in Table B.2.

In Table B.2 the temperature refers to the temperature at the end of the
step. The fixed mechanical boundary condition implies that all the transla-
tional Degrees of Freedom (DOFs) of all nodes of the mesh are set to zero
displacement. Svanberg concluded that this type of boundary condition is
more accurate than the freestanding boundary condition during the curing
process [12]. In the demoulding step and the trimming step all DOFs of
all nodes are released except of three nodes located at the centerline of the
frame, which were used to suppress rigid body motion. Finally, the trimming
step refers to the subtraction of a number of elements from the mesh to sim-
ulate the machining operations which occur after demoulding the composite
part.

The frame consists of six zones as depicted in Fig. B.11. The ply drops
offs from one zone to another is 1:20 and the resulting wall thickness of
the composite frame ranges from 3.43 mm to 5.76 mm. The biax and triax
NCF fabric was modelled with an equivalent number of UD plies at the
respective directions by ignoring the stitching of the fabric. Each resulting ply
is modelled with the use of three integration points in its thickness direction.
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Consequently, the total number of integration points of a zone in the thickness
direction is equal to the number of the resulting plies multiplied by three.

4.2. Mesh

Fig. B.11 depicts the finite element mesh that was used to simulate
the process induced distortions of the composite frame. It consists of 26433
C3D8I solid elements, which have incompatible modes to improve their bend-
ing behaviour [64]. An element length of approximately 5 mm was chosen in
the longitudinal and transverse direction. Six elements were used to model
the corner between the flanges and the web of the frame. In the thickness
direction the composite frame was modelled with one element consisting of
multiple integration points according to the stacking sequence of the zone it
belongs in order to reduce the computational time. A mesh sensitivity study
was carried out with the use of five elements in the thickness direction and
the difference was less than 1% compared to the adopted mesh density.

5. Results and Discussion

Given the curing cycle depicted in Fig. B.10 the degree of cure α and
the glass transition temperature Tg of the EPS600 resin studied here, are
calculated from the gelation to demoulding the structure with the use of
Eq.(1),(2) respectively and are presented in Fig. B.12.

The thermal and chemical strain of the resin (Eq.(7),(8)), from the gela-
tion to demoulding the structure is depicted in Fig. B.13. Since the simu-
lation starts at the gelation point the thermal strain slightly increases to a
positive value following the laminate temperature profile and then thermal
shrinkage occurs as the structure cool down to room temperature. As de-
picted in Fig. B.13 the chemical strain is negative indicating that chemical
shrinkage occurs. The sum of the thermal and chemical strain at any point is
the non-mechanical strain experienced by the laminate in through-thickness
direction (ε33).

The resulting temperature, cure and the combined cure-temperature shift
factor of the resin calculated with the use of Eq.(15),(16),(17) respectively
are presented in Fig. B.14.

Fig. B.15 depicts the Young’s modulus of the resin, according to the
CHILE and the viscoelastic material characterisation. Consequently, the
Poisson’s coefficient of the resin can be calculated according to Eq.(20) and
is presented in Fig. B.16.
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Fig. B.17 depicts the distortions induced in the frame after demoulding,
with the use of the CHILE and linear viscoelastic material model respectively.
The undeformed shape of the frame is shown with the black feature edges
surrounding it. The distortion field is multiplied by a factor of 10 in order
for the distortions to be visible.

As expected the distortion field increases in magnitude from the web to
the flanges. The distance between the flanges is reduced an effect caused by
the reduction of the angles between the web and the inner and outer flanges.
The viscoelastic material model predicts lower distortions compared to the
CHILE material model. The maximum displacement value for the CHILE
material model is 1.212 mm whereas for the viscoelastic material model it
is 0.975 mm. The simulations also predict that the frame is subjected to
warpage. The frame is twisted clockwise while simultaneously it suffers from
a downward bending. The greater amount of distortions predicted by the
CHILE material model can be attributed to its inability to account for stress
relaxation from the gelation point of the structure to cool down.

Fig. B.18 depicts the distortion field of the frame after the trimming pro-
cess. The trimming process releases residual stresses and the frame springs
back to its nominal shape to some extent. The maximum displacement value
for the CHILE material model is now 1.117 mm whereas for the viscoelastic
material model it is 0.923 mm. Thus, the maximum displacement predicted
by the viscoelastic model is around 17% reduced from the value predicted
by the CHILE material model. The trimming operation also slightly alters
the distribution of distortions in the frame. Therefore a mould geometry
compensation approach based on the shape of the part after demoulding
but before trimming, will produce inaccurate results. However, because the
mould compensation is a non linear process, in other words different ge-
ometries produce different amounts of spring-in [2] and the discontinuous
distortion field between the trimmed and the untrimmed part, a second ver-
ification PID analysis is proposed to verify that the compensated geometry
will produce the desired structure.

The difference between the predictions of the two material models is de-
picted in Fig. B.19. The CHILE material model predicts greater distortions
compared to the viscoelastic material model. Red colour indicates outward
displacement for the CHILE model to reach the predictions of the viscoelastic
material model, whereas blue colour indicates inward displacement.

Here it is important to note that the viscoelastic material model requires
around twice the computational time compared to the CHILE material model
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mainly because of the increased number of state variables that have to be
read from the memory, updated by the material constitutive equation (27)
and stored back in memory at every time increment.

Fig. B.20 depicts the distribution of σ11 residual stresses predicted by the
CHILE and the viscoelastic material model respectively, in the first layer after
trimming the frame. As it can be seen residual stresses on the magnitude of 11
MPa are predicted by the CHILE model. In comparison the residual stresses
predicted by the viscoelastic material model are 5.6 MPa in magnitude for the
first layer of the frame. This can be attributed to some extent to the stress
relaxation that the model is able to predict. However, while the residual
stresses predicted by the CHILE material model are tensile for the first layer
the viscoelastic material model predicts compressive stresses for a significant
area of the ply. This fact indicates that the distortion field predicted by the
viscoelastic model also results in the redistribution of the internal residuals
stresses in the laminate. In any case the residual stresses predicted should be
taken into account in the calculation of the reserve factors of the structure.

Before comparing the PID predictions of the two material models with
the shape of the manufactured frame, a direct comparison between nominal
and manufactured geometry is made as depicted in Fig. B.21.

To enable the comparison between 3D measurements and the CAD ge-
ometry or simulation results which is made afterwards, the GOM Inspect
suite was used [65]. Since the two databases use different coordinate system
an alignment step is necessary in order to perform any comparison. For that
purpose the best fit algorithm was used. Since the outer flange of the frame
is the one to be fitted to the skin of the aircraft a best fit alignment based
on the outer flange and web of the frame was used. For this comparison red
colour indicates outward displacement for the nominal geometry to meet the
manufactured shape, whereas blue colour indicates inward displacement.

By comparing the nominal shape of the frame with the manufactured one
(Fig. B.21) it can be concluded that the flanges of the frame are subjected
mainly to spring-in. The magnitude of spring in of the flanges depends on
the position of the cross section along the frame. Nine points were placed
on the surface of the frame and their deviation to the manufactured frame
is depicted in Fig. B.21. The frame also experiences warpage since the web
deviates from its nominal position up to 0.93 mm at the back of the frame.

Moreover, as is depicted in Fig. B.18 and Fig. B.21 the measured and
calculated distortions of the composite frame in some areas is more than 0.5
mm, which is a typical threshold value used in the industry [2, 6]. Therefore,
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manufacturing the composite frame without any compensation will produce
a product not meeting its manufacturing specifications.

Fig. B.22 depicts the deviations of the two material models tested from
the manufactured part. Red colour indicates outward displacement for the
simulation results to reach measurements, whereas blue colour indicates in-
ward displacement.

The viscoelastic simulation framework that was developed predicts more
accurately the manufactured shape compared to the CHILE material model,
which overestimates the process induced distortions of the frame. This is in
agreement with the work presented in the literature [66, 67, 68]. However, in
some areas of the frame both the CHILE and the viscoelastic model predict
greater distortions compared to those experimentally observed.

The deviation of the simulation results of the viscoelastic material model
from the manufactured shape can be attributed to a number of factors and
assumptions made in the development of the current simulation framework.
A homogeneous temperature field was considered throughout the part, taken
as input from manufacturing experience. While this assumption is considered
reasonable, due to the small wall thickness of the part and the low heating
and cool down rates, small temperature gradients exist in the structure due
to the positioning of the mould in the oven, the exothermic heat reaction
of the resin, the part shape, the relative motion of the tool part interfaces
during cure, and any part warpage that might develop during the cure. These
temperature gradients result in property gradients and affect the distortions
of the structure.

A sequentially or fully coupled thermal-chemical-mechanical analysis will
enable the calculation of the inhomogeneous temperature field distribution
and the resulting inhomogeneous curing profile in the part. This approach
requires the calculation of the effective thermal properties (conductivity, den-
sity and specific heat capacity) of the laminate as a function of temperature
and degree of cure. However, further material characterization is required
for that purpose.

In addition our viscoelastic model was based on the assumption of ther-
morheological simplicity, which implies that the retardation spectrum is as-
sumed to not vary with temperature or degree of cure but is simply shifted
along the time axis. While this is valid for the time-temperature superposi-
tion it not strictly valid for the time-cure superposition [58]. The considera-
tion of thermorheological complex material behaviour would require further
material characterisation and the assumption of thermorheological simplicity
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is considered a good approximation for modelling the evolution of viscoelastic
properties during cure after gelation [53].

Moreover, fabric compaction, permeability and resin flow were not consid-
ered in the current modelling approach in order not to increase the modelling
complexity and material characterization effort. This leads to the assumption
of homogeneous fiber volume fraction and void content in the part during the
cure. However, the distribution of the resin in the part at the end of the in-
fusion process is inhomogeneous to some extend depending on many factors
such as part shape, local part radius, stacking sequence, the use of single
side or two side tooling, positioning of the resin flow medium across the part,
fiber bridging, wrinkling and reorientation etc. [52]. These factors cause resin
rich and resin poor areas resulting in property gradients in the consolidated
laminate affecting process induced distortions and residual stresses. In order
to calculate the inhomogeneous resin distribution in the part at the end of
the infusion process a resin flow simulation needs to be employed. For that
purpose, the resin viscosity as a function of temperature and degree of cure
needs be experimentally measured and modelled.

Furthermore, tool-part interaction was not taken into account in this
study and could play a role since the caul plate was made from aluminium
to reduce the cost of the experiment. However, as discussed earlier the effect
of tool-part interaction cannot be eliminated even with the use of an INVAR
tool. Moreover, the biax and triax NCF fabric was modelled as a number
of UD plies, neglecting the effect of stitching of the fabric. Also the light
projection method used to measure the distortion field of the frame and
the creation of the stereolithography file used to make the comparisons is a
potential source of error. More importantly the mould and the caul plate
that produced the frame were not 3D scanned and their deviation from the
nominal CAD geometry is not known.

Finally, another source of error could be the mesh of the frame which
is based on de-featured geometry with many geometric details deliberately
removed from the CAD geometry to facilitate the meshing operation. This
is assumed to be the reason for the characteristic red step observed in the
contour plot at the back of the frame and in other areas where there is a ply
drop off.
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6. Conclusions

The following conclusion can be made from this study:

• The developed viscoelastic simulation framework which employs the
linear viscoelastic constitutive update scheme proposed by Harrison
Poon and M. Fouad Ahmad [46] and the time-cure-temperature super-
position principle proposed by Simon et.al [53] more accurately predicts
the manufactured shape compared to the CHILE material model, which
overestimates the distortion field of the structure.

• The linear viscoelastic material model needs approximately twice the
computational time compared to the CHILE material model to run.
Moreover, an increased material characterisation effort is required to
derive the viscoelastic material properties needed as input for the ma-
terial model.

• Since the calculated and measured distortions of the composite frame
is more than 0.5 mm, which is a typical threshold value used in the
industry [2, 6], manufacturing the product without any compensation
will produce a part not meeting its manufacturing specifications.

• A mould geometry compensation approach based on the shape of the
part after demoulding will produce inaccurate results as the trimming
operations which usually take place in the industry, release stresses that
affect the distortion field of the structure, depending on the extent of
these operations.

• Residual stresses exist in the final product and should be taken into
account in the calculation of the reserve factors of the structure.

• The use of viscoelastic material models is proposed if the objective
is to increase the accuracy of the employed simulation framework in
the prediction of process induced distortions of aerospace thermoset
composite structures.

Future work will focus on performing a heat transfer analysis to more
accurately determine the temperature field in the part. This could serve as
input in the developed simulation framework to further improve its accuracy.
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Finally, with the aim to substitute the expensive INVAR tools convention-
ally used in the aerospace industry and replace them with low cost steel
or aluminium alloys, tool part interaction will be investigated and the ef-
fect and applicability of various friction models on the developed simulation
framework of process induced distortions of aerospace thermoset composite
structures will be assessed.
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8. Nomenclature

• α̇ : Degree of cure rate

• α : Degree of cure

• αgel : The degree of cure at the gelation point of the resin

• α0 : The degree of cure at α = 0

• α∞ : The degree of cure at α = 1

• R : Universal gas constant

• T : Temperature

• A1, A2: Arrhenius constants

• Ea1, Ea2: Activation energies of the autocatalitic models

• m1, n1, C, αc0, αcT ,m2, n2 : Material constants used by the cure kinetics
equation

• Tg : Glass transition temperature

• λ : DiBenedetto material parameter
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• T 0
g : Glass transition temperature at α0

• T∞g : Glass transition temperature at α∞

• αCTEr : Coefficient of thermal expansion of the resin second order ten-
sor.

• T ∗ : Temperature difference to the glass transition temperature.

• αCTErub ,αCTEglass : Coefficient of thermal expansion of the resin second order
tensor at the rubbery and glassy state respectively.

• TC1, TC2, C2, C3, C4, αα : Material constants used for the calculation of
the CTE of the resin.

• V C
r : Volumetric chemical shrinkage of the resin second order tensor.

• V C∞
r : Maximum volumetric chemical shrinkage of the resin second

order tensor at α∞.

• B,αc1, αc2 : Material constants used for the calculation of the volumet-
ric chemical shrinkage of the resin.

• αc : Degree of cure fraction

• εTr : Resin thermal strain second order tensor.

• εCr : Resin chemical strain second order tensor.

• V Final
r : Specific volume of the resin in the final product

• V Start
r : Specific volume of the resin at the start of the manufacturing

process

• Vvoid : Specific volume of the voids in the final product.

• V Final
f : Fiber volume fraction of the final product.

• V T
r : Specific volume change of the resin due to thermal strains

• V Instant
r : Instantaneous specific volume of the resin

• V Instant
f : instantaneous fiber volume fraction
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• Er : Resin Young’s modulus according to the CHILE material model

• Ermin : The E modulus of the resin in the viscous state

• E1, E2, E3, E4, E5, A, k, T1, T2, T3, T4, T4, T5 : Material constants used
by the CHILE material model

• aT : Temperature shift factor

• ax : Degree of cure shift factor

• aTx : Degree of cure-temperature shift factor

• Cg1, Cg2 : Fitting parameters of the WLF equation

• Tref : Reference temperature used for the temperature shift factor

• T refg : Reference glass transition temperature used for the degree of
cure shift factor

• E
′
, E
′′

: DMA values of the storage and loss modulus respectively

• N : Total number of the Maxwell elements

• Ei : The relative stiffness of the ith Maxwell element

• τi : Relaxation time of the ith Maxwell element

• ω : The frequency of oscillation

• Er(t) : Relaxation tensile modulus of the resin

• Eoo : Long term tensile modulus once the material is totally relaxed
(equilibrium or rubbery modulus)

• Eu : The unrelaxed resin modulus (glassy modulus)

• t : time

• νr(t) : Instantaneous Poisson’s coefficient of the resin

• ν∞ : The resin Poisson’s ratio at α∞

• E∞r : Resin Young’s modulus at α∞
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• Gr(t) : Resin instantaneous shear modulus

• αCTEply : Coefficient of thermal expansion of the lamina second order
tensor.

• βCSCply : Chemical shrinkage coefficient of the lamina second order ten-
sor.

• εTply : Second order thermal strain tensor of the lamina

• εCply : Second order chemical strain tensor of the lamina

• εNonMech
ply : Second order non-mechanical strain tensor of the lamina

• εMech
ply : Second order mechanical strain tensor of the lamina

• εTotalply : Second order total strain tensor of the lamina.

• σij : Second order stress tensor

• Dijkl : Fictitious creep stress second order tensor

• C0
ijkl : Glassy fourth order stiffness tensor

• C̃ijkl : Relaxation fourth order stiffness tensor calculated using as input
the transient decay of the Prony series Eq.(19)

Appendix A. Micromechanics model

The lamina’s mechanical properties namely the E and G modulus and
the lamina’s Poison ratio ν were calculated according to the formulations
proposed by Bogetti [42].

In the following equations :

• The variables having the subscript f refer to fiber properties

• The variables having the subscript m refer to matrix properties

• The subscript 1 refer to the longitudinal direction of the lamina

• The subscripts 2 3 refer to the transverse directions 2, 3 of the lamina
respectively
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• ν is the Poisson’s coefficient in the respective directions

• νf is the fiber volume fraction of the lamina

• E is the Young’s modulus

• G is the shear modulus

The variable k Eq.(A.1) is referred as isotropic plane strain bulk modulus
:

k =
E

2(1 − ν − 2ν2)
(A.1)

The longitudinal Young’s modulus of the lamina is defined as Eq.(A.2) :

E1 = E1fνf + E1m(1 − νf ) +
4(ν12m − ν212f )kfkmG23m(1 − νf )νf

(kf +G23m)km + (kf − km)G23mνf
(A.2)

The major Poisson’s ratio Eq.(A.3):

ν12 = ν13 = ν12fνf + ν12m(1 − νf ) +
(ν12m − ν12f )(km − kf )G23m(1 − νf )νf

(kf +G23m)km + (kf − km)G23mνf
(A.3)

The inplane shear modulus Eq.(A.4):

G12 = G13 = G12m
(G12f +G12m) + (G12f −G12m)νf
(G12f +G12m) − (G12f −G12m)νf

(A.4)

The transverse shear modulus Eq.(A.5):

G23 =
G23m[km(G23m +G23f ) + 2G23fG23m + km(G23f −G23m)νf ]

km(G23m +G23f ) + 2G23fG23m − (km + 2G23m)(G23f −G23m)νf
(A.5)

The effective plane strain bulk modulus of the composite ply Eq.(A.6):

kT =
(kf +G23m)km + (kf − km)G23mνf

(kf +G23m) − (kf − km)νf
(A.6)

The transverse Young’s modulus Eq.(A.7):
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E2 = E3 =
1

1
4kT

+ 1
4G23

+
ν212
E1

(A.7)

The transverse Poisson’s ratio Eq.(A.8):

ν23 =
21kT − E1E2 − 4ν212kT 2

21kT
(A.8)

Appendix A.1. Lamina expansional coefficients:

The lamina expansional coefficients were also calculated according to the
formulations proposed by Bogetti [42].

The longitudinal expansional strain of the ply Eq.(A.9):

ε1 =
ε1fE1fνf + ε1mE1m(1 − νf )

E1fνf + E1m(1 − νf )
(A.9)

The transverse expansional strain of the ply Eq.(A.10):

ε2 = ε3 = (ε2f+ν12fε1f )νf+(ε2m+ν12mε1m)(1−νf )−(ν12fνf+ν12m(1−νf ))ε1
(A.10)

In order to calculate from Eq.(A.9) and Eq.(A.10) the CTE of the ply
(αCTEply ) the expansional strains of the fiber and matrix (ε1f , ε1m, ε2f etc.) are
substituted by the CTE coefficients of the materials in the relevant directions.

Regarding the calculation of the CSC of the ply (βCSCply ), the expansional
strains of the fiber (ε1f , ε2f ) are set equal to zero as the fiber naturally does
not chemically react. The expansional strains of the matrix (ε1m, ε2m) are
set equal to one.

Appendix B. Stiffness matrix

Orthotropic material behaviour is assumed for the lamina. The orthotropic
stiffness matrix C has the following definition Eq.(B.1) [64]:
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C =


C11 C12 C13 0 0 0
C12 C22 C23 0 0 0
C13 C23 C33 0 0 0
0 0 0 C44 0 0
0 0 0 0 C55 0
0 0 0 0 0 C66

 (B.1)

where :

C11 = E1(1 − ν23ν32)Υ

C22 = E2(1 − ν13ν31)Υ

C33 = E3(1 − ν12ν21)Υ

C12 = E1(ν21 + ν31ν23)Υ

C13 = E1(ν31 + ν21ν32)Υ

C23 = E2(ν32 + ν12ν31)Υ

C44 = G12

C55 = G13

C66 = G23

Υ =
1

1 − ν12ν21 − ν23ν32 − ν31ν13 − 2ν21ν32ν13

(B.2)

To derive the isotropic stiffness matrix for the calculation of the resin’s
fictitious creep stresses according to Eq.(28) of the linear viscoelastic material
model proposed by H. Poon, the stiffness constituents have the following
definition Eq.(B.3).

C11 = Υ(1 − ν)

C11 = C22 = C33

C12 = Υν

C12 = C13 = C23

C44 =
1 − 2ν

2
C44 = C55 = C66

Υ =
E

(1 + ν)(1 − 2ν)

(B.3)
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Figure Captions

Figure B.1: Typical design process of new moulds with the use of the mould geometry
compensation approach. The Process Induced Distortions (PID) of the nominal geometry
are simulated by employing a material model. The resulting deformation field is reversed
in the mirroring step to serve as a compensated tool geometry. Then an additional PID
simulation is executed to verify that the expected distortions lie in the tolerance range of
the part.
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Figure B.2: Flowchart of the material modelling architecture. Blue colour indicates vari-
able calculation, purple access of memory, orange start/finish of the calculation process
whereas the green box is employed only by the viscoelastic material model.
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Figure B.3: Generalised Maxwell element consisting of many spring-dashpot Maxwell
elements [61].

Figure B.4: UMAT solution process.
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Figure B.5: The composite test frame studied.

Figure B.6: Resin Infusion Process.
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Figure B.7: The INVAR mould and the aluminium caul plate used.

Figure B.8: The manufacturing process which was followed.

Figure B.9: The preform made from non crimp fabric.
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Figure B.10: The curing cycle used consisting of two dwells until 180oC is reached. The
resulting laminate temperature is depicted with blue colour. The gelation point of the
structure which is the starting point of the modelling effort is depicted as a red dot in the
curing cycle as well as in the evolution of the degree of cure as predicted by Eq.(1).

Figure B.11: The finite element mesh used to model the frame, consisting of 26433 C3D8I
solid elements.
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Figure B.12: The degree of cure α and the glass transition temperature Tg of the resin
from the gelation to demoulding the structure.

Figure B.13: Thermal and chemical strain of the resin from the gelation to demoulding
the structure. The sum of the thermal and chemical strain equals at any point the non-
mechanical strain.
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Figure B.14: The temperature, cure and the combined cure-temperature shift factor of
the resin from the gelation to demoulding the structure.

Figure B.15: The Young’s modulus of the resin from the gelation to demoulding the
structure, according to the CHILE and the viscoelastic material characterisation.
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Figure B.16: Poisson’s coefficient of the resin from the gelation to demoulding the struc-
ture.

Figure B.17: Distortion fields after demoulding the frame (CHILE left, viscoelastic right).
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Figure B.18: Distortion fields after trimming the frame (CHILE left, viscoelastic right).
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Figure B.19: The difference in the predicted distortion fields between the two material
models.

Figure B.20: The predicted residual stresses σ
11

in the first layer (CHILE left, viscoelastic
right).
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Figure B.21: Process induced distortion of the frame.

Figure B.22: Deviation between the measured distortions and the calculated ones (CHILE
left, viscoelastic right).
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Tables

Table B.1: Material properties of the IMS65 carbon fiber

Physical Property Symbol Value Units Source
CTE CTE11 -1.00 E-07 [1/oC] Approximated

CTE22 4.83 E-06 [1/oC] Approximated
E-Modulus E11 290 [GPa] Toho Tenax [63]

E22 17.24 [GPa] AS4 fiber [43]
G12 27.60 [GPa] AS4 fiber [43]

Poisson’s coef. ν12 0.20 - AS4 fiber [43]
ν23 0.25 - AS4 fiber [43]

Table B.2: Simulation steps

Step Description Temperature (oC) Degree of cure Boundary Condition
1 Heating 180 α(T (t), αt−1) Fixed
2 Hold 180 α(T (t), αt−1) Fixed
3 Cool down 25 α∞ Fixed
4 Demoulding 25 α∞ Freestanding
5 Trimming 25 α∞ Freestanding
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