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Abstract Real-Time Hybrid Simulation (RTHS) is an
experimental framework that allows the testing of com-
ponents or substructures under realistic, dynamic bound-
ary conditions, by imposing the reactions calculated
from a model of the rest of the assembly through one
or more actuators. In the context of rapid prototyping
of mechanical components, RTHS could be used to ex-
plore the design space of a device while at the same time
physically validating its interaction with other compo-
nents of the final assembly from the early stages of the
design-to-production cycle.

In this work, RTHS was applied for the first time
to the investigation of aerodynamic gust loading alle-
viation devices in a highly flexible strut-braced wing.
The model wing was taken as the physical substructure
and tested in a low-speed wind tunnel equipped with
gust generators. The load alleviation device was sim-
ulated through a real-time feedforward-feedback con-
troller, and its response imposed via an electro-mechanical
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linear actuator, in contrast with the hydraulic actuators
more commonly used in standard RTHS.

The controller-actuator subsystem was studied in
detail to assess and minimise errors at the physical in-
terface with the wing. The behaviour of the electrome-
chanical subsystem showed a strong dependence on the
characteristics of the numerical substructure and the
frequency of excitation, and resulted in a significant
discrepancy between the simulated and real displace-
ments at the interface between the actuator and the
wing. A narrow-band feedforward displacement control
scheme based on a model of this subsystem alone was
therefore developed and shown to significantly reduce
synchronisation errors at the interface.

Keywords Hybrid testing · Cyber-physical test-
ing · Electrodynamic actuators · Control-structure
interaction · Aerodynamic loads · Gust loads

1 Introduction

The recent push towards a reduction of the environ-
mental impact of aviation [1] has stimulated research
into aircraft architectures capable of delivering not just
incremental improvements, but a step change in perfor-
mance. High aspect ratio (HAR) wings, in particular,
have long been recognised as having a significant e↵ect
in improving the lift-to-drag ratio and thus fuel e�-
ciency [2]. However, the accompanying increase in the
spanwise bending moments has revived interest in the
truss-braced wing design [3], where the wing loading
is reduced thanks to the additional support of a truss
system [4].

Recently, it has been proposed that the truss could
serve not simply as static support, but also to reduce
dynamic gust loads by inserting a vibration absorber
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into one of the struts, either as a traditional suspension
system [5], or as an inerter-based device [6]. The geo-
metric nonlinearities stemming from the greater flexi-
bility associated with HAR wings, however, mean that
the traditional modelling methods, based on linear elas-
tic and aerodynamic theory, are not necessarily ade-
quate, and can lead to conservative structural designs [7],
and to inaccurate estimations of the flutter speeds [3,8].
Wind tunnel testing would therefore be required to vali-
date the performance of a vibration-suppressing device
in reducing the loads experienced by the wing in re-
sponse to dynamic gust loading, especially considering
their highly aleatory nature [9], but a thorough experi-
mental exploration of the design space of the absorber
would be prohibitively expensive.

Hybrid testing provides an attractive compromise
for this application, and will be applied in this work
to the investigation of aerodynamic gust loading alle-
viation devices in a highly flexible strut-braced wing.
Within the hybrid testing framework, the structure of
interest is divided into a physical substructure, which
is subjected to testing, and a numerical substructure,
which emulates the behaviour of the rest of the assem-
bly under some chosen excitation [10]. The boundary
conditions at the interface between the two are calcu-
lated from the model of the numerical substructure, and
imposed on the physical substructure through an actu-
ator in real time [11] (hybrid testing is therefore also
known as Real-Time Hybrid Simulation (RTHS)).

This method has traditionally allowed to test and
validate the dynamics of structures that cannot be sys-
tematically studied in a controlled laboratory setting
due to their dimensions, such as in earthquake engi-
neering [12–14]. In addition, the technique can also be
exploited to quantify the response under realistic loads
and boundary conditions of critical components charac-
terised by high levels of uncertainty due to their struc-
tural complexity and/or nonlinear behaviour [15,16],
or, dually, to assess their e↵ect on the overall assem-
bly [17].

Due to the standard use of hydraulic actuators [18,
19], which are characterised by high output forces, sig-
nificant e↵ort has been dedicated to minimising the de-
lay they introduce at the interface between numerical
and physical substructures [20], as it can lead to po-
tentially destructive instabilities [21]. Several methods
have been proposed. One of the most popular is the
polynomial forward prediction algorithm [22] with its
variants [23], which seeks a least-square best fit of the
response of the numerical substructure and uses it to ex-
trapolate into the future and generate a command sig-
nal capable of compensating the actuator delay. More
recently, feedforward schemes based on models of the

specific RTHS set-up have been gaining ground, as they
promise higher compensation accuracy [24], wider op-
erational bandwidths [25], and/or to eliminate the risk
of instabilities altogether [26].

While these e↵orts to minimise the experimental er-
rors introduced by RTHS have been concentrated in
the civil and — to a smaller extent — mechanical en-
gineering communities, in the past decade RTHS has
seen a notable increase in activity from the fields of
ocean engineering [27] and fluid-structure interaction
(FSI) [28] (where RTHS is more commonly known as
cyber-physical testing). In these areas, the physical sub-
structure is directly exposed to the real, unknown hydro-
or aero- dynamic excitation, while the numerical sub-
structure can be used to simulate a wide range of bound-
ary conditions, especially in terms of sti↵ness and damp-
ing, without the need to build di↵erent test specimens.
In FSI-related research in particular, this approach has
been used extensively for the parametric investigation
of complex phenomena for which competitive models
of the underlying physics exist, like vortex-induced vi-
brations in cables and pipes [29,30], energy-harvesting
plates [31], or the classical [32] and stall [33] flutter of
wings. Contrary to traditional RTHS applications, how-
ever, systematic research to quantify the e↵ect of errors
and uncertainties in the hybrid set-up on the fidelity of
the test outcome began only recently [34–36].

This work aims therefore at bringing together the
new focus on light-weight aeroelastic structures with
the standard RTHS practice of rigorous treatment of
the errors introduced by the actuation system. In this
paper, a typical RTHS set-up will be applied to the
parametric exploration of the design space of a vibra-
tion absorber for a strut-braced wing. A compensator
for the actuation system based on an inverse model
of the electro-mechanical system alone, and its robust-
ness to uncertainty, will be presented. Particular atten-
tion will be devoted to the influence of the numerical
substructure on the frequency characteristics of the re-
sponse of the physical substructure and of the com-
pensator. Finally, the approach will be verified with
wind tunnel tests on a model strut-braced wing using
a narrow-band implementation of the compensator.

The set-up described above presents three signifi-
cant novelties with respect to traditional hybrid testing,
which bring it closer to cyber-physical applications: i)
the excitation to the physical substructure is not im-
posed via the actuator together with the calculated
boundary conditions, but comes from a gust genera-
tor installed inside the Large low-speed Wind Tunnel
(LWT) at the University of Bristol, and is therefore
unknown; ii) the actuator used is not hydraulic, but an
electrodynamic shaker better suited to the lightweight
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Real-time hybrid testing of strut-braced wing under aerodynamic loading using an electrodynamic actuator 3

structures found in sub-scale experimental aerospace
applications; iii) the characteristics of the numerical
substructures are not fixed at the beginning of the test
campaign, but can vary significantly in order to span
the design space of the device.

2 Real-time dynamic substructure testing

2.1 System overview

Fig. 1 illustrates the main components of the RTHS
set-up used in this work. A simplified model of a strut-
braced wing was taken as the physical substructure and
installed inside the LWT. This allowed its aeroelastic
behaviour to be studied without modelling approxima-
tions [37] and under real operational conditions, and
to directly observe any e↵ects arising from the interac-
tion between geometric nonlinearities and the airflow,
for which reliable modelling tools are still being actively
researched [38,39].

The numerical substructure simulates the presence
of a vibration-suppressing device at the root of the
strut, where the strut would be joined to the airframe.
The dynamic boundary conditions (displacements in
this case) that would be generated by the interaction
between the wing-strut substructure and the device are
imposed by an actuator. These boundary conditions are
calculated in real time by feeding the force measured
at the interface between the strut and the actuator into
the model of the damping device, and obtaining the cor-
responding instantaneous displacement. This numerical
displacement is then used as the reference signal for the
control system that drives the actuator.

The control system is traditionally split into two
stages. The first is the servo-drive for the actuator,
which is usually a proprietary PID controller that takes
care of basic position tracking and o↵ers additional
safety features. The second is wrapped around the servo-
drive, and acts as a feedforward compensation of the
dynamics of the actuator. This latter element is of cru-
cial importance for hybrid testing, as the compensator
has to ensure near-perfect synchronisation between the
physical and the numerical displacement at the inter-
face between the two substructures. It is well known
in the hybrid testing literature that delays between nu-
merical and physical displacements can lead to insta-
bilities [22,40], but a mismatch also means that the
dynamics of the real assembly are not accurately repro-
duced [36].

2.2 Hybrid testing implementation

The block diagram of the actual implementation of the
system is shown in Fig. 2. The wing-strut substruc-
ture H is excited by the aerodynamic external force
Fe, and the force measured at the interface between
the actuator A and H is sent to a block that con-
tains the model of the numerical substructure (N). The
feedforward compensating algorithm P then calculates
the reference displacement signal Dc for the PID-based
servo-drive by passing the numerical displacement Dn

through an inverse model of the electro-mechanical sys-
tem (capitalised letters correspond to variables in the
Laplace domain).

The servo-drive comprises a PID loop for position
control (Cd), which takes as inputs Dc and the mea-
sured actuator displacement Da and generates a con-
trol force Fc. The position loop is followed by a PI cur-
rent control loop (CF ), which takes the error between
Fc and the actual force imposed by the actuator and
produces the voltage V necessary to drive the actua-
tor. The actuator force is obtained indirectly within the
controller itself by multiplying the measured current I
by the motor constant kI , and represents therefore its
electromagnetic component. The actuator, subjected to
the interface force Fm and V , finally generates the dis-
placement boundary condition Da at the interface as
output.

Since a strong interaction between mechanical, elec-
trical, and digital components was expected, a model of
the whole system was developed in order to investigate
the influence of these elements on RTHS control and
accuracy. Particular focus will be put on the subsys-
tem comprising the actuator, servo drive, and numer-
ical substructure, which will be henceforth referred to
as the electro-mechanical subsystem.

2.3 Model of the electrodynamic actuator

The electrodynamic actuator used in this work con-
sists of a permanent magnet and a current-carrying coil
that moves due to the Lorentz force generated by the
interaction between current and electromagnetic field.
The actuator was modelled mechanically as a single-
degree-of-freedom oscillator characterised by mass ma,
viscous damping ca, and sti↵ness ka, and electrically as
an equivalent RL circuit [41] with inductance La and
resistance Ra, according to Eqs. (1) (lower-case letters
indicate variables in the time domain):

(
mad̈a(t) + caḋa(t) + kada(t) = kI i(t) + fm(t)

kI ḋa(t) + Lai̇(t) +Rai(t) = v(t).
(1)

 1 
 2 
 3 
 4 
 5 
 6 
 7 
 8 
 9 
10 
11 
12 
13 
14 
15 
16 
17 
18 
19 
20 
21 
22 
23 
24 
25 
26 
27 
28 
29 
30 
31 
32 
33 
34 
35 
36 
37 
38 
39 
40 
41 
42 
43 
44 
45 
46 
47 
48 
49 
50 
51 
52 
53 
54 
55 
56 
57 
58 
59 
60 
61 
62 
63 
64 
65 



4 V. Ruffini et al.

k

c

Gust load
Wing

Strut

Suspension 
system

Physical substructure

Interface

Gust load

Real assembly
Servo-drive

Real-time 
controller

Target 
displacement

Measured force
Voltage

Numerical substructure

Fig. 1 Schematic overview of real-time hybrid testing.
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Fig. 2 Block diagram of the displacement control implementation.

The actuator is subjected to the force fm(t) at the in-
terface with the physical substructure and to the elec-
tromagnetic force, which is proportional to current i(t)
through the motor constant kI . On the electrical side,
kI ḋa(t) is the back-electromagnetic force, and v(t) the
voltage supplied by the servo-drive. Switching to the
Laplace domain, it is possible to express Eqs. (1) in
transfer function form, which will make for a more con-
venient derivation of the global model, as follows

AmDa = kII + Fm (2)

AmIDs +AII = V, (3)

where the capitalised letters indicate Laplace trans-
forms of the time-domain variables in Eqs. (1). The
transfer functions Am, AI , and AmI are expressed as

Am = mas
2 + cas+ ka

AI = Las+Ra

AmI = kIs,

with s the Laplace complex frequency variable.

2.4 Model of the control system

As stated in Sect. 2.2, the servo-drive implements a two-
stage control system. The first is a PID position control
loop in parallel form. Its input passes first through a
Butterworth low-pass (LP) filter with cut-o↵ frequency
!1, and the overall transfer function Cd can be ex-
pressed as

Cd =
!1

s+ !1

✓
kp + kds+

ki

s

◆
, (4)

where kp, kd and ki are the proportional, derivative
and integral gains for the position loop, respectively.
The output of the position loop is the target force Fc

necessary to achieve the reference displacement Dc, and
can therefore be written as

Fc = CdEd = Cd (Dc �Da) , (5)
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Real-time hybrid testing of strut-braced wing under aerodynamic loading using an electrodynamic actuator 5

where Ed is the error between the reference displace-
ment and the actual displacement Da of the actuator.

The second stage is a PI current control loop, also in
parallel form. Its input is filtered by a second LP filter
with cut-o↵ frequency !2, and the resulting transfer
function CF is

CF =
!2

s+ !2

✓
kFp +

kFi

s

◆
, (6)

where kFp, kFi are the proportional and integral gains
for the current loop. Its output is the supply voltage V

to the actuator

V = CFEF = CF (Fc � kII) , (7)

which is proportional to the error EF between the tar-
get force Fc and the electromagnetic force kII.

2.5 Numerical substructure

The numerical substructure simulates a vibration sup-
pressing device that in this work takes the form of
a simple coilover-like suspension system. The mass of
the device is incorporated in the physical substructure
through the actuator pushrod (see Sect. 4.1), and the
model of the simulated device is therefore

cnḋn + kndn = fn, (8)

where cn is the viscous damping coe�cient and kn the
sti↵ness of the numerical substructure. The force fn is
the interface reaction acting on the simulated device
and, in the case of displacement control, is the input to
the numerical subsystem; therefore, in the present case,
it coincides with the measured force fm.

Moving to the Laplace domain and assuming Fn =
Fm, Eq. (8) can be written as

Dn =
Fm

cns+ kn
= NFm, (9)

where N represent the transfer function associated with
the numerical substructure.

2.6 Physical substructure

The physical substructure is a sub-scale strut-braced
HAR wing (AR 17 — more details on the wing geome-
try can be found in Sect. 4.1). As can be seen in Fig. 2,
the substructureH is treated as a multiple-input single-
output system. It is subjected to the external, unknown
aerodynamic force Fe, and to the displacement con-
straint da imposed by the actuator at the strut root.
The resulting reaction force Fm at the interface with

the actuator is the output, and summarises the entirety
of the interaction between the numerical and physical
substructures. For this reason, and because model val-
idation is beyond the scope of this paper, a detailed
analytical model of the wing will not be presented. In
addition, as will be shown in Sect. 3.2, an expression
for the compensator P will be sought with the explicit
aim of avoiding any form of system identification of H
prior to commencing the hybrid testing of the physical
substructure.

3 E↵ect of the electro-mechanical subsystem on
real-time performance

3.1 Influence of the numerical substructure

In standard hybrid testing, the design of the inner and
outer control loops defined in sect. 2.2 is dominated by
the need to compensate for the dynamics of the heavy-
duty hydraulics actuators necessary in the civil engi-
neering field, and by the characteristics of the physi-
cal substructure, often a vibration-suppressing device,
while the numerical substructure is usually a lightly
damped system.

These premises, however, are inverted in the present
work, as the physical substructure (the wing) has rela-
tively low damping with respect to the numerical sub-
structure, which simulates the vibration-suppressing de-
vice. In addition, since hybrid testing in this work was
used as a means of exploration of the design space of
the device, the sti↵ness and damping of the numerical
substructure were varied significantly during the test
campaign. For these reasons, the e↵ects of the parame-
ters of the numerical substructure on the behaviour of
the system were studied in detail.

As the need for a hybrid test presupposes, in gen-
eral, the lack of an accurate model of the system, the
most reliable way to assess its accuracy is to compare
the displacements of the numerical (Dn) and physi-
cal (Da) substructures, because their coincidence en-
sures that the boundary conditions have been realisti-
cally enforced. An expression for their ratio was there-
fore sought. By combining Eqs. (2)-(7) and deriving
Fm = N

�1
Dn from Eq. (9), it is possible to obtain

an expression for Da/Dn that excludes the unknown
dynamics of the physical substructure, and can be ex-
pressed as

Da

Dn
=

kI CF (Cd P N + 1) +AI

(kI ((Am + Cd) +Am AI)N
. (10)

As expected, Eq. (10) depends on the electro-mechanical
dynamics of the actuator, on the characteristics of the
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6 V. Ruffini et al.

Table 1 Parameters of the electro-mechanical subsystem

Mechanical

Mass (kg) ma 2.7
Sti↵ness (N/m) ka 10
Viscous damping (kg/s) ca 2

Electrical

Inductance (H) La 0.025
Resistance (⌦) Ra 1.6
Motor constant (N/A) kI 20.1

Servo-drive

Position P gain (N/mm) kp 49
Position I gain (N/(mms)) ki 39
Position D gain (N s/mm) kd 0.39
Current P gain (V/N) kFp 0.07
Current I gain (V/(N s)) kFi 0
Position LP filter cut-o↵ frequency (rad/s) !1 28274
Current LP filter cut-o↵ frequency (rad/s) !2 628

displacement and current controller and of the numer-
ical substructure, and on the compensator P , if any.
It is important to note, however, that the relative be-
haviour of the numerical displacement and the physical
displacement of the actuator are entirely independent
of the physical substructure.

Fig. 3 shows the Bode plots of Da/Dn for various
combinations of numerical substructure parameters kn
and cn, with kn varying between 100 and 10,000 N/m,
and cn between 10 and 1,000 kg/s. Here, the compen-
sator P was assumed to be a unit gain in order to isolate
the influence of the numerical substructure. Likewise,
the parameters of the PID/PI controller and of the ac-
tuator dynamics were kept constant at the values sum-
marised in Table 1. The mechanical and electrical pa-
rameters, with the exception of ma and kI , which were
supplied by the manufacturer, were identified experi-
mentally by feeding a stepped-sine signal through the
servo-drive to the actuator, and deriving the transfer
function between the command and measured displace-
ments. The particle swarm optimisation algorithm [42]
was then used to find the values minimising the dif-
ference between the experimental transfer function and
Eq. (10).

It can be seen that, while Da/Dn does not change
significantly when varying the numerical sti↵ness kn,
damping parameter cn has a major e↵ect. The gain plot
shows that, without compensation, the actual displace-
ment of the actuator would be 13 times as large as the
target displacement with cn = 1000 kg/s, and 5 times
as large with cn 6 300 kg/s. The e↵ect on the rela-
tive phase is even more important, and here can result
in the physical displacement Da leading the numerical
displacement Dn depending on the value of numerical
damping — something that, to the authors’ knowledge,

has not previously been reported in the literature. In
particular, Da leads Dn over the whole 0–15 Hz fre-
quency range at high damping values (cn > 1000 kg/s),
while for (300 6 cn < 1000 kg/s) the behaviour changes
from Da leading Dn to Da lagging Dn at higher fre-
quencies. At lower damping values, on the other hand,
Da lags Dn at all frequencies, but the time shift is
markedly frequency-dependent, and thus cannot in gen-
eral be approximated as a pure delay.

3.2 Lead-lag compensation

As shown in Fig. 3, a hybrid testing set-up with no
compensation for the dynamics of the transfer system
would lead to a very poor reproduction of the interface
boundary conditions, and potentially dangerous oper-
ation. Considering the additional issue of the lead-lag
behaviour highlighted in the previous section, an ana-
lytical expression for an ideal compensator was sought,
by requiring Eq. (10) to equal 1, i.e. imposing a per-
fect match between Da and Dn, and solving for P . The
ideal compensator Pid can then be written as

Pid =
1

kI CF Cd N

�
kI (((Am + Cd)CF +AmI)N

� CF ) +AI (AmN � 1)
�
. (11)

It can be seen that Pid in this experimental config-
uration needs to compensate not only for the dynam-
ics of the actuator, but also for the stabilising servo-
drive and the numerical substructure. The advantage
of Eq. (11) over similar approaches based on the identi-
fication of the global system [24,43] is that Pid requires
no knowledge or testing of the physical substructure,
as it depends only on deterministic parameters (Cd,
CF , N), and the characteristics of the actuator (see
Table 2), which can usually be identified to a smaller
degree of uncertainty with respect to the physical sub-
structure. For the same reasons, the approach can be
applied equally to linear and nonlinear physical sub-
structures.

Fig. 4 shows the amplitude and phase values of Pid

for kn = 8000 N/m and cn = 200 kg/s and com-
pares them with Da/Dn. It is apparent that, while the
presence of the compensator is meant to eliminate the
lead/lag between Da and Dn, the synchronising time
shift imposed by the compensator is not in general re-
lated to this lead/lag. It is particularly striking, in this
sense, that the physical actuator displacement Da leads
the numerical one Dn up to 11 Hz and starts lagging
at higher frequencies, but the compensator always pre-
scribes a lag for the command signal to the actuator.
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Fig. 3 Influence of numerical substructure on the lead/lag behaviour of the controller-actuator subsystem

Table 2 Coe�cients of the ideal compensator Pid

Order Coe�cient

Numerator

s7 Lama

s6 ((!1 + !2)ma + ca � cn)La +Ra ma

s5 ((ma !1 + ca � cn)!2 + (ca � cn)!1 + ka � kn)La +ma (kI kFp +Ra)!2 +Ra ma !1 + (ca � cn)Ra + kI2

s4 ((Ra ma + (ca � cn)La + kI kFp ma)!1 + (ca � cn)Ra + (ka � kn)La + kI (ca kFp � cn kFp + kFi ma + kI))!2+
+((ca � cn)Ra + (ka � kn)La + kI2)!1 +Ra (ka � kn)

s3 ((kI2 + ((kd + ca � cn)kFp + kFi ma)kI + (ca � cn)Ra + (ka � kn)La)!1 + ((ka � kn)kFp + kFi (ca � cn))kI+
+Ra (ka � kn))!2 + !1 Ra (ka � kn)

s2 !2 ((((kd + ca � cn)kFi + kFp (kp + ka � kn))kI +Ra (ka � kn))!1 + kI kFi (ka � kn))
s kI !1 !2 ((kp + ka � kn)kFi + kFp ki)
s0 kI kFi ki !1 !2

Denominator

s3 kI!1!2kdkFp

s2 kI!1!2 (kFikd + kFpkp)
s kI!1!2 (kFikp + kFpki)
s0 kIkFiki!1!2

An explicit expression therefore allows a quick cal-
culation of the compensator for a wide range of numeri-
cal parameters. However, the ideal predictor Pid results
in an improper transfer function, where the numerator
is a polynomial of order 7 in the Laplace variable s, and
the denominator is of order 3. Its practical implementa-
tion is therefore challenging, as Pid tends to behave as a
di↵erentiator at high frequencies, thus strongly ampli-

fying noise. To bypass this issue, the compensator was
calculated o✏ine, and implemented as a look-up table
in the form of an amplitude adjustment factor and a
lead/lag value for the command signal Dc depending
on the values of the forcing frequency. This approach
is valid because the wing, despite being geometrically
nonlinear due to its high flexibility, exhibited a response
to both continuous and transient gusts that could very
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Fig. 4 Bode plot of ideal compensator Pid for displacement
control, kn = 8000 N/m, cn = 200 kg/s, compared with
the transfer function Da/Dn between physical and numerical
displacement at the interface.

closely be approximated as single-frequency. A broad-
band implementation of Eq. (11), on the other hand,
would be necessary to fully compensate for a nonlinear
physical substructure characterised by a significantly
multi-harmonic behaviour.

3.3 E↵ect of compensation on test accuracy

As Pid depends on the mechanical and electrical char-
acteristics of the actuator, which were identified experi-
mentally on the real system, an analysis was conducted
to assess the e↵ect of their uncertainty on the overall
accuracy of the hybrid test results.

While the uncertainties can be assessed using esti-
mates from system identification techniques, practical
experience suggests that these are often underestimates
when other factors such as environmental changes (which
might be negligible during a single test, but significant
over a test campaign) are considered. As such, the vari-
ables ma, ca, ka, La, Ra, and kI were assigned indica-
tive interval errors based on past experience of such
time-dependent changes of ±5%, ±25%, ±5%, ±2.5%,
±10%, and ±1% of their nominal values, respectively.
Assuming a uniform distribution, these intervals were
sampled using the Latin hyper-cube technique, and the
values were used to calculate Pid.

Fig. 5 shows the range of the gain and phase for
the resulting Pid, based on 10,000 sample vectors of the
uncertain variables. For the sake of conciseness, only
the case for kn = 8000 N/m and cn = 800 kg/s will be
shown, but it should nevertheless be noted that the nu-
merical substructure significantly a↵ects the behaviour
of the compensator with respect to uncertainty as well.

The uncertainty increases with frequency both on
the gain and phase. The e↵ect on the accuracy at the
interface is shown in Fig. 6. It can be seen that, in
the worst case, an inaccurate compensator can cause
the ratio of actuator displacement Da to be as large as
3.3 times, or well below 0.01, the theoretical value Dn.
Similarly,Da can be made to lead or lagDn by±180� at
frequencies higher than 11.6 Hz, which could potentially
force the system outside of its stability margins.

These results show that, to maximise accuracy at
the interface between numerical and physical substruc-
tures, an adaption scheme [23,44] or an additional feed-
back loop [24] is necessary to obtain the correct values
of the gain and phase of the compensator. However, it
can also be seen that, with no compensation, the error
on the amplitude of Da would be of 1280%, and Da

and Dn could be out of phase by as much as 38� at 10
Hz. This suggests that even a non-optimal compensator
yields a more accurate interface behaviour, at least in
the lower frequency range.

4 Experimental verification

4.1 Experimental set-up

The experimental set-up is shown in Fig. 7. As dis-
cussed in Sect. 2.1, a model of a strut-braced wing was
taken as the physical substructure, so that it could be
directly subjected to realistic aerodynamic excitation
within the LWT. The wing consists of a central spar in
6082T6 aluminium (1300 mm⇥ 50 mm⇥ 4 mm), while
the aerofoil (NACA0018, 150 mm chord, span 1.2 m) is
made of laser-cut styrofoam to minimise non-structural
mass, and reinforced at the trailing edge by thin alu-
minium tape (Fig. 8). The wing is mounted horizontally
inside the LWT, which is a recirculating low-speed wind
tunnel with a test section of 2.14 m⇥ 1.525 m by 3.235
m in length and maximum airspeed of 64 m/s.

The strut is a 735 mm-long aluminium rod with
a diameter of 12 mm, and is connected to the wing
through a SKF SIL8C rod end with a PTFE-lubricated
plain spherical bearing. At its root, the strut is attached
via a second rod end to a steel push-rod. This push-rod
works as the link between the strut, which must be ex-
posed to the airflow, and the actuator, which is cradled
in a trunnion outside of the wind tunnel. The push-
rod is supported through a linear ball bearing (KBS,
model LMF12L) mounted on the trunnion, to sti↵en
the connecting structure, with minimal added friction,
and avoid spurious resonances not associated with the
physical substructure proper. The push-rod is bolted to
the armature through a LORD MIN811-250LBTC-125
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load cell (1.2 N accuracy), which measures the force ex-
changed at the interface between physical substructure
and actuator.

The actuator is an APS 400 Electro-Seis long-stroke
electrodynamic shaker, with a peak-to-peak displace-
ment of 158 mm, maximum force of 400 N, and fre-
quency range of 0–100 Hz. The displacement of the ac-
tuator armature is controlled by a digital servo-drive
(Ingenia Pluto 8/48): it implements a PID position con-

trol loop running at 1 kHz, followed by a PI current
control loop running at 10 kHz, which adds current-
limiting safety features.

The displacement of the actuator is measured by an
Acuity R� AR500-250 laser triangulation distance sen-
sor with a sampling frequency of 9400 Hz (linearity
±0.375 mm, resolution 0.025 mm). Due to the high ax-
ial sti↵ness of the push-rod, it is assumed that the dis-
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Fig. 7 Test rig lay-out.
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Fig. 8 Test rig: Wing and gust vanes.

placement of the actuator coincides with the displace-
ment at the root of the strut.

As stated in Sect. 2.2, the dynamic excitation of the
system was generated on the physical substructure side
by a pair of gust vanes [45] (Fig. 8). They consist of
two wings driven by two synchronised electrical motors
programmed to follow a 1-cosine trajectory, with the
instantaneous pitch angle ✓ of the wings expressed as:

✓ =
A✓

2
(1� cos(2⇡f✓t))

The user can set the peak-to-peak rotation amplitude
A✓ (maximum 20� pk-pk), and the frequency f✓ of the
gusts (0.1–15 Hz) at the beginning of the test, after
which the vanes can generate either a continuous gust
train, or a single gust. Both modes were used during
the test campaign, to verify both the steady-state and

transient performance of the proposed hybrid testing
set-up.

4.2 Outer-loop controller implementation

The displacement and force signals were both acquired
by a NI 9215 16-bit analog input module hosted in a
cRIO-9035 controller. The cRIO is an embedded con-
troller comprising a Kintex-7 70T FPGA and a dual-
core processor running the NI Linux Real-Time OS.

The FPGA was used to run the operations associ-
ated with the numerical substructure in real time, i.e.
the integration of the force signal acquired by the load
cell (Eq. (8)) and the calculation of the reference signal
to the actuator through the compensator. To maximise
computational speed and accuracy, an exponential in-
tegrator scheme matching the exact discretisation of
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Real-time hybrid testing of strut-braced wing under aerodynamic loading using an electrodynamic actuator 11

Eq. (8) was chosen [46], and the instantaneous value of
displacement dn of the numerical substructure at time
tk+1 = (k + 1)�t was calculated as

dn[k + 1] = e�
kn
cn

�t
dn[k]�

(e�
kn
cn

�t � 1)

kn
fm[k], (12)

where �t is the sampling time, and k indicates the cur-
rent discrete time step.

The real-time OS was used for less time-critical or
non-deterministic tasks, such as the determination of
the compensator parameters. The time lead/lag com-
pensation value corresponding to the excitation frequency
f✓ was retrieved from the look-up table presented in
Sect. 3.2. Lead compensation requires the forward pre-
diction of the command signal dc. Here, a standard
least-squares polynomial extrapolation algorithm [23]
was applied, which uses a least-square polynomial fit of
the numerical displacement dn up to current time step
tk and projects it n steps forward in time. In the case
of a lag, which means the command signal dc reduces
to the numerical displacement dn delayed by the lag,
dc was simply retrieved from a circular bu↵er of dn,
updated at each time step �t. The case selection and
calculation of the gains of the predictor were performed
in the real-time OS, while the actual calculation of dc
was implemented in the FPGA for maximum computa-
tional speed.

With this configuration, the numerical substructure
simulation could be run at 4 kHz (�t = 0.25 ms) as op-
posed to the 500 Hz feasible on the real-time OS, which
allowed the minimisation of the computational delay,
and a smoother control action. The reference signal to
the servo-drive was then generated by a NI 9263 16-bit
analog output module.

4.3 Wind tunnel tests

The procedure for the wind tunnel tests is as follows.
The angle of attack of the wing was kept at 2� through-
out the experimental campaign, and the numerical pa-
rameters kn and cn were set at the beginning of each
test, and the real-time controller switched on. The air-
speed gradually increased from 0 to 20 m/s (maximum
Reynolds number Re = 200, 000), at which point the
gust vanes were activated, with a constant amplitude
A✓ = 8�. In continuous mode, the excitation frequency
f✓ of the gust vanes was kept constant for 40 s and then
incremented, as in a stepped-sine test, from 1 Hz to a
maximum of 15 Hz.

Fig. 9a shows the measured displacement of the ac-
tuator, both numerical and experimental, across the du-
ration of a whole test, for kn = 8000 N/m and cn =

800 kg/s, with the compensator turned o↵. The dis-
crepancy between the amplitude of numerical displace-
ment dn and physical displacement dm is obvious at all
frequencies. It should also be noted, however, that the
system can accurately follow the quasi-static position
drift due to the lift increasing with airspeed without
any additional corrective factors, thanks to the integral
gain in the position control PID.

In Fig. 9b, the response at 5 Hz is shown as an exam-
ple, and it can be seen that, in addition to the amplitude
error, the physical displacement leads the numerical by
17 ms (corresponding to 31�). Fig. 9c shows dn and da

at 5 Hz with the compensator on, which provides an
amplitude adjustment factor of 1.15 and an added lag
of 29 ms (52�). It is apparent that the lead is completely
cancelled, and the amplitude error has been drastically
reduced.

The accuracy of the hybrid test at the interface be-
tween numerical and physical substructures across the
1-15 Hz frequency range is summarised in Fig. 10, for
the case kn = 8000 N/m and cn = 800 kg/s. It can be
seen in Fig. 10a that the actual values of the amplitude
and phase of the compensator that yield minimal error
in Da/Dn are very close to the the ones predicted by
the model for Pid. As a result, the amplitude error at
the interface is 2.3% on average, while without compen-
sation it would vary from 49% at 1 Hz to 400% at 11
Hz.

The lead between Da and Dn is reduced from a shift
of 38� to 1� up to 8 Hz. From 8 to 11 Hz, it can be seen
that the error tends to increase, although staying below
the uncompensated value, up to 20� at 11 Hz. This is
reasonable, since, as shown in Fig. 6, the response is
more sensitive to errors in the compensator at frequen-
cies larger than 10 Hz. In addition, the 10–13 Hz range
is dominated by an edgewise mode of the wing, where
the wing vibrates in the direction of the chord, perpen-
dicular to the strut, thus limiting the e�cacy of the
control action. It should also be noted that no hybrid
test data is reported at frequency higher than 11 Hz
because the amplitude of Da fell below the resolution
of the PID controller.

To assess the impact of these boundary condition
errors on the performance of the hybrid test, the trans-
fer function N of the emulated vibration-suppressing
device as obtained from RTHS was compared to its the-
oretical counterpart from Eq. (9) (Fig. 11). The ampli-
tude of the experimental N matches closely the theoret-
ical values (Fig. 11a). The phase (Fig. 11b) also matches
well up to 8 Hz, after which the discrepancies between
experimental and theoretical values mirror those in the
interface displacements shown in Fig. 9c. Without com-
pensation, on the other hand, the behaviour of the em-
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Fig. 9 Time-domain response to gust train, physical and numerical displacements at the strut root, with kn = 8000 N/m,
cn = 800 kg/s: a) at di↵erent frequencies (1–15 Hz), without compensation; b) at 5 Hz, without compensation; c) at 5 Hz,
with compensation.
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Fig. 11 Comparison of the output of the simulated vibration suppression device transfer function N between the purely
theoretical system (Eq. (9)) and the RTHS results for the cases where the proposed compensator Pid is used and where no
compensator is included (kn = 8000 N/m, cn = 800 kg/s).

ulated device within the RTHS di↵ers from that of a
spring-damper system across the entire frequency range
of interest.

Fig. 12 shows the displacements resulting from iso-
lated 5-Hz gusts for di↵erent combinations of kn and cn

spanning the design space of the vibration-suppression
device: the first row (Figs. 12a and 12b) correspond
to the softest spring simulated (kn = 100 N/m), while
the second (Figs. 12c and 12d) to the sti↵est (kn =
8000 N/m). Likewise, the first column corresponds to
the lowest value of numerical damping cn used in the
RTHS tests (cn = 200 kg/s), and the second to the
largest (cn = 800 kg/s). In all cases, there is very
close agreement between dn and da, indicating a good
performance of the compensator for this kind of tran-
sient excitation dominated by a single frequency. The
simulated suspension system has a noticeable e↵ect on
the gust response, with a reduction in the peak dis-
placement of 64% with kn = 100 N/m and 36% with
kn = 8000 N/m when increasing the viscous damping
value from cn = 200 kg/s to cn = 800 kg/s.

5 Conclusions

Real-time hybrid simulation was applied to the para-
metric exploration of the design space for a suspen-
sion system in a strut-braced wing. The wing was taken
as the physical substructure and tested in a low-speed
wind tunnel under aerodynamic gust loading. The vi-
bration absorber was simulated through a real-time feed-
back controller with an added feedforward block, and its
response at the interface with the physical substructure
was imposed via an electro-mechanical linear actuator
attached at the root of the strut. This set-up allowed
the virtual testing of several device configurations with
a single test set-up, while at the same time assessing
their e↵ect on the wing in realistic operational condi-
tions.

As the wing response depends on its instantaneous
geometric configuration in the flow, the electro-mechanical
subsystem was studied in detail to assess and minimise
errors at the physical interface with the wing. The as-
sumptions related to traditional hybrid testing, where
heavy-duty actuation systems are used and frequently
modelled as pure delays, were found not to be applica-
ble in general to the testing of light-weight structures
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Fig. 12 Displacement response at the strut root to single gust excitation, 5 Hz, compensator activated: a) kn = 100 N/m,
cn = 200 kg/s; b) kn = 100 N/m, cn = 800 kg/s; c) kn = 8000 N/m, cn = 200 kg/s; b) kn = 8000 N/m, cn = 800 kg/s.

with electromechanical actuators. The behaviour of the
electro-mechanical subsystem showed a strong depen-
dence on the characteristics of the numerical substruc-
ture and the frequency of excitation. Depending on the
simulated damping, in particular, the physical system
without compensation was found to exhibit either lags
or leads with respect to the numerical substructure.

An outer-loop compensator based on an inverse mo-
del of the electro-mechanical subsystem alone was de-
veloped and shown to significantly reduce synchroni-
sation errors at the interface up to 10 Hz. At higher
frequencies, on the other hand, the compensator was
found to be highly sensitive to uncertainties in its pa-
rameters.

The proposed approach was verified on a model strut-
braced wing, which was tested in a low-speed wind tun-
nel and subjected to gust loading. A narrow-band im-
plementation of the compensator was chosen in light of
the absence of significant multi-harmonic components
in the response of the wing. The compensator produced
an excellent agreement up to 7 Hz between the displace-

ments of the physical and numerical substructures. Be-
tween 7 and 11 Hz, the quality of the compensation
less good, but still constituted an improvement over
the uncompensated behaviour. The accuracy at the in-
terface was reflected in the performance of the hybrid
test as a whole: the set-up was shown to closely emulate
the target vibration-suppressing device, with di↵erences
arising between 7 and 11 Hz, while the uncompensated
behaviour was found to be entirely non-representative.
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