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Abstract

The main objective of this work is to contribute to the development of a new gen-
eration of advanced composite structures with improved mechanical properties over
the current state-of-the-art composite materials used in the aeronautical industry.
This requires on one hand the development of analysis models to predict the me-
chanical behaviour of conventional and non-conventional composite laminates, and
on the other hand, the detailed analysis of the mechanical behaviour of materials
manufactured using new technologies. Improved models to predict failure of com-
posite coupons are proposed to contribute to the reduction of the certification time
and cost associated with the introduction of new materials and structures in the
aeronautical industry. A ply-level finite element modelling methodology to simulate
composite laminates at the coupon level suitable for industrial use is proposed and
validated for various material systems and test cases with increasing levels of struc-
tural complexity. A very good agreement is found between the predictions and the
experimental ultimate strengths, oftentimes within the standard error of the tests,
and in a time frame compatible with industry requirements.

The numerical analyses are complemented by a fast-analysis analytical model to
predict the notched strength of multidirectional laminates based on three ply prop-
erties is proposed and validated. Relative errors around or below 10% are obtained
for all the laminates and open-hole geometries analysed. The model is successfully
coupled with statistical tools required to consider the variability of the material and
geometrical parameters that determine statistically based design allowables.

The analysis models developed not only contribute to a faster and less expensive
product development, but are also fundamental to study new, non-conventional
composite materials.

The two recently developed technologies addressed in this thesis are: i) the use
of thin-ply laminates, based on tow-spreading techniques, at the structural level
for high-end applications; and ii) the reinforcement of the interfaces of thin-ply
prepreg systems with carbon nanotubes. One notion that has hampered the use
of thin-ply laminates (thickness lower than 100µm) in high-end applications, is the
general perception that thin plies have lower fracture toughness associated with
longitudinal failure than the conventionally used standard thickness plies (thickness
around 150µm). This topic is addressed in a rigorous manner, coupling experimental
and numerical analysis, based on previously developed models, to show that the
intralaminar fracture toughness of the 0◦ plies is not ply thickness dependent.

A broad study of the structural performance of laminates, of the same fibre-resin
system, made from unidirectional tapes, non-crimp fabrics and spread-tow fabrics
of different ply thicknesses under various loading configurations is performed. A
thorough study on the mechanical behaviour of these materials and their failure
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processes is performed and an overall improvement of the material behaviour with
the decrease of ply thickness is observed.

Finally, nanoengineered thin-ply composites are analysed by combining thin-ply
materials with vertically aligned carbon nanotubes in the interfaces, (termed "nanos-
titching"). The fracture properties of the nano-reinforced interfaces are improved,
however, as the crack bifurcates to the intralaminar region regardless of the test
configuration, only the improvement related to the initiation fracture toughness can
be measured. Improvements in the design strengths of structures whose main fail-
ure mechanisms is the onset of delamination can be obtained using this type of
nano-reinforcement.



Resumo

Este trabalho tem como principal objetivo contribuir para o desenvolvimento de
uma nova geração de materiais compósitos com um comportamento mecânico su-
perior ao comportamento dos materiais compósitos de última geração atualmente
utilizados pela indústria aeronáutica. Isso requer, por um lado, o desenvolvimento
de modelos de análise capazes de prever o comportamento mecânico de laminados
compósitos convencionais e não convencionais e, por outro lado, a análise detal-
hada do comportamento mecânico de materiais fabricados com base nestas novas
tecnologias.

Neste trabalho, propõe-se uma estratégia de modelação, baseada no método dos
elementos finitos, adequada à simulação do comportamento elástico e inelástico de
detalhes estruturais fabricados com materiais compósitos. A estratégia é validada
para vários tipos de detalhes estruturais e sistemas materiais e verifica-se a existência
de uma boa correlação entre os resultados experimentais e numéricos, sendo os
tempos de computação compatíveis com os requisitos impostos para o seu uso em
contexto industrial.

Propõe-se também um modelo analítico capaz de prever a tensão de rotura de
laminados multidirectionais na presença de entalhes a partir de apenas três pro-
priedades materiais. O modelo é validado para várias geometrias e sistemas ma-
teriais, obtendo-se erros relativos entre os resultados experimentais e as previsões
abaixo de 10% para todos os laminados e geometrias analisadas. O modelo analítico
proposto é combinado com ferramentas estatísticas de forma a considerar a variabil-
idade associada às propriedades materiais e à geometria dos detalhes estruturais,
permitindo a quantificação da incerteza associada às tensões de rotura estimadas
analiticamente. Os modelos de análise propostos contribuem não só para um desen-
volvimento mais rápido e económico de estruturas aeronáuticas, mas são também
fundamentais para o desenvolvimento de novos materiais compósitos não conven-
cionais.

Duas tecnologias recentemente desenvolvidas são abordadas nesta tese: i) o uso
de laminados ultra-finos a nível estrutural para aplicações de alto desempenho; e
ii) o reforço das interfaces de sistemas pré-impregnados com nanotubos de carbono.
A tenacidade à fratura longitudinal das camadas ultra-finas (com espessura inferior
a 100µm) tem sido considerada inferior à das camadas de espessura convencional
(espessura em torno de 150µm). Esta noção tem atrasado o uso de laminados ultra-
finos em aplicações estruturais já que é considerado que uma menor tenacidade
à fratura longitudinal confere a estes materiais um comportamento mais frágil e
desta forma menos desejável. Este tema é abordado de forma rigorosa, combinando
análises experimentais e numéricas, com base nos modelos de análise desenvolvidos,
tendo sido demonstrado que a tenacidade à fratura intralaminar das camadas a 0◦
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de facto não depende da espessura da camada.
É também realizado um estudo experimental detalhado focado no comportamento

mecânico de laminados multidirecionais fabricados com camadas unidirecionais, têx-
teis e tecidos "não entrelaçados" do mesmo sistema material e com diferentes espes-
suras de camada. É observada uma melhoria geral do comportamento mecânico dos
laminados com a diminuição da espessura da camada.

Por fim, é investigada a influência do uso de nanotubos de carbono alinhados
verticalmente como reforço das interfaces de laminados compósitos ultra-finos na
sua tenacidade interlaminar. Verifica-se que, usando as configurações de teste nor-
malizadas, apenas é possível medir o aumento da tenacidade interlaminar associada
ao valor de iniciação de propagação da fenda, já que a presença dos nanotubos de
carbono promove a bifurcação da fenda para a região intralaminar logo após o início
da sua propagação.
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Chapter 1

Introduction

Advanced polymer matrix composites result from the combination of a poly-
meric thermoset or thermoplastic polymer resin and either short er continuous re-
inforcing fibres. These materials started being exploited in the 20th century with
the appearance of glass fibre and quickly gained visibility. The aerospace indus-
try was the key driver of the use of polymer matrix components for structural and
non-structural applications, however, their use has gained a more widespread accep-
tance, and other industries, such as the automotive, boating and sports equipment
industries have shown great interest in the technology.

Emerging technologies for structural applications have been addressed in more
detail in the past decade and researchers, academic and industrial alike, have been
seeking different or complementing characteristics with each one. Some of these
tecnhologies are the following:

• Thermoplastic based composites, where continuous fibres are bound by high
performance thermoplastic resins, have gained some visibility in recent years
as new manufacturing techniques that allow their effective processing have
been developed. Researches have been looking for the improved toughness
over thermoset based composites, virtual eternal shelf-life, recyclability, and
reduced manufacturing/maintenance cost.

• Fibre hybrid composites, where different types of fibres are combined in the
same laminate, have improved design freedom, reduced cost if high- and low-
grade fibres are combined and have the potential to yield more ductile and
tough materials, improving the low crash-worthiness generally associated with
composite materials.

• Thin-ply laminates, made from plies 2-6 times thinner than conventional grade
plies, have improved design freedom, potential to yield lighter structures, de-
layed onset of damage and consequent improved fatigue life.

• Nano-reinforced composite laminates, where carbon nanotubes are used along-
side microscale fibres, have the potential to result in materials with improved
strength and toughness by the improvement of matrix related properties and
improved multifunctionality, taking advantage of the high thermal and electri-
cal conductivity of carbon nanotubes.

The introduction of new materials in an industrial context relies, not only on
the understanding of their behaviour, but also on the definition of computational
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strategies to assist in their design, definition of new design rules and standardization
of efficient manufacturing procedures compatible with the given technology. This
thesis will focus on some of the presented emerging technologies and the advanced
computational methods to predict and understand the behaviour of these materials.

1.1 Motivation and objectives
The main objective of this work is to contribute to the development of a

new generation of advanced composite structures with improved properties over the
current state-of-the-art composite materials used in the aeronautical industry. On
one hand, through the development of analysis models to predict the mechanical
behaviour of composite laminates, and on the other hand, through the detailed
analysis of the mechanical behaviour of materials manufactured using promising
technologies recently developed.

With the development of analysis models to predict failure of composite lam-
inates, the author intends to push the boundaries of simulation of fracture of com-
posite materials, and to contribute to the reduction of the certification time and
cost associated with the introduction of new materials and structures in the aero-
nautical industry. This process relies on the development of advanced numerical and
analytical models, definition of standard modelling strategies and proper material
definition.

It is clear that the introduction of new materials implies the comprehensive un-
derstanding of their mechanical behaviour. The recent development of tow-spreading
techniques, which are able to produce thin plies, with thickness comprised between
20µm and 100µm, motivated the study of the effect of ply thickness on the ply prop-
erties and the structural behaviour of laminates that use thinner plies as building
blocks. Two promising recently developed technologies based on these techniques
were selected and are addressed in this thesis: the use of thin-ply laminates at the
structural level for high-end applications, and the reinforcement of the interfaces of
thin-ply prepreg systems with carbon nanotubes. The technologies selected have
dissimilar levels of maturity and distinct timelines for their potential integration in
an industrial context, being the latter in a lower technology readiness level.

Regarding the mechanics of thin-ply laminates, the author intends to address
two topics that still require further research. On one hand, one notion that has
hampered the use of thin-ply laminates in high-end applications, is the general
perception that thin plies have lower fracture toughness associated with longitudinal
failure than the conventionally used intermediate grade plies. With this work, the
author intends to clarify the effect of ply thickness on the intralaminar fracture
toughness in a consistent and scientifically rigorous manner. On the other hand, even
though several experimental studies on the structural behaviour of thin-ply laminates
have been made, no direct comparison on the effect that the use of different types of
geometry reinforcement has on the damage mechanisms that dominate failure and
strength of multidirectional laminates and structural components has been made.
Part of the work developed here dedicated to this study.

The combination of thin-ply laminates with nano-stitched interfaces based on
carbon nanotubes has great potential to yield improved polymer-based composite
materials with improved properties and multifunctionality. However, comprehensive
studies still need to be conducted to assess the advantages of such a material system
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and to understand what are mechanisms that control their failure. The objective of
this work is to further develop this technology, identify potential applications and
develop numerical tools to predict the behaviour of nanoengineered materials.

1.2 Thesis layout
This thesis is divided in five parts. In Part II, the state-of-the-art and literature

review is presented. This chapter is divided in two sections. The first is dedicated to
the spread-tow thin-ply technology, where the mechanical performance and damage
mechanisms typically observed in thin-ply laminates are addressed. The second is
dedicated to the study of nano-reinforced composite materials with focus on the
combination of unidirectional prepregs with vertically aligned carbon nanotubes in
the interfaces.

In Part III of this thesis, two analysis models to predict the failure of com-
posite laminates are presented in detail. In Chapter 3, a ply-level finite element
modelling methodology to simulate composite laminates at coupon level compatible
with industrial requirements is proposed. Different material systems of interest to
the aeronautical community and test cases with increasing levels of complexity are
addressed. The proposed methodology is used throughout the remaining part of the
work to clarify experimental observations and predict ultimate failure of composite
components.

Even though finite element models to simulate failure of composite laminates
are particularly powerful solutions given their flexibility, their computational com-
plexity and cost still limits their use, particularly as a preliminary design tool.
Considering this limitation, a fast-analysis analytical model to predict the notched
strength of multidirectional laminates is proposed and validated in Chapter 4. The
proposed analytical framework is also coupled with statistical tools required to con-
sider the variability of the material and geometrical parameters and propagate this
uncertainty to the notched and unnotched strengths.

Part IV of this thesis focuses on the mechanics of thin-ply composite laminates.
Two topics are addressed: on one hand, given the contradictory opinions found in
literature, an experimental/numerical study on the effect of the ply thickness on
the fracture toughness associated with tensile fibre failure is presented in Chapter
5. On the other hand, a comprehensive study of the structural performance of
equivalent multidirectional laminates made from unidirectional tapes, non-crimp
fabrics and spread-tow fabrics of different ply thicknesses is presented in Chapter 6.
Structural details corresponding to unnotched specimens, notched specimens, and
bolted connections are analysed to clarify the effect of ply thickness, to elucidate on
the effect of selective ply thickness hybridization and to understand the effect of the
type of geometry reinforcement on the damage mechanisms that dominate failure
and strength of multidirectional laminates.

In Part V, the combination of thin plies with carbon nanotubes is explored.
In Chapter 7, a methodology to characterize nano-reinforced interfaces is proposed
and a numerical study on the effect of nano-reinforcing the interfaces of a panel with
a co-cured stiffener is performed.

Finally, the main conclusions of the work carried out and potential research
topics related to the developed work are presented in Part VI.
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Chapter 2

State-of-art and literature review

2.1 Spread tow thin-ply laminates

Conventional composite laminates are made of plies with fibre areal weight
(FAW) higher than 100 g/m2. Recently, a new generation of composite materials
has been introduced in the market: thin-ply composites. This type of material is
made out of plies with FAW below 100 g/m2 and as low as 30g/m2. The plies
are produced by a method known as spread tow thin-ply technology where large
fibre tows are continuously spread to a flat thinner tape. The spreading machines
are typically equipped with an air duct and a vacuum system. As the tow passes
through the air duct, it is sagged down, which causes the fibres to separate from
each other. The tows are continuously and stably spread and since the air flow is
relatively low, the fibres remain undamaged. This method allows the production of
thin tapes that can then be used to produce unidirectional plies and thin fabrics
[6]. The morphology, design opportunities and mechanical performance of thin-ply
composite laminates will be discussed in the following sections.

2.1.1 Reinforcement geometry

Different types of ply reinforcement can currently be manufactured based on
the spread tow thin-ply technology:

• Unidirectional tapes (UD) are continuous fibre tapes/plies (Fig. 2.1a) and are
the type of reinforcement more commonly used.

• Non-crimp fabrics (NCFs) are multiaxial fabrics made up of continuous fibre
unidirectional plies (0◦, 90◦, ±45◦) that are mechanically sewn together (Fig.
2.1b). The polymeric knitting threads do not provide additional reinforcement
but hold the yarns in place prior to the infusion of resin. This type of multi-
angle ply construction is considered to have similar behaviour to UD tapes and
increased mechanical performance compared to woven fabrics. Since multiple
(typically two) angle plies are sewn together, prepreg handling during lay-up
is easier than when UD prepreg tapes are used and the lay-up process is more
efficient.

• Spread-tow fabrics (STFs) are produced by interlacing spread tow tapes (Fig.
2.1c). The thinner the tapes, the smaller the waviness in both the 0◦ and 90◦
directions caused by the weaving architecture (crimp angle). The result is a
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reinforcement with the mechanical performance similar to a cross-plied UD
and the ease of handling of a fabric.

Experimental studies to assess the effect of ply thickness on the mechanical
performance of composite structures based on these three thin-ply technologies have
been performed. UD tapes have been studied in Refs. [1, 2, 6, 19], NCFs in Refs. [18,
19, 24], and STFs in Refs. [19, 24]. However, the performance of the different types
of reinforcement have not been compared since the different types of reinforcement
are supplied by distinct manufacturers, which in turn, generally develop and supply
prepregs based on different resins, reinforcing fibres and sizings.

(a) (b) (c)

Figure 2.1: Types of spread tow ply reinforcement: a) unidirectional tapes, b) non-crimp fabrics
and c) spread tow fabrics

2.1.2 Design space

The use of thin plies offer some advantages and opportunities in terms of de-
sign. First of all, the design constrains such as quasi-isotropy or symmetry can be
met with less total laminate thickness and, therefore, weight can be saved. More-
over, the constrain that laminates should be symmetric can be relaxed for laminates
manufactured with plies that are thin enough to minimize warpage. This constraint
is mostly a manufacturing constrain: unsymmetric laminates generally exhibit cur-
vature after curing because of the residual stresses developed during cool-down [25].
However, the residual stresses that cause curvature are a function of the components
of the extension-bending coupling matrix, which depend on the ply thickness. For
sufficiently thin-plies the components of the coupling matrix will be insignificant
and therefore will not cause noticeable bending of the laminates. This opens the
potential to use thin-plies in continuous automatic layup. Since more plies can be
stacked together for the same laminate thickness, the design freedom is improved,
and, for example, smaller mismatch angles (angles between adjacent plies) can be
used, which is shown to improve the interfacial fracture resistance [1].

2.1.3 Microstructure

Thin-ply laminates have slightly different microstructure than conventional
grade laminates as a direct consequence of the manufacturing process. In spread tow
thin-ply technology, the large fibre tows are continuously spread to a flat thinner tape
until a desired ply thickness is achieved. Since the plies are thinner, the resin flows
better between the fibres and, since the bundles are smaller, the fibres are better
dispersed throughout the laminate, which results in a more homogeneous material
than conventional laminates. Amacher et al. [1] analysed the morphology of thin
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(30g/m2), intermediate (100g/m2) and thick (300g/m2) laminates and concluded
that for the thinnest plies, the microstructure is significantly more homogeneous up
to the point that it becomes difficult to identify the interfaces between the plies (see
Fig. 2.2). Also, non-crimp fabric thin-ply laminates have smaller crimp angles and
resin pockets than thick-ply laminates, and therefore, the regions where damage is
prone to appear and propagate from are smaller (see Fig. 2.3).

Figure 2.2: Microstructure of unidirectional laminates for different ply thickness [1]

Figure 2.3: Microstructure and size of the resin pockets on unidirectional laminates with different
ply thickness

The uniformity and homogeneous morphology characteristic of thin-ply lam-
inates has consequences in terms of mechanical performance. Amacher et al. [1]
measured the elastic and ply strengths of three grades of the same material system:
thin (0.03mm), intermediate (0.1mm) and thick (0.3mm). No significant differences
between the different lamina level properties was observed except for the longitudi-
nal compression strength, which was around 20% higher for thinnest configuration
compared to the thick configurations. The longitudinal compression strength was
found to be higher for thinner plies as a consequence of the uniformity of the plies as
shown in Fig. 2.2. The difference in morphology originates from the tow spreading
process involved in the production of the prepregs. The tows are spread until the
desired thickness is obtained and, therefore, the thinner the plies, the more spread
and consequently more homogeneous and less prone to fibre micro buckling and fibre
kinking the plies become.

The homogeneous morphology characteristic of thin-ply laminates influences
not only the longitudinal compression strength but also the mode I fracture tough-
ness as first suggested by Arteiro [24] and confirmed by Frossard et al. [2]. Frossard
et al. [2] assessed the influence of ply thickness on the mode I fracture toughness by
testing DCB specimens made with 0.03mm, 0.075mm and 0.150mm thick plies. It
was observed that, even tough the energy release rate (ERR) at crack initiation is
nearly identical regardless of the ply thickness, the ERR at steady-state of the thin
laminate (0.03mm) and intermediate (0.075mm) were around 60% and 40% lower
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than that of the thicker laminate (0.150mm), respectively. As shown in Fig. 2.4,
the thinner the plies, the less wavy the crack plane is and, therefore, the less prone
to promote fibre bridging the material becomes.

Figure 2.4: Side views (left) and cross sections (right) of specimens with different ply thicknesses
exhibiting different fibre bridging intensities [2]

2.1.4 Mechanical performance

It has been shown by means of acoustic emission [1, 6, 26], X-ray photos and
C-scan images [6], and also by observation of damage modes of failed specimens
[1, 6, 18, 19] that thin-ply laminated composites can suppress microcracking, delam-
ination and splitting damage under general loading conditions. This strengthening
effect that inhibits the excessive growth of cracks in off-axis plies within a laminate
is a consequence of the in-situ effect, which gains additional importance for thin-
ply laminates. The in-situ effect is characterized an increase in transverse and shear
strengths when a ply is constrained by plies with different fibre orientations in a lam-
inate. This strengthening effect is a consequence of the constraining effect imposed
by the neighbouring plies, which increases with the decrease of ply thickness. This
effect was first detected experimentally for transverse tension and in-plane shear by
Parvizi et al. [27], and further analysed by other authors [28–33]. More recently,
using micro-mechanical modelling, Arteiro et al. [4] demonstrated that the trans-
verse compressive strength also depends on the ply thickness. The increase in ply
strength with ply thinness is one of the reasons why subcritical matrix cracking is
delayed or suppressed in thin-ply laminates.

To evaluate the mechanical response of ultra-thin plies, and to assess the
effect of ply thickness on the mechanical response of laminated composites under
tension [3] and compression [4], Arteiro and co-authors [3, 4] developed a micro-
mechanical finite element model consisting on a representative volume element of a
90◦ ply with thickness between 0.02mm and 0.140mm in between two homogenised
0◦ plies. Arteiro and co-authors [3, 4] observed that the damage mechanisms and
damage distribution vary with the ply thickness: the thinner the plies the more the
dispersed damage and the higher the applied displacement required to propagate a
crack all way though the thickness, as shown in Figs. 2.5 and 2.6. For ultra-thin
plies under tensile loading [3], suppression of transverse cracking is clearly observed.
e.g. in tension loading, for an applied strain of 2% the cracks did not propagate
through the thickness, which means that ply failure was not detected. Note that,
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such applied strain is higher than the maximum elongation allowed by the fibres
which suggests that, in a laminated composite with sufficiently thin plies, tensile
transverse cracks in the 90◦ plies would be completely suppressed. In brief, for
sufficiently thin-plies, failure is controlled by fibre failure since damage in off-axis
plies is suppressed up to the point just before failure.

As any change in material behaviour, damage suppression has implications on
the mechanical performance of composite structures, on the design constrains and
on the performance prediction tools. Extensive experimental programs have been
carried out to evaluate the performance of thin-ply laminates compared to laminates
made out of conventional thick plies for different types of loading, geometries and
structural details to understand the advantages and disadvantages of this new type
of material Ref. [1, 6, 18, 19, 24, 26, 37, 39]. Some of these studies are summarized
in the following sections.

Figure 2.5: Contour plots of the matrix damage variable on an RVE of a 0.020, 0.06 and 0.100mm
thick 90◦ ply of a sublaminate with 0◦ outer plies under transverse tension for an applied strain of
1.2%. [3]

2.1.4.1 Unnotched strength

In general, thin-ply laminates show enhanced ultimate plain strength [1, 6, 19].
Unlike thick-ply composites, which show damage due to microcracks and delamina-
tion before final failure, little severe damage before failure was detected in thin-ply
composites. In fact, as reported by Sihn et al.[6] and Amacher et al. [1], the response
of thin-ply laminates loaded in tension remains linear up to failure and no damage
was detected by acoustic emission up to 97% of the ultimate failure for the 0.03mm
thick ply laminate [1]. This indicates that the onset of damage is delayed until the
point just before failure.
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Figure 2.6: Contour plots of the matrix damage variable on an RVE of a 0.020, 0.06 and 0.120mm
thick 90◦ ply of a sublaminate with 0◦ outer plies under transverse compression for an applied strain
of 2.5%. [4]

2.1.4.2 Notched strength

Any structure inevitably has weak points as a consequence of the presence of
a geometrical discontinuities or discrete damage. For this reason, it is important
to evaluate the performance of composite structures in the presence of stress con-
centrations both under tension and compression. With the development of thin-ply
laminates, it became crucial to study the effect of ply thickness on the notched
strength of composite laminates. Some of the studies recently performed and their
conclusions are summarized below.

2.1.4.2.1 Tension
Green et al. [34] and Wisnom et al. [35] studied the effect of ply thickness on the
tensile strength of notched composites of conventional grade composite materials.
They concluded that, if the laminates have sufficiently thin plies, failure is fibre
dominated without extensive delamination and damage of the off-axis plies. If the
plies are too thick, failure is matrix dominated: damage propagates from the off-
axis plies to the interfaces causing delamination to spread across the width and
the length of the specimens. For intermediate thick plies, conventionally used, the
damage mechanisms combine fibre failure with some delamination around the notch.

These studies regard the effect of ply thickness on damage onset and propa-
gation of laminates with ply thickness higher than the conventional grade, however,
the development of spread thin-ply technology required the need to analyse the dam-
age mechanisms associated with failure of notched thin-ply structures. Sihn et al.
[6] performed tests to evaluate the performance of tow-spread thin-ply laminated
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composites including open-hole tension tests on a quasi-isotropic layups. Amacher
et al. [1] also investigated the influence of ply thickness on thin-ply laminates on
open-hole specimens. In both studies [1, 6], the load-displacement curves were ob-
tained and acoustic emission was used to detect first ply failure. The recorded load
displacement curves of thin-ply laminates were shown to be linear up to failure and
the first ply failure detected by acoustic emission was recorded for loads very close
to ultimate failure of the specimens.

Arteiro and co-authors [18, 20] studied the notched performance of thin-ply
laminates and Furtado et al. [19] compared the performance of notched thin-ply
and conventional intermediate grade laminates. The authors [18–20] evaluated sub-
critical damage near the notched by analysing the onset and propagation of cracks
in the outer surfaces using Digital Image Correlation. Using thin-ply laminates the
load displacement curves were shown to be linear up to failure and nearly no surface
cracks were detected before ultimate failure, which indicates that damage extension
is very limited up to final failure.

From these studies [1, 6, 18–20] it was concluded that, the thinner the plies,
the higher the stress at which the first ply fails but the lower the ultimate strength
of the specimen. i.e. the thinner the plies, the less damage propagation there is
and the more catastrophic and premature ultimate failure will be. While subcrit-
ical damage and damage propagation before final failure is usually a disadvantage
because it leads to degradation of the material and can eventually contribute to de-
lamination growth, for notched structures loaded in tension, it is actually beneficial.
As schematically shown in Fig. 2.7, while in conventional thick laminates, splitting
and matrix cracking appear at the vicinity of the notches, allowing stress relaxation
in that area to occur, in thin-ply laminates, this blunting mechanism is inhibited,
which means that stress concentration around the notch is not relaxed until final
premature brittle failure of the structure. This disadvantage has been pointed out
as one of the main obstacles to the introduction of thin plies in a large scale.

Furtado et al. [19] introduced the concept of ply-hybridization where both thin
and intermediate grade plies of the same material system are combined in the same
laminate. The open-hole tension strength of thin, intermediate grade and hybrid
layups was evaluated and compared. Two types of hybridization were studied: uni-
form combination of thin and conventional plies resulted in a hybrid laminate with
intermediate notched response and a selective hybridisation, where thin off-axis plies
are combined with thicker 0◦ plies, resulted in a globally enhanced notched behaviour
without compromising the unnotched response. This work clearly showed how ply-
level hybridisation, when designed to trigger specific damage mechanisms, can be
used to improve the notched response of composite laminates, thus overcoming one
of the main disadvantages of thin-ply laminates.

2.1.4.2.2 Compression
As in tensile loading, different damage modes can be observed in compression de-
pending on the ply thickness. For sufficiently thin plies, failure is brittle and dom-
inated by fibre kinking. Since there is not severe microcraking, the stress is the 0◦
plies increases until fibre kinking is triggered. For sufficiently thick plies failure is
dominated by delamination: matrix damage develops and propagates to the inter-
faces and eventually across the width and length of the specimens. Since the stress
is redistributed due to matrix dominated mechanisms, the 0◦ plies might not even
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Figure 2.7: Schematic representation of the strain distribution and damage around the hole for
thick and thin-ply laminates loaded in tension (modified from [5])

fail. For intermediate ply thicknesses, the failure mode is a combination of both
damage mechanics: some matrix cracking propagates to the interfaces causing local
delamination growth but does not spread enough to inhibit kinking failure of the 0◦
plies. [36]

Lee and Soutis [36] evaluated the notched strength of open-hole compression
of two quasi-isotropic laminates, one fabricated with blocked standard thick plies
and other with distributed standard thick layers. The authors concluded that the
strength of the laminate with blocked plies was higher than the one with dispersed
plies, because the first layup allowed a more effective stress redistribution around
the hole due to the development of split cracks at the vicinity of the hole delaying
final kinking failure of the 0◦ plies. Note that this study addressed the effect of ply
thickness on the notched strength but the minimum ply thickness used was 0.125mm
that does not qualify as a thin ply.

Yokozeki et al. [26] studied the performance of thin-ply laminates compared
to standard laminates under open-hole compression and concluded that thin-ply
laminates performed better under this type of loading possibly because they may
have superior resistance to delamination growth and higher compressive stability
compared to the standard grade laminates.

Amacher et al. [1] also investigated the influence of ply thickness on the open-
hole compressive strength and concluded that thin-ply laminates have improved
resistance over standard and thick-ply laminates. The onset of damage was detected
by acoustic emission and a delay of 17% on the onset of damage was reported for
the thin-ply laminate. The thin-ply laminate failed by fibre kinking, while the thick
ply laminate failed by a combination of intralaminar cracking in the 45◦ plies, fibre
kinking and delamination.

Arteiro [24] also investigated the effect of ply thickness on the notched com-
pressive strength. Quasi-isotropic open-hole specimens made from 160g/m2 and
240g/m2 spread tow fabrics (STF) were tested under compression. The thinner
160 g/m2 STF exhibited higher compressive strength than the high-grade 240g/m2

STF. This was attributed to a better uniformity of the spread-tow yarns, lower fi-
bre waviness and smaller crimp angles characteristic of thinner plies. Thin plies
were considered able to delay micro-instabilities in the fibre direction, allowing the
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longitudinal yarns to carry higher loads.
In brief, thin-ply laminates are more homogeneous and have higher compres-

sive strength and therefore, are expected to have higher compressive strength in the
presence of stress concentrations. Moreover, the use of thin plies delays subcritical
damage that suppresses the development of extensive matrix damage and delami-
nation and increases the compressive stability of the laminates [1, 24, 26]. However,
as for notched structures loaded in tension, the delay on damage onset might in-
hibit stress redistribution around the notch and lead to premature brittle failure of
the structures [36]. Nevertheless, an increase of the notched compressive strength
compared to the conventional grade materials has generally been reported.

2.1.4.3 Bearing resistance

Amacher et al.[1] studied the performance of thin-ply composites in com-
parison to conventional and thick-ply laminates under bearing loading conditions.
Single-shear bearing tests were performed to the three configurations under room
temperature and hot-wet conditions. The thinner the plies, the higher the bearing
strength, especially under hot-wet conditions. The reduction of ply thickness affected
the failure modes: while the failure of thick-ply laminates was matrix-dominated
with extensive delamination growth, especially under hot-wet conditions, thin-ply
laminates failed by local shearing and crushing of the composite in a small area
under the bolt head and no delamination was observed.

2.1.4.4 Low velocity impact and compression after impact

Low Velocity Impact (LVI) events are particularly dangerous for composite
structures and can lead to unexpected catastrophic failure. After impact, the struc-
ture may present nearly invisible superficial damage but present severe internal
damage and extensive delamination and consequently have greatly reduced strength
when compared to a pristine structure. For this reason, it is important to understand
and to be able to predict the effect of impact loading on the ultimate strength of
composite laminates. The design strengths regarding damage resistance and damage
tolerance under impact loadings are usually determined using Low Velocity Impact
panels (LVI), which are then compressed (CAI-Compression After Impact).

There is no clear consensus of the effect of ply thickness on the damage toler-
ance but, generally speaking, thicker plies seem to lead to larger internal delaminated
areas while thinner plies present more fibre breakage after a low velocity impact
event. Moreover, equal or higher compression strengths after impact are generally
obtained when thinner plies are used.

Sihn et al. [6] evaluated the performance of thin-ply laminates under impact
loading by performing low velocity impact followed by compression after impact
tests. The overall sizes of the delamination damage were similar for thin and thick
specimens. All the panels buckled in compression after impact tests. Thin-ply
specimens buckled at higher applied stress than thick-ply specimens which suggests
that thin-ply laminates have higher resistance to damage propagation after impact
loading.

Yokozeki et al. [26] performed low velocity impact followed by compression
after impact tests on conventional and thin-ply quasi-isotropic laminates. Even
tough the projected delamination areas were very similar, the thin-ply laminate had
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a slightly higher CAI strength and superior resistance against delamination.
Saito et al. [37] performed low velocity impact followed by compression after

impact tests on quasi-isotropic manufactured with 38µm and 147µm thick prepregs.
The thinner configuration exhibit 23% higher CAI strength. The authors observed
that transverse cracks decreased drastically in thin-ply laminates and delamination
was localized in a specific interface and was largely extended. As proposed by
Kawabe et al. [38], the higher compression after impact strength of thin plies was
attributed to the better fibre alignment and uniformity of the plies which gives
better load carrying capability to the laminates and hampers the development of
microbucking in the 0◦ plies.

Amacher et al. [1] performed low velocity impact tests to thin (30g/m2),
intermediate (100g/m2) and thick-ply (300g/m2) laminates and also identified a
significant change of failure mode when decreasing ply thickness. For thick plies,
delamination was predominant. For the intermediate-ply laminate both delamina-
tion and 0◦ fibre fracture on the outer ply was identified. For the thin-ply laminate,
the impact damage was characterized by a large translaminar crack that developed
along the width of the specimen. Compression after impact was not performed in
this study.

2.1.4.5 Fatigue resistance

Composite structures are frequently exposed to cyclical loading. When com-
posite structures are cyclically loaded and unloaded, transverse cracks that appear in
the free-edges or in points of stress concentration propagate and can lead to delami-
nation growth over time. This process can lead to the degradation of the structures,
severely compromising their performance, and potentially leading to their premature
collapse. Given the issues related to the fatigue behaviour of composite materials,
many authors have studied the behaviour of thin-plies under cyclical loading, antic-
ipating that the damage suppression capability of this type of material would have
positive consequences on their fatigue life.

Nishikawa et al. [39] investigated the fatigue behaviour of a spread-tow plain-
woven carbon fibre epoxy system under tension-tension fatigue. The internal damage
was observed using an optical microscope. The experimental results showed that
the fatigue crack onset and propagation was constrained in spread tow plain-woven
laminates and that their fatigue life was longer than those of conventional plain-
woven laminates.

Sihn et al. [6] also studied the performance of notched thin-ply laminates
under fatigue loading. Tension-tension and open-hole tension fatigue tests were per-
formed to thin and thick-ply quasi-isotropic and hard laminates. Damage extension
was observed using X-ray imaging. After fatigue loading, extensive free-edge delam-
ination was observed in quasi-isotropic thick-ply laminates. Additionally, transverse
cracking and fibre splitting in the 0◦ and 45◦ plies near the hole was detected for both
quasi-isotropic and hard thick-ply laminates while thin-ply laminates showed almost
no subcritical damage (see Fig. 2.8). It was concluded that thin-ply laminates have
superior fatigue life either in notched and unnotched structures.

Yokozeki et al. [26] studied the performance of thin-ply laminates compared to
standard laminates by testing both configurations under tension-tension loading and
reported that thin-ply laminates exhibited superior fatigue life in addition to static
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Figure 2.8: X-ray images of hard (a) thin- and (b) thick-ply specimens after 73,000 cycles of open-
hole tensile fatigue loading at 70% stress level of ultimate static strength [6]

strength compared to the standard grade laminates. Free-edge delamination was
observed in both configurations, however, the thin-ply laminates were less susceptible
to propagation of the free-edge delaminations, and therefore, exhibited superior
fatigue life compared to the standard grade laminates.

Amacher et al. [1] investigated the influence of ply thickness on fatigue life
of notched structures by testing thin (30g/m2) and thick-ply (300g/m2) laminates
under open-hole tension fatigue loading. The damage extension was characterized
using ultrasonic C-Scans. The thick-ply laminate exhibited progressive damage ac-
cumulation by delamination and transverse and shear cracking of the off-axis plies,
which led to failure after a reduced number of cycles. Thin-ply laminates failed in a
very reduced number of cycles for loading conditions where the maximum stress was
above the onset of damage (around 90% the maximum strength), but exhibited a
quasi infinite life under fatigue with no damage growth and propagation for loadings
with lower maximum applied stress.

Following the work of Amacher et al. [1], Furtado et al. [19] also investigated
damage propagation under open-hole tension fatigue loading. The specimens were
subjected to 50000 cycles and the fatigue life was assessed by analysing the stiffness
reduction, which was assumed to be related to the damage propagation within the
specimens. Even though the number of cycles was not high enough to cause specimen
failure, the thin-ply laminate had slower and less pronounced damage propagation
than the conventional grade laminate.

In summary, fatigue life of thin-ply laminates is improved over that of con-
ventional laminates since microcracking and delamination is delayed or suppressed
in this type of material and consequently, damage propagation is slower and less
pronounced.

2.1.5 Analysis models

The prediction of the ultimate failure of composite laminates generally relies
on finite element models that use the ply as the building block. Mesomodels that
treat the composite lamina or sub-laminate as a homogeneous material and describe
the possible failure mechanisms in composite laminates and their interactions have
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been proposed throughout the years [40–51] and are usually combined with cohesive
models developed to simulate delamination onset and propagation [52–54]. These
are particularly powerful solutions given their flexibility to predict the material be-
haviour of different laminates, geometries and loading conditions.

Since that, for the same thickness, thin-ply laminates can accommodate signifi-
cantly more plies than conventional grade laminates, numerical modelling of thin-ply
laminates using the ply as a building block can be rather impractical, given the dis-
cretization required and consequent high computational expense. Moreover, since
thin-ply laminates exhibit significantly reduced subcritical damage and delamination
when compared to conventional grade laminates, macroscopic models formulated at
the laminate level can potentially be used to predict failure of this type of material.
Recently, Reinoso et al. [55], proposed the use of phase-field methods to predict
the mechanical response of thin-ply laminates. The method had been developed
and proved suitable for triggering brittle fracture events in solids [56, 57], and was
first applied to composite laminates in Ref. [55]. The authors used the model to
predict the ultimate strength of thin-ply specimens under open-hole tensile loading,
adopting a homogenized constitute response at the laminate level, and achieved very
good accuracy between the experimental and numerical results.

Phase-field models are a promising methodology in the context of thin-ply
laminates, however, issues related to mesh dependency, sensitivity to the character-
istic length used to regularize the localized failure, ability to account for material
orthotropy, among others, need to be addressed so their use can be extended to more
general loading conditions and scenarios.

Macro-mechanical analytical models have also been developed to predict the
performance of composite laminates under different geometries and loading condi-
tions. Despite being simple tools, they have proven extremely accurate and can,
therefore, be used for material selection and as base for geometry/layup optimiza-
tion. In general, analytical models assume that the effect of a three dimensional
stress fields at the vicinity of notches or edges can be neglected, and that the dam-
age mechanisms can be lumped up into a through the thickness macrocrack. These
hypothesis hold more true for thin-ply laminates than for conventional grade lam-
inates for which the models were proposed. Therefore, they should not only be
applied to thin-ply laminates, but used more confidently with this type material.

The classical lamination theory allied with a failure criteria and the last-ply-
failure method, can be used to predict the laminate strength. Many failure crite-
ria for laminates composites have been developed over the years. Stress- [58–62]
and strain-based [60] failure criteria are simple and easy to implement, however,
lack accuracy as they are purely empirical. For this reason, the definition of more
physically-based and accurate failure criteria have been an important research sub-
ject over the last few years [11, 16, 63–67]. This method to predict laminate failure
is a very simplified approach as the degradation factors are empirically derived and
damage interaction and delamination propagation are not taken into account, but
it is a very efficient method. Amacher et al. [1] suggests that no ply degradation
method is necessary to predict failure of ultra thin-ply laminates and that only fail-
ure criteria to predict failure under longitudinal tension and compression are needed,
since these laminates are able to suppress microcracking and delamination up to the
point just before failure, which indicates that all the plies are able to carry load until
the 0◦ plies fail.
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Analytical models to predict the notched strength of composite laminates have
been proposed over the years e.g. the Point Stress [68], the Average Stress [68], the
Inherent Flaw [69] and the Finite Mechanics model [70]. The Point Stress model,
the Average Stress model are stress-based criteria: the first one predicts failure when
the stress in a point at a given distance from the notch reaches the material’s un-
notched strength, and the second predicts failure when the average stress from the
notch tip up to a characteristic distance reaches the material’s unnotched strength.
These models rely on calibration from a baseline specimen to calculate the "charac-
teristic distance", thus adding unnecessary costs to the predictions. Moreover, since
this calibration is not physically based, the predictions tend to be inaccurate for
geometries different from the one used for calibration. The Finite Fracture Mechan-
ics model [70] enriches the Average Stress model, including a energy-based criteria
to the stress criteria already defined, thus, not requiring model calibration. Crack
propagation is predicted when both stress-based and energy-based criteria are sat-
isfied and that failure occurs by the propagation of kinematically admissible cracks
with finite length, i.e. failure is predicted if when two conditions are simultaneous
met: i) the average stress ahead of the crack tip until the crack length l reaches the
material unnotched strength and ii) the energy needed to propagate the crack the
distance l is equal to the fracture toughness of the material.

Using the finite fracture mechanics model proposed by Camanho et al. [70]
the ultimate strength of notched composites that exhibits brittle failure can be pre-
dicted fast and accurately. The Finite Fracture Mechanics model has been used to
predict the failure stress of composite structures with open-holes or cracks loaded in
tension [19, 70, 71] and compression [71] and to predict the large damage capability
of notched composites [20] with errors below 10%. Given the brittle failure charac-
teristic of thin-ply laminates, predictions are generally more accurate for this type
of material.

2.1.6 Concluding remarks

Thin-ply laminates offer a large set of advantages over conventional grade
laminates both in terms of design space and mechanical performance. The enhanced
mechanical performance of thin-ply composites is due to the delayed onset of damage
exhibited by these materials. In general, thin-ply composites exhibit an enhanced
unnotched strength, higher compressive notched strength, better resistance under
fatigue loadings and, if designed to trigger specific damage mechanisms, enhanced
tensile notched strength. Despite the large number of studies previously conducted
on thin-ply laminates, no studies regarding the effect of different type of geometry
reinforcements available (i.e. UD, NCF and SFT) have been performed, since the
different types of reinforcement are supplied by distinct manufacturers, which in
turn, generally develop and supply prepregs based on different resins, reinforcing
fibres and sizings.

Given the simpler damage mechanisms and clear crack propagation typically
observed in thin-ply laminates, analytical models developed to predict the strength
of laminated composites have proven extremely accurate when applied to this type
of material. Since the models are simple to implement and provide fast predictions,
they can be used as material selection and layup optimization tools, which are of
extreme use in an industrial context and can largely reduce certification costs.
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Even tough analytical models are quite useful due to their efficiency, their
applicability is limited to relatively simple geometries and to very well defined crack
planes. To predict the general response of composite materials for more complex
structures and loading conditions, constitutive models that account for matrix dam-
age and fibre breakage have been developed and applied to finite element codes.
Since that, for the same thickness, thin-ply laminates can accommodate signifi-
cantly more plies than conventional grade laminates, numerical modelling of thin-
ply laminates using the ply as a building block can be rather impractical, given the
discretization required and consequent high computational expense. Since thin-ply
laminates exhibit significantly reduced subcritical damage and delamination when
compared to conventional grade laminates, macroscopic models formulated at the
laminate level can potentially be used to predict failure of this type of material.

Even though the mechanical performance of thin-ply laminates has been thor-
oughly studied, there are still many opportunities to fully exploit the characteristics
of thin plies and to explore their applicability, e.g. explore the improved design
space by reducing mismatch angles, dropping design constrains or attempting to
meet them with less total thickness. These opportunities have been on hold since
these initial studies required the laminates produced to be directly comparable so
that the difference in damage mechanics could be correctly assessed. It is also im-
portant to note that the design constrains and design rules for composite materials
were proposed based on the mechanical behaviour of conventional grade compos-
ite laminates. The introduction of thin-ply laminates at the industrial level, would
perhaps require or, at least, benefit from their review.
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2.2 Nanoreinforced composite materials

2.2.1 Carbon Nanotubes

Carbon nanotubes (CNTs) are graphene sheets rolled into a hollow cylinder
organized in a hexagonal mesh [72, 73]. CNTs exist in two different basic forms:
Single-Walled (SWCNTs) have diameters between 0.5 and 2nm and Multi-Walled
(MWCNTs), which can have two or more van der Waals bonded cylindrical walls
and have diameters from 2-50nm. SWCNT are generally more resistant and stiff
than MWCNTs. Schematic representations of both forms are presented in Fig. 2.9.

CNTs exhibit high strength and stiffness in the axial direction and outstand-
ing flexibility in the transverse direction. The modulus of elasticity in the highest
quality CNT reaches values in the order of 1TPa [74]. Tensile strengths of 63GPa in
MWCNT and about 100GPa in SWCNT were reported. Molecular dynamics simu-
lations suggest that CNTs break at applied strains up to 15% and at tensile stresses
of 65 to 93GPa and that in compression they tend to buckle.

One of the most relevant properties in CNT is its thermal stability under re-
action conditions and specific heat. Researches show that the CNT have a high
thermal stability up to 2800oC and a high thermal conductivity, reaching values
between 2800 to 6000WK−1m−1 at room temperature. This conductivity is compa-
rable to the best known conductors, as is the case of graphite and diamond [75].

Figure 2.9: A) Single-Walled Carbon Nanotube B) Multi-Walled Carbon Nanotube

2.2.2 Toughening mechanisms in polymer nanocomposites

Non-conventional composite materials reinforced by carbon nanotubes have
been studied and their potential to answer the challenges faced by the aeronauti-
cal industry has been exploited throughout the last decades. However, only very
recently has nanotechnology become a useful tool to improve the performance of
polymers by designing their structures at the nanoscale leading to improvements of
the mechanical properties, in terms of stiffness, strength and toughness.

The source of this outstanding potential of nanomodified polymers arises from
the energy dissipating mechanisms. Quaresimin et al. [76] suggests that there should
be a distinction based on the scale of the reinforcement mechanisms responsible for
the improvement of mechanical performance in nanocomposites:

• micro-mechanisms (related with the presence of agglomerates or large parti-
cles) e.g. crack deflection, crack pinning, micro-cracking and matrix deforma-
tion.
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• nano-mechanisms (related with the presence of well dispersed and distributed
nano-fillers) e.g. debonding, plastic void growth and pull-out. The nano-
mechanisms are different according to the type of filler used. Since this work
will focus on the use of carbon nanotubes, this review will also focus on this
type of nano-reinforcement.
CNT pull-out and bridging are the most commonly reported reinforcement
mechanism of CNT in thermosets. Plastic void growth after pull-out can also
be considered a toughening mechanism, however, Hsieh et al. [77] concluded
that the contribution of such mechanism can be neglected. Fig. 2.10 shows
a schematic representation of the possible toughening fracture mechanisms of
CNTs:

(a) intact multiwalled CNT;
(b) matrix/CNT debonding caused by a weak interface;
(c) CNT breakage caused by a strong interface;
(d) bridging of the inner walls and breakage of the outer walls (sword pull-

out);
(e) partial bridging and debonding.

These mechanisms were also reported experimentally by Cooper et al. [78] by de-
taching single carbon nanotubes from a polymer matrix. From this experimental
procedure, the separation stresses were obtained and the toughening mechanisms
were observed, which included the previously mentioned CNT pullout (partial or
complete), bending or breakage of CNT, and unsheathing of inner from outer tube
layers.

Figure 2.10: Schematic representation of the possible fracture mechanisms of CNTs [7]

The inclusion of CNT in polymer matrices can, in fact, increase the toughness
of the bulk polymer, however, this possible enhancement is largely dependent on
the dispersion, CNT aspect ratio and CNT/polymer interface properties, which
are parameters difficult to control. In fact, the idea to use CNT for structural
benefit of composite materials has received considerable attention but researchers
have struggled with the sometimes unexpected challenges that the implementation
of such an idea represents. Early challenges focused on dispersion of nanotubes in
polymers, which is limited by the high surface to volume ratios of CNT that increase
resin viscosity and limit processability. Recent challenges focus on organization, i.e.
controlling the alignment of nanotubes relative to each other and relative to other
reinforcements present in the material system. In fact, isotropic behaviour resulting
from randomly mixed reinforcement have given way to more complex nano-structures
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where, either the nanotubes are oriented in a preferred direction in a reinforced
polymer or in a preferred direction and a specific location such as around the fibres
or between the ply interfaces in a composite laminate.

2.2.3 Carbon nanotube reinforced composite laminates

Interest has been growing in the development of nanostructured composite ma-
terials, where nanoparticles such as carbon nanotubes are used alongside microscale
fibre composite laminates. The main idea behind the combination is to improve the
matrix dominated properties of traditional composites. In fact, carbon nanotubes
introduce additional energy dissipating mechanisms that have the potential to en-
hance the toughness of the matrix and therefore they can be used to improve the
interfacial and transverse properties of composite laminates.

The combination of carbon nanotubes into composite laminates has mainly
been attempted by either adding them to the matrix, to the interfaces or to at-
tach them directly in the fibres. The most common process to incorporate carbon
nanotubes in the manufacturing process is by mixing the carbon nanotubes in the
matrix, followed by infusion or impregnation of the primary fibres by the modified
matrix. This process is simple and fairly compatible with standard industrial lines,
however, is limited to very low loading fractions of carbon nanotubes because the
resin viscosity greatly increases by the addiction of carbon nanotubes, limiting the
processability of the matrix. Resin transfer moulding (RTM) [7, 79, 80] and vacuum
assisted resin transfer moulding (VARTM) [81–86] are typical methods used in the
resin infusion process for producing nanoreinforced composite laminates. The main
problem with these approaches is associated with the high viscosity of the modified
resin, which can cause incomplete infusion. Moreover, CNT tend to agglomerate and
when infused they might not be able to penetrate the laminate and get deposited on
the surface. The higher the carbon nanotube loading, the more difficult the manu-
facturing process becomes. These problems with processability have been the main
reason why the inclusion of CNT has failed to deliver the expected improvement
in mechanical performance. However, some success has been obtained in improving
the electrical and thermal conductivity and thermal degradation resistance because,
these properties are drastically changed even for very low percentages of CNTs.
[87–94]

Nonetheless, success in increasing the mechanical performance of composite
laminates using nano-modified resins has been reported by some authors. It has been
reported that the in-plane properties are not significantly affected by the inclusion
of nanotubes while the matrix dominated properties are highly superior when the
reinforcement is present. 8%-30% improvements have been reported on the interlam-
inar shear strength evaluated by means of short beam shear testing [7, 80, 81, 85].
Delamination resistance has been evaluated by means of double cantilever beam
[80, 84, 95–98] and end-notch flexure tests [80, 95, 96] and increases in fracture
toughness up to 100% have been reported.

To mitigate the processing problems associated with the impregnation of nano-
modified resins and to further improve the mechanical performance of nanoengi-
neered composite materials, more advanced methods have been developed to incor-
porate nanotubes as through-the-thickness reinforcement.

Arai et al. [99] used nanofiber/epoxy interlayers between the plies and deter-
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mined the mode I and mode II interlaminar fracture toughness of the new material
systems. The experimental results showed that the mode I and mode II interlaminar
fracture toughnesses for hybrid laminates were 1.5 and 2-3 times greater than base
CFRP laminates, respectively.

Some authors developed techniques to grow CNT directly on carbon fibres
[100–105]. Even though the dispersion of nanotubes is good and the radial distri-
bution of the carbon nanotubes helps the impregnation process through capillary
effect, there is usually a degradation of the carbon fibre strength due to conditions
they are exposed to during CNT growth [106–108].

Garcia et al. [109] developed a technique to produce CNT reinforced compos-
ite materials by growing carbon nanotubes on the surface of woven cloths. It was
observed that the carbon nanotubes grow long, aligned and densely packed radi-
ally around the fibres. After carbon nanotube growth, the cloth was impregnated
with epoxy resin and hand layed-up into a laminate. Short beam shear tests were
performed to the reinforced and unreinforced to compare their interlaminar shear
strength. The experimental results showed that the reinforced laminate had 70%
higher interfacial strength than the unreinforced laminate.

Garcia et al. [8] proposed the incorporation of vertically aligned carbon nan-
otubes in the ply interfaces to increase the interlaminar fracture toughness of com-
posite laminates. Since the work regarding the effect of the presence of CNTs on the
mechanical behaviour of composite laminates presented in this thesis will mainly
focus on this technology, the manufacturing process and the experimental results
obtained up to date will be reported in the following section.

2.2.3.1 Nanostitched composite laminates

Recently, composite laminates composed of carbon fibre-epoxy plies nano-
stitched together with vertically aligned carbon nanotube arrays have been devel-
oped [8]. A schematic representation of a nano-stitched composite interface is shown
in Fig. 2.11. It was shown that this innovative process guarantees a good dispersion
of carbon nanotubes and improves both interlaminar and intralaminar composite
strength and toughness and significantly increases the electrical and thermal conduc-
tivity, allowing the possibility of creating not only a new generation of mechanically
enhanced composite materials but also of multifunctional structures [8, 110–112]. In
the following sections, the manufacturing process used to produce aligned carbon
nanotubes arrays and how to incorporate them in the interface of carbon fibre com-
posite laminates will be explained. Furthermore, recent experimental results that
demonstrate the potential benefits to improve the mechanical performance of CFRP
of such a technology will be reported.

2.2.3.1.1 Manufacturing process

Aligned Carbon Nanotubes (A-CNT) can be produced by chemical vapour
deposition (see Fig. 2.12). In this process, a hydrocarbon vapor at atmospheric
pressure passes through a tubular reactor heated at temperatures from 600◦C to
1200◦C where a catalyst material is present. This catalyst acts as a substrate and
triggers the decomposition of the hydrocarbon, forming CNTs on its surface. The
length of the CNT arrays can be controlled by changing the cycle time. A reduction
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Figure 2.11: Schematic representation of a nano-stitched composite interface [8]

cycle is applied to reduce the attachment of the CNT forest and the substrate and
allow a better transferring process [8]. After cooling, the CNT forests are removed
from the reactor. The CNTs can then be transferred to the interface of a prepreg
during stacking.

After a careful investigation to determine the causes of non-uniform heights
and morphologies of CNT forests of successive growths, Lewis [110] proposed the
following CNT growing cycle:

1. Bake out: This is a cleaning procedure which should be done periodically or
even after every growth cycle to eliminate excessive humidity and amorphous
carbon present inside the furnace: the furnace is heated to 740◦C while open
to the air to remove any of the contaminants from previous growth cycles. The
temperature is maintained for 3 minutes before cool down.

2. Load and Purge: The Si wafers are inserted on the quartz tube, the tube
is sealed and the furnace lid is closed. When the furnace temperature drops
from the bake-out temperature to 165±10◦C, the growth cycle is initiated. All
lines are purged at 400sccm 1 for one minute, then the tube is purged with
helium at 2000sccm for five minutes to ensure an inert environment.

3. Growth Cycle:

(a) Catalyst anneal: 600ppmv 2 water is introduced into the furnace by
bubbling helium through a water bath. The temperature of the furnace
is increased up to 680◦C and maintained for 8 minutes.

(b) Growth: Ethylene is turned on at 400sccm for a time period specified
by the desired height of the forest. During this step the hydrogen flows
at 1040sccm.

(c) Delamination: While hydrogen and water continue to flow, ethylene is
turned off and helium is turned on at 500sccm for 30 seconds. This step
makes the delamination of the CNT forest easier.

4. Cool-down: The furnace is shut off once the delamination step is complete.
Hydrogen is also shut off and the furnace is allowed to cool under helium and

1sccm: standard cubic centimetres per minute
2ppmv: parts per million volume



28 Chapter 2. State-of-art and literature review

water. Once the furnace temperature drops to 550-600◦C, the water is shut
off. Once the furnace temperature reaches 225◦C, the helium is shut off and
the process is considered finished.

5. Chip Removal: The tube is opened and the chips removed as soon as the
process is finished.

Figure 2.12: Schematic representation of the Chemical Vapor Deposition process [9]

Some techniques have been proposed to transfer the CNT into the prepreg
material by Garcia et al. [8], Falzon et al. [10] and Lewis [110]. The CNT forests
can be transferred attaching the prepreg to a cylinder and rolling it while pressing
it across the Si substrate containing the CNT as proposed by Garcia et al. [8] (Fig.
2.13). Falzon et al. [10] transfered the CNT forests to the prepreg by inverting
the silicon wafer, so that the top of the CNT forest was in direct contact with the
prepreg, and applying load with a weight as shown in Fig. 2.14. The weights were
kept below 500g to maintain the CNT alignment. At room temperature the forests
would not be well transferred to the prepreg, and for high applied temperature and
load, the CNT forest would completely penetrate inside the ply and, as a result, the
silicon wafer came into contact with the prepreg which made it difficult to remove. A
careful selection of the combination of applied load, loading time and temperature
should be made for each prepreg system. Lewis [110] proposed two transferring
methods. In the first, the temperature of the prepreg is increased to make it tacky,
the silicon wafer is inverted onto the prepreg and pressure is applied to the ply
using a roll. In the second, the prepreg is heated to a slightly higher temperature
but no pressure is applied to the wafer. The two methods yield different A-CNT
morphologies in the composite: since pressure is applied, the first method compresses
the forest to a 5µm thick band, while in the second method, the original CNT height
is better preserved. However, despite the difference is morphology, no difference in
the mechanical behaviour between the two transferring processes was reported [110].

2.2.3.1.2 Mechanical performance

Vertically aligned carbon nanotubes have been successfully introduced in the
interlaminar region of unidirectional laminates as explained in the previous section
and many studies to evaluate the mechanical performance of composites with CNTs
have been conducted [8, 10, 110, 111].

Garcia et al. [8] conducted an experimental program to assess the influence
of including CNT in the interface on the mode I and mode II interlaminar fracture
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Figure 2.13: Transfer of vertically aligned CNT to prepreg: (A) Schematic representation of the
transfer process; (B) Fully transferred CNT forest [8]

Figure 2.14: Transplantation of CNT forest (a) heat and pressure applied to silicon substrate (b)
removal of the substrate after the cool down period and (c) transplanted CNT forest infused with
resin through capillary action and partially inserted into the prepreg. [10]

toughness. Double cantilever beam (DCB) and four point bending tests on end
notched flexure (4ENF) tests were performed in a unidirectional CFRP reinforced
with 60-150µm high CNT arrays. In this preliminary study, it was concluded that
the inclusion of CNT does not influence the resulting thickness of the specimens
after curing and that the mode I and mode II fracture toughness were improved
by a scale of 1.5-2.5 and 3 times, respectively, by the inclusion of CNTs. This im-
provement was thought to a be a consequence of both interlayer toughening through
plastic deformation and crack bridging. In fact, SEM analyses of the fracture surface
of reinforced DCB specimens showed z-oriented CNTs on both the crack surfaces
suggesting bridging of the crack by the aligned CNTs.

Falzon et al. [10] also compared the fracture toughness of nano-stitched and
unreinforced interfaces by performing DCB and ENF tests and determining the
mode I and mode II R-curves, respectively. Mode I tests showed an increase in the
average fracture toughness between 31%-61%, and mode II tests showed an increase
of 161% but with a very large scatter in the results.

In both studies [8, 10], an unexpected negative slope on the mode I R-curve
for the CNT reinforced interfaces was observed. Garcia et al. [8] attributed this
phenomenon to the side-by-side placement of the CNT forest patches and suggest
that a more consistent manufacturing process should be used to fabricate the spec-
imens. However, Falzon et al. [10] did not place the CNT side-to-side but reported
the same trend. The reason for a reduction of fracture toughness with crack prop-
agation is, therefore, not properly explained but can simply be a consequence of
the data reduction method used. The ASTM standards [113, 114] are based on
Linear Elastic Fracture Mechanics (LEFM) which main hypothesis is that the non-



30 Chapter 2. State-of-art and literature review

linear deformation at the crack front is small in comparison to any of the specimen’s
dimensions. The method has been largely applied to fibre reinforced polymers, how-
ever, the fracture process zone of nano-reinforced interfaces might be too large to
be well characterized using the standard method. J -integral closed-form solutions
for interlaminar fracture tests have been proposed for mode I [115–118], mode II
[119–122] and mixed mode [123–126] but, to the author’s knowledge, never applied
to nano-reinforced composite laminates.

Lewis [110] performed short beam shear tests [127] to study the influence of
nano-stitching on the interlaminar shear strength (ILSS). Quasi-isotropic laminates
reinforced with 5-65µm CNT in every interface were tested. Even though samples
with seven different CNT heights were tested, no relevant difference is shown be-
tween the experimental results for the reinforced samples because regardless of the
initial height, the forests were compressed to around 5µm in the interface. The
average improvement in ILSS over the unreinforced baseline was 8.75±0.5%. How-
ever, SBS specimens should fail in the interfaces so that the test is considered valid
and while the unreinforced specimens failed properly, the reinforced specimens failed
with multiple cracks through both interlaminar and intralaminar regions, especially
when the CNT transferring method used did not involve applying pressure. This
suggests that, the CNT reinforcement was effective enough to deviate delamination
propagation to within the plies, even though this results in a very limited strength
improvement.

Lewis [110] also evaluated the fatigue behaviour of nano-stitched interfaces,
loading SBS specimens in fatigue bending. Specimens were cycled to failure at peak
loads of 60-90% of the reference static ILSS. Over all load levels, the nano-stitched
coupons exhibited a 3.2 times longer fatigue life than the unreinforced coupons.

Other forms of through thickness reinforcement that rely on bridging as the
main toughening mechanism such as stitching, z-pinning and weaving have proved to
increase the through-thickness properties, however, the in-plane properties usually
decrease due to damage and misalignment of the reinforcing fibres caused by the
reinforcement. Following Garcia et al. [8], Guzmán de la Villoria et al. [111] carried
out an experimental campaign to prove that the nano-reinforcement did not have
such degrading effect due to the un-obstructive nature of the interface reinforcement
in the adjacent plies. The experimental campaign was based on the subcomponent
level and included open-hole compression, bolt bearing and L-shape tests.

For bolt-bearing, the major reported improvement was not the increase in
ultimate failure but the delay/suppression of subcritical interlaminar damage giving
the material a 30% increase in the load corresponding to damage onset (first load
drop). For open-hole compression, both a 14% increase of ultimate strength and
the suppression of subcritical damage near the hole was reported. For the L-shapes
tested, the reported improvement was also the suppression of subcritical damage
which resulted in a 26% increase in the ultimate deflection of the specimen and a
correspondent 30.7% increase in the energy required to break the specimen.

The experimental campaign reported in Ref. [111] suggests that the in-plane
properties are not degraded by the presence of CNT in the interfaces and actually
benefit from their presence. Their presence contributes to the suppression of inter-
laminar damage in some loading cases, lay-ups and geometries and can result in the
improvement of the strength used to design them and to the ultimate failure of the
components.
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2.2.3.1.3 Multifunctionality

Besides improving the overall mechanical performance by increasing the inter-
facial toughness and helping to suppress interfacial subcritical damage, it is possible
to take advantage of the exceptional electrical and thermal conductivity of CNT to
increase the multifunctionally of the composite structures. The thermal conductiv-
ity of CNT has been especially explored to produce microheater films [128–143]. It
has been shown that CNT based heaters can reach very high temperatures, however,
the lack of alignment of the CNT compromised the heat transfer and their mechan-
ical performance and therefore, recent work has focused on microheaters made from
aligned CNT networks.

Guzmán de Villoria [144] showed that aligned CNT networks in composite
structures allow very efficient heating. This characteristic can be used to detect
damage or manufacturing defects by ohmically heating the part and using ther-
mographic imaging to detect damage or even to de-ice composite structures. The
appearance of ice on aerodynamic surfaces has to be avoided because it increases
weight and drag and therefore reduces the performance of the structure. By incor-
porating CNT on the surface of the structure and using them as resistive heater, the
ice-formation can be eliminated, avoiding the need for the commonly used de-icing
fluids.

The thermal conductivity of CNT can be especially useful in the curing process
of polymer composites. Since CNTs are able to efficiently conduct heat, the curing
process is more homogeneous, which is especially interesting for thicker components,
where the degrees of curing tend to be different in the middle and in the surface
of the structure and the residual stresses tend to be high. Another way to take
advantage of the thermal conductivity of CNT is to use them as a heater to cure
the part where they are introduced [145]. This process has recently been called
"out-of-oven curing" where, not an autoclave nor an oven are required to cure the
part. This has already been attempted and the degree of cure was comparable to
that of laminates cured using conventional oven based techniques, which is a very
promising preliminary result. Moreover, it is important to note that the efficiency of
such a curing process is a lot higher than autoclave curing since it is not necessary
to waste energy heating the whole chamber, but only to heat the part itself. Also,
the maximum possible temperature reached was higher than 500◦C which is high
enough to eventually use this technique to process high processing thermoplastic
polymers such as PAN, PEEK and PEKK.

2.2.4 Analysis models

Several studies have been conducted on modelling of nanotube reinforced poly-
mers, but only a small number of studies have addressed modelling of CNT reinforced
composite materials.

2.2.4.1 Analytical models

The general concept to estimate the fracture energy of nanotube-modified
epoxies has been to assume that the fracture toughness of the matrix is not affected
by the presence of the carbon nanotubes and that the fracture toughness enhance-
ment results from additional dissipative mechanisms such as nanotube breakage,
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pull-out, sword-in-sheath, debonding and void growth after debonding, depending
on the author. Not only the dissipation mechanics considered differ from model to
model but also the assumed geometry of the nanotubes, orientation, length and po-
sition distributions vary. The energy associated with each of these mechanisms have
generally been predicted assuming that classical mechanics are valid at the nanoscale
and by using extensions of the models proposed for short fibre composites.

Tong et al. [146] and Blanco et al. [112] proposed analytical models for
the Mode I interlaminar fracture of laminated composites reinforced with aligned
nanotubes. Similar hypothesis were considered: the nanotubes are perpendicularly
embedded into the matrix rich region at the interface between plies and when delam-
ination occurs, the nanotubes bridged the crack increasing the fracture toughness
due to frictional sliding of the CNTs during pullout [78, 147] and during sword-in-
sheath pullout where the outer shell of a multi-walled CNT remains attached to the
polymer and the inner tube pull out of this outer tube [148, 149].

The concept of critical length applied to nanotube pull-out introduced by
Wichmann et al. [150] was used by Mirjalili et al. [151, 152]. The critical length is a
threshold that distinguishes two possible bridging scenarios: nanotube pull-out and
nanotube breakage. It can be computed from a force balance on a single nanotube
and its interfacial bonding with the polymer chains, i.e.

lc = σu
τ
r (2.1)

where lc is the critical length, r is the nanotube radius, σu is the nanotube ultimate
strength and τ is the interfacial shear stress between the nanotube and the polymer.
Mirjalili et al. [151, 152] suggests that nanotube pull-out will occur when its length
is smaller than the critical length otherwise both rupture and pull-out will occur
because the embedded length might be lower than the critical length, which will
lead to nanotube pull-out of the shorter embedded end [153]. Two extensions of the
model were proposed [153]: the first assumes that the nanotubes are aligned and
perpendicular to the crack plane and the second assumes that the nanotubes are
randomly oriented and that only those with orientated between 50◦ and 90◦ with
the crack plane, have a contribution to the enhancement of the fracture toughness.

Wagner et al. [154] focused on the nanotube pull-out mechanism. Nanocom-
posite toughness is quantified through a reanalysis for nanotubes of the Cottrell-
Kelly-Tyson model where the concept of critical length is modified for hollow tubes
or fibres.

Hsieh et al. [77] considered nanotube debonding, nanotube pull-out and plastic
void growth of the epoxy matrix to be the most important toughening mechanisms
of nanotube modified epoxies. The model indicated that the debonding and pull-
out contribute significantly to the increase in toughness, but the contribution of void
growth is not significant.

Chen et al. [155] studied the effect of nanotube curvature on nanocompos-
ite toughness by considering a matrix crack bridged by curved nanotubes. If the
strength of the nanotubes were uniform, all nanotubes would either break or pull-
out. These are extreme cases, that do not represent well the crack bridging effect. In
fact, as the crack opens and/or propagates under load and the bridging nanotubes
pull out of the crack face, the nanotubes may break, most likely at the most defective
region along their length than at the point of maximum stress, i.e., the crack plane.
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For this reason, Chen et al. considered the strength along the length and between
nanotubes to follow a Weibull distribution as proposed in Refs. [156–161].

Menna et al. [162] proposed a micromechanical model, based on analytical
framework developed for classical short fibre composites, to determine the enhance-
ment of mode I fracture toughness due to nanotube pull-out and fracture. The
proposed model is developed for nano-reinforced composites that contain nanotubes
with known length and orientation distributions rather than assuming they are con-
stant. Menna et al. [162] used the Weibull distribution to describe the length dis-
tribution and the orientation distribution proposed by Fu et al. [163] for misaligned
short fibres, however other distributions can be used. Moreover, the position of the
centre of gravity of nanotube relatively to the crack plane is assumed to follow a
uniform distribution. When a nanotube is embedded between two halves of a crack,
it will pullout when the length of the shorter embedded end is less than its critical
length. In this case, only the shorter embedded end pulls-out and the other remains
embedded. Note that the embedded length varies with the orientation, length and
the position of the nanotube, which follow statistical distributions. When both the
embedded lengths are longer than the nanotube than the critical length, the nan-
otube will break instead of pulling out. Accounting for the waviness of the nanotubes
and the altered matrix morphology and toughness due to the presence of nanotubes
could improve this model.

All these studies focused on the toughening mechanisms of carbon nanotubes
under mode I loading but, to the author’s knowledge, the mechanicsms under mode
II and mixed mode loadings have not been yet examined.

2.2.4.2 Finite element models

It is generally agreed that, due to the very different scales of the constituents
in nano-reinforced composite laminates, a wide range of modelling tools and simu-
lation techniques from quantum mechanics to continuum mechanics can be used to
predict their behaviour [164, 165]. In comparison, Quantum Mechanics describes the
matter at the subatomic level, Molecular Dynamics describes the matter in terms of
atoms, molecules and chemical bonds and is able to predict its molecular structure
and behaviour [166], while continuum mechanics describe the matter as a continu-
ous medium [167–169]. Recently, multiscale modelling techniques which incorporate
multiple simulation techniques into a single algorithm are being developed to relate
material structure to macroscopic material behaviour. Multiscale simulation is a
challenging research area because i) quantum and molecular level simulations are
extremely computationally expensive; ii) the types of simulation require very differ-
ent assumptions and approaches that might not be compatible, and iii) are generally
mastered by different people.

The mechanics of nanotubes might be only physically well described by Molec-
ular Dynamics, which is a very powerful tool to understand the damage mechanisms
at the nanoscale and, even though the insight of the behaviour of carbon nanotubes
will certainly induce changes and improvements in the construction of higher scale
models, describing composite laminates with Molecular Dynamics is very inconve-
nient and inefficient.

The introduction of vertically aligned carbon nanotubes in the interlaminar
region of unidirectional laminates has consequences in terms of mechanical perfor-
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mance as explained in Section 2.2.3.1.2. The simulation of such modified interfaces
has, to the author’s knowledge never been attempted. Their simulation could pos-
sibly be based on cohesive zone models [170–183] or constitutive models developed
to predict matrix plasticity and fracture [184–190] modified to account for the addi-
tional toughening dissipation mechanisms that CNTs introduce to the material such
as, CNT pull-out, breakage, debonding and void growth. However, evaluating these
damage mechanisms and understanding them so that they can be taken into account
at the macroscale is a difficult process due to the scale at which it is happening. Be-
cause the effective use of composites rely on the ability to predict its performance,
new models for CNT reinforced interfaces should be developed.

2.2.5 Concluding remarks

Non-conventional composite materials reinforced by nanotubes have been stud-
ied and their potential to answer the challenges faced by the aeronautical industry
have been exploited. The most popular strategy followed to include carbon nan-
otubes in CFRP has been to mix them in the matrix as an attempt to increase the
toughness of the composite structure and its conductivity. However, many difficul-
ties have been faced mainly due to the increase in resin viscosity when introducing
CNTs, which limits the processability. Additionally, the increase in viscosity results
in low volume fractions, and agglomeration of the carbon nanotubes, which leads to
poor dispersion in the matrix. Recently, composite laminates composed of carbon
fibre-epoxy plies nano-stitched together with vertically aligned carbon nanotube ar-
rays have been developed. It has been shown that this innovative process guarantees
a good dispersion of carbon nanotubes and improves both interlaminar toughness
[8, 10], intralaminar [8, 110, 111] strength and significantly increases the electrical
and thermal conductivity, allowing the possibility of creating not only a new gen-
eration of mechanically enhanced composite materials but also of multifunctional
structures.

The fracture toughness of CNT reinforced interfaces has been assessed using
standard ASTM testing [8, 10], which are based on the Linear Elastic Fracture
Mechanics. The main hypothesis is that the damage zone at the crack front is small
in comparison to any of the specimen’s dimensions. However, the fracture process
zone of nano-reinforced interfaces might be too large to be well characterized using
the standard method and alternative data reduciton methods should be used instead
[115–125].

Analytical models to estimate the fracture energy of nanotube-modified epox-
ies have been proposed mostly assuming that the classical mechanics proposed for
short fibre composites are valid at the nanoscale [77, 112, 146, 151, 152, 154, 155,
162]. They generally assume that the fracture toughness enhancement results from
additional dissipative mechanisms such as nanotube breakage, pull-out, sword-in-
sheath, debonding and void growth after debonding. Depending on the model,
different geometry of the nanotubes, orientation, length and position distributions
are assumed. The energy associated with each of these mechanisms have generally
been predicted assuming that classical mechanics are valid at the nanoscale and by
extensions of the models proposed for short fibre composites.

It is of general agreement that due to the very different scales of the con-
stituents in nano-reinforced composite laminates multiscale models that combine
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a very wide range of modelling tools and simulation techniques from quantum me-
chanics to structural mechanics are ideal to predict the behaviour of nano-reinforced
composite laminates [164, 165]. However, multiscale modelling techniques is an ex-
tremely challenging research area and while Molecular Dymanics is a very powerful
tool to understand the damage mechanisms at the nanoscale, describing composite
laminates at this scale is very inconvenient and inefficient. New, more efficient mod-
els for CNT reinforced interfaces should be developed possibly from the modification
of cohesive zone models [170–183] or constitutive models developed to predict matrix
plasticity and fracture [184–190].
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Part III

Analysis models to predict
failure of composite laminates





Chapter 3

Simulation of fracture in laminated polymer
composites: building-block validation

The design of composite structures is based on testing and simulation of com-
posite coupons that represent structural details under simple loading scenarios, fol-
lowing an approach known as the building block approach [191]. This process en-
sures that a deep understanding of the structural behaviour under simple loading
conditions is gained at the early stages of the design process, consequently miti-
gating the risk associated with the design of complex structures that usually have
strict certification and safety requirements. The experimental determination of these
design parameters is an inherently costly and time-consuming process, and conse-
quently delays both the introduction of the new materials addressed in the previous
chapters and the design of new structures, two aspects that are critical for the
competitiveness of the aeronautical industry. The development of numerical mod-
els to complement, or potentially replace, the purely experimental determination of
the design parameters is, therefore, of key importance. Numerical solutions based
on analytical [15, 16, 69, 70, 192–194] and finite elements models at the meso- and
macroscale [40–51, 55] have been proposed; however, their use is still not widespread
since the models are generally not implemented in commercially available software
and/or their validation has not gained widespread acceptance for material systems
of interest.

Finite element models to simulate failure of composite laminates using the ply
as a building block have been proposed by several authors [40–51]. These are partic-
ularly powerful solutions given their flexibility to estimate the material behaviour of
different laminates, geometries and loading conditions. However, their efficient use
relies not only on the accuracy of the predictions of the ultimate failure loads, but
also on the time frame in which these predictions are obtained. The time required
to run the numerical models should be compatible with the requirements from in-
dustry. Moreover, it is important that the models rely on physically based material
properties that can be determined following well-defined test methods and rely as
little as possible on numerical calibration.

The objective of the work presented in this chapter is to develop and imple-
ment a methodology to simulate composite laminates at coupon level compatible
with industrial requirements. The model should be able to predict the strength
of different structural details without changing its formulation or required material
properties. The model is based on the continuum damage model proposed by Maimí
et al. [47–49] and the cohesive zone model proposed by Turon et al. [195] and Al-
fano et al. [196]. The models were modified (as described in later sections) from
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their original versions to improve their ability to accurately predict damage initi-
ation and evolution under general loading conditions while maintaining the model
complexity and, therefore, the computational cost. The current work serves as basis
for modelling more complex geometries [197–199] and can potentially be used for
the generation of statistically based design allowables for the most simple test cases
when allied with powerful statistical tools.

3.1 Modelling strategy

The modelling strategy proposed in this work is presented in the following
sections. The continuum damage model for the ply and respective improvements
proposed are detailed in Section 3.1.1 and the cohesive zone model for the interface
proposed here is presented in Section 3.1.2.

3.1.1 Continuum damage model for the ply

Maimí et al. [47–49] proposed a continuum damage model to predict the on-
set and accumulation of intralaminar damage mechanisms in laminated composites.
Generally speaking, the formulation of the continuum damage model starts by the
definition of a potential (the complementary free energy density) as a function of
damage variables associated to the different failure modes. It is also necessary to
define the damage activation functions, i.e. the conditions that lead to the onset
of inelastic response, and the damage evolution functions. The model was devel-
oped assuming that the out-of-plane stresses are too small to promote damage and,
therefore, damage is activated only by the in-plane components of the stress tensor.
This assumption is not suitable for test cases where the triaxiality of the stresses
is not negligible. In this chapter, the model was modified to improve its ability to
accurately predict damage initiation and evolution under general load conditions
without increasing the model complexity and, therefore, the computational cost.
These modifications are reported in the following sections, with full details of the
original model available in Refs. [47–49].

3.1.1.1 Constitutive model

The scalar function corresponding to the ply complementary free energy den-
sity, accounting for the different longitudinal Young’s moduli in tension and com-
pression reads:

G = 〈σ11〉2

2(1− d1)E1
+ 〈−σ11〉2

2(1− d1)E1c
+ σ2

22
2(1− d2)E2

+ σ2
33

2(1− d3)E2
+

+ σ2
12

2(1− d6)G12
+ σ2

23
2(1− d4)G23

+ σ2
13

2(1− d5)G12
−

−ν12 (σ22 + σ33)
(〈σ11〉
E1

+ 〈−σ11〉
E1c

)
− ν23
E2

σ22σ33+

+(α11σ11 + α22 (σ22 + σ33))∆T + (β11σ11 + β22 (σ22 + σ33))∆M (3.1)
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Figure 3.1: Longitudinal nonlinear ply behaviour in tension and compression.

where σij are the components of the stress tensor, di are the scalar damage variables,
E1 and E1c are respectively the longitudinal tensile and compressive Young’s moduli,
E2 is the transverse Young’s modulus, G12 is the shear modulus, ν12 is the Poisson’s
ratio, αii (i = 1, 2) are the coefficients of thermal expansion, βii (i = 1, 2) are
the coefficients of hygroscopic expansion, ∆T is the temperature variation, ∆M is
the variation in moisture content, and 〈•〉 stands for the Macaulay brackets, which
return the argument • if positive, and zero otherwise. The previous equation results
in a non-linear behaviour in tension and compression if E1 6= E1c — see Fig. 3.1.

The strain tensor reads:

εεε = ∂G
∂σ

= H : σ + α∆T + β∆M (3.2)

where H is the lamina compliance tensor:

H = ∂2G
∂σ2 =



H11 H12 H13 0 0 0
H12 H22 H23 0 0 0
H13 H23 H33 0 0 0

0 0 0 H44 0 0
0 0 0 0 H55 0
0 0 0 0 0 H66


(3.3)

where

H11 = 1
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(
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E1c

)
; H22 = 1

(1−d2)E2
;

H33 = 1
(1−d3)E2
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;
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;
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|σ11|
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〈σ11〉
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+ 〈−σ11〉
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)
; H13 = − ν12

|σ11|

(
〈σ11〉
E1

+ 〈−σ11〉
E1c

)
;

H23 = −ν23
E2

(3.4)
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To account for closure of longitudinal and transverse cracks under load rever-
sal, four damage variables associated with longitudinal (d1+ and d1−) and transverse
(d2+ and d2−) damage are considered to define the d1 and d2:

d1 = d1+
〈σ11〉
|σ11|

+ d1−
〈−σ11〉
|σ11|

(3.5)

d2 = d2+
〈σ22〉
|σ22|

+ d2−
〈−σ22〉
|σ22|

(3.6)

Since shear damage represents transverse cracks which do not close under shear
stresses, only one variable is considered for shear damage (d6). The damage variables
d3, d4 and d6 read:

d3 = 1− (1− d1−) (1− d2−) ; d4 = d6 ; d5 = d1+ (3.7)

3.1.1.2 Damage activation functions

The continuum damage model predicts four intralaminar failure mechanisms:
longitudinal tensile failure (F1+), longitudinal compressive failure (F1−), transverse
failure where the crack plane is perpendicular to the mid-plane of the laminate (F2+),
and transverse failure where the crack plane is not perpendicular to the mid-plane
of the laminate (F2−) [48]. The respective activation functions are defined as:

F1+ = φ1+ − r1+ ≤ 0 ; F1− = φ1− − r1− ≤ 0

F2+ = φ2+ − r2+ ≤ 0 ; F2− = φ2− − r2− ≤ 0
(3.8)

The four loading functions, φi (i = 1+, 1−, 2+, 2−), define the failure surfaces, and
are established in terms of strain tensor, using an approximation of the LaRC03-04
failure criteria [64] that will be discussed later in Section 3.1.1.4.1. For the sake
of completeness, the loading functions are reported below. Refs. [47–49] include
full details on definition of the loading functions and their physical meaning. The
material properties of the ply are defined in Appendix A. The loading functions
read:

φ1+ = E1
XT

ε11 (3.9a)

φ2+ =


√(

1− G2+
G6

)
σ̃22
YT

+
(
G2+
G6

) (
σ̃22
YT

)2
+
(
σ̃12
SL

)2
if σ̃22 ≥ 0

1
SL

〈
|σ̃12|+ ηLσ̃22

〉
if σ̃22 < 0

(3.9b)

φ1− =

〈∣∣∣σ̃R12

∣∣∣+ ηLσ̃R22

〉
SL

(3.9c)

φ2− =
√(

τ̃Teff
ST

)2
+
(
τ̃Leff
SL

)2
if σ̃22 < 0 (3.9d)
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The effective (undamaged) stress tensor, σ̃σσ, is a function of the undamaged stiffness
tensor, C0, and of the elastic strains εεεe:

σ̃σσ = C0 : εεεe (3.10)

The components of the effective stress tensor in the coordinate system associated
with the rotation of the fibres are calculated as:

σ̃R22 =σ̃11 sin2 ϕC + σ̃22 cos2 ϕC − 2 |σ̃12| sinϕC cosϕC (3.11a)

σ̃R12 = (σ̃22 − σ̃11) sinϕC cosϕC + |σ̃12|
(
cos2 ϕC − sin2 ϕC

)
(3.11b)

where the misaligned angle at failure of a unidirectional (UD) ply subjected to
uniaxial longitudinal compression, ϕC , is given by:

ϕC = arctan

1−
√

1− 4 (SL/XC + ηL)SL/XC

2 (SL/XC + ηL)

 (3.12)

The effective shear strengths, τ̃Teff and τ̃Leff are given by:

τ̃Teff =
〈
−σ̃22 cos (α0)

(
sin (α0)− ηT cos (α0) cos (θ)

)〉
(3.13a)

τ̃Leff =
〈

cos (α0)
(
|σ̃12|+ ηLσ̃22 cos (α0) sin (θ)

)〉
(3.13b)

where the longitudinal and transverse frictional coefficients, ηL and ηT , respectively,
read:

ηL ≈ −SL cos(2α0)
YC cos2 α0

; ηT = − 1
tan(2α0) (3.14)

the transverse shear strength, ST is approximated by:

ST = YC cos (α0)
[
sin (α0) + cos (α0)

tan (2α0)

]
(3.15)

and the sliding angle, θ is given by:

θ = arctan
( − |σ̃12|
σ̃22 sin (α0)

)
(3.16)

The elastic domain thresholds, ri (i = 1+, 1−, 2+, 2−) are related to the
damage variables by the damage evolution laws. ri take the initial value 1 when
the material is undamaged and increase as damage evolves. The elastic domain
thresholds read:

r1+ =max
{

1,max
s=0,t

{
φs1+

}
,max
s=0,t

{
φs1−

}}
(3.17a)

r1− =max
{

1,max
s=0,t

{
φs1−

}}
(3.17b)

r2+ =max
{

1,max
s=0,t

{
φs2+

}
,max
s=0,t

{
φs2−

}}
(3.17c)

r2− =max
{

1,max
s=0,t

{
φs2−

}}
(3.17d)
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3.1.1.3 Uniaxial response

To accurately capture the mechanical response of an UD composite lamina
before and after initiation of the different failure modes, a different stress-strain
response is considered for each damage mechanism (Fig. 3.2):

• Under longitudinal tensile loading, a linear-elastic response followed by a bi-
linear softening law after longitudinal tensile damage initiation is assumed —
Fig. 3.2A.

• Following the experimental findings of Moran et al. [200], under longitudinal
compressive loading the initially linear-elastic response (preceding kink band
formation) is followed by linear softening, corresponding to the propagation of
a kink band, until reaching a plateau, corresponding to kink band broadening
at constant stress — Fig. 3.2B.

• The transverse tensile and compressive stress-strain relations are represented
by a linear softening law following an initially linear-elastic response — Fig. 3.2C.

• Finally, under in-plane shear, a nonlinear elasto-plastic response is assumed,
represented by a reduced slope in the stress-strain curve to account for the
inelastic response caused by plastic deformation, followed by a linear softening
law — Fig. 3.2D.

Figure 3.2: Uniaxial response in A) longitudinal tension, B) longitudinal compression, C) transverse
tension or compression and D) in-plane shear.

To ensure correct energy dissipation during damage propagation and to avoid
mesh-size dependency of the numerical solution, the slopes of the softening laws are
determined as a function of the fracture toughness Gc associated with each failure
mechanism (G1+, G1−, G2+ / G2−, and G6 — see Fig. 3.2), and as a function of the
characteristic length l∗ of the finite elements [201]. Since quadrangular elements are
used, a damage mode independent element characteristic length is defined.

3.1.1.4 Effect of though-the-thickness stress

The three modifications related to the effect of pressure on damage onset
and propagation proposed in this work are reported hereafter. A damage activation
function for longitudinal compression that accounts for the effect of though-thickness
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stresses based on the 3D failure criteria proposed by Camanho et al. [11] is pro-
posed in Section 3.1.1.4.1 and engineering solutions to account for ii) the effect of
pressure on the longitudinal compression and iii) in-plane shear fracture toughness
are proposed in Sections 3.1.1.4.2 and 3.1.1.4.3, respectively.

3.1.1.4.1 Damage activation function for longitudinal compression
The model proposed in Refs. [47–49] assumed that the out-of-plane stress compo-
nents are negligibly small to promote damage, and therefore only the in-plane stress
components of the stress tensor activate damage. However, this assumption is not
suitable for test cases where the triaxiality of the stress state is not negligible. There-
fore, to improve the ability to accurately predict damage initiation and evolution in
3D test cases, the model initially proposed in Refs. [47–49] was modified to include
a 3D invariant-based failure criterion for fibre kinking (Fig. 3.3) [11]. This failure
criterion is used to define an artificial in-plane shear strength SefL , which represents
the effect of hydrostatic pressure on the shear response of the polymer matrix [202–
204]. SefL is determined imposing that, at failure, the 2D damage activation function
[48] is equal to the activation function from the 3D invariant-based failure criterion
[11]: 〈∣∣∣σ̃R12

∣∣∣+ ηLσ̃R22

〉
SL

= α1I1 + α2I2 + α3I3 + α32I
2
3 (3.18)

and solving for the in-plane shear strength, SL. The 2D damage activation function
(left-hand side of Eq. (3.18)), is defined in Section 3.1.1.2. The 3D invariant-based
failure criterion for fibre kinking (right-hand side of Eq. (3.18)) is defined by the set
of invariants:

I1 = 1
2tr (σ̃σσp)2 − a (σ̃σσp)2 a (3.19a)

I2 = a (σ̃σσp)2 a (3.19b)
I3 = tr σ̃σσ − a σ̃σσ a (3.19c)

assuming a decomposition of the effective stress tensor σ̃σσ in plasticity inducing
stresses σ̃σσp and reaction stresses σ̃σσr:

σ̃σσp = σ̃σσ − σ̃σσr (3.20a)

σ̃σσr = 1
2 (tr σ̃σσ − a σ̃σσ a)111− 1

2 (tr σ̃σσ − 3 a σ̃σσ a) A (3.20b)

where 111 is the identity tensor and A = a⊗a is the structural tensor that represents
the intrinsic characteristic direction of the transversely isotropic material. The pre-
ferred direction a, in the case of UD fibre-reinforced composites, coincides with the
fibre direction. For the rotated fibres in the misalignment frame of a kink band, this
preferred direction reads [11]:

a =

 cosϕ
cosψ sinϕ
sinψ sinϕ

 (3.21)
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Figure 3.3: Fibre kinking kinematics and effect of through-thickness stresses predicted by a 3D
invariant-based failure criterion [11].

where ϕ is the misalignment angle and ψ is the angle of the kinking plane (see
Fig. 3.3). The parameters αi (with i = 1, 2, 3, 32) are simple functions of the trans-
verse and shear ply strengths that depend on the direction of the applied normal load
through the sign of I3 to account for the tensile/compressive strengths asymmetry:

α1 = 1
S2
T

(3.22a)

α2 = 1
S2
L

(3.22b)

α32 =

αT32 = (1− YT
2YBT − α1

Y 2
T
4 )/(Y 2

T − 2YBTYT ) if I3 > 0
αC32 = (1− YC

2YBC − α1
Y 2
C
4 )/(Y 2

C − 2YBCYC) if I3 < 0
(3.22c)

α3 =
{ 1

2YBT − 2αT32YBT if I3 > 0
1

2YBC − 2αC32YBC if I3 < 0
(3.22d)

3.1.1.4.2 Softening law for longitudinal compression
In this work, the 3D invariant-based failure criterion for fibre kinking included in the
damage model is also used to scale the fracture toughness for longitudinal compres-
sion (G1−) and the longitudinal compressive strength ratio at the inflection point
(fXC) as a function of the applied pressure (Fig. 3.4). The fracture toughness is
scaled proportionally to the increase of longitudinal compressive strength:

Gef1− = G1−

∣∣∣∣ σ̄11
XC

∣∣∣∣ , if
∣∣∣∣ σ̄11
XC

∣∣∣∣ > 1 (3.23)

where XC is the uniaxial longitudinal compressive strength and σ̄11 is the com-
pressive strength predicted by the 3D invariant-based failure criterion for multiaxial
stress states (see Fig. 3.5). The effective longitudinal compressive strength ratio at
the inflection point (fefXC) is:

fefXC = min {1, fXC (1− ffxc 〈−I3〉)} (3.24)

where I3 = σ22 +σ33 is the third invariant of the 3D invariant-based failure criterion
[11] and ffxc is a frictional parameter that needs to be calibrated using the ex-
perimental curves from a bearing, filled-hole compression or open-hole compression
test.
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Figure 3.4: Effect of hydrostatic pressure on the longitudinal compressive response.

Figure 3.5: UD ply failure by fibre kinking under multiaxial stress states.

3.1.1.4.3 Fracture toughness for in-plane shear

It has been shown experimentally that through-thickness compression increases
the apparent interlaminar mode II fracture toughness and delays delamination onset
[205–207]. Cui et al. [208] suggested that this strengthening effect can be represented
by an effective fracture toughness, GefIIc:

GefIIc = GIIc (1− ηG〈−σ33〉) (3.25)

where GIIc is the mode II fracture toughness, ηG is a material dependent empiri-
cally derived enhancement factor, σ33 is the through-thickness stress and 〈x〉 is the
Macaulay operator [208, 209]. It can be postulated that, at the ply level, apply-
ing transverse compression stress should have a similar strengthening effect since a
similar fracture process occurs for transverse cracking and, therefore, the effective
fracture toughness for in-plane shear can be expressed as:

Gef6 = G6 (1− ηG 〈−σ22〉) (3.26)

The resulting effect of this modification is shown in Fig. 3.6.

3.1.1.5 In-situ strengths

It is clear that a proper model formulation is fundamental to accurately pre-
dict damage onset and propagation in composite laminates, however the material
properties used to populate the model also have to be accurately determined. It is
particularly important to take into account that some of the ply strengths are in-situ
properties, i.e. are a function of the ply thickness in a multidirectional laminate.
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Figure 3.6: Effect of transverse compressive stresses on the longitudinal in-plane shear response.

This effect was first detected experimentally for transverse tension and in-plane shear
by Parvizi et al. [27], and further analysed by other authors [3, 4, 22, 28–33, 210].
Camanho et al. [22] proposed an analytical model to predict the in-situ transverse
tension, Y is

T , and in-plane shear, SisL , strengths using Fracture Mechanics models
that relate the in-situ properties with the fracture toughness of the material.

The calculation of the in-situ shear strength relies on the approximation of
the non-linear shear response. The shear response is usually approximated by either
the Tsai-Hahn or the Ramberg-Osgood laws. Different approximations result in dif-
ferent predictions of the in-situ strengths since, as currently derived, they are highly
dependent on the shape of the stress-strain behaviour prior to failure and, therefore,
highly dependent on the law used to approximate the shear response [211]. Given
the high dependence of the in-situ shear strengths on the shear response law, adopt-
ing contradictory assumptions for the shear behaviour to derive the in-situ strengths
and to the material constitutive model should be avoided [211]. To maintain con-
sistency, the in-situ strengths should, therefore, be derived assuming the bilinear
shear response implemented in the model and shown in Fig. 3.2.D. The derivation
of the in-situ strengths was carried out and implemented during this work, and are
presented in Appendix B. These properties are used in the failure criteria.

3.1.1.6 Mechanical response of the ply

The model previously described is tested in this section under three load-
ing cases, corresponding to pure longitudinal tension/compression, transverse ten-
sion/compression and in-plane shear. As shown in Fig. 3.7, the uniaxial response of
the material corresponds to the behaviour defined in Section 3.1.1.3.

3.1.2 Cohesive zone model for the interfaces between plies

The accurate simulation of failure of composite laminates requires not only the
prediction of intralaminar damage, but also the prediction of delamination onset and
propagation. In the framework of this work, some common problems regarding the
prediction of delamination were identified. Firstly, most of the formulations are
developed for pure mode loading and then extended for mixed-mode loading and
are, therefore, poorly validated for mixed mode loading conditions. Secondly, in the
formulation of cohesive zone models, friction is usually not accounted for. The effect
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of these issues can be minimized by using engineering solutions proposed by several
authors [208, 209, 212, 213]; however a rigorous cohesive zone model to simulate
delamination under mixed mode loading and that accounts for the effect of friction
should be used.

Based on their previous work [212], Turon et al. [195] proposed a cohesive
zone model that guarantees accurate prediction of damage propagation under mixed
mode loading by including a mode-dependent penalty stiffness. Alfano et al. [196]
proposed an approach to combine interface damage with friction considering a linear
elastic behaviour for the undamaged part and the damage evolution law proposed
by Crisfield et al. [175] combined with a simple Coulomb friction law. However,
any cohesive zone model and friction law can be used. The cohesive zone model
proposed by Turon et al. [195] was combined with the Coulomb friction law is used
in this work to simulate delamination onset and propagation.

3.1.2.1 Constitutive model

The methodology proposed by Alfano and Sacco [196], assumes that a Repre-
sentative Elementary Area (REA) of the interface can be divided into an undamaged
and a damaged part. The relative displacement, ∆, experienced in both parts is
equal. The interface traction can be divided into an undamaged component, τu,
and a damaged component, τd. The homogenized interface traction over the REA,
τ , is given by:

τ = (1− d)τu + dτd (3.27)
where the term (1− d)τu comes from the cohesive law and the term dτd represents
friction and contact on the damaged surface. The undamaged component follows a
linear elastic law:

τu = K∆ (3.28)
where K is the diagonal stiffness matrix. Following Turon et al. [195], K33 = Kn

and K11 = K22 = Ksh, hence the stiffness matrix reads:

K =

Ksh 0 0
0 Ksh 0
0 0 Kn

 (3.29)

The damaged component of the interface traction is computed after division
of the relative displacement into an elastic part, ∆de and an inelastic part ∆di. The
traction in the damaged part τd, is related to ∆de = ∆−∆di as:

τd =

Ksh 0 0
0 Ksh 0
0 0 Kn


∆1 −∆di

1
∆2 −∆di

2
−〈−∆n〉

 (3.30)

The following friction function was introduced:

φ = µτdn + τdsh (3.31)

where µ is the friction coefficient and τdsh is given by

τdsh =
√

(τd1 )2 + (τd2 )2 (3.32)
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(a) Longitudinal tension (b) Longitudinal compression

(c) Transverse tension (d) Transverse compression

(e) In-plane shear

Figure 3.7: Mechanical response of the ply under uniaxial loading.



3.1 Modelling strategy 51

The evolution of ∆di is assumed to be governed by the following nonassociative
relationship

∆̇di = λ̇


∂φ

∂τd1
∂φ

∂τd2
0

 = λ̇


τd1
τdsh
τd2
τdsh
0

 (3.33)

with the Kuhn-Tucker conditions λ̇ ≥ 0 , φ(τ) ≤ 0 and λ̇φ(τ) = 0.

3.1.2.2 Mode dependent penalty stiffness

Most of the formulations are developed for pure mode loading and then ex-
tended for mixed-mode loading and are, therefore, poorly validated for mixed mode
loading conditions. Turon et al. [213] concluded that, to avoid erroneous calcula-
tion of the energy dissipation during mixed mode loading and to guarantee accurate
prediction of damage propagation under mixed mode loading conditions, the rela-
tionship between the normal and shear interface stiffness (Kn and Ksh), the mode I
and mode II fracture toughness (GIc and GIc) and the normal and shear interlaminar
strengths (τn and τsh) should be given as:

Ksh

Kn
= GIc
GIIc

(
τsh
τn

)2
(3.34)

In their previous work, Turon et al. [213] assumed that the shear and normal
penalty stiffness were equal Kn = Ksh and therefore, the relation was imposed con-
sidering that the shear strength should not be a fully independent material property
but instead a function of the fracture toughness and the normal strength:

τsh = τn

√
GIIc
GIc

(3.35)

Note that the interface stiffness (Kn and Ksh) are parameters that ensure a
stiff connection between the crack surfaces before crack propagation, but the fracture
toughness (GIc and GIIc) and the interlaminar strengths (τ0

n and τ0
sh) are properties

that can be measured experimentally. For this reason, Turon et al. [195] refor-
mulated the model assuming a dependent interface stiffness, Kn 6= Ksh, instead of
dependent shear strength, τsh = f(τn,GIIc,GIIc):

Ksh = Kn
GIc
GIIc

(
τsh
τn

)2
(3.36)

This engineering solution required the reformulation of the cohesive zone
model to include the mode-dependent penalty stiffness.

To formulate the damage evolution law, the mixed-mode norms of the trac-
tions, τ and the displacement jumps λ have to be defined. Following Refs. [214, 215],
Turon et al. [195] defined the mixed-mode traction as a function of the Euclidean
norm of the individual tractions along the 1, 2 and 3 directions accounting for dif-
ferent penalty stiffness. Under these assumptions, the mixed-mode norm of the
displacement jump is redefined as:

λ = Ksh∆2
sh +Kn∆2

n −Kn〈−∆n〉2√
K2
sh∆2

sh +K2
n∆2

n −K2
n〈−∆n〉2

(3.37)
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3.1.2.3 Damage evolution law

The damage activation function is given by [195]:

F (∆) = H(∆)− rd ≤ 0 (3.38)

where H(∆) is a monotonic loading function, and rd is the threshold function given,
respectively, by:

H(∆) = min
(
λ−∆o

∆f −∆o
, 1
)

(3.39)

rd = max (1,maxs [H(∆)]) 0 < s < t ∀t (3.40)

being ∆o and ∆f the displacement jumps corresponding to delamination onset and
propagation under mixed-mode conditions, respectively. The Benzeggagh and Ken-
nane criterion [216] is used to define these parameters:

∆o =
√
Kn(∆o

n)2 +
[
Ksh(∆o

sh)2 −Kn(∆o
n)2]βη

Kβ
(3.41)

∆f =
Kn∆o

n∆f
n +

[
Ksh∆o

sh∆f
sh −Kn∆o

n∆f
n

]
βη

Kβ∆o
(3.42)

where
∆o
n = (τn)2

Kn
; ∆o

sh = (τsh)2

Ksh

∆f
n = 2GIc

τn
; ∆o

sh = 2GIIc
τsh

(3.43)

and Kβ is a mode-dependent interfacial stiffness defined as:

Kβ = Kn(1− β) + βKsh (3.44)

and β is the local mixed mode ratio defined as:

β = Ksh∆2
sh

Ksh∆2
sh +Kn〈−∆n〉2

(3.45)

Finally, the damage variable is given by:

d = rd∆f

rd∆f + (1− rd)rd∆o
(3.46)

3.1.2.4 Mechanical response of the interface

The model previously described is tested in this section using the material
properties reported in Table 3.1. Three loading cases, corresponding to a) pure
tension and pure shear, b) constant compressive stress followed by shear, and c)
constant compressive stress followed by cyclic shear, are analysed hereafter.

(a) Pure tension and pure shear are applied to the interface:
The traction-displacement jump curves for pure mode I and mode II are shown
in Fig. 3.8. The maximum strengths in mode I and mode II are respectively
τn =40MPa and τsh =70MPa. The dissipated energy in pure mode I and pure
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Table 3.1: Material properties of the interface.

GIc [N/mm] GIIc [N/mm] τn [MPa] τsh [MPa] K [N/mm3] η [-] µ [-]

0.75 1.5 40 70 1× 106 1.45 0.2

mode II were calculated and found to be equal to the fracture toughness in
mode I (GIc) and mode II (GIIc), respectively, as expected.

Figure 3.8: τsh −∆sh curves for pure mode I and mode II.

(b) The interface is subjected to constant compressive stress followed
by shear displacement
The traction-displacement jump curves for different applied compressive stresses
are shown in Fig. 3.9. The mechanical response is characterized by:

(i) The interface presents a linear elastic behaviour until a stress higher that
τsh is reached;

(ii) The stress continues to increase non-linearly until a maximum strength
is reached;

(iii) The stress decreases until a plateau value of τ = µσn is reached. At
this point, the element is completely damaged and can only carry load
through friction.

Figure 3.9: τsh −∆sh curves for different through-thickness pressure.
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(c) The interface is subjected to constant compressive stress followed
by cyclic shear loading
The traction-displacement jump curve is shown in Fig. 3.10a. To support its
interpretation, the evolution of damage and frictional sliding is shown in Fig.
3.10b. The mechanical response during the cyclic loading is characterized by
the following regions:

(i) AB: The interface presents a linear elastic behaviour until partial damage
with frictional sliding occurs;

(ii) BC: The element is unloaded with the original element stiffness and no
damage propagation;

(iii) CD: Frictional sliding occurs with no damage evolution;
(iv) DE: Damage evolution restarts;
(v) EF : The element is loaded with the original stiffness and with no damage

propagation;
(vi) FG: Frictional sliding occurs with no damage evolution;
(vii) GH: Damage develops until the element is completely damaged and is

only able to carry load though friction.

(a) τsh vs ∆sh curve (b) Damage and sliding evolution

Figure 3.10: Mechanical response of the interface during cyclic loading.

3.2 Numerical Results
Both the continuum damage model developed to simulate intralaminar dam-

age onset and propagation in composite laminates presented in Section 3.1.1, and
the cohesive zone model to simulate delamination presented in Section 3.1.2, were
developed with the goal of increasing the ability of the model to accurately predict
damage propagation when though-thickness stresses are not negligible, and/or un-
der compressive loading conditions. In fact, when combined, the previous versions
of the models [47–49, 215] were able to predict the in-plane mechanical behaviour of
quasi-isotropic and symmetric composite laminates with good accuracy in test cases
where the triaxility of stresses was fairly negligible, such as open-hole tension and
open-hole compression. Camanho et al. [12] used the continuum damage model pro-
posed in Refs. [47–49] to simulate the damage propagation in five open-hole tension
tests of IM7/8552 carbon/epoxy system and obtained a maximum error of 10.5%
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and a mean error of 4.2%. Bessa [14] predicted the open-hole tensile and compressive
strength of IM7/8552 carbon/epoxy material system by combining the continuum
damage model [47–49] and the cohesive zone model presented in Ref. [215]. For the
open-hole tensile strengths, a maximum error of 11.5% and a mean error of 5.0%
were obtained; for the open-hole compressive strengths, the maximum error and the
mean error were of 16.5% and 11.6%, respectively. Note that relative errors between
the mean strength measured experimentally and the one predicted numerically are
usually considered acceptable when below 10%, hence, the predictions obtained by
Bessa [14] and Camanho et al. [12] for tensile loading are particularly accurate in
both studies while, the open-hole compressive strengths were slightly over-predicted
[14]. This could be attributed to the fact that compressive strengths are more dif-
ficult to predict because the damage mechanisms are more complex; however, since
they are remarkably consistent, i.e. the errors across the different geometries are
similar, it was attributed to the inaccuracy of the experimental value available for
the fracture toughness for longitudinal compression. As will be detailed in Section
3.2.4, the original versions of the models failed to deliver accurate predictions for
more complex cases with significant compressive through-thickness stresses, simply
because the material model for intralaminar damage was developed assuming that
the components of the out-of-plane stresses are too small to affect damage, and also
because the cohesive zone model was not developed accounting for frictional effects.

To validate the proposed modelling strategy, experimental results of unnotched
tension/ compression, open-hole tension/ compression and filled hole compression of
multidirectional laminates are compared with finite element results. Open-hole ten-
sion and compression tests were simulated to ensure that the modifications reported
in Sections 3.1.1 and 3.1.2 do not affect the predictions previously obtained for these
test cases [12, 14]. Filled-hole compression tests are considered the main test case
to evaluate the accuracy of the modelling strategy since the pressure applied by the
bolt can be significant, and therefore, accounting for the effect of friction and the
effect of the through-thickness stresses in the formulation becomes more important.
Filled-hole compression simulations are, therefore, analysed with more detail.

Both open-hole tension and compression Finite Element (FE) models used one
8-node linear brick reduced integration element (C3D8R) per ply thickness, t, and
the plies are connected by 0.01mm thick 8-node three-dimensional cohesive element
(COH3D8) user material cohesive elements. The laminate is clamped on one end
while on the other a displacement (through the definition of an appropriate smooth
step amplitude) is applied to all nodes at the boundary. A mesh of 0.5×0.5× tmm3

is used for ply elements and 0.5× 0.5× 0.01mm3 for the cohesive elements (see Fig.
3.12). A similar strategy was used to model the unnotched tension and compression
specimens, however, in these cases, two linear elastic regions were modelled respec-
tively on the upper and bottom side of the specimen and were connected to the
laminate in order to avoid premature failure of the elements where the boundary
conditions are applied. For the unnotched tension and compression models, a mesh
of 0.25 × 0.25 × tmm3 is used for ply elements and 0.25 × 0.25 × 0.01mm3 for the
cohesive elements (see Fig. 3.11).

The filled hole compression model is composed by i) one bolt using of C3D8R
elastic elements, ii) an upper and a lower bushing using C3D8R elastic elements,
iii) the laminate. One C3D8R finite element per ply is used to simulate intralam-
inar damage and the plies are connected by 0.01mm thick COH3D8 user material
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cohesive elements. The pre-loading of the bolt is simulated by increasing the tem-
perature of the upper bushing. The temperature applied to the upper bushing was
calibrated so that the preload of the bolt matches the experimental values. The
laminate is clamped on the lower end and a smooth step is applied to the upper
end of the laminate. A mesh of 0.47 × 0.47 × t mm3 is used for ply elements and
0.47× 0.47× 0.01mm3 for the cohesive elements (see Fig. 3.13). The material prop-
erties of the three material systems used are presented in Tables 3.2-3.6. Nominal
values without standard deviation are provided for the experimental inputs to the
models. In Appendix A, the material properties are defined and the methods for
their experimental determination are given.

Figure 3.11: Finite element models for unnotched tension and compression.

Figure 3.12: Finite element models for open-hole tension and compression.

3.2.1 Unnotched strength

Fig. 3.14 shows the experimental results for unnotched tensile and unnotched
compressive strengths and the predictions obtained with the proposed modelling



3.2 Numerical Results 57

Figure 3.13: Finite element models for filled-hole compression.

strategy for a quasi-isotropic [90/0/-45/45]3s IM7/8552 laminate. The relative er-
ror for unnotched tensile strength is -13.1% and -4.7% for unnotched compressive
strength. As shown in Figs. 3.15 and 3.16, modelled damage localizes at the 0◦ plies
causing catastrophic failure of the specimen.

3.2.2 Open-hole tension

Figs. 3.17-3.19 show the experimental results for open-hole tensile strengths
and the predictions obtained with the proposed modelling strategy for a [90/0/-
45/45]3s IM7/8552 laminate and two quasi-isotropic T800/M21 laminates: [90/45/0/-
45]3s (L1) and [902/02/452/-452/90/0/45/-45]s (L2). For the IM7/8552 material sys-
tem, the maximum relative error is 7.9% for hole diameter d = 8mm while the mean
error is 5.3%. For T800/M21 material system, the relative errors for the two lay-ups
are below 10.7% and the mean error is 3.9%. The predictions for laminate L1 are
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Table 3.2: Ply elastic properties of IM7/8552, T800/M21 and T700/M21 carbon/epoxy systems.

Elastic IM7/8552 T800/M21 T700/M21
E1 (MPa) 171420 Ref. [12, 193] 172000 Ref. [217] 171200 Ref. [218]
E1c (MPa) 137136 Note (1) 137600 Note (1) 137000 Note (1)
E2 (MPa) 9080 Ref. [12, 193] 8900 Ref. [217] 8500 Ref. [218]
G12 (MPa) 5290 Ref. [12, 193] 5000 Ref. [217] 4500 Ref. [218]
ν12 - 0.32 Ref. [12, 193] 0.32 Ref. [217] 0.32 Ref. [218]
(1) Assumed to be 80% of the Young’s Modulus for longitudinal tension (E1c = 0.8E1 )

Table 3.3: Ply strengths properties of IM7/8552, T800/M21 and T700/M21 carbon/epoxy systems.

Strengths IM7/8552 T800/M21 T700/M21
XT (MPa) 2323.5 Ref. [12, 193] 3039 Ref. [219] 2000 Ref. [218]
fXT (-) 0.4 Ref. [219] 0.4 Ref. [219] 0.4 Note (1)
XC (MPa) 1200.1 Ref. [12, 193] 1051 Ref. [220] 1300 Ref. [218]
fXC (-) 0.2 Note (2) 0.2 Note (2) 0.2 Note (3)
YT (MPa) 62.3 Ref. [12, 193] 75 Ref. [219] 46 Ref. [221]
YC (MPa) 253 Ref. [12, 193] 250 Ref. [219] 260 Ref. [221]
YBT (MPa) 38.7 Ref. [11, 50] 46.5 Note (4) 28.5 Note (4)
YBC (MPa) 600.0 Ref. [11, 50] 592.5 Note (5) 616.2 Note (5)
SL (MPa) 92.3 Ref. [12, 193] 95 Ref. [219] 81 Ref. [221]
SPL (MPa) 66.9 Note (6) 66.9 Note (6) 50 Note (6)
Kp (-) 0.08 Note (6) 0.09 Note (6) 0.29 Note (6)
(1) Assumed from the IM7/8552 material system
(2) Inversely identified using one OHC simulation
(3) Inversely identified using one FHC simulation
(4) The ratio YBT /YT was assumed to be constant and equal to 38.7/62.3 = 0.62
(5) The ratio YBC/YC was assumed to be constant and equal to 600/253 = 2.37
(6) Best fitting from the transverse shear stress-strain curve of the material

Figure 3.14: Comparison between the numerical and experimental results for the unnotched tensile
and compressive strengths of an IM7/8552 carbon/epoxy quasi-isotropic laminate. The standard
error related to the experimental test results is presented.

more accurate than the ones for laminate L2. Both lay-ups are quasi-isotropic, but
L2 has plies with the same orientation blocked together. Having thicker 0◦ plies in a
laminate promotes fibre splitting, which blunts the notch and improves the notched
strength [13, 19, 225, 226], resulting in an apparent increase of the fracture toughness
of the laminate. However, the modelling strategy used, which is not based on struc-
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Table 3.4: Ply fracture toughness of IM7/8552, T800/M21 and T700/M21 carbon/epoxy systems.

Fracture IM7/8552 T800/M21 T700/M21
G2+ (kJ/m2) 0.28 Ref.[12, 193] 0.228 Ref. [219] 0.35 Ref. [221]
G2− (kJ/m2) 1.31 Note (1) 1.0 Note (1) 2.0 Note (1)
G6 (kJ/m2) 0.79 Ref.[12, 193] 0.652 Ref. [219] 1.2 Ref. [221]
G1+ (kJ/m2) 133.3 Ref. [14] 340 Ref. [219] 133.3 Note (2)
fGT (-) 0.3 Note (3) 0.52 Ref. [219] 0.52 Note (4)
G1− (kJ/m2) 61 Ref. [222] 60 Note (5) 95 Note (6)
(1) G2− = G6/ cos(α0) where G6 is the mode II fracture toughness and α0 is the fracture
angle of the UD ply subjected to uniaxial transverse compression (approximately 53◦)
(2) Assumed from the IM7/8552 material system
(3) Inversely identified using one OHT simulation
(4) Assumed from the T800/M21 material system
(5) Inversely identified using one OHC simulation
(6) Inversely identified using one FHC simulation

Table 3.5: Ply geometric and friction parameters of IM7/8552, T800/M21 and T700/M21 car-
bon/epoxy systems.

Geometrical IM7/8552 T800/M21 T700/M21
α0 (rad) 0.925 - 0.925 - 0.925 -
t (mm) 0.125 - 0.125/0.184 - 0.250 -
Friction
ηG (MPa−1) 0.0035 Note (1) 0.0035 Note (1) 0.0035 Note (1)
ffxc (MPa−1) 0.01 Note (2) 0.01 Note (2) 0.01 Note (2)
(1) Assumed to be equal to the η parameter that accounts for the increase in interlaminar
mode II fracture toughness as a function of applied through-thickness compressive stress
determined for the IM7/8552 carbon/epoxy material system in Ref. [207]
(2) Inversely identified from a OHC or FHC simulation

Figure 3.15: Damage extent at ultimate load in the unnotched tension simulation: A) fibre damage
in a 0◦ ply (d1), B) matrix damage in a 90◦ (d2), C) interface damage (d). The specimen presented
in this Fig. corresponds to the [90/0/-45/45]3s IM7/8552 laminate.

tured meshes, is likely not able to accurately predict fibre splitting in the 0◦ plies and
to distinguish blocked 0◦ plies of single 0◦ plies. An accurate prediction of splitting
would require a more refined mesh, accounting for large deformation/rotations in
the model formulation [227], and the use of structured, fibre-aligned meshes where
the edges of the elements follow the fibre direction [228] .
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Table 3.6: Interlaminar material properties.

Elastic IM7/8552 T800/M21 T700/M21
Kn (N/mm3) 106 Ref. [177] 106 Ref. [177] 106 Ref. [177]
Strengths
τn (MPa) 62.3 Ref. [12, 193] 75 Ref. [219] 46 Ref. [221]
τsh (MPa) 92.3 Ref. [12, 193] 95 Ref. [219] 81 Ref. [221]
Fracture
GIC (kJ/m2) 0.28 Ref. [12, 193] 0.228 Ref. [219] 0.35 Ref. [221]
GIIC (kJ/m2) 0.79 Ref. [12, 193] 0.652 Ref. [219] 1.2 Ref. [221]
ηB−K (-) 1.45 Ref. [223, 224] 1.45 Note (1) 2.0 Ref. [221]
Friction
µ (-) 0.1 Ref. [207] 0.1 Ref. [207] 0.1 Ref. [207]
(1) Assumed from the IM7/8552 carbon/epoxy material system

Figure 3.16: Damage extent at ultimate load in the unnotched compression simulation: A) fibre
damage in a 0◦ ply (d1), B) matrix damage in a 90◦ (d2), C) interface damage (d). The specimen
presented in this figure corresponds to the [90/0/-45/45]3s IM7/8552 laminate.

In general, at the point of maximum load the fibre damage in the 0◦ plies
localizes in the vicinity of the hole and propagates perpendicular to the applied load
(Fig. 3.20.A); the matrix damage in the 90◦ plies extends across the width of the
specimen (Fig. 3.20.B); and interface damage is limited to the ligaments next to the
hole (Fig. 3.20.C).

3.2.3 Open-hole compression

Figs. 3.21-3.23 show the experimental results for open-hole compressive strengths
and the predictions obtained with the proposed modelling strategy for the same ma-
terial systems previously considered. For IM7/8552, the relative errors are below
4.4% and the mean error is 1.9%. For T800/M21 material system, the relative errors
for the two lay-ups are below 12.8% and the mean error is 7.6%. The predictions for
IM7/8552 material system are significantly improved compared with the predictions
obtained by Bessa [14] (maximum error of 16.5% and mean error of 11.6%). Here, the
fracture toughness for longitudinal compression used was determined by Catalanotti
et al. [222]. This value is lower than the one used by Bessa [14] which explains why
the errors obtained are, on average, around 10% lower. The experimental results
for open-hole compression for the L2 T800/M21 lay-up that uses thicker ply blocks
shows a pronounced size effect that is not predicted very accurately by the model.
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Figure 3.17: Comparison between the numerical and experimental results for the open-hole tensile
strength of an IM7/8552 carbon/epoxy quasi-isotropic laminate [12]. The hole diameter-to-width
ratio is 2R/W = 1/6. The standard error related to the experimental test results is presented.

Figure 3.18: Comparison between the numerical and experimental results for the open-hole tensile
strength of an T800/M21 carbon/epoxy quasi-isotropic laminate (L1) [13]. The hole diameter-
to-width ratio is 2R/W = 1/4. The standard error related to the experimental test results is
presented.

This lower consistency in the predictions may be due to the fact that the material
was not fully characterized and therefore, some assumptions on the material prop-
erties had to be made by the authors, particularly on the longitudinal compressive
strength and fracture toughness for longitudinal compression of the unidirectional
ply.

Across the materials and lay-ups considered, the OHC response has the general
features that, at the point of maximum load, damage localizes at the vicinity of the
hole as shown in Fig. 3.24: fibre damage in the 0◦ plies extends across the width of
the specimen (Fig. 3.24.A), matrix damage in the 90◦ plies localizes in the vicinity
of the hole and propagates perpendicularly to the applied load (Fig. 3.24.B), and
interface damage is limited to the area of the hole (Fig. 3.24.C).
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Figure 3.19: Comparison between the numerical and experimental results for the open-hole tensile
strength of a T800/M21 carbon/epoxy quasi-isotropic laminate (L2) [13]. The hole diameter-to-
width ratio is 2R/W = 1/4. The standard error related to the experimental test results is presented.

Figure 3.20: Typical damage extent at ultimate load in an open-hole tension simulation: A) fibre
damage in a 0◦ ply (d1) , B) matrix damage in a 90◦ ply (d2), C) interface damage (d). The
specimen presented in this figure corresponds to the [90/0/-45/45]3s IM7/8552 laminate with a hole
diameter of d = 6mm.

3.2.4 Filled-hole compression

Filled-hole compression simulations are analysed with more detail since the
pressure applied by the bolt can be significant, and therefore, accounting for fric-
tional effects and the effect of the through-thickness stress in the formulation be-
comes critical. It is important to note that, even though the previous versions
of the models were not particularly suitable for test cases where the triaxility of
stresses is not negligible, some engineering solutions proposed by several authors
[208, 209, 212, 213] can be used to improve the accuracy in the presence of though-
thickness stresses. It is, therefore, interesting to compare four modelling strategies
(S1 through S4). Note that S3 and S4 are based on the work presented in this paper:

• S1 - Intralaminar damage is simulated using the user-written material sub-
routine described in Refs. [47–49] and interlaminar damage is simulated using
built-in ABAQUS cohesive elements [229];
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Figure 3.21: Comparison between the numerical and experimental results for the open-hole com-
pressive strength of an IM7/8552 carbon/epoxy quasi-isotropic laminate [14]. The hole diameter-
to-width ratio is 2R/W = 1/6. The standard error related to the experimental test results is
presented.

Figure 3.22: Comparison between the numerical and experimental results for the open-hole compres-
sive strength of an T800/M21 carbon/epoxy quasi-isotropic laminate (L1) [13]. The hole diameter-
to-width ratio is 2R/W = 1/4. The standard error related to the experimental test results is
presented.

• S2 - Intralaminar damage is simulated using the user-written material sub-
routine described in Refs. [47–49] and interlaminar damage is simulated using
built-in ABAQUS cohesive elements [229]. Engineering solutions proposed by
Turon and co-authors [212, 213] and by Cui et al. [208] are used to calculate
some of the properties of the cohesive elements to ensure proper energy dis-
sipation in mixed-mode loadings and to artificially account for the effects of
pressure and friction. These solutions are summarized in Appendix C;

• S3 - Intralaminar damage is simulated using the user-written material sub-
routine described in Section 3.1.1 and interlaminar damage is simulated using
built-in ABAQUS cohesive elements [229]. The same engineering solutions
[208, 212, 213] used in S2 are used here. These solutions are also summarized
in Appendix C;

• S4 - Intralaminar damage is simulated using the user-written material sub-
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Figure 3.23: Comparison between the numerical and experimental results for the open-hole compres-
sive strength of a T800/M21 carbon/epoxy quasi-isotropic laminate (L2) [13]. The hole diameter-
to-width ratio is 2R/W = 1/4. The standard error related to the experimental test results is
presented.

Figure 3.24: Typical damage extent at ultimate load in an open-hole compression simulation: A)
fibre damage in a 0◦ ply (d1), B) matrix damage in a 90◦ ply (d2), C) interface damage (d). The
specimen presented in this figure corresponds to the [90/0/-45/45]3s IM7/8552 laminate with a hole
diameter of d = 4mm.

routine described in Section 3.1.1 and interlaminar damage is simulated using
the user-written material subroutine described in Section 3.1.2, i.e., the S4 is
the application of the new formulation presented in this paper.

Two simulations are performed with two different T700/M21 lay-ups: 44/44/11
where 44.4(4)%, 44.4(4)% and 11.1(1)% of the plies are 0◦, ±45◦ and 90◦, respec-
tively, and 11/44/44 where 11.1(1)%, 44.4(4)% and 44.4(4)% of the plies are 0◦, ±45◦
and 90◦, respectively. Note that 11/44/44 stands for a 90◦ rotation of 44/44/11.
The stacking sequences of the laminates, the experimental filled-hole compression
strengths and load-displacement curves are Airbus proprietary and are therefore not
presented in absolute terms. However, their absence does not affect the key obser-
vations and conclusions of this section. The stress-displacement relations and the
errors between the experimental and the normalized numerical notched strengths
obtained are presented in Fig. 3.25. To better understand the consequences of each
modelling strategy and to assess the most suitable one, the results of each simula-
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tion are analysed in detail. Given the stacking sequence, laminate 44/44/11 will be
referred to as the "hard laminate" and laminate 11/44/44 will be referred to as the
"soft laminate".

(a) (b) S2

Figure 3.25: Filled-hole compression numerical stress-displacement curves for a) the hard laminate
(44/44/11) and b) the soft laminate (11/44/44) for the four modelling approaches S1 though S4.
The legend provides the % difference between the model and experimental ultimate strength. Note
that the x- and y-axes in A and B are not the same.

• S1: Using the original modelling strategy, the ultimate strength for the hard
and soft laminates are both slightly underpredicted by -9% and -12% respec-
tively (see Fig. 3.25). More importantly, the model is not able to capture
the post peak response and predicts that an abrupt, catastrophic failure will
occur as shown in Fig. 3.25. In the hard laminate, failure is dominated by
fibre failure (Fig. 3.26a.A and 3.27a.A) and, in the soft laminate, delamina-
tion develops around the hole and quickly propagates through the width of the
specimen as shown in Fig. 3.26a.C.

• S2: Using the modelling strategy S2, the mode II fracture toughness of the
cohesive elements is increased as a function of the bolt preload. However,
the pressure is not constant over all elements. In fact, the though-thickness
stress is only negative under the bushings as shown in Fig. 3.28 and therefore,
increasing the fracture toughness in all cohesive elements might result in an
underprediction of the extent of delamination. In this case, failure is dominated
by fibre compressive failure (Figs. 3.26b.A and 3.27b.A) and delamination
plays a less relevant role than in S1 (Figs. 3.26b.C and 3.27b.C).

• S3: Using the modelling strategy S3, the predicted filled-hole compressive ul-
timate strengths increase towards the experimental values. Similarly to mod-
elling strategy S2, the fracture toughness of the cohesive elements is equally
increased and delamination might, therefore, be over-suppressed. Failure is
progressive for two reasons. Firstly because delamination is partly suppressed,
and secondly because the softening law for longitudinal compression was al-
tered based on the experimental findings of Moran et al. [200], and therefore,
even though damage in the 0◦ is extensive, the 0◦ plies do not fail completely
as shown in Figs. 3.26c.A and 3.27c.A.

• S4: Finally, using the modelling strategy proposed in this work, the strength-
ening effect of pressure is more accurately represented since it is friction in-
duced and not simply represented based on an empirical engineering solution.
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In the hard laminate, damage extension is similar to the one predicted using
modelling strategy S3 because delamination does not play an important role
in the failure of the specimen (Figs. 3.26c.C and 3.26d.C). However, for the
soft laminate, unlike in S3, delamination propagates through the width of the
specimen and its extent is similar to the one predicted using modelling strat-
egy 1 ( Figs. 3.27a.C and 3.27d.C). It should be noticed that, even though
the elements might be fully damaged, they are still able to carry load through
friction.

(a) S1

(b) S2

(c) S3

(d) S4

Figure 3.26: Predicted damage at ultimate load in 44/44/11: A) fibre damage in a 0◦ ply (d1), B)
matrix damage in a 90◦ ply (d2), C) interface damage (d).
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(a) S1

(b) S2

(c) S3

(d) S4

Figure 3.27: Predicted damage at ultimate load in 11/44/44: A) fibre damage in a 0◦ ply (d1), B)
matrix damage in a 90◦ ply (d2), C) interface damage (d).

To further explore the predictive capabilities of modelling strategy S4, other
laminates were simulated using the same methodology. Figs. 3.29 and 3.30 show
the experimental results for filled hole compressive strengths and the predictions
obtained with the proposed modelling strategy for six multidirectional T700/M21
laminates and one multidirectional T800/M21 laminate, respectively. The relative
errors for all seven lay-ups are below 6.8% and the mean error is 2.7%. The prop-
agation of damage and eventual final failure is a complex combination of different
failure mechanisms and interactions between matrix cracking, fibre failure and de-
lamination. Note that the set of laminates tested include four hard and three soft
laminates with different percentages of 0◦, 45◦ and 90◦ plies and that failure of each
laminate is dominated by different failure modes. The load displacement curves
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were not available, and therefore, it was not possible to verify the accuracy of the
simulations in predicting the evolution of applied stress as a function of the ap-
plied displacement. Nonetheless, the ability of the model to accurately predict the
filled-hole compression ultimate strength is remarkable.

Figure 3.28: σ33 (in MPa) after bolt preload on the laminate of a filled hole compression specimen.
σ33 vs x is plotted in red.

Figure 3.29: Comparison between the numerical and experimental results for the filled-hole com-
pressive strength of six T700/M21 carbon/epoxy laminates.

Figure 3.30: Comparison between the numerical and experimental results for the filled-hole com-
pressive strength of one T800/M21 carbon/epoxy laminate.
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3.3 Concluding remarks
A methodology to simulate fracture of composite laminates at the coupon

level based on modifications of the continuum damage model proposed by Maimí
et al. [47–49] and of the cohesive zone models based on the work of Turon et al.
[195] and Alfano et al. [196] was proposed. The continuum damage model proposed
by Maimí et al. [47–49] was enriched with a bilinear softening law for longitudinal
compression more suitable to represent kinking failure, based on the experimental
findings by Moran et al. [200]. Additionally, a damage activation function for
longitudinal compression that accounts for the effect of though-thickness stresses
based on the 3D failure criteria proposed by Camanho et al. [11] and engineering
solutions to account for the effect of pressure on the longitudinal compression and
in-plane shear fracture toughness were proposed. A frictional cohesive model is
proposed in this work to more accurately represent delamination propagation and
load carrying capability in test cases where the effect of through-thickness pressure
cannot be neglected.

The methodology was thoroughly validated for various material systems and
coupons with increasing level of complexity: from unnotched tension and compres-
sion, open-hole tension and compression and filled-hole compression of both soft
and hard laminates. A good agreement was found between the predictions and the
experimental ultimate strengths for all the test cases, oftentimes within standard
error of the tests, with maximum relative error of 13%.

It is worth noting that the models developed follow the requirements typi-
cally used by the aeronautical industry, in terms of element size and mesh structure.
Additionally, all the predictions were obtained using a common set of material prop-
erties and material models. These facts indicate that the work presented here is
a step towards the simulation of failure of composite structures using a standard
modelling strategy. Hence, this work serves as basis for modelling more complex ge-
ometries and can potentially be used for the generation of statistically-based design
allowables for the most simple test cases when allied with powerful statistical tools.
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Chapter 4

Analytical framework to predict the notched
strength of composite laminates

Structural components are typically designed taking into account the effects
of stress concentrations, which result from several sources, such as pre-defined geo-
metrical discontinuities or discrete through-penetration in-service damage. The re-
placement of metallic materials by new generations of polymer composite materials
in such applications is therefore partially dependent on the availability of accurate
and fast strength prediction methods for the design of composite structures with
stress concentrations.

Advanced Finite Element (FE) models normally result in long computing times
that are not acceptable for preliminary sizing and optimization of structural details.
Alternative analysis methods that mitigate the difficulties of using nonlinear FE
models at the cost of using laminate-based empirical parameters have been proposed
[68, 69, 230]. The most widely used analytical models use empirical “characteristic
distances” determined from notched strength data. To eliminate the need for non-
physical calibration parameters, analytical strength prediction methods should be
based on independently measured material properties. To this end, Finite Fracture
Mechanics (FFMs) [231, 232] provides a sound physical basis to predict the failure
stress of notched structures [13, 70, 233, 234].

Camanho et al. [70] proposed a coupled FFMs model to predict the notched
strength of open-hole laminate specimens. The model assumes that crack propa-
gation results from the simultaneous fulfilment of a stress-based criterion and an
energy-based criterion. The criterion can be written as a system of two equations
with two unknowns: the remote notched strength σ̄∞ and the crack extension at
failure l. To solve it, only two independent material properties are required: the
laminate unnotched strength, XL, and the laminate mode I fracture toughness,
KIc. In this model and unlike other analytical models [68, 69] does not require the
determination of a “characteristic distance” from a baseline specimen.

However these properties still need to be experimentally determined every time
the lay-up of the laminate changes, making preliminary design and optimization of
composite structures still too costly in terms of testing requirements. It is there-
fore clear that a method that takes the laminate layers as the basic building blocks
and uses the orthotropic material properties related to the directions of the fibres
is highly desirable. The ply properties, determined from characterization tests at
the lamina level or from micro-mechanical models based on adequate homogeniza-
tion techniques, can be used to feed appropriate models to predict the mechanical
response of the whole laminate and to determine the required laminate properties.
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One possibility is to rely on virtual tests based on advanced numerical models to
predict the laminate strength and fracture toughness. By explicitly representing
each ply in the FE model, it is straightforward to change the lay-up and stacking
sequence, and to obtain predictions for any laminate. Nevertheless, these computa-
tions can still take too long, becoming unsuitable for the preliminary design stages
at which material and lay-up screening take place. Relying instead in simple ana-
lytical solutions that are able to predict laminate properties based on the minimum
number of ply properties is therefore the most attractive approach.

To predict the laminate elastic properties, Laminated Plate Theory (LPT)
[15] is generally employed. The elastic properties of any given laminate can be
easily obtained from the orthotropic material properties of the base unidirectional
(UD) composite system. Hence, for material screening, the elastic properties of
all composite systems considered in the screening process must be characterized,
resulting in at least three independent characterization tests for each material: a
longitudinal tensile test to determine the longitudinal Young’s modulus (E1), a
transverse tensile test to determine the transverse Young’s modulus (E2) and the
Poisson’s ratio (ν12), and a shear test to determine the shear modulus (G12).

To predict the laminate strength, last-ply-failure (LPF) analyses [15] can be
performed using appropriate failure criteria and empirical degradation factors. This
is generally regarded as an effective approach, mostly due to its simplicity, as complex
progressive degradation schemes and damage formulations suitable for implementa-
tion in the Finite Element Method can be avoided. These failure criteria, either
stress- or strain-based, generally require at least the knowledge of the ply strengths
(or strains-to-failure) related to longitudinal tension (XT ), longitudinal compression
(XC), transverse tension (YT ), transverse compression (YC) and in-plane shear (SL),
which means that at least five independent characterization tests must be performed
for each material system.

For the prediction of the R-curve or fracture toughness of laminates, no es-
tablished method is currently available. However, the measurement of the fracture
toughness is required by the FFMs model for every lay-up considered in the de-
sign process. For instance, to predict the strength of notched composite structures
subjected to multi-axial loading where cracks can propagate at different angular po-
sitions, theR-curve (or the fracture toughness) of the laminate needs to be measured
for different lay-ups; this is a clear drawback, as it represents a large experimental
program that can be avoided if the R-curve of the laminate can be predicted using
the R-curve of the ply. To overcome this difficulty, Camanho et al. [235] defined and
validated a simple analytical closed-form solution based on fracture mechanics and
LPT to estimate the value of the mode I fracture toughness of balanced multidirec-
tional laminates from the fracture toughness of the 0◦ plies and from the ply elastic
properties. According to Camanho and Catalanotti [235], the model predictions are
sufficiently accurate, especially considering its simplicity and ease of use, making it
particularly suited for the early stages of material selection and lay-up optimization.
It is important to note, though, that since the model is based on Linear-Elastic Frac-
ture Mechanics (LEFM), it should not be used in material systems or lay-ups that
promote severe plastic deformation before crack propagation or large delaminations
at the vicinity of the notch.

The combination of LPT, reliable failure criteria and a model based on fracture
mechanics to predict the fracture toughness of multidirectional laminates provides a
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fast-analysis framework for preliminary sizing and optimization of composite struc-
tures based solely on material properties determined at the ply level. Nevertheless,
the number of independent experimental tests needed to characterize each material
system is still generally high. The objective of this chapter is to use the available
analytical solutions (Section 4.1.1) as the building-blocks of a new analytical frame-
work that is capable of predicting the notched response of carbon fibre-reinforced
polymers (CFRPs) and the associated size effect using the minimum number of
ply properties, reducing substantially the testing requirements and their associated
costs.

To this end, an analytical framework to prediction of size effects in notched
laminates using only the Young’s modulus, the strength, and the R-curve of the 0◦
ply is proposed in Section 4.1. For the prediction of the laminate elastic properties,
the classical LPT will be replaced by an invariant-based approach to stiffness [236]
that relies on the recently proposed Trace theory and Master Ply concept (Sec-
tion 4.1.1.1). To simplify the laminate strength prediction, the concept of Omni
Strain Failure Envelopes [236] and the Unit Circle failure criterion [16] are included,
which provide an invariant-based approach to strength that greatly simplifies the
macro-mechanical failure analyses of homogenized laminates (Section 4.1.1.2). Fi-
nally, a model based on fracture mechanics [235] is used to predict theR-curve of the
laminate (or its fracture toughness) from that of the 0◦ plies (Section 4.1.1.3). The
laminate plain strength and the R-curve can then be used with a coupled FFMs
model to predict notch size effects in laminates with open holes (Section 4.1.2).
The predictions for quasi-isotropic laminates of different carbon/epoxy systems are
compared to experimental results from the literature (Section 4.1.3).

To account for the variability of the material properties that dominate fail-
ure and the effect of geometrical imperfections, an Uncertainty Quantification and
Management (UQ&M) methodology to predict the B-value of notched composite
laminates based on the analytical framework proposed in Section 4.1 is proposed
(Section 4.2). The proposed Uncertainty Quantification and Management (UQ&M)
methodology is validated against available experimental data and is applied to gen-
erate practical engineering design tools.

4.1 Prediction of size effects in open-hole laminates us-
ing only the Young’s modulus, the strength, and
the R-curve of the 0◦ ply

4.1.1 Calculation of laminate properties

4.1.1.1 Trace theory and Master Ply concept

Tsai and Melo [236] recently proposed an invariant-based approach to describe
the elastic properties of composite plies and laminates based on trace-normalized
stiffness parameters.

The invariant-based approach proposed by Tsai and Melo [236] relies on the
normalization of the stiffness components using the trace of the plane stress stiffness
matrix, which is invariant with respect to the stacking sequence:

Tr(Q) = Tr(A) = Tr(D) (4.1)
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where Tr(•) stands for the trace of •. Q is the plane stress stiffness matrix in the
material coordinate system:

Q =

Q11 Q12 0
Q21 Q22 0

0 0 2Q66

 =


E1

1−ν12ν21
ν12E2

1−ν12ν21
0

ν21E1
1−ν12ν21

E2
1−ν12ν21

0
0 0 2G12

 (4.2)

where E1 and E2 are the longitudinal and transverse Young’s moduli, G12 is the shear
modulus and ν12 and ν21 are the major and minor Poisson’s coefficients, where:

ν21 = ν12
E2
E1

(4.3)

and A and D are the normalized in-plane and flexural laminate stiffness matrices
of the laminate:

A = 1
h

h/2∫
−h/2

[Q](k) dz; D = 12
h3

h/2∫
−h/2

[Q](k)z2 dz (4.4)

where Q is the plane stress stiffness matrix in the laminate coordinate system and h
is the laminate thickness. Tsai and Melo [236] observed that the stiffness components
normalized by trace:

Q∗11 = Q11
Tr(Q) ; Q∗22 = Q22

Tr(Q) ; Q∗12 = Q12
Tr(Q) ; Q∗66 = Q66

Tr(Q) (4.5)

of several CFRP systems (Tsai and Melo [236] analysed 10 in total) are approxi-
mately the same. This is particularly true for the Q∗11, where a coefficient of variation
around 1.5% for all 10 CFRP systems was reported. Based on these observations,
Tsai and Melo [236] defined a Master Ply for CFRPs using the median values of
the trace-normalized stiffness properties (Table 4.1):

E∗1 = E1
Tr(Q) ; E∗2 = E2

Tr(Q) ; G∗12 = G12
Tr(Q) ; ν12 (4.6)

Using the Master Ply E∗1 , E∗2 , G∗12 and ν12 (Table 4.1), the trace-normalized
laminate engineering constants E∗x, E∗y , G∗xy and νxy or laminate factors:

E∗x = Ex
Tr(A) ; E∗y = Ey

Tr(A) ; G∗xy = Gxy
Tr(A) ; νxy (4.7)

where Tr(A) = Tr(Q), can be determined for virtually any laminate using the
Classical Laminated Plate Theory. Table 4.1 shows the Master Ply proposed by Tsai
and Melo [15] and examples of laminate factors for several lay-ups. This concept
allows the determination of the elastic properties Ex, Ey, Gxy and νxy of virtually
any CFRP laminate using the laminate factors E∗x, E∗y , G∗xy and νxy obtained from
the Master Ply and Classical Laminated Plate Theory (e.g. Table 4.1), and one
independent elastic property only: the trace Tr(A) = Tr(Q) of the plane stress
stiffness matrix of the CFRP:

Ex = E∗x · Tr(̇A); Ey = E∗y · Tr(A); Gxy = G∗xy · Tr(A); νxy (4.8)
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To determine the value of trace (Tr(A) = Tr(Q)), the plane stress stiffness
matrices does not need to be determined. Instead, it is sufficient to know the lon-
gitudinal Young’s modulus of a 0◦ unidirectional laminate, E1, or the longitudi-
nal Young’s modulus of a multidirectional laminate, Ex, and to divide it by the
corresponding trace-normalized laminate factor, E∗1 or E∗x (e.g. Table 4.1), whose
coefficients of variation are within 4% for CFRPs:

Tr(Q) = E1
E∗1

= E1
0.88; Master Ply (4.9)

Tr(Q) = Tr(A) = Ex
E∗x

; laminate factor (4.10)

Table 4.1: Examples of universal laminate factors obtained from the Master Ply using LPT (after
Tsai and Melo [15]).

Master Ply E∗1 = E1/Tr E∗2 = E2/Tr G∗12 = G12/Tr ν12
[0] 0.880 0.052 0.031 0.320

Laminate factors E∗x = Ex/Tr E∗y = Ey/Tr G∗xy = Gxy/Tr νxy
[0/90] 0.468 0.468 0.031 0.036

[0/± 45/90] 0.336 0.336 0.129 0.308
[07/± 45/90] 0.662 0.175 0.070 0.310
[05/± 452/90] 0.518 0.208 0.109 0.423
[02/± 45/90] 0.445 0.289 0.109 0.308
[0/± 454/90] 0.217 0.217 0.187 0.552

[0/± 45] 0.370 0.155 0.161 0.734
[0/± 45/0] 0.499 0.141 0.129 0.701
[0/± 30] 0.510 0.074 0.129 1.220

[0/± 30/0] 0.611 0.072 0.104 1.079
[±12.5] 0.764 0.053 0.066 0.913

Recently Arteiro et al. [237] clearly defined the range of applicability of the
Trace Theory and Master Ply concept. The authors used the Rule of Mixtures and
the Halpin-Tsai models to establish the relations between the fibre volume fraction,
the fibre/matrix stiffness ratios, and the trace-normalized engineering constants of
unidirectional laminae and multidirectional laminates. It was concluded that, for
sufficiently high longitudinal fibre/matrix stiffness ratios and for fibre volume frac-
tions between 50% and 70%, typical of advanced CFRPs laminates, the variation of
the trace-normalized longitudinal Young’s modulus is within 6% for unidirectional
laminae and within 1% for multidirectional laminates, thus, supporting their use for
typical of aerospace-grade CFRPs.

Whereas LPT requires the knowledge of four ply elastic properties (E1, E2,
G12 and ν12), which need to be measured from different tests (including the complex
in-plane shear test), the elastic properties of multidirectional laminates predicted
using the trace can be obtained from the universal laminate factors (Table 4.1) and
from the value of trace (Table 4.2), calculated from the longitudinal stiffness of
the UD lamina (E1) using the Master Ply concept. Characterization of the elastic
properties of composite laminates using the trace requires just one test on a 0◦
coupon, simplifying considerably the number and complexity of the tests needed
to be performed, for instance, in material scrutiny programs. It should be noted,
though, that the calculations based on the trace are approximate. This means,
for example, that, for quasi-isotropic laminates, plane isotropy is not strictly met
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(i.e. Gxy is not exactly equal to Ex/ (2 (1 + νxy))), contrary to the predictions
obtained with LPT. Nevertheless, the approximation is fairly reasonable — taking
the quasi-isotropic universal laminate factors Ex/Tr = 0.336 and νxy = 0.320 results
in Gxy/Tr = 0.128 (≈ 0.129 in Table 4.1).

Table 4.2: Ply elastic properties and value of trace for different carbon/epoxy systems.

Material E1 E2 G12 ν12 Trace
system (MPa) (MPa) (MPa) (-) (MPa)
IM7/8552 [193] 171420 9080 5290 0.320 194795
T800/M21 [219] 172000 8900 5000 0.320 195455
T700/AR2527 [18] 110000 7400 4200 0.300 125000
M40JB/ThinPreg 80EP/CF [1] 222000 7010 4661 0.314 252273
T700/M21 [218] 130000 8300 4500 0.320 147727

To assess the accuracy of the Trace theory (schematically shown in Fig. 4.1),
Table 4.3 compares the predictions obtained with the trace and LPT for quasi-
isotropic laminates of different carbon/epoxy systems previously tested [1, 18, 193,
218, 219] (Table 4.2). It can be observed that the correlation between the predictions
from the Trace theory and from LPT is remarkable. These results justify the use of
the Trace theory for the prediction of the elastic properties of general laminates.

Figure 4.1: Schematic representation of the Trace theory.

4.1.1.2 Unit Circle failure criterion

Tsai and Melo [236] proposed an invariant-based approach to failure, with the
aim of defining a strength property independent of laminate lay-up composition.
Using a failure criterion based on a tensor polynomial defined in strain space, Tsai
and Melo [236] defined an Omni Strain Failure Envelope for a laminate with
many ply orientations by selecting the controlling ply in each orientation of the
strain space.

It is noted that, in this case, the use of strain space for the representation
of failure envelopes is preferred over stress space because in strain space failure
envelopes are invariant [236], i.e. their shapes are independent of the presence of
other plies. Superimposing the envelopes of the constituent plies forms the failure
envelope for a given laminate. Hence, an inner envelope that covers all controlling
plies, or Omni Strain Failure Envelope, essentially defines a material property that is



4.1 Prediction of size effects in open-hole laminates using only the Young’s
modulus, the strength, and the R-curve of the 0◦ ply 77

Table 4.3: Predictions of the elastic properties of quasi-isotropic laminates of different carbon/epoxy
systems using LPT and the Trace theory, and relative errors (εr).

Elastic IM7/8552 T800/M21
properties LPT Trace εr (%) LPT Trace εr (%)
Ex (MPa) 64513 65451 1.5 64401 65673 2.0
Ey (MPa) 64513 65451 1.5 64401 65673 2.0
Gxy (MPa) 24600 25129 2.1 24517 25214 2.8
νxy (-) 0.311 0.308 −1.0 0.313 0.308 −1.7

T700/AR2527 M40JB/ThinPreg 80EP/CF
LPT Trace εr (%) LPT Trace εr (%)

Ex (MPa) 42572 42000 −1.3 80197 84764 5.7
Ey (MPa) 42572 42000 −1.3 80197 84764 5.7
Gxy (MPa) 16306 16125 −1.1 30494 32543 6.7
νxy (-) 0.305 0.308 0.8 0.315 0.308 −2.2

T700/M21
LPT Trace εr (%)

Ex (MPa) 49782 49636 −0.3
Ey (MPa) 49782 49636 −0.3
Gxy (MPa) 18983 19057 0.4
νxy (-) 0.311 0.308 −1.0

independent of laminate lay-up configuration, representing any laminate constructed
from a given material [236]. Even though this is a conservative approach, it greatly
simplifies laminate failure prediction by avoiding ply-by-ply failure analysis.

The Omni Strain Failure Envelope for a given composite material is determined
from the ply elastic (E1, E2, G12 and ν12) and strength properties (XT , XC , YT ,
YC and SL) [236]. Omni Strain Failure Envelopes can be generated not only from
first-ply-failure (FPF) analysis [236], using intact ply properties, but also from LPF
analysis [15, 16], using degraded ply properties (e.g. Fig. 4.2)1.

Interestingly, Tsai and Melo [16] found that the LPF Omni Strain Failure
Envelopes of CFRPs are invariably controlled by the longitudinal failure of the 0◦
and 90◦ plies (e.g. Fig. 4.2). Because the analysis is conducted for LPF conditions,
it is assumed that the matrix is already degraded, and, therefore, ultimate failure is
governed by fibre-dominated longitudinal failure.

To make laminate failure analysis simpler, the LPF Omni Strain Failure Enve-
lope can be approximated by a Unit Circle in the normalized principal strain
space using the uniaxial tensile and compressive strains-to-failure (ε1T and ε1C
respectively) as normalising factors (Fig. 4.3) [16]. The tensile and compressive
strains-to-failure define the anchor points in the axes of the principal strain space
(see Fig. 4.3).

The Unit Circle failure envelope is inscribed in the LPF Omni Strain Failure
Envelope [16], resulting in a more conservative approach. However, whereas Omni
Strain Failure Envelopes require complete ply characterization, the Unit Circle fail-

1Following Tsai and Melo [15], LPF analysis is performed applying a constant matrix degradation
factor (E∗m) used (i) to degrade the matrix Young’s modulus (Em) of the corresponding CFRP
system, which is then used to determine the loss of transverse and shear moduli (E2 and G12
respectively) of the composite using the micro-mechanical approach presented e.g. by Tsai and
Melo [15], and (ii) to reduce the Poisson’s ratio (ν12) and the interaction term in the Tsai-Wu
failure criterion (F ∗12). In addition, an exponent degradation factor (n) is used to degrade the
longitudinal compressive strength due to the loss of shear modulus. All the other ply elastic and
strength properties remain intact.
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ure envelope can be uniquely defined from the longitudinal tensile and compressive
strains-to-failure of a UD ply. Because LPF is assumed fibre-dominated, Unit Circle
failure envelopes can be generated without relying on the strengths associated with
matrix-dominated failure modes. Hence, ply characterization can be reduced from
several tests on different lamina configurations to just two tests of a 0◦ coupon:
longitudinal tension and longitudinal compression. The potential gains in terms of
test complexity, time and cost reductions are remarkable.

Figure 4.2: LPF (degraded) Omni Strain Failure Envelope for IM7/8552 CFRP, obtained using the
Tsai-Wu failure criterion (interaction term F ∗12 = −1/2) in strain space (after Tsai and Melo [15,
16]). In the LPF analysis, property degradation was only applied to the matrix-dominated elastic
properties (E2, G12 and ν12), to the interaction term (F ∗12), and to the longitudinal compressive
strength (XC), using a matrix degradation factor E∗m = 0.15 and an exponent degradation factor
for the longitudinal compressive strength n = 0.1.

Figure 4.3: LPF Omni Strain Failure Envelope for IM7/8552 CFRP and Unit Circle failure criterion
in normalized principal strain space (after Tsai and Melo [16]).

Table 4.4 shows a comparison between the failure predictions (XL
T and XL

C)
obtained with the Unit Circle failure criterion and the experimental results reported
in the literature for quasi-isotropic laminates of different carbon/epoxy systems. To
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generate these predictions, only the stiffness (E1) and the tensile and compressive
strengths (XT and XC respectively) of the 0◦ lamina were used (Tables 4.2 and 4.4
respectively). The failure stresses predictions read:

XL
T = XT

E1
Ex (4.11a)

XL
C = XC

E1
Ex (4.11b)

where Ex is estimated using the Master ply concept and Trace theory (Section
4.1.1.1).

Table 4.4: Longitudinal ply strengths and failure predictions for quasi-isotropic laminates of dif-
ferent carbon/epoxy systems obtained using the Unit Circle failure criterion, and comparison with
experimental results from the literature. The relative errors (εr) between predictions and experi-
ments are also shown.

Material 0◦ ply strengths Laminate strengths
system (MPa) (MPa)

Experiments Unit Circle εr (%)
IM7/8552 [12, 14, 193]
Tension 2326 845 888 5.1
Compression 1200 533 458 −14.0
T800/M21 [13, 219]
Tension 3039 1054 1160 10.1
Compression 1669 539 637 18.3
T700/AR2527 [18]
Tension 2300 800 878 9.7
Compression 1500 540 573 6.0
M40JB/ThinPreg 80EP/CF [1]
Tension 2250 847 859 1.4
Compression 1052 - 402 -
T700/M21 [19, 218]
Tension 2000 799 764 −4.4
Compression 1300 - 496 -

In general, the failure predictions are reasonably accurate. In particular, it is
interesting to note that the best predictions are obtained for laminates with thinner
plies (e.g. for M40JB/ThinPreg 80EP/CF, with 20 sublaminate repetitions and a
ply thickness of 0.03 mm [1], the relative error is below 2%). In fact, it is important
to stress that this type of analytical macro-mechanical tools, not only the Unit Circle
failure criterion but also the model based on fracture mechanics used to predict the
fracture toughness of balanced laminates from the fracture toughness of the 0◦ ply
(Section 4.1.1.3), cannot distinguish between different stacking sequences (since they
are valid at the homogenized laminate level), and do not account for the develop-
ment of severe subcritical damage mechanisms (e.g. delamination) before ultimate
failure. When a laminate is composed by very thin plies, dispersed by sublaminate
repetitions, the development of subcritical damage mechanisms is very limited due
to a more homogeneous through-the-thickness stress distribution. The failure condi-
tions of these laminates are therefore closer to the fundamental assumptions of the
analytical macro-mechanical models formulated at the homogenized laminate level,
resulting in more accurate failure predictions.
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4.1.1.3 Relation between the mode I fracture toughness of a composite
laminate and that of a 0◦ ply

Camanho et al. [235] proposed an analytical model based on a combination
of LEFM and LPT to predict the fracture toughness of balanced multidirectional
laminates, GIc, using the fracture toughness of the 0◦ ply, G0

Ic. The model considers a
symmetric, balanced multidirectional laminate containing a crack (of generic length
a) and subjected to a remote stress σ∞ in the x-direction. For a given laminate,
the ratio between the mean remote failure stress of a group of plies that represent
the balanced sub-laminate (i) and the remote failure stress of the a sub-laminate
composed of 0◦ plies [238] can be calculated from LPT using the elastic ply properties
and the information about the lay-up of the laminate as:

Ω(i)
0 = σ̄(i)

σ̄0 (4.12)

σ̄(i) and σ̄(0) can also be obtained from LEFM:

σ̄(i) = K(i)
Ic

χ(i)Y
√
πa

(4.13)

and

σ̄(0) = K(0)
Ic

χ(0)Y
√
πa

(4.14)

where K(i)
Ic and K(0)

Ic are the fracture toughness of the sub-laminate (i) and of the 0◦
plies. χ accounts for the laminate’s orthotropy [239]

χ(i) = 1 + 0.1(ρ(i) − 1)− 0.016(ρ(i) − 1)2 + 0.002(ρ(i) − 1)3 (4.15)

and ρ(i) is given by

ρ(i) =

(
E

(i)
x E

(i)
y

)1/2

2G(i)
xy

− (ν(i)
xy ν

(i)
yx )1/2 (4.16)

E
(i)
x and E(i)

y are the sublaminate’s Young’s Modulus in the orthotropy axes ( x being
is the loading direction), G(i)

xy is the sublaminate shear modulus in the orthotropy
axes and ν(i)

xy and ν(i)
yx are the corresponding Poisson’s ratios. Combining Eqs. (4.12),

(4.13) and (4.14), the fracture toughness of sub-laminate (i) yields:

K(i)
Ic = χ(i)Ω(i)

0
χ0 K0

Ic (4.17)

Assuming a self-similar crack propagation along all plies, the laminate’s frac-
ture toughness KLIc is calculated as [235]

KLIc =
∑N

(i)K
(i)
Ic t

(i)

tL
, (i) 6= 90◦ (4.18)

where tL is the thickness of the laminate, t(i) it the thickness of the sub-laminate
(i) and N is the number of sub-laminates considered. As explained by Camanho
and Catalanotti [235], for the 90◦ plies, which do not have fibre fracture, but only
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transverse cracking, the actual value of the fracture toughness of these plies should
be used in Eq. 4.18; alternatively, the fracture toughness of the 90◦ plies can be
neglected, since its value is several orders of magnitude lower than the fracture
toughness of the 0◦ plies.

The fracture toughness of the balanced laminate can also be represented by
the energy dissipated per unit area, GIc, as:

GIc =

(
KLIc

)2

É
(4.19)

where the equivalent modulus of the laminate É is given as:

É =
(

1 + ρ

2ExEy

)−1/2 (
Ey
Ex

)−1/4
(4.20)

As can be observed from the derivation, this analytical model predicts the
fracture toughness of a general fibre-dominated laminate using only the ply elastic
properties and the fracture toughness of the 0◦ plies.

Camanho et al. [235] validated the proposed analytical model based on ex-
periments carried out by the authors and on experimental results available in the
literature. They observed that the model accurately predicts the fracture toughness
of multidirectional laminates with different lay-ups using only the fracture toughness
of the 0◦ plies and the ply elastic properties, with the largest errors occurring only
for laminates that failed by a combination of fibre failure of the 0◦ sublaminates
and delamination of the off-axis sublaminates (including complete separation of the
off-axis plies) [235].

As a result, this model is considered appropriate to calculate the fracture
toughness of general laminates whose failure is not controlled by delamination.

4.1.2 Finite Fracture Mechanics model

Following Ref. [70], a coupled stress and energy FFMs criterion is used in
the present model to predict fracture of notched laminated plates with an uncracked
central circular hole. To take theR-curve of the laminate into account, an alternative
representation of the energy equilibrium was proposed [20]. In particular, Arteiro
et al. [20] showed that, by taking into account the bridging effects represented by
the R-curve in the formulation of the fracture problem, significant improvements in
the predictions of the notched response of composite laminates for a wide notch size
range can be obtained without requiring fitting parameters or complex FE analyses.

For a laminated plate with a central circular hole subjected to a remote stress
parallel to the x-axis (Fig. 4.4), the coupled stress and energy FFMs criterion can
be written as: 

1
l

R+l∫
R
σxx(0, y) dx = XL

R+l∫
R
GI(a) da =

l∫
0
R(∆a) d∆a

(4.21)

where R is the radius of the hole, l is the crack length at failure, σxx(0, y) is the
stress distribution along the ligament section perpendicular to the loading direction
(along the y-axis) [240], XL is the laminate unnotched strength, GI(a) is the mode
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I Energy Release Rate (ERR) of a laminated plate with a central circular hole of
radius R and two symmetric cracks emanating from the hole edge (Fig. 4.4), and
R(∆a) is the R-curve, expressed in terms of the critical energy release rate.

Figure 4.4: Notched plate with central circular hole.

The stress distribution along the ligament section perpendicular to the loading
direction (along the y-axis, see Fig. 4.4), σxx(0, y), can be obtained as [240]:

σxx(0, y) = KT

K∞T

σ̄∞

2

[
2 +

(
R

y

)2
+ 3

(
R

y

)4
− (K∞T − 3)(5

(
R

y

)6
− 7

(
R

y

)8
)
]

(4.22)
where K∞T denotes the stress concentration factor at the edge of the hole of an
infinite plate [240]:

K∞T = 1 +

√√√√2
(√

Ex
Ey
− νxy

)
+ Ex
Gxy

(4.23)

and KT /K
∞
T is the Finite-Width Correction (FWC) factor [240]:

KT

K∞T
=
{

3(1− 2R/W )
2 + (1− 2R/W )3 + 1

2

(2R
W
M

)6
(K∞T − 3)

[
1−

(2R
W
M

)2
]}−1

(4.24)

In Eq. (4.23), Ex, Ey, Gxy and νxy are the laminate elastic constants (predicted
by LPT and Trace theory — Section 4.1.1.1); the parameter M in Eq. (4.24) is
calculated as [240]:

M2 =

√
1− 8

[
3(1−2R/W )

2+(1−2R/W )3 − 1
]
− 1

2(2R/W )2 (4.25)

The finite width correlation factor given in Eq. (4.24) is accurate for hole
diameter-to-width ratios 2R/W < 0.6 [240]. For higher hole diameter-to-width ra-
tios, the proposed method is still applicable, but the stress distribution along the
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ligament section needs to be estimated using, for example, FE simulations, which
would increase the computational time needed to run the proposed framework. Nev-
ertheless, most practical situations fall within the limit 2R/W < 0.6, which means
that the proposed approach is valid for fast computations in most applications.

The mode I ERR, GI(a), is calculated as:

GI(a) = 1
É

(KI(a))2 (4.26)

where KI(a) is the mode I Stress Intensity Factor and É is the equivalent modulus
of the laminate (Eq. (4.20)). For a plate with a central circular hole of radius R and
two symmetric cracks emanating from the hole edge, KI(a) is given, for an isotropic
plate, as:

KI(a) = σ̄∞FhFw
√
πa (4.27)

with

Fw =
√

sec
(
πR

W

)
sec

(
πa

W

)
(4.28)

Fh =
√

1− λfn (4.29)

where
fn = 1 + 0.358λ+ 1.425λ2 − 1.579λ3 + 2.156λ4, λ = R

a
(4.30)

To simplify the implementation of the R-curve in the analytical model, the following
equation can be used to fit the R-curve:

R(∆a) =
{
RSS [1− (1− ζ∆a)η] ,∆a ≤ lfpz
RSS ∆a > lfpz

(4.31)

where RSS is the steady-state value of the fracture toughness, lfpz is the length of
the fracture process zone and ζ and η are two parameters that are obtained fitting
Eq. (4.31) to the R-curve.

Using Eqs. (4.22), (4.26), (4.27) and (4.31) in Eq. (4.21), the coupled stress
and energy FFMs criterion can be solved for l (crack extension at failure) and for
the remote stress at failure, σ̄∞.

When the R-curve is not available, the coupled stress and energy FFMs crite-
rion can still be used with a constant value of the fracture toughness, as originally
proposed by Camanho et al. [70]. In this case, the energy based criterion in can be
written in terms of a critical ERR, GIc, as:

1
l

R+l∫
R
σxx(0, y) dy = XL

R+l∫
R
GI(a) da = GIc

(4.32)

The laminate mode I fracture toughness, GIc, can be obtained from the mode
I fracture toughness of the 0◦ ply, G◦Ic, as described in Section 4.1.1.3. To measure
the mode I fracture toughness of the 0◦ ply, a centre-cracked specimen, for example,
can be used [18, 70]. In this case, Eqs. (4.22), (4.26) and (4.27) can be used in Eq.
(4.32) which can then be solved for l and σ̄∞.
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4.1.3 Model verification

The combination of the models described in Section 4.1.1 provides the frame-
work to predict the laminate elastic, strength and fracture properties required to
predict size effects in notched laminates from the minimum number of ply proper-
ties. The proposed methodology can be summarized as follows (see also Fig. 4.5):

1. Knowing the longitudinal Young’s modulus of the ply, E1, the Master
Ply concept can be used to determine the trace and estimate the ply elastic
properties. From the trace, and using the universal laminate factors
(e.g. Table 4.1), the elastic properties of any laminate (or sublaminate)
can be easily obtained.

2. Knowing the longitudinal strength of the ply, X, and using the elastic
properties of the laminate determined using the Trace theory, the Unit
Circle failure criterion is applied to predict the laminate unnotched
strength, XL.

3. Knowing the R-curve of the 0◦ plies, R0(∆a), and using the elastic prop-
erties of the balanced and 0◦ sublaminates determined using the trace, an
analytical model based on fracture mechanics is employed to predict the
laminate R-curve, R(∆a).

4. The laminate unnotched strength,XL, and the laminate R-curve,R(∆a),
can then be used in the FFMs model (Eq. (4.21)) to predict size effects in
the notched strength (σ̄) of the laminate.

Figure 4.5: Schematic representation of the proposed combined framework to predict size effects
from the minimum number of properties determined at the ply level.



4.1 Prediction of size effects in open-hole laminates using only the Young’s
modulus, the strength, and the R-curve of the 0◦ ply 85

This framework was implemented in the commercial software Matlab [241]
and Python.

To validate the proposed framework, experimental results available in the lit-
erature for the notched strength of multidirectional laminates are compared with
the predictions obtained using only three ply properties: the longitudinal
Young’s modulus of the ply, E1 (data shown in Table 4.2), the longitudi-
nal ply strength, X (data shown in Table 4.4), and the R-curve of the 0◦
plies, R0(∆a) (or, when not available, using the fracture toughness of the the
0◦ plies, G0

Ic) - data shown in Table 4.5).

Table 4.5: R-curve (or fracture toughness) of the 0◦ plies for different carbon/epoxy systems.

Material R-curve of the 0◦ plies G0
Ic (N/mm)Ref.

Material system R0
ss (N/mm) lfpz (mm) γ (mm−1) β (-)

Tension
IM7/8552 205 2.63 0.319 3.65 - Ref. [23]
T800/M21 283 1.14 0.758 3.53 - Ref. [23]
T700/AR2527 254 1.92 0.423 4.00 - Ref. [23]
M40JB/ThinPreg 80EP/CF - - - - 61 Note (1)
T700/M21 - - - - 391 Note (2)

Compression
IM7/8552 61 1.43 0.513 4.29 - Ref. [222]
T800/M21 - - - - 37 Note (3)
T700/AR2527 - - - - 43 Note (4)
(1) Back calculated from the fracture toughness of a QI laminate determined from a centre-notched tension test [18].
(2) Back calculated from the fracture toughness of a QI laminate determined from an open-hole tension test [19].
(3) Back calculated from the notched strength of a QI laminate determined from a centre-notched compression test [219].
(4) Back calculated from the notched strength of a QI laminate determined from a centre-notched compression test [24].

4.1.3.1 Open-hole tension

Figs. 4.6 – 4.10 show the comparison between the predictions for the open-
hole tensile strengths obtained with the proposed framework, which is illustrated
in Fig. 4.5, and the experimental results available in the literature [12, 13, 17–
19] for quasi-isotropic laminates of different carbon/epoxy systems. The three ply
properties of each carbon/epoxy system used in the predictions — the longitudinal
Young’s modulus, E1, the longitudinal tensile strength, XT , and the R-curve (or
fracture toughness) of the 0◦ plies associated with tensile fibre failure, R(∆a) (or
G0
Ic) — are provided in Tables 4.2, 4.4 and 4.5, respectively. It is noted that Eq. (4.21)

was used for the strength prediction of the materials whose R-curves are available
(IM7/8552, T800/M21 and T700/AR2527). Equation (4.32) was used in the open-
hole tensile strength prediction of M40JB/ThinPreg 80EP/CF and T700/M21.

4.1.3.2 Open-hole compression

Figs. 4.11 – 4.13 show the comparison between the predictions for the open-
hole compressive strengths obtained with the proposed framework, which is illus-
trated in Fig. 4.5, and the experimental results available in the literature [13, 14, 18]
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a) b)

Figure 4.6: Comparison between predictions and experimental results for the open-hole tensile
strength of different IM7/8552 carbon/epoxy laminates: a) [90/0/ − 45/45]3S laminate [12]. The
hole diameter-to-width ratio is 2R/W = 1/6. , b) [45/90/ − 45/0]4S laminate [17]. The hole
diameter-to-width ratios are 2R/W = 0.031 for 2R = 0.5 mm, 2R/W = 0.062 for 2R = 1.0 mm,
and 2R/W = 0.2 for 2R ≥ 3.2 mm.

Figure 4.7: Comparison between predictions and experimental results for the open-hole tensile
strength of a T800/M21 carbon/epoxy [90/45/0/−45]3S laminate [13]. The hole diameter-to-width
ratio is 2R/W = 1/4.

for quasi-isotropic laminates of different carbon/epoxy systems. The three ply
properties of each carbon/epoxy system used in the predictions — the longitudi-
nal Young’s modulus, E1, the longitudinal compressive strength, XC , and the and
the R-curve (or fracture toughness) of the 0◦ plies associated with the formation of
a kink band, R(∆a) (or G0

Ic) — are provided in Tables 4.2, 4.4 and 4.5, respectively.
The predictions of open-hole compressive strength were obtained using Eq. (4.32)
for and using Eq. (4.21) for IM7/8552.

4.1.3.3 Discussion

The results shown in Figs. 4.6 – 4.13 indicate that, in general, the FFMs
model coupled with the invariant-based approaches to stiffness and strength and
the analytical model based on fracture mechanics to estimate the laminate fracture
toughness provides reasonable predictions for the open-hole tensile and compressive
strengths of general carbon/epoxy laminates using only three ply properties (E1,
XT or XC , and R0(∆a) or G0

Ic) and the lay-up as inputs. Typically, relative errors
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Figure 4.8: Comparison between predictions and experimental results for the open-hole tensile
strength of a T700/AR2527 carbon/epoxy [0/− 45/90/45]6T laminate [18]. The hole diameter-to-
width ratio is 2R/W = 1/4.

Figure 4.9: Comparison between predictions and experimental results for the open-hole tensile
strength of an M40JB/ThinPreg 80EP/CF carbon/epoxy [45/90/ − 45/0]10S laminate [19]. The
hole diameter-to-width ratio is 2R/W = 1/6.

around or below 10% are obtained in the predictions of open-hole tensile strength.
However, for IM7/8552, the open-hole compressive strength (Fig. 4.11) is un-

derpredicted by the proposed framework. This is attributed to the apparently low
longitudinal compressive strength (XC) reported in Ref. [193]2, resulting in an un-
derprediction of the laminate compressive unnotched strength using the Unit Circle
failure criterion (Table 4.4). This can also be attributed to the low values reported
for the fracture toughness associated with the propagation of kink bands, not only
for IM7/8552, but also for T800/M21 and T700/AR2527. In fact, it is noted that
the open-hole compressive strengths are underpredicted in all three material systems
(Figs. 4.11 – 4.13).

Predictions of the FFMs model can be obtained by finding its input proper-

2Other References in the literature (e.g. Ref. [36]) report higher values for the longitudinal
compressive strength (XC) of the same material system. For instance, using the value reported
in Ref. [36], the relative errors obtained with the proposed framework for the smaller notched
configurations are below 10%, increasing above 20% for the larger configurations. For consistency
in the choice of the Reference used to obtain the ply elastic and strength properties of IM7/8552,
the value reported in Ref. [193] is used.
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Figure 4.10: Comparison between predictions and experimental results for the open-hole tensile
strength of a T700/M21 carbon/epoxy [90/45/0/−45]3S laminate [19]. The hole diameter-to-width
ratio is 2R/W = 1/6.

Figure 4.11: Comparison between predictions and experimental results for the open-hole compres-
sive strength of an IM7/8552 carbon/epoxy [90/0/− 45/45]3S laminate [14]. The hole diameter-to-
width ratio is 2R/W = 1/6.

ties (laminate strength and fracture toughness) from direct measurements at the
laminate level instead of obtaining these properties using the proposed framework3.
Since the proposed framework only requires the longitudinal properties of the UD
material (for any laminate), some loss of accuracy is expected when comparing to a
direct measurement of the laminate properties (see Table 4.6).

The results presented in Figs. 4.6 – 4.10 also show that the best predictions
are obtained for laminates with thinner plies. It is remarkable that the predictions
for the open-hole tensile strength of the M40JB/ThinPreg 80EP/CF quasi-isotropic
laminate (with 20 sublaminate repetitions) differ from the experimental results by
just 3% or less. And it is important to stress that these predictions were obtained
using only the longitudinal Young’s modulus, E1 (Table 4.2), the longitudinal tensile
strength, XT (Table 4.4), and the fracture toughness of the 0◦ plies, G0

Ic (Table 4.9).

Taking into account that the coupled framework described in the present sec-
tion provides predictions of the notched strength of laminates in a few seconds, it can

3Trace theory to obtain the laminate elastic properties, Unit Circle failure criterion to find the
laminate strength and the model based on fracture mechanics for the laminate fracture toughness.
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Figure 4.12: Comparison between predictions and experimental results for the open-hole compres-
sive strength of a T800/M21 carbon/epoxy [90/45/0/− 45]3S laminate [13]. The hole diameter-to-
width ratio is 2R/W = 1/4.

Figure 4.13: Comparison between predictions and experimental results for the open-hole compres-
sive strength of a T700/AR2527 carbon/epoxy [0/−45/90/45]6T laminate [18]. The hole diameter-
to-width ratio is 2R/W = 1/4.

be used to generate design charts for notched laminates plotting the predicted (nor-
malized) notched strengths as a function of the hole diameter-to-width ratio (2R/W )
for different hole sizes. As mentioned in Section 4.1.2, even for hole diameter-to-
width ratios 2R/W > 0.6, the proposed method is still applicable as long as the
stress distribution along the ligament section is estimated, for instance, using FE
simulations. Design charts for general multidirectional laminates can, therefore, be
easily and quickly obtained using only the lay-ups and three ply properties as in-
puts. This enables significant gains not only in terms of time to obtain the required
material properties and to compute all possible laminate designs, but also in terms
of costs, in particular at the stages of material screening and lay-up selection.

It should be noted, though, that the proposed framework, which is based on
simple analytical models to estimate the unnotched strength and fracture toughness
of general laminates and predict their notched strength based on these properties,
is applicable to the cases characterized by fibre-dominated intralaminar fracture,
either brittle or pull-out failure modes in tension [34], or fibre kinking or shear-
driven fracture in compression [18]. This is typically the case of laminates with
sufficiently thin plies [18, 34]. The strength prediction of laminates whose main
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failure mechanism is delamination requires appropriate nonlinear models, which can
only be solved using complex Finite Element Analyses, making the design and sizing
of structures with such laminates far more complicated.

Finally, it is interesting to note that, according to the invariant-based ap-
proaches to stiffness and strength [16, 236], the elastic and strength characterization
of a carbon/epoxy system just requires the knowledge of the trace (derived from the
longitudinal Young’s modulus, E1), and of the longitudinal strengths (or strains-
to-failure), XT and XC , respectively. Since using the invariant-based approach to
stiffness well defined universal laminate factors can be obtained from the Master Ply
concept, the trace can also be easily obtained from the measurement of the longi-
tudinal Young’s modulus of a multidirectional laminate, Ex (Table 4.1), which are
much easier to test than 0◦ coupons. Taking into account that the invariant-based
approach to strength is formulated in strain space, the longitudinal strengths (or
specifically the strains-to-failure) of the 0◦ ply can also be obtained from a mul-
tidirectional laminate, e.g. a cross-ply laminate, which are much easier to test to
failure than 0◦ coupons (namely in compression). In addition, to ensure test sta-
bility, the fracture toughness of the 0◦ plies are generally measured from cross-ply
laminates (neglecting the fracture toughness of the 90◦ plies) [23, 222, 235, 242–245].
Therefore, the proposed coupled framework also shows potential for simpler char-
acterization test procedures, as the complicated 0◦ coupons can be avoided and the
characterization tests more easily performed only on cross-ply laminates.

Table 4.6: Comparison between the maximum errors for the open-hole strength predictions of the
FFMs model obtained with the proposed framework using only longitudinal properties of the UD
material and those obtained with the directly measured laminate properties.

Material Stacking Proposed Using laminate
system sequence framework† properties‡

max. max. Ref.
error error

Tension
IM7/8552 [90/0/− 45/45]3S 7% 4% [70]
IM7/8552 [45/90/− 45/0]4S 9% 8% [70]
T800/M21 [90/45/0/− 45]3S 14% 7% [13]
T700/AR2527 [0/− 45/90/45]6T 7% 8% [71]
M40JB/ThinPreg 80EP/CF [45/90/− 45/0]10S 3% 4% [24]

Compression
T800/M21 [90/45/0/− 45]3S 12% 5% [13]
T700/AR2527 [0/− 45/90/45]6T 11% 7% [71]
† Predictions based only on the longitudinal properties of the UD material.
‡ Predictions based on directly measured laminate properties.

4.1.4 Summary

The work presented in this section demonstrated that it is possible to predict
the notched strength of balanced carbon/epoxy laminates within the accuracy typ-
ically sought for preliminary design and optimization of composite structures using
only three ply-based properties.

The proposed analytical framework is based on a FFMs model [70] coupled
with the recently proposed invariant-based approaches to stiffness and strength
[16, 236] and an analytical model based on fracture mechanics to estimate the lam-
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inate fracture toughness [235]. This framework can be used to predict the notched
strengths of general laminates characterized by fibre-dominated intralaminar frac-
ture, which is typically the case of laminates with sufficiently thin plies [18, 34].

Comparisons with experimental results available in the literature show that
this analytical framework is able to provide reasonable predictions for the open-hole
tensile and compressive strengths of general carbon/epoxy laminates using only the
lay-up and three ply properties as inputs: the longitudinal Young’s modulus, the lon-
gitudinal strength, and the R-curve of the 0◦ plies. Typically, relative errors around
or below 10% were obtained; but more importantly, for laminates with thin plies,
relative errors of 3% or less were achieved, making the proposed method particularly
suitable for thin-ply laminates. Important gains in terms of material characteriza-
tion, computing time and cost can be obtained using the proposed framework, in
particular at the stages of material screening and lay-up selection. Moreover, the
proposed coupled framework also shows great potential for simpler characterization
test procedures, as the complicated 0◦ coupons can be avoided and the characteri-
zation tests more easily performed by taking only cross-ply laminates.

4.2 Virtual calculation of the B-value allowables of notched
composite laminates

Design allowables are statistically based material parameters that account for
material, geometrical, and process variability and, therefore define an acceptable
stress value for a given structure, ensuring their safe and efficient use. It is of key
importance to accurately determine these design allowables, however, time consum-
ing processes such experimental testing are not ideal during preliminary design. For
this reason, alternatives to fully experimental material characterization have been
proposed, namely, the use of statistically based numerical and analytical models
[246–249]. These models include the influence of the uncertainty related to the
determination of the input parameters and their intrinsic variability on the global
response of the model.

Quick analytical prediction tools, such as the one presented in Section 4.1,
can serve as basis for the virtual determination of design allowables specially during
the preliminary design and material selection stage of the design process. In this
section, a methodology to predict the B-value (the standard design allowable used
in the aeronautical industry) of notched composite laminates using the analytical
framework described in Section 4.1 is proposed by taking the variability of the ma-
terial properties that dominate failure and the effect of geometrical imperfections
into account. The proposed Uncertainty Quantification and Management (UQ&M)
methodology is validated against available experimental data and is applied to gen-
erate practical engineering design tools.

4.2.1 Estimation of the B-basis value

According to the Composite Materials Handbook (CMH-17) [251], the stan-
dard design allowable used in the aeronautical industry for fail safe structures is
the B-basis [249, 251], which is defined as the 95% lower confidence bound on the
tenth percentile of a specified population of measurements. This is a conservative
allowable that ensures with 95% confidence that 90% of the population will have a
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given property, e.g. strength, higher than the B-value allowable.
By taking the variability of the input parameters (material and geometrical)

and using the analytical framework proposed in Section 4.1, the uncertainty of the
input parameters can be propagated to the notched strength, i.e. a statistical dis-
tribution of the notched strength can be obtained, based on the variability of the
input parameters, which can then be used to compute the statistical design allow-
ables. To obtain the B-value for the open-hole strength, two methodologies can
be used: (i) the CMH-17 approach (Section 4.2.1.1) and (ii) a Monte Carlo based
approach (Section 4.2.1.2). The CMH-17 is the methodology proposed by the Com-
posite Materials Handbook [251] and is generally employed for small populations,
such as the ones typically obtained experimentally. Monte Carlo simulation is a
computerized mathematical technique that allows, by repeated, nearly infinite, ran-
dom sampling of the input parameters, obtaining the distribution of the population
of results. Since the analytical model serving as basis for the UQ&M framework pro-
vides quick estimations of the notched strength, this method can also be employed
here.

Both approaches rely on the set of material and geometrical properties and
respective statistical distribution and differ in how the strength data is dealt with
to determine the B-value. Note that, for a given run of the analytical model the
geometrical and material properties are considered deterministic.

4.2.1.1 CMH-17 approach

The Composite Materials Handbook [251] defines different methods to deter-
mine the B-value depending on the distribution that best fits the data. As sum-
marized in Fig. 4.14, for unstructured data, the CMH-17 approach suggests to
successively test if the Weibull, normal and lognormal distributions are adequate
fits to the data. If any of these distributions fits the data then the respective meth-
ods to calculate the B-basis should be used. If none of these three distributions can
be assumed, nonparametric procedures should be used to determine the B-value.

To find the best fitting distribution, the CMH-17 suggests the use of the
Anderson-Darling test. This test compares the Cumulative Distribution Function
of the distribution of interest with that of the data, which allows the determination
of a Observance Significance Level. If the calculated Observance Significance Level
is greater than 0.05, it is concluded that the distribution analysed fits the data.
Otherwise, the analysed distribution does not fit the data and the subsequent distri-
bution is analysed. Once a fitting distribution is found, the B-value can be computed
according to the procedures in the CMH-17 for the selected statistical distribution
[251]. If none of these distributions fit the data, nonparametric procedures are used.
These procedures depend on the sample size, being the Hanson-Koopmans method
used for small sample sizes (n < 28). For large sample sizes the B-value can be
computed from tabulated data in the CMH-17. Full details of the procedures are
available in CMH-17 [251].

4.2.1.2 Monte Carlo simulations

The Monte Carlo Methods (MCS) rely on the repeated random sampling to
obtain numerical results. To determine the B-value using this approach nearly in-
finite predictions of the notched strength should be obtained so that an Empirical
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Figure 4.14: Schematic representation of the steps to calculate the B-value using the CMH-17
methodology.

Cumulative Distribution Function (ECDF) for the parameter in study can be de-
termined. For each set of n results, where n is the sample size that should be large
enough to be representative of the population, it is possible to determine the ECDF
and extract the 10th percentile value, P10,j . This process is repeated N times to
determine the distribution of the 10th percentile. From this distribution the B-value
can be computed by considering the 95% lower confidence bound [252], which corre-
sponds to the 5th percentile of the ECDF. The MCS based methodology to calculate
the B-value can be summarized as follows (see Fig. 4.15):

1. Design of the experiments: the material properties and geometrical parameters
are distributed according to their associated statistical distributions to define
the uncertainty quantification and management matrix. Using the current
analytical framework, the dimensions of the matrix are n x 5 where n are the
different cases to be analysed and 5 are the model input parameters (in this
case, E1, XL, Rss, R and W ).

2. Estimation of the notched strength: for each case i the notched strength (σ̄∞i )
is calculated using the analytical model described in Section 4.1.

3. Determination of the 10th percentile percentile: once all the cases have been
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Figure 4.15: Schematic representation of the steps to calculate the B-value using the Monte Carlo
based methodology.

computed (σ̄∞i:1→n) the ECDF of the notched strengths is used to determine
the P10,j .

4. Computation of the B-basis allowable: steps 1, 2 and 3 are repeated N times
to obtain the ECDF of the 10th percentile, P10,j:1→N , and to determine the
5th percentile which corresponds to the B-basis value.

If the sample size (n) is large enough, then the 10th percentile of the population
can be directly approximated by the 10th percentile of the sample, as the variability
between the samples will be minimal. This will be explored in more detail in Section
4.2.3.2.

4.2.2 Variability of the model parameters

The analytical framework presented in Section 4.1 requires three ply material
parameters to estimate the strength of a multidirectional notched laminate: the lon-
gitudinal Young’s modulus, the longitudinal strength and theR-curve of the 0◦ plies.
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The model was validated using the mean ply properties determined experimentally,
resulting in the prediction of a nominal notched strength for a given nominal di-
mension (hole radius and specimen width). Here, the variability associated with the
determination of the ply properties and the geometry of the specimens is accounted
for. The variability associated with the geometrical parameters (notch radius and
specimen width) is directly related to the manufacturing process, namely the cut-
ting methodology and respective tolerances. For this reason, the dimensions of the
specimens can be assumed to follow a uniform distribution:

f(x) =
{ 1
b−a for a ≤ x ≤ b
0 for x < a or x > b

(4.33)

where f(x) is the probability density function and a and b are the limits allowed by
the provided tolerances.

Accounting for the variability of the longitudinal Young’s modulus and the
longitudinal strength is straightforward since these properties are obtained directly
from the experimental tests and have an associated standard deviation. It is assumed
here that these two properties follow a normal distribution with known mean and
standard deviation, corresponding to the values obtained experimentally:

f(x) = 1√
2πs

e
(x−x̄)2

2s2 (4.34)

where f(x) is the probability density function, x̄ is the mean value and s is the
standard deviation measured experimentally for the longitudinal Young’s modulus
and the longitudinal strength.

Accounting for the variability of the R-curve is less clear since the R-curves
are generally not measured directly but determined from notched strengths mea-
sured experimentally. Thus, it is of key importance to define a methodology to
randomly generate statistically representative R-curves. Two methods to determine
the variability of the mode I crack resistance curves from the experimental procedure
proposed by Catalanotti et al. [23, 222] are described in Appendix D.

Note that, in this section, a modification was made to the analytical expression
used to approximate the R-curve presented in Eq. (4.31). Here, the following
analytical expression is proposed to represent the R-curve:R(∆a) = Rss

[
1− (1−∆a/lfpz)β

]
if ∆a < lfpz

R(∆a) = Rss if ∆a ≥ lfpz
(4.35)

where β is a parameter determined to obtain the best fit of the R-curve. The
proposed equation guarantees that the steady state value of the fracture toughness
is reached when ∆a = lfpz.

4.2.3 Model verification

In this section the sample sizes required to accurately take into account geo-
metrical and material variability within the UQ&M framework (schematically shown
in Fig. 4.16) is analysed and the results are validated against available experimental
data.
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Figure 4.16: Schematic representation of the proposed UQ&M framework.

4.2.3.1 Case study

To exemplify and validate the methodology proposed to calculate the B-value
of the notched strength, IM7/8552 [90/0/-45/45]3s quasi-isotropic laminate with a
central circular hole loaded in tension was used. Hole diameter-to-width ratios of
0.05 < 2R/W < 0.6 and hole diameters of 2, 4, 6, 8 and 10mm were considered [12].

The variability associated with the geometry of the specimens is directly re-
lated to the manufacturing process, namely the cutting methodology and respective
allowed tolerances. The specimen dimensions were assumed to follow a uniform dis-
tribution with a maximum deviation of ±2% of the nominal value of the width and
hole diameter. The material properties were assumed to follow a normal distribution
with known mean and standard deviation. These properties are summarized in Ta-
ble 4.7. The uncertainty related to the longitudinal Young’s modulus and strength
is directly related to the the mean values (x̄) and respective standard deviation (s)
determined experimentally [12] while the variability of the R-curve was determined
using the method 1 explained in Appendix D.1.1. As explained in Section D, the
fitting parameters of the crack resistance curves (β and lfpz) cannot be treated in-
dependently as that would potentially lead to non admissible R-curves. For this
reason, a dependence between the parameters was established as a function of Rss:
lfpz was considered to vary linearly with Rss and β to be constant for the case anal-
ysed. For this reason, the crack resistance curves are simply defined as a function
of Rss as presented in Table 4.7.

4.2.3.2 Effect of the sample size on the mean notched strength and on
B-basis value using the MCS method

To validate the proposed UQ&M methodology, it is important to analyse the
number of simulations required to ensure an accurate determination of the output
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Table 4.7: Materal material properties of the IM7/8552 material system [12]. x̄ is the mean value
and s is the standard deviation.

IM7/8552 E1 [GPa] XT [GPa] Rss [N/mm] lfpz [mm] β [-]
x̄ 171.42 2323.47 206.75 2.7776E−2 · Rss − 3.0598 2.9027
s 2.38 127.45 23.64 - -

parameters. Since the framework proposed is fully analytical, a very large number
of simulations can be performed, however, it is of key importance to ensure that the
open-hole strength (mean and B-basis) are determined efficiently, i.e. performing
the minimum number of simulations required to obtain accurate and statistically
consistent results.

The methodology to determine the B-basis using MCS is described in Section
4.2.1.2. This methodology requires the computation of n×N number of simulations
to determine the B-value. This may lead to a very high number of simulations,
rendering the methodology computationally expensive. However, it is possible to
determine the B-basis based on a smaller number of simulations if we consider N = 1
and have a sample size (n) sufficiently large to be representative of the population
of results. With this methodology, the B-basis can be approximated by the 10th
percentile of the sample, therefore, reducing the number of required simulations.

To determine the minimum sample size that ensures this representativeness,
the sample size was varied between 10 and 100,000. For each sample size 10 random
samples were obtained to compute both the average and standard deviation of the
mean open hole strength (σ̄∞) and the respective B-basis (P10). The results of
the convergence analysis on the average open-hole tensile strength and the B-basis
allowable are shown in Fig. 4.17 and Table 4.8.

Figure 4.17: Average open-hole tensile strength and the 10th percentile from N = 10 simulations
determined from different number of samples n.

As shown in Fig. 4.17 and Table 4.8, the variability of both the mean open-
hole tensile strength and the B-basis allowable decrease with the increase of the
sample size. However, it is worth noting that the computational cost increases
proportionally to the sample size. For a sample size of 10,000 the Coefficient of
Variation (CoV) of both the mean open-hole tensile strength and B-basis is very
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Table 4.8: Mean value and standard deviation of the average open-hole tensile strength (σ̄∞) and
B-value (P10) according to the number of samples when N = 10.

Samples, n σ̄∞ P10
σ∞ [MPa] sσ∞ [MPa] P10 [MPa] sP10 [MPa]

10 450.77 3.11 436.83 6.15
50 452.61 0.62 440.15 2.90
100 452.54 0.91 441.33 2.52
1000 452.68 0.24 441.86 0.53
10000 452.63 0.11 441.65 0.21
30000 452.62 0.04 441.64 0.13
100000 452.62 0.03 441.64 0.05

low, 0.02% and 0.05%, respectively. For a sample size of 30,000, which has a three
times increase in the computational time, an insignificant reduction in the CoV for
the mean strength and B-basis is obtained (to 0.01% and 0.03% respectively). For
this reason, a sample size of 10,000 was considered to be large enough to represent
the population of results and ensure a good compromise between the accuracy and
computational cost. The calculation of the B-basis allowable using MCS can be done
in a computationally efficient way by estimating the notched strength 10,000 times
(with N = 1) and determining the 10th percentile of the sample as this number
of samples is considered representative of the whole population. This methodology
will be considered for the determination of the B-basis allowables using Monte Carlo
simulations in the following sections.

4.2.3.3 Effect of the sample size on the B-basis using the CMH-17 ap-
proach

In this section, a comparison between the B-basis determined using the CMH-
17 approach (see Section 4.2.1) is compared with the results obtained using Monte
Carlo simulations. The CMH-17 approach is particularly useful since it takes into
account the size of the population and the distribution that most accurately rep-
resents the data to determine the B-basis and therefore, a good estimate of this
parameter can be obtained using a small number of data points.

In Fig. 4.18 the B-basis allowable for open-hole tensile strength determined
using the CMH-17 methodology for different sample sizes is shown and compared
with the value obtained using the MCS approach. For each sample size, 100 simu-
lations based on different randomly generated samples were performed so that the
average value for the B-basis and its dispersion could be obtained.

As the sample size increases, the B-value determined with the CMH-17 ap-
proach becomes less conservative and the confidence interval is reduced, as larger
samples are considered more representative of the population. In Table 4.9 the
results of the B-value are also shown for different sample sizes. In addition, the
methodologies from the CMH-17 applied for each sample are shown, as different
distributions best fit the data depending on the sample considered. Hereafter, a
sample size of 25 is considered to determine the B-basis allowable using the CMH-
17 approach, as it ensures a good B-basis estimation and it is a reasonable sample
size that can potentially be used in experimental campaigns.
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Figure 4.18: Comparison of the b-value obtained from the CMH-17 approach with its 95% interval
of confidence, for different sample sizes (n) and the B-value obtained from MCS (dashed line).

Table 4.9: Results for the B-basis determination using the CMH-17 methodology. W, N, LN and
NP stand for Weibull, Normal, Lognormal and Non parametric distributions, respectively.

Samples, n W N LN NP B̄ [MPa] sB [MPa] ICB [± MPa] error %
5 92 8 0 0 411.35 17.992 3.5696 6.858
10 93 3 0 0 428.77 9.5808 1.9008 2.9152
15 88 3 0 0 431.84 8.0774 1.6026 2.2193
20 94 2 0 0 434.78 4.2685 0.84686 1.553
25 94 2 0 0 435.92 4.3825 0.86948 1.2953
30 91 4 0 5 438.17 7.051 1.3989 0.78675
40 94 3 0 3 437.74 3.4001 0.67458 0.88285
50 92 5 0 3 437.24 3.2488 0.64456 0.99621
100 78 5 0 17 438.76 2.7482 0.54525 0.65224
150 91 1 0 8 439.43 1.5205 0.30167 0.50112

4.2.3.4 Validation of the UQ&M framework

A comparison between the experimental results presented in Ref. [12] and the
predictions using the proposed framework is shown in Fig. 4.19. Both the open-hole
tensile strengths computed using the nominal values of the material and geometrical
properties and the results obtained when these properties are considered stochastic
are included. The latter methodology allows the determination of the average value
for open-hole tensile strength for each geometry and its expected variability.

As expected, the nominal notched strength and the mean open hole strength
determined using the proposed framework are approximately the same, which en-
sures the consistency of the uncertainty quantification framework developed. The
results shown in Fig. 4.19 indicate that the proposed framework is capable of ac-
curately predicting the open-hole tensile strength. The maximum error obtained
for this case study was 12% which, taking into account that this is an analytical
formulation with a very reduced computational cost, is very reasonable.

As the developed framework is aimed at the determination of the B-basis
allowable for open hole strength, the comparison between the B-basis obtained ex-
perimentally and determined analytically with the two presented methods is shown
in Fig. 4.20. For consistency, as five specimens were tested experimentally [12], the
same sample size was considered to compute the B-value allowable with the CMH-17



100
Chapter 4. Analytical framework to predict the notched strength of composite

laminates

556

481

439

376 374

599 (8%)
595 (7%)

508 (6%)
505 (5%)

455 (4%)
453 (3%) 421 (12%)

419 (12%) 398 (7%)
397 (6%)

Figure 4.19: Comparison between the mean open hole strength of experimental results [12] and
the analytical results of five different 2R and a fixed ratio 2R/W = 1/6, where σ̄∞ is the notched
strength, R the radius of the hole and W the width.

approach. This allows a direct comparison between the experimental B-basis and
the one obtained numerically. Nevertheless, the results with a sample size of 25
are also shown. To ensure that the results obtained did not result in outliers, ten
B-basis calculations were performed for each geometry. For the Monte Carlo sim-
ulations approach a larger number of simulations is always required to ensure the
representativeness of the population, therefore, the sample size was kept at 10,000.
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Figure 4.20: Comparison between the B-value obtained experimentally (n = 5), with the CMH-17
(n = 5 and n = 25) and with the MCS method (n = 10, 000).

As shown in Fig. 4.20, for the same sample size (n = 5), the B-value deter-
mined with the CMH-17 approach is similar to that obtained experimentally, which
reflects not only the ability of the framework to accurately compute the open hole
strength of a given configuration, but also its ability to propagate the uncertainty
of the input parameters to the open hole strength. The B-basis obtained with the
MCS approach is always less conservative than the one obtained with the CMH-17
approach due to the larger sample size, which is reflected in the results shown in
Fig. 4.20 and Fig. 4.18.
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4.2.4 Applications

4.2.4.1 Design charts for open hole tension

Taking into account that the analytical UQ&M framework developed enables
the quick estimation of the notched strength of laminated composites and the re-
spective B-basis allowables, it can be used to generate design charts and compare the
performance of different lay-ups and materials in a preliminary stage of the design
process.

Following Camanho et al. [70], design charts that relate the diameter-to-width
ratio to the notched tensile strength of specimens with diameters 2, 6 and 10mm
were generated. Monte Carlo simulations with n = 10, 000 were used to generate the
average notched strength distribution of each point and compute the mean value and
respective B-basis allowable, as defined in Section 4.2.3.2 (Fig. 4.21). To calculate
the B-value, the CMH-17 approach could also have been used without significant
loss of accuracy as shown in Fig. 4.22 for a specimen with a hole diameter of 6mm,
however, given the computational efficiency of the model, performing Monte Carlo
simulations is not a particularly limiting approach.

Figure 4.21: Design chart of the mean and B-basis value of the open hole strength calculated by
means of MCS for different 2R and 2R/W ratios.

Experimentally generating statistically representative design charts is unrea-
sonable given the number of specimens, specimen configurations, lay-ups and ma-
terials required to populate them. The analytical UQ&M framework here proposed
can help overcome this limitation and assist engineers during the design process
given its simplicity and efficiency.

4.2.4.2 Influence of the loading direction on the open hole strength

The framework was developed to work as a fast design tool that is capable to
predict the notched strength of a laminate in the most varied cases. In this section,
the variation of the loading direction and its effect on the open hole tensile strength
is explored. The design of a laminate for a given structure is usually optimized for
a given loading direction, however, it is not acceptable to have a laminate whose
strength is very high in one direction but any misalignment in the load, which most
certainty occurs in real usage, leads to a high reduction of its strength. Therefore,
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Figure 4.22: Design chart of the mean and B-basis value of the open hole strength calculated with
the MCS and the CMH-17 approaches for 2R = 6 mm.

being able to rapidly predict the notched strength in multiple loading scenarios is
an useful design tool. The variation of the mean open hole strength as a function
of the load direction and the respective 95% confidence interval and predicted B-
basis value based on MCS (n = 10, 000) and on the CMH-17 (n = 25) are shown in
Fig. 4.23. This analysis was done for the baseline configuration (open-hole tensile
specimen with a width of 36 mm and a diameter of 6 mm).

Figure 4.23: Notched strength variation with the loading direction for an IM7/8552 open-hole tensile
specimen with a width of 36 mm and a diameter of 6 mm.

Since the laminate in study is quasi-isotropic (Section 4.2.3.1), the notched
strengths at 0◦, 45◦ and 90◦ are equal. However the strength is reduced for any other
loading direction. For this particular configuration, the reduction of strength due
to the variation of the loading direction is small, being the lowest notched strength
equal to 377.1 MPa, and the maximum (corresponding to 0◦, 45◦ and 90◦) is equal
to 455.0 MPa. Additionally, it is observed that small variations around the principal
loading direction (0◦) have a small effect on the notched strength. Regarding the
B-basis allowable, the CMH-17 and MCS approach provide very similar results. It
is interesting to note that the difference between the B-basis and the mean value for
the open hole strength is not constant throughout the angle space. This difference
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is highest when the average strength is lowest, which creates a wider span of the
B-basis allowable between its maximum and minimum. This can be explained by the
fact that for those loading directions the variability of the material and geometrical
parameters leads to a higher variability of the notched strength and, therefore, a
reduced B-basis allowable.

4.2.4.3 Large damage capability

The proposed framework was developed with the aim of predicting the open-
hole strength of laminate structures, however, it is general enough to be able to
predict the strength of different notched geometries, provided the stress distribu-
tion and energy release rate are known for those geometries and loading conditions.
As it is well known, the tensile strength of composite laminates in the presence of
through-thickness notches is significantly affected by size, being the smallest geome-
tries strength-dominated and large ones toughness-dominated [20]. Therefore, the
analysis tools must be able to account this distinct material behaviours when com-
puting the notched strength. Following Arteiro et al. [20] the developed framework
is used to predict the large damage capability of the laminate in study, considering
a centre notched plate under tension loading (Fig. 4.24).

Figure 4.24: Centre notched plate configuration [20].

In Fig. 4.25, the mean notched strength and respective B-basis allowable of
centre notched plates with a constant plate width-to-notch lentgth ratio (W/2a)
equal to 7.5 with different notch sizes are shown. The notches were considered to
have a constant tip radius of 0.5 mm (h = 1 mm). For the smaller geometries
the traditional methods that only consider the steady state value of the fracture
toughness in their formulation are able to predict the notched strength, however,
for larger specimens and large damage capability analysis the introduction of the
R-curve in the modelling strategy is of utmost importance [20]. This is taken into
account in the present framework, which increases the reliability of the modelling
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strategy. It is possible to see in Fig. 4.25 that both the mean notched strength and
its respective B-basis allowable follow the same trends, being the difference between
both parameters similar throughout the analysed space.

Figure 4.25: Design chart of the mean and B-basis value of the notched strength calculated by
means of MCS (n = 10, 000) for centre notched plates.

4.3 Concluding remarks

In this chapter, an analytical framework based on a FFMs model [70] coupled
with an invariant-based approach to stiffness and strength [16, 236] and an analytical
model based on fracture mechanics to estimate the laminate fracture toughness
[235] is proposed. This framework can be used to predict the notched strengths of
general laminates characterised by fibre-dominated intralaminar fracture using only
three ply properties as inputs: the longitudinal Young’s modulus, the longitudinal
strength, and the R-curve of the 0◦ plies. Relative errors around or below 10% were
obtained for all the laminates and open-hole geometries analysed. The proposed
framework proved to be particularly accurate for laminates with thin plies, for which
relative errors of 3% or less were obtained.

The proposed analytical framework was coupled with the statistical tools re-
quired to take into account the variability of both the material and geometrical pa-
rameters and propagate this uncertainty to the notched strength, therefore allowing
the quick estimation of B-basis allowable. The proposed framework was validated
successfully, ensuring a maximum error around 10%, which is very reasonable given
the analytical formulation of the model. Additionally, the framework is used to de-
velop statistical-based design charts for notched specimens, tools that are useful for
design engineers and would otherwise be infeasible to attain as they require a large
number of testing or time consuming simulations to be performed.

The coupled framework provides a fast-analysis model for preliminary sizing
and optimization of composite laminates based solely on material properties de-
termined at the ply level. Important gains in terms of material characterization,
computing time and cost can be obtained using the proposed framework, in partic-
ular at the stages of material screening and lay-up selection.
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Mechanics of thin-ply laminates





Chapter 5

The effect of ply thickness on the intralaminar
fracture toughness

The previous chapters presented new analysis models, developed at different
scales, that are of critical importance for the introduction of new, non-conventional
composite materials in aerospace structures. With the support of the analysis models
previously developed, this chapter will address one fundamental question related
to size effects on ultra-thin composite laminates: does the intralaminar fracture
toughness of the 0◦ plies depend on their thickness?

Indeed, size effects are ubiquitous in composite laminates, stemming from
the variability of the strength of the reinforcing fibres [254], from the effect of ply
thickness on the local fields at the tip of fibre-matrix debonds [3, 255], and from the
development of a subcritical fracture process zone in notched laminates [12, 34, 256].

The recent development of tow-spreading techniques, which are able to pro-
duce thin plies, with thickness comprised between 20µm and 100µm, resulted in a
considerable number of studies focused on the mechanics of deformation and fail-
ure of thin-ply laminates, and on the potential advantages of these materials over
standard-grade laminates [1, 6, 18, 26].

These studies have shown that thin-ply composites suppress microcracking,
delamination and splitting under different loading conditions [1, 6, 18, 19, 26]. This
strengthening effect that inhibits the excessive growth of subcritical cracks in off-axis
plies within a laminate is a consequence of the in-situ effect, which is characterized
by the increase of the ply transverse and shear strengths when a ply is constrained by
plies with different fibre orientations within a laminate. This effect was first detected
experimentally for transverse tension and in-plane shear by Parvizi et al. [27], and
further analysed by other authors [28–33]. Recently, Arteiro et al. [4] demonstrated,
using computational micromechanics, the existence of an in-situ effect for transverse
compression.

The effect of ply thickness on the intralaminar (or translaminar) fracture
toughness associated with longitudinal failure has also been studied [24, 257–259].
Teixeira et al. [257] addressed the effect of ply thickness on the intralaminar frac-
ture toughness of fibre-reinforced laminated composites and concluded that it signif-
icantly depends on the thickness of the 0◦ plies, and should therefore be treated as an
in-situ property and not as an absolute material property. The authors argued that
this ply thickness effect was due to the increase of the length of the pulled-out fibres
and and not to other types of damage such as fibre-matrix splitting, delamination
or diffuse damage. As a result, Teixeira et al. [257] and Chen et al. [260] defended
that the intralaminar fracture properties used in analytical and numerical ply-level
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damage propagation models (mesomodels) used for design and damage-tolerance
analyses should vary as a function of the thickness.

Costa Fernandes [258] and Frossard [259] also reported a strong ply thickness
effect on the intralaminar fracture toughness. In both studies, the energy release
rate at initiation and during propagation were found to scale linearly with the ply
thickness. Similarly to Teixeira et al. [257], the authors [258, 259] attributed this
ply thickness effect to the change of pull-out length: the thicker the plies, the greater
the pull-out length of the 0◦ plies and therefore, the higher the energy dissipated
during crack propagation.

Arteiro [24] determined the apparent crack resistance curves of two material
grades of spread tow fabric using double edge notch tension tests and the method-
ology proposed by Catalanotti et al. [23]. A higher apparent fracture toughness of
the thicker material grade was measured, however, Arteiro [24] attributed this effect
to the blunting effect of the damage mechanisms that precede intralaminar fracture,
in particular longitudinal splits and not to an intrinsically higher fracture toughness
of the thicker plies.

Taking into account the importance of the intralaminar fracture toughness on
the accuracy of the strength predictions provided by both analytical and numerical
methods, and the contradictory opinions found in literature, the objective of this
work is to elucidate if this property depends on the ply thickness.

The effect of ply thickness on the effective intralaminar fracture toughness
is studied by determining the crack resistance curves associated with longitudinal
failure following the methodology proposed by Catalanotti et al. [23]. Afterwards,
a detailed numerical analysis is performed to assess if the mode I fracture toughness
associated with fibre failure used in numerical ply level damage propagation models
should be scaled as function of the ply thickness.

5.1 Experimental work

The crack resistance curves for longitudinal tension of the three material sys-
tems were obtained following the methodology proposed by Catalanotti et al. [23],
which is based on the size effect law, i.e., on the relation between the size of the
specimens and their notched strength σ∞(w). The material selection, specimen
manufacturing, test details and experimental results are reported hereafter.

5.1.1 Material selection and manufacturing

Three UD prepreg tapes with 75g/m2, 134g/m2 and 268g/m2 were used to
study the effect of ply thickness on the intralaminar fracture toughness. The UD
prepreg tapes were produced from T700 carbon fibres and M21 epoxy resin. Cross-
ply laminates with the same nominal thickness of 2.5mm were produced (see Table
5.1). The plates were cured in an autoclave following the manufacturer-specified
cure procedure: 120min at 180◦C and at 7bar. Three double edge notched tension
(DENT) specimens per geometry were produced and cut to the nominal nominal
dimensions (see Table 5.2). The fibre volume fractions Vf of each material system
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were estimated using the Rule of Mixtures:

Vf = E1 − Em
Ef − Em

(5.1)

where E1 is the effective longitudinal stiffness of a unidirectional ply, Ef is longitu-
dinal Young’s modulus of the fibres and Em is the Young’s modulus of the matrix.
E1 was measured experimentally for the three material systems, Ef was provided by
the material supplier and it is equal to 230GPa and Em was assumed to be constant
and equal to 5GPa. The volume fractions obtained are presented in Table 5.1.

Table 5.1: Lay-ups of the specimens manufactured from Hexcel T700/M21 UD 268gsm, 134gsm
and 75gsm material systems.

Ref. Material Vf [%] Lay-up
H268 T700/M21 UD 268gsm from Hexcel 69.73 [90/0]3$
H134 T700/M21 UD 134gsm from Hexcel 60.09 [90/0]5$
H75 T700/M21 UD 75gsm from Hexcel 62.88 [90/0]8$

Table 5.2: Geometry of the double edge notch tension specimens.

Geometry Length [mm] Width 2w [mm] Crack length a0 [mm] Nr. Specimens
A 250 10 3 3
B 250 20 6 3
D 250 40 12 3
E 250 50 15 3

5.1.2 Test details and data reduction method for the R-curve

The size effect law associated with tensile failure was determined experimen-
tally testing geometrically similar double edge notched tension cross-ply specimens
(see Fig. 5.1). All tests were performed under displacement control, at a speed
of 1mm/min. The specimens were tested in an INSTRON 4208 electro-mechanical
universal testing machine equipped with a 300kN load cell. Hydraulic grips were
used to hold the specimens in the loading frame.

According to Catalanotti et al. [23], the driving force curves GI at the ultimate
remote stress are tangent to the R-curve, which means that the ultimate remote
stresses σ∞ can be calculated solving the following system of equations:

{
GI(∆a) = R(∆a)
∂GI(∆a)
∂∆a = ∂R(∆a)

∂∆a
(5.2)

According to Refs. [239, 261] the energy release rate in mode I of a two-
dimensional orthotropic body for a crack propagating in the y direction (perpendic-
ularly to the loading direction, x) is given by:

GI = 1
É
K2
I (5.3)
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Figure 5.1: Technical draw of the specimen. [23]

where KI is the mode I stress intensity factor and É is the equivalent elastic modulus:

É =
(

1 + ρ

2ExEy

)−1/2 (
Ey
Ex

)−1/4
(5.4)

and ρ is an in-plane orthotropy parameter:

ρ = (ExEy)1/2

2Gxy
− (νxyνyx)1/2 (5.5)

For sufficient long DENT specimens with w/l ≤ 0.5 the stress intensity factor
KI is given by:

KI = σ∞
√
wκ(α, ρ) (5.6)

where σ∞ is the notched remote stress, w is half the width of the specimen, l is
half the free length of the specimen and κ is a correction factor that depends on
the geometry and orthotropy of the specimens. Following Catalanotti et al. [23], κ
reads:

κ(α, ρ) =
√

tanπα2

M∑
i=1

N∑
j=1

Φijα
i−1ρj−1 (5.7)

where α is the notch length-to-width ratio α = a/w and Φij is the element of the
matrix Φ of indexes i and j, and M and N are the number of rows and columns of
Φ, respectively:

Φ =


1.7482487564 −0.053754159533 0.0040142704949 −9.8480085881E − 4
−0.76896688866 −0.0068632911438 0.0029984681658 −0.00010108691939
0.85633404777 0.23922363475 −0.023289123198 0.00062358861997
−0.67470597429 −0.25334178248 0.022297779266 −0.00056784694513
0.18495379886 0.084067007027 −0.0068989066533 0.00016783852495

 (5.8)



5.1 Experimental work 111

Replacing Eq. (5.6) in Eq. (5.3), the energy release rate reads:

GI(∆a) = 1
É
w(σ∞)2κ2(α0 + ∆a

w
, ρ) (5.9)

where α0 is the initial notch length-to-width ratio α0 = a0/w. Combining Eq. (5.3)
and (5.2), R(∆a) yields:

R(∆a) = 1
É
w(σ∞)2κ2(α0 + ∆a

w
, ρ) (5.10)

For a constant w/l and a0/w and knowing that, by definition the R-curve is
size independent (∂R∂w = 0), differentiating Eq. (5.10) with respect to w yields:

∂

∂w
(w(σ∞)2κ2) = 0 (5.11)

Given the size effect σ∞(w) is known, Eq. (5.11) can be solved for w(∆a),
which can then be replaced in Eq. (5.10). The size effect law is determined by
testing geometrically similar double edge crack specimens, i.e. with the same width-
to-crack length a0/w ratio and different widths w and applying one of three linear
regressions proposed in Ref. [262] that best fits the experimental data: i) bilogarith-
mic regression, ii) linear regression I, or iii) linear regression II. The regressions and
the R-curve parameters (length of the fracture process zone, lfpz, and the fracture
toughness at propagation Rss) are shown in Table 5.3. Note that κ0 = κ(α0) and
κ́0 = ∂κ/∂α(α0).

Table 5.3: Regressions and the R-curve parameters [23].

Regression Formula Fitting parameters Rss lfpz

Bilogarithmic ln(σ∞) = ln M√
N+w M, N κ2

0
É
M2 κ(α0)

2κ́0
N

Linear regression I 1
(σ∞)2 = Aw + C A, C κ2

0
É

1
A

κ(α0)
2κ́0

C
A

Linear regression II 1
w(σ∞)2 = A 1

w
+ C A, C κ2

0
É

1
C

κ(α0)
2κ́0

A
C

Catalanotti et al. [23] also suggested that it is useful and more convenient to
express the R-curve analytically. In this work, the R-curve is expressed as:R(∆a) = Rss

[
1− (1−∆a/lfpz)β

]
if ∆a < lfpz

R(∆a) = Rss if ∆a ≥ lfpz
(5.12)

where β is a parameter that best fit the R-curve. The R-curve of the 0◦ plies can
be obtained testing cross ply laminates and neglecting the fracture toughness of the
90◦ plies, i.e.:

R0 = h

h0
RCP (5.13)

where R0 and RCP are the R-curves for the 0◦ plies and of the cross-ply laminate,
respectively, and h and h0 are the thickness of the laminate and the total thickness
of the 0◦ plies respectively.
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5.1.3 Experimental results

The remote stress-displacement curves obtained for each geometry and mate-
rial grade are shown in Fig. 5.2 and the notched strengths obtained and respective
standard deviations are summarized in Table 5.4 and Fig. 5.3a. As presented in
Table 5.5, bilogarithmic regressions were used to approximate the size effect laws of
the three material configurations. The R-curves obtained for the 0◦ plies are shown
in Fig. 5.3b and the respective parameters used to approximate the curve to an
analytical expression are presented in Table 5.5.

(a) A (b) B

(c) D (d) E

Figure 5.2: Load displacement curves of the double edge notch tension tests of H268, H134 and
H75 material systems.

All the specimen configurations exhibited a linear response up to failure, ex-
cept the largest geometry of H268. For this configuration, small load drops are
clearly visible at loads close to ultimate failure, which suggests the appearance of
subcritical damage in the vicinity of the notches. Fibre dominated failure was ob-
served in all the specimens, where the cracks propagated perpendicularly to the
loading direction. To have an insight of the damage extension inside the specimens,
two configurations per UD material system (A and D) were analysed using X-ray
imaging. As shown in Fig. 5.5, H75 samples show limited split cracks and trans-
verse cracks in both geometries, however, subcritical damage can be observed in the
other two material configurations, particularly on H268 samples. As suggested in
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Refs. [18, 19, 24], since thicker plies have lower transverse strengths, the thicker 0◦
plies promote longitudinal split cracking at the vicinity of the notch, resulting in
a stress redistribution that blunts the notch, leading to higher notched strengths.
This increase in notched strength will in turn lead to the determination of a higher
apparent mode I fracture toughness. As reported in Refs. [257–259] and shown in
Fig. 5.4, the measured effective fracture toughness increases linearly with the ply
thickness.
Table 5.4: Double edge notched tension strengths obtained for H268, H134 and H75 carbon/epoxy
material systems. The initial crack length-to-width ratio is a0/w=3/5.

H268 H134 H75
Ref.2w [mm] Mean [MPa] Std. [MPa] Mean [MPa] Std. [MPa] Mean [MPa] Std. [MPa]
A 10 339.09 17.99 317.81 7.85 289.83 19.51
B 20 308.53 11.74 243.75 10.76 208.85 11.75
D 40 225.34 11.40 184.28 9.16 164.59 1.30
E 50 220.05 4.64 - - 136.11 3.93

Table 5.5: Parameters of the regressions used to determine the mean R-curves for longitudinal
tension of H268, H134 and H75 material systems.

Fitting R-curve parameters
Ref Regression M [MPa

√
mm] N [mm] R0

ss [N/mm] lfpz [mm] β [-]
H268 Bilogarithmic 1241.4 7.84 252.25 2.39 2.91
H134 Bilogarithmic 871.1 2.56 131.48 0.85 2.91
H75 Bilogarithmic 720.7 1.27 83.91 0.39 2.91

The experimental results show that the apparent fracture toughness of the
laminate does decrease when thin plies are used. It is questionable though if the
concept of laminate fracture toughness should be used for thick plies that develop
a complex network of subcritical cracks that render simplified Fracture Mechanics
concepts inapplicable. Furthermore, to verify if the intralaminar fracture toughness
of the 0◦ ply depends on the ply thickness, a numerical study is required.

(a) (b)

Figure 5.3: a) Size effect law and b) R-curves for longitudinal tension (0◦ plies) of H268, H134 and
H75 material systems.
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Figure 5.4: Steady state value of the longitudinal fracture toughness as a function of the ply
thickness.

2mm 2mm 2mm

4mm 4mm 4mm

Split Cracks
Split Cracks

Split Cracks

Transverse
Cracks

Split Cracks

Transverse
Cracks
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D

H75 H134 H268

A A

D D

Figure 5.5: X-rays: extent of damage of representative A and D specimens of H75, H134 and H268
material systems.
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5.2 Numerical analysis
In this section, a numerical analysis on the double edge notch tensile specimens

is performed. The analysis focuses on the thinner and thicker material configura-
tions, H75 and H268, respectively. First, the stress triaxiality in the double edge
notch cross-ply specimens is evaluated to assess whether any significant effect of the
laminate configuration on the stress distribution and consequent damage develop-
ment has been overlooked. Secondly, the failure of the double edge notch specimen
is simulated using a continuum damage model to predict fibre failure and transverse
cracking and a cohesive zone model to represent delamination onset and propaga-
tion. The simulations are used to verify if the intralaminar fracture toughness is
indeed an in-situ property that scales with the ply thickness.

Figure 5.6: Boundary conditions and mesh used to simulate the double edge notch tension speci-
mens.

5.2.1 Effect of stress triaxiality on the 0◦ plies

It has been reported by several authors [263–266] that the longitudinal tensile
strength of carbon fibre reinforced polymer UD composites generally decreases with
increasing compressive normal stresses acting on the transverse directions, σ22 and
σ33, with a change in failure mode from disperse axial splitting to a brittle local fail-
ure. This effect of the compressive normal stresses σ22 and σ33 on longitudinal fibre
failure should be taken into account when comparing the mechanical behaviour of
the two laminate configurations and to assess the validity of the testing methodology.
In this work, to assess the effect of stress triaxiality on the low grade and high grade
laminate configurations, linear elastic finite element simulations were performed.

The DENT Finite Element models used one 8-node linear brick reduced in-
tegration element (C3D8R) per ply thickness, t. The laminate was clamped on the
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lower end, while on the other a displacement (through the definition of an appro-
priate smooth step amplitude) is applied to all nodes at the boundary. A mesh of
0.22×0.22×t mm3 was used for ply elements (see Fig. 5.6). Symmetry conditions
along the XZ plane (where X is the loading direction and Z is the thickness direc-
tion) were defined to reduce the computational effort. At this stage, linear elastic
simulations were performed and no plasticity or damage onset and propagation cri-
teria was included in the finite element models. The material properties used are
presented in Table 5.7.

One simulation per material configuration and geometry was performed and
the third invariant of transversely-isotropic composite materials proposed by Ca-
manho et al. [11] was computed to evaluate the stress triaxiality during loading:

I3 = σ22 + σ33 (5.14)

where σ22 and σ33 are the stress in the transverse and thickness directions, respec-
tively. The third invariant was computed for all the elements and interpolated for
the whole area of the ply. A schematic illustration of the third invariant on a rep-
resentative 0◦ ply is shown in Fig. 5.7. To allow a better visualization of the stress
state in the 0◦ ply, three vertical lines were placed in three distinct areas of the
specimen: the ligament section, the notch tip and the notched section. The yellow
and red lines correspond to the third invariant computed for the high-grade (H268)
and low-grade (H75) laminates respectively. Regardless of the material configura-
tion and geometry, the third invariant is positive in the whole area of the 0◦ plies
and therefore, the stress triaxiality does not affect fibre failure for the studied con-
figurations. Moreover, even though a slight disparity of the stress triaxiliaty at the
notch tip was observed for the smaller geometries, the stress distribution in the 0◦
plies is very similar for the high and low-grade configurations.

From this analysis it was concluded that the 0◦ plies of both laminates are
subjected to equivalent stress states and, therefore, the stress triaxiality should not
affect the failure mechanisms differently in the two material configurations.

5.2.2 Simulation of failure of the double edge notch specimens

To verify if the intralaminar fracture toughness is indeed an in-situ property,
the double edge notch tension specimens of H75 and H268 material systems were
simulated for two scenarios. The first one corresponds to the hypothesis that the
intralaminar fracture toughness is a function of the ply thickness, as proposed by
several authors [257, 260]. The second scenario will test the hypothesis that the
fracture toughness does not scale with the ply thickness, and that the higher ap-
parent fracture toughness results from blunting the notch with subcritical failure
mechanisms. As a result, three sets of numerical simulations were performed:

• H75: simulation of the H75 specimens using the fracture toughness associ-
ated with longitudinal failure determined experimentally for the H75 material
system, G1+ = 83N/mm;

• H268-83: simulation of the H268 specimens using the fracture toughness asso-
ciated with longitudinal failure determined experimentally for the H75 material
system, G1+ = 83N/mm;
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(a) A (b) B

(c) D (d) E

Figure 5.7: Third invariant I3 = σ22 + σ33 in a 0◦ ply in the geometries A, B, D and E. I3 is
represented in red for H75 and yellow for H268.

• H268-252: simulation of the H268 specimens using the fracture toughness as-
sociated with longitudinal failure determined experimentally for the H268 ma-
terial system, G1+ = 252N/mm.

The virtual test matrix is shown in Table 5.6. The details of the methodology
and material models used are described in the following points.

5.2.2.1 Modelling strategy

The modelling strategy used to simulate the failure of the double notched
specimens is presented hereafter. The same DENT Finite Element models used for
the analysis on the effect of stress triaxiality were used here (see Section 5.2.1). Note
that a structured mesh where the edges of the elements follow the fibre direction
was used so that fibre splitting could be accurately captured.

5.2.2.1.1 Intralaminar damage
Intralaminar damage is simulated using the continuum damage model presented
in Chapter 3. The continuum damage model predicts the following intralaminar
failure mechanisms: longitudinal tensile failure, longitudinal compressive failure and
transverse failure. A linear-elastic response followed by bi-linear softening and a
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linear-elastic response followed by linear softening is assumed under longitudinal and
transverse loading respectively, while a non-linear elasto-plastic response followed by
linear softening is considered for in-plane shear.

Table 5.6: Summary of the numerical simulations performed.

Softening law for longitudinal tension
Ref. Geometries XT [MPa] fXT [-] G1+ [kJ/m2] fGT [-]
H75 A, B, D, E 2182 [267] 0.2 83 [268] 0.5
H268-83 A, B, D, E 2299 [267] 0.2 83 [268] 0.5
H268-252 A, B, D, E 2299 [267] 0.2 252 [268] 0.5

Table 5.6 shows the parameters used in the softening laws for longitudinal
tension used in the different sets of simulations. The remaining material properties
of the two material systems are presented in Tables 5.7-5.9. Note that the longitu-
dinal tensile strength measured for the high-grade material is 5% higher than that
of the low-grade material, which is justified by the higher fibre volume fraction esti-
mated for this material (see Table 5.1). The ply strengths related to matrix failure
(transverse tensile strength, YT , transverse compressive strength, YC , and in-plane
shear strength, SL) were calculated as a function of the ply thickness and position
of the ply using the equations proposed in Appendix B. For an embedded ply, the
transverse tensile strength is the maximum between the tensile strength of a thin
and a thick embedded ply:

Y is
T = max

{√ 8GIc
πtΛo22

, 1.12
√

2Y UD
T

}
(5.15)

were GIc is the transverse mode I fracture toughness, t is the ply thickness, Y UD
T is

the transverse tensile strength of a UD ply and Λo22 is given by [269]:

Λo22 = 2
(

1
E2
− ν2

12
E1

)
(5.16)

where E1 and E2 are the longitudinal and transverse Young’s moduli, respectively,
and ν12 is the Poisson’s ratio. Similarly, the in-plane shear strength is given by the
maximum between the strength of a thin and a thick embedded ply:

SisL = max
{ √8GIIcK1

πt
+ SLPK2 ,

√
2S2

L − SLPK2
}

(5.17)

where K1 = KpG12
1+Kp and K2 = SLP

1+Kp . G12 is in-plane shear modulus, SLP is the shear
stress that activates plastic flow, Kp is shear incremental stiffness under plastic flow,
GIIc is the transverse mode II fracture toughness and t is the ply thickness. The
transverse compression strength reads:

Y is
C = SisL Y

UD
C

SUDL
(5.18)

where Y UD
C and SUDL are the transverse compression and in-plane shear strength of

a UD ply, respectively. For an outer ply, the transverse tensile strength is given by



5.2 Numerical analysis 119

the maximum between the tensile strength of a thin outer ply and an UD ply:

Y is
T = max

{
1.78

√
GIc
πtΛo22

, Y UD
T

}
(5.19)

Similarly, the in-plane shear strength is given by the maximum between the in-plane
shear strength of a thin outer ply and an UD ply:

SisL = max
{√4GIIcK1

πt
+ SLPK2 , SUDL

}
(5.20)

As in the case of the embedded ply, the transverse compression strength is given by
Eq. (5.18).

5.2.2.1.2 Interlaminar damage
Interlaminar damage was simulated using the cohesive zone model implemented
in ABAQUS [229]. The cohesive zone model relates the tractions, τ , to the dis-
placement jumps, ∆, at the interfaces where crack propagation occurs. In this
work, the quadratic nominal stress criterion was used for damage initiation and the
Benzeggagh-Kenane fracture criterion was used for damage propagation [216]. The
engineering solutions proposed by Turon and co-authors [212, 213] and by Cui et
al. [208] presented in Appendix C were used to calculate some of the properties of
the cohesive elements to ensure proper energy dissipation in mixed-mode loadings,
and to artificially account for the effects of pressure and friction. The interfacial
properties of the two material systems used are presented in Table 5.10.

Table 5.7: Ply elastic properties of H268 and H75 carbon/epoxy systems.

Elastic H268 H75
E1 [MPa] 161600 Ref. [267] 146100 Ref. [267]
E1c [MPa] 101252 Ref. [268] 117930 Ref. [268]
E2 [MPa] 9300 Ref. [267] 8700 Ref. [267]
G12 [MPa] 4790 Ref. [267] 4600 Ref. [267]
ν12 [-] 0.36 Ref. [267] 0.34 Ref. [267]

Table 5.8: Ply fracture toughness of H268 and H75 carbon/epoxy systems.

Fracture H268 H75
G1+ [kJ/m2] 83 /252 83
fGT [-] 0.5 Note (1) 0.5 Note (1)
G1− [kJ/m2] 60.0 Ref. [268] 60.0 Ref. [268]
G2+ [kJ/m2] 0.45 Ref. [267] 0.3 Ref. [267]
G2− [kJ/m2] 1.209 Ref. [267] 1.209 Ref. [267]
G6 [kJ/m2] 0.85 Ref. [267] 0.8 Ref. [267]
(1) Inversely identified using the DENT simulations of H75 material system
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Table 5.9: Ply strengths of H268 and H75 carbon/epoxy systems.

Strength H268 H75
XT [MPa] 2299 Ref. [267] 2182 Ref. [267]
fXT [-] 0.2 Note (1) 0.2 Note (1)
XC [MPa] 1187. Ref. [268] 1615. Ref. [268]
fXC [-] 0.6 Note (2) 0.6 Note (2)
Y UDT [MPa] 45.0 Ref. [267] 45.0 Ref. [267]
YT (inner) [MPa] 144.2 Note (3) 211.2 Note (3)
YT (outer) [MPa] 90.8 Note (3) 132.9 Note (3)
Y UDC [MPa] 161.4 Ref. [268] 161.4 Ref. [268]
YC(inner) [MPa] 211.9 Note (3) 301.8 Note (3)
YC(outer) [MPa] 161.4 Note (3) 221.5 Note (3)
SUDL [MPa] 82. Ref. [267] 82. Ref. [267]
SL(inner) [MPa] 107.7 Note (3) 153.3 Note (3)
SL(outer) [MPa] 82. Note (3) 112.6 Note (3)
SPL [MPa] 47.0 Note (4) 47.0 Note (4)
Kp [-] 0.19 Note (4) 0.21 Note (4)
(1) Inversely identified using the DENT simulations of H75 material system
(2) Assumed
(3) Calculated following Appendix B
(4) Best fitting of shear stress-strain curve of the material

Table 5.10: Interlaminar material properties.

Elastic H268 H75
Kn [N/mm3] 106 Ref. [177] 106 Ref. [177]
Strengths
τn [MPa] 45.0 Ref. [267] 45.0 Ref. [267]
τsh [MPa] 82. Ref. [267] 82. Ref. [267]
Fracture
GIc [kJ/m2] 0.45 Ref. [267] 0.3 Ref. [267]
GIIc [kJ/m2] 0.85 Ref. [267] 0.8 Ref. [267]
ηB−K [-] 2.0 Ref. [267] 2.0 Ref. [267]

5.2.2.2 Finite element analysis

Fig. 5.8 and Table 5.11 show the experimental and the predicted strengths
of the two material systems. The damage extension at the point of maximum load
of all the simulations performed is shown in Fig. 5.9, where the intralaminar dam-
age is shown in red, and the interlaminar damage is shown in blue. Except for
the smallest geometry (A), the notched strengths predicted for H75 specimens are
extremely accurate with relative errors below 5%. As expected, the model predicts
the development of a clean through-the-thickness crack, where fibre splitting is ab-
sent and only a small amount of transverse cracks develop on the outer 90◦ plies
for the smaller geometries. This is in good agreement with the damage extension
experimentally observed (Fig. 5.5).

As shown in Table 5.6, the H268 samples were simulated using two different
softening laws associated with longitudinal failure: using the fracture toughness
measured experimentally for H268 (H268-252) and using the softening law identified
for the H75 material system (H268-83). While the notched strengths predicted
for H268-252 strategy are highly overpredicted with relative errors ranging from
13% to 56%, the notched strengths predicted for H268-83 are in better agreement
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with the experimental data, even though the relative errors still range from -3% to
20%. Extensive fibre splitting is predicted using both strategies which is in good
agreement with the experimental observations (Fig. 5.5). Extensive matrix cracking
of the outer 90◦ plies is predicted for all H268-252 geometries simulated, which is
reduced in the H268-83 simulations.
Table 5.11: Experimental and numerical double edge notched tension strengths obtained for H268
and H75 carbon/epoxy material systems.

H268: Exp H268-83: Num H268-252: Num
Ref. 2w [mm] Exp. [MPa] Std. [MPa] Num. [MPa] Error (%) Num. [MPa] Error (%)
A 10 339.09 17.99 330.70 -2% 384.8 13%
B 20 308.53 11.74 297.8 -3% 373.7 21%
D 40 225.34 11.40 272.0 21% 351.7 56%
E 50 220.05 4.64 249.8 14% 340.4 54%

H75: Exp H75: Num
Ref. 2w [mm] Exp. [MPa] Std. [MPa] Num. [MPa] Error (%)
A 10 289.83 19.51 242.8 -16%
B 20 208.85 11.75 211.1 1%
D 40 164.59 1.30 172.1 5%
E 50 136.11 3.93 143.2 5%

Figure 5.8: Experimental and predicted notched strengths of H75 and H268 material systems.

Note that the in-situ shear strength plays a particularly important role in
controlling the appearance and propagation of split cracks at the vicinity of the
notches. In fact, as shown in Table 5.9, the in-plane shear strengths are around 30%
higher for the H75 material system compared to that of the H268 material system.
This leads to the appearance of split cracks on the high-grade material that results
in the redistribution of stresses and in the reduction of the stress concentration at
the vicinity of the notch that are responsible for ultimate failure of the 0◦ plies.
Contrary, for thinner plies, the stress redistribution is limited which leads to earlier
failure of the laminate.

To further validate the analysis, the energy dissipated due to in-plane shear
plasticity and due to in-plane damage propagation before final failure is computed
for all the geometry/material configurations simulated. The goal of this analysis is
to clarify whether the two laminate configurations behave similarly and/or there is
a significant effect of in-plane plasticity that renders the direct comparison between
the laminates inappropriate. The plastic work due to in-plane shear plasticity reads:
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Figure 5.9: Damage extension at the point of maximum load. Intralaminar damage is shown in red
and interlaminar damage is shown in blue.

Gp =
∫ t

0

∫
V
σ12γ̇

p
12dV dt (5.21)

where σ12 is the in-plane shear stress, and γ̇p12 is the time derivative of the plastic
strain. The energy dissipated due to in-plane shear damage reads:

Gd =
∫ t

0

∫
V

1
2G12

(
σ12

1− d6

)2
ḋ6dV dt (5.22)

where d6 is the shear damage variable and ḋ6 is the corresponding time derivative.
The dissipated energy is shown as a function of the applied displacement in Fig.
5.10 for the four geometries simulated. For the low-grade material (H75), nearly no
energy is dissipated before final failure due to in-plane damage propagation. In fact,
this is in line with the damage extension shown in Fig. 5.9, where no fibre splitting is
predicted. The energy dissipated due to in-plane plasticity evolves quadratically with
the applied displacement up to the point of final failure of the specimen. Contrary,
in the high-grade material (H268), in-plane shear damage is triggered at low applied
displacement and then evolves linearly. The energy dissipated due to in-plane shear
plasticity evolves quadratically in a first stage, while the split cracks develop, and
then evolves linearly when the split crack length stabilizes.

The direct comparison between the energy dissipation is only valid up to the
point of damage initiation, since the appearance of split cracks in the 0◦ plies in the
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high grade material severely changes the stress state from that of the purely elasto-
plastic scenario. Nonetheless, the evolution of the energy dissipated due to shear
plasticity is similar between the two material configurations and even though there
is up to 40% difference particularly in configurations D and E, this difference does
not justify the difference in the damage mechanisms and in the notched strength
reported experimentally and numerically.

(a) A (b) B

(c) D (d) E

Figure 5.10: Dissipated energy due to in-plane shear plasticity Gp and due to shear damage prop-
agation Gd as a function of the applied displacement. The dissipated energy is represented in red
for H75 and yellow for H268-83.

This analysis indicates that the intralaminar fracture toughness of the 0◦ plies
is not thickness dependant. If the combination of ply material models and modelling
strategy are defined so that the model is able to capture the full extent of damage,
particularly shear induced split cracking on the 0◦ plies, the intralaminar fracture
toughness should not vary as a function of the thickness when modelling damage
propagation at the ply mesoscale.
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5.3 Concluding remarks
The effect of ply thickness on the effective intralaminar fracture toughness was

studied by measuring the crack resistance curves associated with the longitudinal
tensile failure of composite laminates with different ply thickness. Double edge notch
tension specimens of the same material system and three different ply thicknesses
were tested to identify the size effect law required to determine the crack resistance
curves related to crack propagation. The notched strengths and the corresponding
apparent intralaminar fracture toughness were shown to vary linearly as a function of
the ply thickness. It was observed that the increase in notched strength as a function
of the ply thickness is related to the appearance of subcritical damage around the
vicinity of the notch that enables stress redistribution, and the consequent reduction
of the stress concentration.

The numerical models developed demonstrated that if the notch blunting
mechanisms are properly represented, the laminate strength is well predicted for
a constant value of the ply intralaminar fracture toughness. This supports the hy-
pothesis that these mechanisms are responsible for the higher strength observed
in the notched laminates that use thicker plies, and that the intralaminar fracture
toughness used in mesomodels should not be scaled with the ply thickness. Neverthe-
less, the laminate fracture toughness, which is a property used in strength prediction
models developed at the laminate length scale, should be measured for different ply
thickness, as this property incorporates the dissipative mechanisms that occur in
the plies, as well as the modification of the initial boundary-value problem resulting
from the subcritical splitting cracks.



Chapter 6

The effects of ply thickness and reinforcement
configuration on the strength of composite
structural details

Having elucidated the effect of the ply thickness on the fracture toughness of
the 0◦ plies, a property of fundamental importance for the strength prediction meth-
ods, it is now necessary to study in detail the performance of thin-ply composites
when used in structural details.

Extensive experimental campaigns have been carried out to evaluate the per-
formance of thin-ply laminates for different types of loading and structural details
to better understand the mechanical performance of this new type of material. It
has been shown by several authors [1, 6, 18, 19, 26] that thin-ply laminated com-
posites can suppress microcracking, delamination and splitting damage under most
loading conditions and, therefore, their failure is mostly controlled by fibre failure.
This strengthening effect that inhibits the excessive growth of cracks in off-axis plies
within a laminate is a consequence of the in-situ effect, which is characterized by
an increase in transverse and shear ply strengths in multidirectional laminates with
the decrease of ply thickness [4, 27–33].

In the absence of geometrical discontinuities, the lack of subcritical damage
in the off-axis plies and delamination within the laminate ensures the structural
integrity of thin-ply laminates until the abrupt failure of the longitudinal plies occurs.
Consequently, multidirectional thin-ply laminates have improved unnotched strength
compared to equivalent conventional grade and thick-ply laminates [1, 6, 19].

In the presence of geometrical discontinuities or discrete damage in structures
loaded in tension, the lack of progressive damage mechanisms before final failure
has the inverse effect: while in conventional thick laminates, splitting and matrix
cracking appear at the vicinity of the notches, promoting a local stress relaxation,
in thin-ply laminates, this blunting mechanism is inhibited, which means that the
stress concentration around the notch is not relaxed, leading to lower strengths
[1, 6, 18–20].

The effect of ply thickness on the performance of notched laminated struc-
tures under compressive loads is less evident since opposing effects are involved.
On one hand, thin-ply laminates have higher compressive strength consequence of
the homogeneity of the micro-structure and, therefore, are expected to have higher
compressive strength in the presence of stress concentrations. Moreover, the use
of thin plies delays subcritical damage which suppresses the development of exten-
sive matrix damage and delamination and increases the compressive stability of the
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laminates [1, 24, 26]. On the other hand, similarly to notched structures loaded in
tension, the delay of damage onset might inhibit stress redistribution around the
notch and lead to premature brittle failure of the structures [36]. Nonetheless, these
conflicting effects have been reported to generally result in an increase of the notched
compressive strength with the decrease of ply thickness.

An improved performance of thin-ply laminates when subjected to bearing
loads has also been reported by several authors [1, 18, 24] and it is generally at-
tributed to the ability of thin-ply laminates to suppress the onset and propagation
of damage mechanisms such as matrix cracking, delamination, fibre kinking and
through-thickness shear cracks.

Several experimental campaigns to assess the effect of ply thickness on the
global performance of carbon-epoxy laminated composites have been carried out
and the corresponding results have been conveniently justified and validated. De-
spite the large number of studies previously conducted on thin-ply laminates, there
is no information about the effect of geometry reinforcement and ply thickness using
a given material system. With this in mind, an extensive experimental campaign
was performed featuring nine equivalent multidirectional laminates made from uni-
directional tapes, non-crimp fabrics and spread-tow fabrics with different fibre areal
weights and the same carbon-epoxy material system. This study, will provide in-
sight into the effect of ply thickness and the effect of type of geometry reinforcement
on the damage mechanisms that dominate failure and on the ultimate strength of
multidirectional laminates.

6.1 Experimental work

6.1.1 Laminate definition

Three types of T700/M21 carbon-epoxy material systems were used in this
study: unidirectional prepreg tapes (UD), spread tow prepreg fabrics (STF) and
non-crimp fabrics (NCF). Three UD prepreg tapes with fibre areal weight (FAW) of
75g/m2, 134g/m2 and 268g/m2, two STF with FAW of 160g/m2 and 240g/m2 and
two NCF with FAW of 134g/m2 and 268g/m2 were used. 0◦ dominated hard sym-
metric multidirectional laminates similar to an industry baseline laminate (H134)
were selected following two criteria: first the laminates should have identical thick-
ness, secondly, they should have similar in-plane engineering elastic properties. In
line with other studies reported in the literature, the selection of laminates with
similar elastic properties allows a detailed comparison of the damage mechanisms
associated with failure of each laminate configuration. But, more importantly, im-
posing the laminate thickness to be equal to that of an industrial defined baseline
allows assessing the consequences of using each material grade and geometry rein-
forcement for a particular application. This design constrain is more in line with
the applicability mindset of the design process. The laminate stacking sequences are
presented in Table 6.1.

Furtado et al. [19] and Arteiro et al. [24, 270] demonstrated that selective ply-
level hybridization, where thin off-axis plies are combined with intermediate grade
0◦ plies, resulted in a globally enhanced notched behaviour under tensile loading
without compromising the unnotched and fatigue responses. The thicker 0◦ plies
were shown to promote longitudinal split cracking near the stress concentration
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Table 6.1: Stacking sequences of the specimens manufactured. The carbon-epoxy material system
used is T700/M21. The fibre areal weight (FAW) and effective FAW differ for the STF and NCF
laminates, since the FAW is given by fabric layer (two plies). $ stands for ”centre symmetric“, i.e.
the ply at the symmetry plane is not repeated.

Ref. Type FAW Effective FAW Stacking sequence
H268 UD 268g/m2 268g/m2 [45/− 45/0/90]$
H134 UD 134g/m2 134g/m2 [45/− 45/0/45/− 45/90/0]$
H75 UD 75g/m2 75g/m2 [45/− 45/0/45/− 45/90/0/45/− 45/90/0]$
H75-H1UD 75/134g/m2 75/134g/m2 [45/− 45/45/− 45/90/0134/45/− 45/90/0134]$
H75-H2UD 75/268g/m2 75/268g/m2 [45/− 45/45/− 45/90/0268/45/− 45/90]S
O240 STF 240g/m2 120g/m2 [(45/− 45)/(0/90)/(45/− 45)/(0/90)]$
O160 STF 160g/m2 80g/m2 [((45/− 45)/(0/90))2/(45/− 45)/(0/90)]$
C268 NCF 268g/m2 134g/m2 [(45/0)/(−45/90)/(22.5/− 22.5)]S
C134 NCF 134g/m2 67g/m2 [(45/0)/(−45/90)/(45/0)/(−45/90)/(45/0)/(−45/0)]S

points resulting in a more efficient stress redistribution along the loading direction
and consequent higher notched strengths compared to equivalent thin and interme-
diate grade laminates. Additionally to the traditional UD, NCF and STF laminates,
in this study, two hybrid laminates were defined, where thin transverse and off-axis
plies are combined with intermediate grade (H75-H1) and high grade plies (H75-H2).
The concept of selective ply hybridization is tested in more general loading condi-
tions, including filled-hole and open-hole compression, which were not previously
considered.

To ensure that a proper laminate characterization and that a fair compar-
ison between the material grades and type of reinforcement could be made, the
reinforcing fibres, epoxy resin, sizing and impregnation techniques used to pro-
duce the different material systems were kept constant to the greatest possible
extent. The laminates were produced and cured in an autoclave following the
manufacturer-specified cure procedure. Plain strength tension/compression, open-
hole tension/compression, filled-hole compression and bolt bearing specimens were
machined from the cured plates.

6.1.2 Comparison between the laminates

The Classical Lamination Theory was used to calculate the elastic proper-
ties of each laminate (see Table 6.3) using the ply properties shown in Table 6.2.
Note that the elastic properties vary from laminate to laminate. Particularly, the
Young’s Modulus for longitudinal tension is substantially higher for H268 and H75-
H2 compared to that of the remaining lay-ups and a variation of up to 30% (between
O160 and H268 laminates) was identified. This discrepancy is due to differences in
fibre volume fraction between the material grades and geometry reinforcements, in-
evitable differences in percentage of 0◦, 90◦ and 45◦ plies and design limitations as
a consequence of the inherent geometry of the spread-tow fabrics (equal number of
0◦ and 90◦ tows). Since the laminates are not directly comparable, the analysis con-
ducted in this work will focus not only on the strengths but also on the normalized
strengths. The normalization procedure per test method is reported in the following
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sections.

Table 6.2: Ply elastic properties.

Mat. E1 [MPa] E1c [MPa] E2 [MPa] G12 [MPa] ν12 [-]
H268 161600† 101252†† 9300† 4790† 0.36†
H134 139800† 114602†† 8900† 4590† 0.32†
H75 146100† 117930†† 8700† 4600† 0.34†
O240‡ 66909 65089 66909 4780 0.097
O160‡ 66229 63210 66229 4780 0.061
C268‡‡ 139800 114602 8900 4590 0.32
C134†‡ 146100 117930 8700 4600 0.34
† Data provided by AMADE, University of Girona [267].
†† Data obtained from the longitudinal compression tests [268].
‡ Assumed to be equal to the properties measured in Ref. [270].
‡‡ Assumed to be equal to the properties measured for H134.
†‡ Assumed to be equal to the properties measured for H75.

Table 6.3: Engineering properties of H268, H134, H75, H75-H1, H75-H2, O240, O160, C268 and
C134 lay-ups. These properties were calculated using the classical lamination theory.

Laminate Ex [MPa] Ey [MPa] Gxy [MPa] νxy [-]
H268 Tension 65987 46957 25964 0.45

Compression 43657 32119 17060 0.42
H134 (Bsl.) Tension 50827 42325 23910 0.44

Compression 43044 36113 20035 0.43
H75 Tension 53960 48267 23388 0.39

Compression 44940 40381 19365 0.38
H75-H1 Tension 53938 47740 23069 0.39

Compression 45340 40015 19113 0.38
H75-H2 Tension 65893 45330 21864 0.40

Compression 46558 38020 18048 0.38
O240 Tension 44308 44308 19475 0.40

Compression 43248 43248 18887 0.40
O160 Tension 45505 45506 19197 0.35

Compression 43649 43648 18421 0.35
C268 Tension 66766 38997 20288 0.43

Compression 55852 33321 17139 0.42
C134 Tension 65480 44804 21040 0.39

Compression 54066 37553 17519 0.38

6.1.3 Test details

The specimen geometries and test details of the plain strength tension and
compression, open-hole tension and compression, filled-hole compression and bolt
bearing tests are presented in the following points. A schematic representation of
the tests is given in Fig. 6.1.

6.1.3.1 Plain strength tension tests

Three unnotched specimens per material configuration were tested following
the ASTM D3039/D3039M test standard [271]. Specimens with a nominal width
(W ) of 25mm and a nominal length (L) of 250mm were used. The tests were
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Figure 6.1: Schematic representation of the test cases.

performed under displacement control, at a speed of 1.0mm/min, in an Instron
4208 electro-mechanical universal testing machine equipped with a 200kN load cell.
Aluminium end tabs were used in the unnotched specimens to avoid failure at the
gripping sections. Hydraulic grips with a clamping pressure of 200bar were used to
hold and apply the tensile load to the test specimen. The unnotched strengths were
obtained dividing the failure load by the cross-section of the specimen:

XT
L = P

Wt
(6.1)

where P is the maximum load and W and t are the width and thickness of the lam-
inate. To account for the differences in stacking sequence and fibre volume fraction
between the different laminates and material grades, the unnotched strengths were
normalized by the longitudinal Young’s modulus:

σN = XT
L

Ex
(6.2)

6.1.3.2 Plain strength compression tests

Three unnotched specimens per material configuration were tested following
the ASTM D6484/D6484M test standard [272]. Specimens with a nominal width
(W ) of 25mm and a nominal length (L) of 305mm were used. Only the nominal
width of the samples H268 was 36mm. The compression rig was clamped using M8
bolts fastened with a torque of 8Nm. The tests were performed under displacement
control, at a controlled speed of 1.0mm/min, in a servo-hydraulic MTS 810 testing
machine with a load capacity of 250kN, using a 250kN load cell. The unnotched
strengths were obtained dividing the failure load by the cross-section of the specimen:

XC
L = P

Wt
(6.3)

To account for the differences in stacking sequence and fibre volume fraction be-
tween the different laminates and material grades, the unnotched strengths were
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also normalized by the longitudinal Young’s modulus:

σN = XC
L

Ex
(6.4)

6.1.3.3 Open-hole tension tests

Three open-hole tension specimens per material configuration were tested fol-
lowing the ASTM D5766/D5766M test standard [273]. Specimens with a nom-
inal width (W ) of 36mm, a nominal length (L) of 250mm and a hole diameter
of 12mm were used. The tests were performed under displacement control, at a
speed of 1.0mm/min, in an Instron 4208 electro-mechanical universal testing ma-
chine equipped with a 200kN load cell. Hydraulic grips with a clamping pressure be-
tweeen 100-200bar were used to hold and apply the tensile load to the test specimen.
The unnotched strengths were obtained dividing the failure load by the cross-section
of the specimen:

σT = P

Wt
(6.5)

To account for the differences in stacking sequence and fibre volume fraction between
the different laminates and material grades, the notch sensitivity of each laminate
was compared by using the normalized notched strength [70]:

σN = σ

XL
(6.6)

where σ is the notched strength, and XL is the unnotched strength of the laminate.
The behaviour of a notched coupon is limited by two extreme scenarios:

• Notch sensitivity: the normalized notched strength of the laminate is a
function only of the stress concentration factor, KT . It corresponds to a brittle
behaviour and reads:

σS = 1
KT

(6.7)

The stress concentration factor, KT , is given as [240]:

KT = RKK
∞
T (6.8)

where the stress concentration factor of an infinite plate with a centre hole,
K∞T , is given by [240]:

K∞T = 1 +

√√√√2
(√

Ex
Ey
− νxy

)
+ Ex
Gxy

(6.9)

and the finite width correlation factor, RK , is [240]:

RK =
{

3(1− 2R/W )
2 + (1− 2R/W )3 + 1

2

(2R
W
M

)6
(K∞T − 3)

[
1−

(2R
W
M

)2
]}−1

(6.10)
and M is a geometrical parameter defined as [240]:

M2 =

√
1− 8

[
3(1−2R/W )

2+(1−2R/W )3 − 1
]
− 1

2(2R/W )2 (6.11)
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• Notch insensitivity: in this case the normalized notched strength of the
laminate is a function of the geometry of the specimen:

σI = 1− 2R
W

(6.12)

For 2R/W = 1/3, σI = 1− 2R/W = 2/3 for notch insensitivity.

Since the notch sensitivity limit varies from laminate to laminate, a notch
sensitivity ratio was defined as

η = σN − σS
σI − σS

(6.13)

η ranges from 0 to 1: the former represents notch sensitivity and the latter notch
insensitivity.

The sensitivity to the loading direction in the presence of stress concentrations
was assessed for the UD laminates (H75, H134, H268, H75-H1 and H75-H2) by test-
ing off-axis open-hole tension specimens, where the stacking sequences are rotated
30◦, 60◦ and 90◦.

6.1.3.4 Open-hole compression tests

Three open-hole compression specimens per material configuration were per-
formed following the ASTM D6484/D6484M test standard [272]. Specimens with a
nominal width (W ) of 36mm, a nominal length (L) of 305mm and a hole diameter
of 12mm were used. The compression rig was clamped using M8 bolts fastened
with a torque of 8Nm. The tests were performed under displacement control, at a
controlled speed of 1.0mm/min, in a servo-hydraulic MTS 810 testing machine with
a load capacity of 250kN, using a 250kN load cell. The unnotched strengths were
obtained dividing the failure load by the cross-section of the specimen:

σC = P

Wt
(6.14)

To account for the differences in stacking sequence and fibre volume fraction between
the different laminates and material grades, the notch sensitivity of each laminate
was compared as explained in Section 6.1.3.3.

6.1.3.5 Filled-hole compression tests

Three filled-hole compression specimens per material configuration were per-
formed following the ASTM D6742/D6742M test standard [274]. Specimens with a
nominal width (W ) of 36mm, a nominal length (L) of 305mm and a hole diameter
of 12mm were used. The compression rig was clamped using M8 bolts fastened
with a torque of 8Nm. The tests were performed under displacement control, at a
controlled speed of 1.0mm/min, in a servo-hydraulic MTS 810 testing machine with
a load capacity of 100kN, equipped with a 100kN load cell. The notched strengths
were obtained dividing the failure load by the cross-section of the specimen:

σ = P

Wt
(6.15)
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To account for the differences in stacking sequence and fibre volume fraction between
the different laminates and material grades, the filled-hole compression strengths
were normalized by the unnotched compression strength of the corresponding lami-
nate:

σN = σ

XL
C

(6.16)

6.1.3.6 Bolt bearing tests

Three bolt-bearing tests per material configuration were performed following
the ASTM D5961/D5961M test standard [275]. Specimens with a nominal hole
diameter (D) of 6mm, end distance (e) of 25mm, width (W ) of 36mm, and nominal
length (L) of 215mm were used. An M6 bolt was used with washers subjected
to a “finger-tight” clamping pressure, corresponding to a torque T=2.2Nm. The
tests were conducted in a servo-hydraulic MTS 810 testing machine with a load
capacity of 100kN, equipped with a 100kN load cell. The tests were performed
under displacement control, at a controlled speed of 1.0mm/min. The end of the
specimen far from the bearing hole was clamped using a bolted clamping rig with
six M10 bolts fastened with a torque of 55–60Nm. The bearing stress is given by:

σbr = P

Dt
(6.17)

where P is the load and D and t are the hole diameter and thickness of the laminate.
To account for the differences in stacking sequence and fibre volume fraction between
the different laminates and material grades, the bolt bearing strengths were also
normalized by the unnotched compression strength of the corresponding laminate:

σN = σbr

XL
C

(6.18)

6.1.4 Digital image correlation set-up

The digital image correlation (DIC) technique was used in this study to eval-
uate the in-plane displacement and strain fields and detect strain concentrations
corresponding to surface cracking in the unnotched and open-hole tension speci-
mens during loading. Before testing, the surface of the specimens were cleaned
using sandpaper and acetone and the specimens were sprayed with black and white
ink to generate a random distribution of granular dots required by the DIC system.

The MatchID® software was used for the acquisition and the post-processing
of the images. A single Manta G-505 camera from Allied Vision equipped with a
Nikon AF 200mm f/4 D ED IF Micro lens was used to capture the images during
loading. During the test, the optical system was positioned perpendicular to the
surface of the specimens and a light system was used to ensure an even lighting of
the specimen.

A performance analysis tool was used to carry out the proper selection of the
DIC setting parameters including subset size, subset step, strain window, correlation
criterion, shape function, and piece-wise polynomial order for the strain reconstruc-
tion. A suitable balance in between spatial resolution and accuracy was achieved
for all tested materials.
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Table 6.4: Mean strength, standard deviation and standard error obtained for the nine material
configurations.

Lam PST PSC OHT OHC FHC BEA INI BEA MAX
H268 Mean [MPa] 759 488 373 254 289 847 1060

Std. dev. [MPa] 19.4 36.4 17.6 4.1 7.7 48.2 20.3
Std. error [MPa] 11.2 21.0 10.2 2.4 4.5 27.8 11.7

H134 Mean [MPa] 653 581 302 252 310 912 1116
Std. dev. [MPa] 32.1 6.3 2.1 10.2 31.6 20.4 16.7
Std. error [MPa] 18.5 3.6 1.2 5.9 18.3 11.8 9.7

H75 Mean [MPa] 802 603 333 263 322 1102 1225
Std. dev. [MPa] 12.6 31.0 6.6 6.1 4.0 75.4 17.8
Std. error [MPa] 7.3 17.8 3.8 3.5 2.33 42.9 10.3

H75-H1 Mean [MPa] 844 602 339 264 341 - -
Std. dev. [MPa] 12.1 42.7 38.5 8.3 10.3 - -
Std. error [MPa] 7.0 24.7 22.2 4.8 5.9 - -

H75-H2 Mean [MPa] 951 665 429 281 349 - -
Std. dev. [MPa] 13.4 44.8 15.7 9.7 23.8 - -
Std. error [MPa] 7.7 25.9 9.1 5.6 13.7 - -

O240 Mean [MPa] 686 531 321 255 260 903 1100
Std. dev. [MPa] 46.0 25.2 10.4 20.5 9.8 25.7 27.6
Std. error [MPa] 25.6 14.5 6.0 11.9 5.6 14.8 15.9

O160 Mean [MPa] 719 566 334 232 306 914 1140
Std. dev. [MPa] 21.4 26.3 1.5 17.8 8.4 6.2 50.9
Std. error [MPa] 12.3 15.2 0.8 10.3 4.9 3.6 29.4

C268 Mean [MPa] - 605 416 279 315 860 1081
Std. dev. [MPa] - 4.5 20.1 10.9 33.8 48.2 32.0
Std. error [MPa] - 2.6 16.9 6.3 19.5 27.5 18.5

C134 Mean [MPa] 946 664 371 291 323 995 1116
Std. dev. [MPa] 29.1 14.3 29.4 5.7 13.3 30.0 60.0
Std. error [MPa] 16.8 8.4 11.6 3.3 7.7 17.3 34.6

6.2 Experimental Results

This experimental study is focused on the i) effect of ply thickness in UD,
STF and NCF multidirectional laminates, ii) effect of geometry reinforcement by
comparing similar grade laminates (intermediate grade and thin-ply), and iii) study
of the effect of selective ply hybridization with intermediate (previously studied
for a limited number of cases [19, 270]) and high grade material. The results are
presented per test configuration and a final discussion is presented in Section 6.3.
The conclusions drawn and presented here are based on the analysis of the load
displacement curves and corresponding laminate strengths, damage extent visible
on post mortem samples and, when available, the strain field in the outer plies
during loading obtained using DIC. The main results of the performed tests are
shown in Table 6.4.

6.2.1 Plain strength tension

The stress displacement curves obtained are shown in Fig. 6.2, the unnotched
strength of each laminate is presented in Table 6.4 and Fig. 6.3 and the representa-
tive post mortem samples are shown in Fig. 6.4.
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(a) (b)

(c) (d)

Figure 6.2: Plain strength tension stress-displacement curves of the a) H75, H134 and H268, b)
H75, H75-H1 and H75-H2, c) O160 and O240 and d) C134 laminates.

6.2.1.1 Unidirectional tape

The strength of the H134 laminate obtained is 13% lower than the unnotched
strength of the corresponding high-grade material (H268) configuration, which highly
contradicts the results previously reported in the published literature. However, no
evidence that suggests the invalidity of the tests was detected. Even though the
authors suspect the cause to be related to some manufacturing defect of these spec-
imens, the strength of the H134 laminate is shown for the sake of completeness but
will not be further commented on. The reader should address this information with
care.

Consistently with literature, the unnotched tensile strength of UD thin-ply
laminate (H75) is 9% higher than that of corresponding high grade laminate (H268)
even though the H268 laminate is stiffer in the loading direction than the H75
laminate. Thin-ply laminates have been shown to suppress subcritical damage up
to the point of ultimate failure, keeping its structural integrity and being able to
withstand higher loads than a comparable high-grade laminate. This effect is clearly
shown in Fig. 6.5 which shows the surface longitudinal strain field and longitudinal
strain measured along the edges of a representative specimen of the H268 and H75
laminates at 80%, 90% and 98% of the ultimate stress. Loss of correlation in early
stages of the test was observed for the high grade laminate (Fig. 6.5b) likely due
to out-of-plane displacement, caused by delamination propagation. Conversely, no
transverse cracks in the outer plies were observed for the thin-ply laminate loaded up
to 98% of the ultimate load. The same evidence can be observed in Fig. 6.4, which
shows representative unnotched specimens post mortem. H75 developed a brittle
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(a)

(b)

(c)

Figure 6.3: a) Summary of the ultimate unnotched tensile strengths of the nine laminates tested,
b) unnotched tensile strengths as a function of the ply thickness and c) normalized tensile strength
(by the longitudinal Young’s modulus) as a function of the ply thickness.
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Figure 6.4: Fracture planes of representative unnotched tension specimens after testing.
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type of net-section failure perpendicular to the loading direction, with limited fibre
pull-out and splitting cracks while the H268 laminate shows severe fibre splitting
cracks in the outer 45◦ plies and evidence of free-edge delamination. The appearance
of premature damage affects the structural integrity of the high-grade laminate and
leads to its early collapse, while in the low grade laminate subcritical damage is
suppressed up to ultimate failure, allowing it to withstand higher loads.

(a) H75 (b) H268

Figure 6.5: Surface longitudinal strain field and longitudinal strain measured along the edges of a
representative specimen of the a) H75 and b) H268 laminates at 80%, 90% and 98% of the ultimate
stress (in red, yellow and blue, respectively).

Analysing the effect of the selective hybridization on the unnotched tensile
strength, as observed in Refs. [19, 24, 270], the use of high-grade and intermediate
0◦ plies in a low-grade laminate does not compromise the structural integrity of
the unnotched structures under tensile loading. Even though the strength of hybrid
laminates (H75-H1 and H75-H2) is higher than that of the corresponding non-hybrid
laminate (H75), the normalized unnotched strength by the longitudinal Young’s
modulus of the three laminates is similar (see Fig. 6.3c) so it can simply be concluded
that this type of selective ply hybridization does not compromise the tensile strength
of smooth coupons. As shown in Fig. 6.6, no transverse cracks in the outer 45◦ ply
were detected at 98% of the ultimate load of the hybrid and non-hybrid thin-ply
laminate configurations. This suggests that the presence of thicker 0◦ plies does not
affect the damage suppression capabilities of the thin off-axis plies.

6.2.1.2 Spread-tow fabric

Laminates made from spread-tow fabrics of two distinct grades were tested. As
previously reported in [19, 24] for quasi-isotropic laminates, a less clear ply thickness
effect can be identified for spread tow multidirectional laminates than for UD mul-
tidirectional laminates. In fact, the mean unnotched tensile strength of the thinner
configuration, O160, is only 4% higher than the corresponding intermediate grade
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(a) H75

(b) H75-H1 (c) H75-H2

Figure 6.6: Surface longitudinal strain field and longitudinal strain measured along the edges of a
representative specimen of the a) H75, b) H75-H1 and c) H75-H2 laminates at 98% of the ultimate
stress.

material, O240. Both laminates show complex fracture sections, where splitting,
fibre pull-out and delamination between the layers can be clearly identified (Fig.
6.4). As shown in Fig. 6.7, transverse cracks at the free edge of the outer plies were
detected for the two laminate configurations, even though they develop at lower
percentage of the maximum stress for the intermediate grade configuration.

(a) O160 (b) O240

Figure 6.7: Surface longitudinal strain field and longitudinal strain measured along the edges of a
representative specimen of the a) O160 and b) O240 laminates at 80%, 90% and 98% of the ultimate
stress (in red, yellow and blue, respectively).

6.2.1.3 Non-crimp fabric

The low-grade non-crimp fabric laminate, C134, shows a similar failure section
to the H75 laminate (Fig. 6.4): fibre dominated brittle type of net-section failure
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mode, with nearly no observable damage at the ply level. The absence of subcritical
damage justifies the high unnotched strength obtained for this material system. The
corresponding intermediate grade NCF, C268, was not tested under tension, hence
the effect of ply thickness on the unnotched tensile strength cannot be assessed.
As a reference, Furtado et al. [19] studied the effect of ply thickness on quasi
isotropic laminates and concluded that the low-grade laminate exhibited 10% higher
unnotched tensile strength when compared to the intermediate grade laminate.

6.2.2 Plain strength compression

The stress displacement curves obtained are shown in Fig. 6.8, the unnotched
strength of each laminate is presented in Table 6.4 and Fig. 6.9 and the representa-
tive post mortem samples are shown in Fig. 6.10.

(a) (b)

(c) (d)

Figure 6.8: Plain strength compression stress-displacement curves of the a) H75, H134 and H268,
b) H75, H75-H1 and H75-H2, c) O160 and O240 and d) C134 and C268 laminates.

6.2.2.1 Unidirectional tape

The low grade and intermediate grade laminates (H75, H75-H1, H75-H2 and
H134) exhibited a net-section failure mode, characterized by a combination of fibre
kinking and wedge transverse fracture, whereas the H268 specimens also showed
evidence of early delamination and some surface split cracking (see Fig. 6.10).

As shown in Fig. 6.9a, the compressive strength of the smooth specimens
decreases with the increase of ply thickness. H75 laminate exhibited 4% and 24%
higher plain compressive strength than the H134 and H268 laminates respectively.
The small improvement of the unnotched strength of the H75 laminate over the H134
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(a)

(b)

(c)

Figure 6.9: a) Summary of the ultimate unnotched compressive strengths of the nine laminates
tested, b) unnotched compressive strengths as a function of the ply thickness and c) normalized
compressive strength (by the longitudinal Young’s modulus) as a function of the ply thickness.
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Figure 6.10: Fracture planes of representative unnotched compression specimens after testing.
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laminate was concluded not to be statistically representative. In fact, the normalized
strength by the longitudinal compressive stiffness (Fig. 6.9c) is approximately the
same and, moreover, both laminates developed very similar brittle failure surfaces,
suggesting that ultimate fracture is mainly controlled by failure of the longitudinal
plies. Conversely, the reduction of compressive strength exhibited by the high grade
laminate (H268) is particularly pronounced. It is clear that the use of high grade UD
plies triggers premature delamination and matrix cracks in the off-axis plies prior
to ultimate failure, which severely compromises the load carrying capability of the
laminates loaded in compression.

As shown in Fig. 6.9, the use of intermediate grade or high grade 0◦ plies
does not affect the strength of smooth specimens under compression. In fact, the
compressive strength of H75-H1 and H75-H2 laminates are 0.2% and 10% higher
than the strength of the corresponding non-hybrid laminate. Given the scatter of
the data points, typical of compressive test results of composite laminates, the mean
unnotched compressive strengths of the hybrid and non-hybrid thin-ply laminates
were concluded to be statistically equal. Nonetheless, even though the use of thicker
off-axis plies negatively affects the load carrying capability of multidirectional lam-
inates under compression, due to the lower in-situ strengths and consequent early
development of subcritical damage, using thicker 0◦ plies does not affect the com-
pressive unnotched strength of the laminates since final failure is mainly controlled
by the compressive strength of the 0◦ plies.

6.2.2.2 Spread-tow fabric

The failure section of both low and intermediate grade specimens (O160 and
O240) is characterized by a combination of complex damage mechanisms including
fibre kinking, wedge transverse fracture, delamination between the fabric layers and
surface split cracking on the outer 45◦ plies (see Fig. 6.10). Similarly to Arteiro
et al. [270], evidence of a ply thickness effect was detected for spread tow fabrics:
the laminate O160 exhibited a compressive unnotched strength 7% higher than the
laminate O240. However, this effect is less pronounced than that observed by Arteiro
[24], who reported an 18% improvement on the unnotched compressive strength of
a low grade STF laminate when compared to an intermediate grade STF laminate.
Arteiro et al. [270] attributed this effect to the higher uniformity and lower fibre
waviness/crimp angles of the spread-tow yarns of the 160g/m2 STF, and consequent
delay of micro-instabilities in the fibre direction.

6.2.2.3 Non-crimp fabric

The failure section of both low and intermediate grade specimens (C134 and
C268) is characterized by a complex combination of damage mechanisms includ-
ing fibre kinking and wedge transverse fracture (see Fig. 6.10). No signs of early
delamination and split cracking were identified. A clear ply thickness effect was
also detected for non-crimp fabric laminates, where the thin-ply laminate (C134)
exhibited a 10% increase in the unnotched compressive strength when compared to
the corresponding intermediate grade laminate (C268). However, it is important to
note that the lower unnotched compressive strength of the C268 laminate can in
part be attributed to the presence of higher mismatch angles of 67.5◦ between the
90◦ and 22.5◦ plies in this laminate, which can trigger delamination propagation and
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consequently affect the stability of the laminate.

6.2.3 Open-hole tension

The stress displacement curves obtained are shown in Fig. 6.11, the unnotched
strength of each laminate is presented in Table 6.4 and Fig. 6.12 and the represen-
tative post mortem samples are shown in Fig. 6.13.

(a) (b)

(c) (d)

Figure 6.11: Open-hole tension stress-displacement curves of the a) H75, H134 and H268, b) H75,
H75-H1 and H75-H2, c) O160 and O240 and d) C134 and C268 laminates.

6.2.3.1 Unidirectional tape

The H75 laminate exhibited a brittle type of net-section failure mode, where
transverse cracking, matrix/fibre split cracks and delamination are nearly absent (see
Fig. 6.13). Additionally, as shown in Fig. 6.14c, no strain localization near the hole
can be identified up to 98% of the maximum load. As previously reported in Refs.
[1, 6, 19, 24] for thin-ply laminates, macroscopic cracks originating from the edge
of the hole clearly develop and propagate in a plane perpendicular to the loading
direction, regardless of the ply orientation. The H134 specimens presented a more
diffuse failure mode. Even though damage mostly propagates perpendicularly to
the loading direction, triangular shaped delaminations and splitting cracks tangent
to the free edge of the hole can be observed in the outer 45◦ layers. The H268
specimens presented a more complex failure mode dominated by matrix failure and
fibre pull-out. Extensive fibre splitting and triangular shaped delamination in all
off-axis plies can be observed. This is an indication that the off-axis plies have
failed and separated from the 0◦ plies prior to the ultimate failure of the specimen
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(a)

(b)

(c)

Figure 6.12: a) Summary of the notched tensile strengths of the nine laminates tested, b) notched
tensile strengths as a function of the ply thickness and c) notch sensitivity ratio as a function of
the ply thickness.
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Figure 6.13: Fracture planes of representative open-hole tension specimens after testing.
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and therefore, that the specimens loose their structural integrity before final failure
[1, 19, 24]. This is clearly visible in Fig. 6.14a, where the appearance of transverse
cracks was detected at loads as low as 80% of the ultimate load, together with
transverse cracks/delamination near the free-edge. As previously suggested [18, 276]
and as shown in Fig. 6.12c, the notch sensitivity decreases with the increase of ply
thickness. This is the result of the damage suppression capability typically observed
in thin-ply laminates, which inhibits stress redistribution. Nevertheless, it should be
noted that the damage suppression leads to a closer first and last ply failure loads,
which, for instance, improves fatigue behaviour [1, 6, 19]. This can potentially lead
to an increase in the design stress used for notched configurations.

(a) H268 (b) H134

(c) H75

Figure 6.14: Surface longitudinal strain field and longitudinal strain measured along the edges of
the hole of a representative specimen of the a) H268, b) H134 and c) H75 laminates at 80%, 90%
and 98% of the ultimate stress (in red, yellow and blue, respectively).

The hybrid laminates showed a more diffuse failure mode, similar to the in-
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termediate grade laminate (see Fig. 6.13). Triangular shaped delamination and
splitting cracks tangent to the free edge of the hole can be observed in some 45◦ lay-
ers, however, no strain localization was observed before final failure (see Fig. 6.15)
and failure seems to still be dominated by fracture of the longitudinal plies. Despite
presenting different failure sections, H75-H1 exhibited a similar notched strength
and similar notch sensitivity to the H75 laminate. H75-H2 laminate shows a 29%
increase in notched strength and significantly lower notch sensitivity when compared
to the H75 laminate. Furtado et al. [19] concluded that the use of thicker 0◦ plies
embedded in a laminate with thin off-axis plies triggered the appearance of split
cracks in the 0◦ plies. These promote stress redistribution around the hole, without
compromising the integrity of the off-axis plies, which results in an increase on the
tensile notched strength when compared to the respective non-hybrid laminates. In
this work, this strengthening effect does not seem to be as clearly demonstrated. No
clear evidence of split cracking on the 0◦ plies was observed from the analysis of the
broken specimens and all specimens were tested up to failure, hence no information
regarding the damage state up to that point is available. An analysis on standard
specimens with width to hole diameter ratios of W/d = 6 and a study of the size
effect on the notched strength on these laminates could further clarify the effect of
ply hybridization on the notched strength.

(a) H75

(b) H75-H1 (c) H75-H2

Figure 6.15: Surface longitudinal strain field and longitudinal strain measured along the edges of
the hole of a representative specimen of the a) H75, b) H75-H1 and c) H75-H2 laminates at 98% of
the ultimate stress.

6.2.3.2 Spread-tow fabric

As shown in Fig. 6.13, both spread tow fabric laminates show a fibre-dominated
pull-out failure mode after testing, where fibre/matrix splitting and triangular shaped
delamination between some spread tow plies can be observed. As shown in Fig. 6.16,
during loading, strain localization near the hole is observed for both configurations,
however, they appear in an earlier stage for the intermediate grade configuration,
accompanied by out of plane displacement that suggests delamination propagation
around the hole. However, despite slight differences in damage propagation, contrary
to the results reported by Furtado et al. [19] but following the tendency identified
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by Arteiro at el. [270], no significant ply thickness effect in the spread tow fabric
laminates was detected: both the notched strength and notch sensitivity of the two
material configurations is equivalent as shown in Fig. 6.12.

(a) O160 (b) O240

Figure 6.16: Surface longitudinal strain field and longitudinal strain measured along the edges of
the hole of a representative specimen of the a) O160 and b) O240 laminates at 80%, 90% and 98%
of the ultimate stress (in red, yellow and blue, respectively).

6.2.3.3 Non-crimp fabric

As shown in Fig. 6.13 and similarly to H75 specimens, a brittle net-section
type of failure mode characterize the failure of the C134 specimens. In fact, no
strain discontinuity was observed during loading in the vicinity of the hole. As
shown in Fig. 6.17, in C268 specimens, cracks around the hole develop early, at
loads lower than 80% of the ultimate failure load. These justify the higher notched
strength obtained for this configuration. The development of subcritical damage
near notches has been shown to reduce the stress concentration in that region,
increasing the load carrying capability of the structure. The ply thickness effect
determined for this material configuration is in line with the ply thickness effect
reported by other authors [6, 18, 19, 24] for notched structures loaded in tension.
The notch sensitivity ratio was computed for both laminates. Note that since the
unnotched tensile strength of the C268 laminate was not available, the strength
of the C134 laminate was considered to estimate the notch sensitivity ratio (Fig.
6.12c). Nonetheless, in line with the UD laminates, the notch sensitivity decreases
with the increase of ply thickness.
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(a) C134 (b) C268

Figure 6.17: Surface longitudinal strain field and longitudinal strain measured along the edges of
the hole of a representative specimen of the a) C134 and b) C268 laminates at 80%, 90% and 98%
of the ultimate stress (in red, yellow and blue, respectively).

6.2.3.4 Off-axis open-hole tension

The sensitivity to the loading direction in the presence of stress concentrations
of the UD laminates was assessed by testing off-axis open-hole tension specimens,
where the stacking sequences are rotated 30◦, 60◦ and 90◦. The notched strength vs
off-axis angle are summarized in Table 6.5 and Fig. 6.18. This analysis is particularly
important for the hybrid laminates: the intermediate grade and high grade 0◦ plies
that have been shown to promote fibre splitting, and to be beneficial to improve
the notched behaviour of thin-ply laminates are gradually converted into thick off-
axis plies as the laminate rotates, which can trigger matrix cracking and, therefore,
compromise the mechanical performance of the laminates. Note that the notch
sensitivity ratio was not determined for the rotated laminates since the unnotched
strength was not measured experimentally.

As shown in Fig. 6.18, regarding the ply grade, the low-grade and intermediate
grade laminates (H75 and H134) have similar sensitivity to the loading direction.
Even though the laminates are 0◦ dominated, the loading direction has little influence
on the notched strength of these laminates (the strength decreases around 10%).
Contrary, the high-grade laminate is less robust as the notch strength decreases
up to 30% which can compromise its interest for some more general applications,
especially considering that the design strength should be lower than the ultimate
strength since the laminate is already damaged at relatively low applied loads.

For the hybrid laminates, the H75-H1 laminate has similar robustness to the
H75 laminate for this notch configuration. For this notched geometry, the inter-
mediate grade 0◦ plies do not seem to promote fibre splitting and consequently do
not lead to the higher notched strength as expected and previously reported by
other authors [19, 24, 270]. Similarly, its sensitivity to the loading direction is not
compromised. The robustness of the laminate should be tested for other notched



150
Chapter 6. The effects of ply thickness and reinforcement configuration on the

strength of composite structural details

Table 6.5: Mean strength, standard deviation and standard error obtained of the open-hole off-axis
tests.

Lam 0◦ 30◦ 60◦ 90◦

H268 Young’s Modulus [GPa] 65.99 68.83 56.82 46.96
Mean strength [MPa] 373 368 311 260
Std. deviation [MPa] 17.6 3.2 28.7 15.0
Std. error [MPa] 10.2 1.86 16.6 8.66

H134 Young’s Modulus [GPa] 50.83 58.34 52.31 42.32
Mean strength [MPa] 302 320 305 284
Std. deviation [MPa] 2.1 6.7 13.1 4.2
Std. error [MPa] 1.2 3.9 3.4 5.5

H75 Young’s Modulus [GPa] 53.96 58.73 55.18 48.27
Mean strength [MPa] 333 334 301 302
Std. deviation [MPa] 6.6 5.9 9.5 5.2
Std. error [MPa] 3.8 3.4 5.5 5.2

H75-H1 Young’s Modulus [GPa] 53.94 58.26 54.45 47.74
Mean strength [MPa] 339 345 298 315
Std. deviation [MPa] 38.5 10.1 7.3 52.7
Std. error [MPa] 22.2 5.8 4.2 30.4

H75-H2 Young’s Modulus [GPa] 65.89 60.79 50.50 45.55
Mean strength [MPa] 429 318 248 238
Std. deviation [MPa] 15.7 2.1 2.7 22.7
Std. error [MPa] 9.1 1.2 1.5 13.1

Figure 6.18: Notched strength as a function of the loading direction.

configurations.
Conversely, the H75-H2 laminate has a very high sensitivity to the loading

direction (the notched strength decreases 45% as the laminate is rotated). The low
grade 0◦ plies, that contribute to the high notched strength at 0◦, gradually become
thick off-axis and 90◦ plies with low resistance to the appearance of transverse cracks
as the laminate is rotated. Hybrid laminates are therefore interesting for applications
where the loading direction is highly oriented, but it should be taken into account
that even small deviations in the loading direction can severally compromise the
performance of the structures.

6.2.4 Open-hole compression

The stress displacement curves obtained are shown in Fig. 6.19, the unnotched
strength of each laminate is presented in Table 6.4 and Fig. 6.20 and the represen-
tative post mortem samples are shown in Fig. 6.21.
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(a) (b)

(c) (d)

Figure 6.19: Open-hole compression stress-displacement curves of the a) H75, H134 and H268, b)
H75, H75-H1 and H75-H2, c) O160 and O240 and d) C134 and C268 laminates.

6.2.4.1 Unidirectional tape

As shown in Fig. 6.20, nearly no effect of the ply thickness under notched com-
pression was detected. In fact, the notched strength of the low-grade laminate and
high-grade laminates are only 4% and 1% higher than that of the baseline laminate
(H134), respectively. Additionally, nearly no considerable discrepancy in notch sen-
sitivity was detected for the low and intermediate grade laminates. The high grade
laminate exhibited a significantly lower sensitivity to the presence of stress concen-
trations, however, this can also be related to the lower unnotched strength reported
for this material. All the non-hybrid laminates exhibited a similar type of net-section
failure mode characterized by a combination of fibre kinking and transverse fracture.
All samples were tested up to ultimate failure and, therefore, the damage evolution
was not analysed. Following the lack of ply thickness effect exhibited for these ma-
terial systems, the selective ply hybridization did not significantly affect the notch
compressive strength and notch sensitivity of the open-hole compression specimens.

6.2.4.2 Spread-tow fabric

Arteiro et al. [270] tested two symmetric laminates of 160g/m2 and 240g/m2

spread tow fabrics under open-hole compression and reported that the lower grade
laminate exhibited a 7.4% higher notched strength when compared to that of the
intermediate grade laminate. The author reported that failure of the thin-ply lami-
nate was dominated by fibre kinking while a more complex combination of damage
mechanisms, where fibre kinking, wedge transverse fracture and fibre splitting was
observed for the intermediate grade laminate. The improved compressive response
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(a)

(b)

(c)

Figure 6.20: a) Summary of the notched compressive strengths of the nine laminates tested, b)
notched compressive strengths as a function of the ply thickness and c) notch sensitivity ratio as a
function of the ply thickness.
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Figure 6.21: Fracture planes of representative open-hole compression specimens after testing.
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of the thin-ply laminate was attributed to the better uniformity of the tows and con-
sequent lower fibre waviness and smaller crimp angles which delay micro-instabilities
in the fibre direction.

In this study, an inverse trend was observed, where the mean notched strength
of the thin-ply laminate is 9% lower than the notched strength of the intermediate
grade laminate (see Fig. 6.20). However, given the scatter of the experimental
results, the mean notched strengths were concluded not to be statistically different
(by means of the Welch T-test, with a p-value of 0.05). As shown in Fig. 6.21,
the fracture surfaces of the two specimen configurations are similar, exhibiting a
combination of fibre kinking and wedge transverse fracture. Given the inconsistency
of the results reported in this study and those reported by Arteiro et al. [270], the
ply thickness effect of spread-tow fabric laminates under notched compression should
be further clarified, for instance by means of analysing the size effect [34, 35, 277]
(i.e. the change in notched strength as a function of the hole diameter for constant
width-to-hole diameter ratios) for the two configurations.

6.2.4.3 Non-crimp fabric

Arteiro et al. [18] studied the effect of the ply thickness on the compressive
notched response of non-crimp fabric laminates. The authors concluded that, simi-
larly to structures loaded in tension, when intermediate grade plies are used, damage
develops around the notch in earlier stages of the test. However, the effect of ply
thickness on the notched compressive strength was unclear, given the scatter of the
experimental results and of the contradictory results obtained for different specimen
sizes.

In this study and as shown in Fig. 6.20, even though the notched strength of
the low grade laminate is 4% higher than that of the intermediate grade laminate,
the difference is not statistically representative. The strain field of the outer plies was
not evaluated for this test configuration and therefore, it was not possible to assess
the damage extension at the notch vicinity before final failure. However, following
the results for notched tension of the non-crimp fabric laminates (Fig. 6.17) and
Ref. [18], it is likely that more extensive subcritical damage develops near the notch
in the intermediate grade laminate. However, the notched compressive strength of
the laminates is not affected. It should be taken into account that the maximum
mismatch angle is different in the intermediate grade and thin-ply laminate (67.5◦
vs 45◦, respectively).

6.2.5 Filled-hole compression

Typically, there is an enhancement of the filled hole strength vs the open-hole
compression strength of a specimen with the same dimensions because there is an
additional load path through the bolt/pin. This reduces the load that is carried
around the hole and consequently reduces the stress concentration at the vicinity
of the hole. The filled hole strength is influenced by the fastener-hole clearance,
laminate stiffness, friction between the bolt and laminate surfaces, bolt preload,
bolt material, among others [278]. In this work, only pin filled-hole compression
tests were performed. The notched strength of each laminate is presented in Table
6.4 and Fig. 6.24 and the stress-displacement curves are shown in Fig. 6.22. Note
that in some curves, a plateau is visible at around 150MPa. Since the stiffness of the
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specimen is not altered and the ultimate strength of these specimens reaches values
similar to those of the remaining specimens of the same configuration, this plateau
was attributed to end crushing of the top of the specimens/initial slippage and the
tests were considered valid.

(a) (b)

(c) (d)

Figure 6.22: Filled-hole compression stress-displacement curves of the a) H75, H134 and H268, b)
H75, H75-H1 and H75-H2, c) O160 and O240 and d) C134 and C268 laminates.

6.2.5.1 Unidirectional tape

All the laminate configurations exhibited compressive failure across the centre
of the hole, characterized by 0◦ ply dominated kinking. Limited split cracks in the
outer plies and delamination between the plies are also visible. Representative post
mortem specimens are shown in Fig. 6.23. As shown in Fig. 6.24, even though the
strength of the low grade (H75) and intermediate grade (H134) laminate are similar,
the filled-hole compression strength of the high grade laminate (H268) is 10% lower
than that of the low grade laminate. Since failure of this type of specimens is
controlled by localized compressive failure, this decrease can be attributed to the
fact that the compressive strength of the high-grade laminate is significantly lower
than that of the remaining laminates, since failure is mainly controlled by matrix
cracking and delamination.

For the hybrid laminates, in line with the remaining test results, the H75-
H1 laminate has similar behaviour to the H75 laminate for this test configuration,
with a 6% increase in maximum strength. The H75-H2 laminate exhibited a 8%
increase in notched strength. However, it is interesting to note that, for both hybrid
configurations, the maximum strength corresponds to the first load drop, while
for the thin-configuration, the maximum load is generally taken after load pick up
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Figure 6.23: Fracture planes of representative filled-hole compression specimens after testing.
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(a)

(b)

(c)

Figure 6.24: a) Summary of the filled-hole compressive strengths of the nine laminates tested, b)
filled-hole compressive strengths as a function of the ply thickness and c) normalized compressive
strength (by the unnotched compressive strength) as a function of the ply thickness.
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consequence of the crushing ahead of the pinned area (Fig. 6.22b). This suggests
that, in fact and similarly to the results reported by Arteiro et al. [24, 270] for other
hybrid configurations, the thicker 0◦ plies provide additional stability to the laminate
ahead of the pinned area while the thin-off axis plies delay the onset and propagation
of matrix-dominated damage, resulting in an improved resistance. More tests for
other filled-hole geometry configurations should be performed to further clarify this
effect.

6.2.5.2 Spread-tow fabric

Both spread tow fabric laminates exhibited compressive failure across the cen-
tre of the hole, characterized by 0◦ ply dominated kinking with clear fibre split cracks
in the outer 45◦ plies and delamination between the spread-tow layers. Representa-
tive post mortem specimens are shown in Fig. 6.23. Contrary to the remaining test
cases, a ply thickness effect for the spread-tow fabric laminates was detected under
filled-hole compression. In fact, the intermediate grade laminate (O240) exhibited
a 20% lower ultimate strength than the thin-ply laminate (O160). Since final fail-
ure is mainly controlled by localized compressive failure, this decrease in ultimate
strength can be partly attributed to the fact that the compressive strength of the
intermediate-grade laminate is lower than that of the thin-ply laminate. Contrary
to the UD and NCF laminates, for this reinforcement geometry, the load does not
further increase after the first load drop. This can be consequence of the fact that
the laminates are less 0◦ dominated than the remaining laminates and therefore,
have worse compressive stability.

6.2.5.3 Non-crimp fabric

Both non-crimp fabric laminates also exhibited compressive failure across the
centre of the hole, characterized by 0◦ ply dominated kinking. Representative post
mortem specimens are shown in Fig. 6.23. The notched strength of both laminates
is the same. Both material grades present very similar behaviour and strengths, not
taking into account the non-linearities around 150MPa for the C268 laminate that
were attributed to end crushing. The post mortem analysis of the specimens show
very similar damage mechanisms for both laminate configurations, however, more
pronounced cracking in the outer 45◦ plies is observed for the higher grade laminate.
It is interesting to note that, although the C268 laminate presents a lower unnotched
compressive strength, the same is not observed in the FHC and OHC tests, resulting
in higher normalized strengths.

6.2.6 Bolt bearing

The stress-displacement curves are presented in Fig. 6.25. The definition
of bearing stress is still unclear depending on the author and application. Several
bearing strengths can be defined, including:

• First non-linearity: this is a conservative value of the bearing load carrying
capability. It generally corresponds to the damage initiation/first ply failure
and the load usually increases before final failure of the specimen.
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• First load drop: the bearing stress at this point is governed by the propagation
of matrix shear cracks and fibre kinking corresponding to the last-ply failure.

• Ultimate strength: corresponds to the collapse of the joint and is typically
followed by a large load drop. Characterized by high permanent deformation
of the hole and extensive damage near the bolt region.

(a) (b)

(c)

Figure 6.25: Bearing stress-displacement curves of the a) H75, H134 and H268, b) O160 and O240
and c) C134 and C268 laminates.

In this work, the first load drop and ultimate strength are defined. The bearing
strengths of each laminate is presented in Table 6.4 and Fig. 6.27.

6.2.6.1 Unidirectional tape

All the specimens exhibited bearing failure modes as expected, characterized
by localized compressive damage at the vicinity of the loaded hole. Representative
post mortem specimens are shown in Fig. 6.26. As the ply thickness increases, the
more complex are the failure sections, characterized by more extensive delamination
in the vicinity of the hole, matrix cracks and fibre splitting in the outer plies. As
shown in Fig. 6.27, with the increase in ply thickness, both the bearing load corre-
sponding to the first load drop and the ultimate bearing load decrease significantly.
In fact, the thin-ply laminate exhibited a 21% and 10% higher initiation and max-
imum bearing stress when compared to the baseline laminate (H134), respectively.
In agreement with this, the thick-ply laminate exhibited a 7% lower strength corre-
sponding to the first load drop and 5% lower ultimate strength than the baseline.
As previously reported by other authors [1, 18], thin-ply laminates have improved
bearing resistance, both to damage initiation and to damage growth when compared



160
Chapter 6. The effects of ply thickness and reinforcement configuration on the

strength of composite structural details

Figure 6.26: Fracture planes of representative bolt-bearing specimens after testing.
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(a)

(b)

(c)

Figure 6.27: a) Summary of the bearing strengths of the nine laminates tested, b) bearing strengths
as a function of the ply thickness and c) normalized bearing strengths (by the unnotched compressive
strength) as a function of the ply thickness.
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to standard and thick-ply laminates. This improvement is attributed to the damage
suppression capability of thin-ply laminates, consequence of higher in-situ strengths,
and more efficient ply constraining.

The bearing resistance of the hybrid laminates was not assessed in this study.
However, as reference, Arteiro et al. [24, 270] showed that combining intermediate
grade 0◦ plies with thin transverse and off-axis plies resulted in an improved bearing
resistance compared to that of an equivalent thin-ply laminate. The thin off-axis
plies delay the onset and propagation of matrix-dominated damage and the thicker
0◦ plies provided additional stability to the laminate below the bolt/washer assem-
bly resulting in an improved bearing resistance, also confirmed in the filled-hole
compression tests carried out in this study (Section 6.2.5.1).

6.2.6.2 Spread-tow fabric

Both spread tow fabric laminates exhibited bearing failure modes, character-
ized by localized compressive damage at the vicinity of the loaded hole. Representa-
tive post mortem specimens are shown in Fig. 6.26. No relevant difference between
the failure modes (Fig. 6.26) of the laminates was observed. Since the govern-
ing failure mechanisms of the two configurations are similar, the bearing response
is equivalent. It is worth noting that the effective ply thickness of both material
grades is less disparate than the ply thicknesses used in previous studies [1, 18] and
both fabrics were obtained by tow spreading which ensures good homogeneity of the
plies [24].

6.2.6.3 Non-crimp fabric

As shown in Fig. 6.26, the specimens of both material grades exhibited bearing
failure modes, characterized by localized compressive damage at the vicinity of the
loaded hole. The intermediate grade laminate exhibited a slightly more complex
damage surface, where split cracks in the outer plies were more clearly visible. As
shown in Fig. 6.27, the thin-ply laminate (C134) exhibited 16% higher stress at the
first load drop but equivalent ultimate bearing strength.

6.3 Discussion

In this section, a summary of the more relevant conclusions is presented. The
effect of the ply thickness, the effect of ply thickness hybridization and the effect
of the ply reinforcement configuration on the global response of the material is
presented in Sections 6.3.1, 6.3.2 and 6.3.3, respectively.

6.3.1 Effect of ply thickness on the global response of the material

6.3.1.1 Unidirectional tape

Generally speaking, the low grade material (H75) exhibited brittle failure un-
der tension and compression, with little evidence of premature damage prior to
ultimate failure (only assessed under tensile loading from the strain field in the
outer plies). The intermediate grade laminate (H134) presented some evidence of
premature damage at the free edge in the smooth coupons loaded in tension and
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at the vicinity of the hole in notched specimens. The high-grade laminate (H268)
showed matrix dominated failure under tension and compression, with clear evidence
of early delamination and matrix cracking under tensile loading.

As shown in Fig. 6.28, an overall improvement of the material behaviour with
the decrease of ply thickness was observed with two exceptions: no ply thickness
effect was detected for notched specimens loaded in compression (OHC) and, as
previously reported in literature, the high-grade laminate (H268) exhibit a higher
notched tensile strength when compared with low-grade laminate (H75). However,
evidence of premature damage was reported for the tensile case. Moreover, H268
laminate presented a high sensitivity to the loading direction, which can compromise
the performance of the laminate for some applications.

As expected and as presented in Fig. 6.28b (OHT), the thinner material config-
uration presented a higher notch sensitivity under tensile loading, i.e. a more brittle
behaviour. In fact, as previously mentioned, the suppression of premature damage
inhibits the stress redistribution and leads to a lower strength of the laminate. How-
ever, it should also be taken into account that the unnotched tensile strength of the
intermediate grade laminate (H134) is particularly low, and consequently, its notch
sensitivity ratio might be over predicted.

(a) (b)

Figure 6.28: a) Strengths and b) normalized strengths of the non-hybrid laminates made from unidi-
rectional tape. Note that PST and PSC are normalized by the tensile and compressive longitudinal
Young’s moduli, respectively, BEA MAX, BEA INI and FHC are normalized by the PSC and the
notch sensitivity ratio is presented for OHT and OHC. H134 is used as baseline.

Even though the behaviour under fatigue loading was not studied in this work,
it is important to take into account that thin-ply laminates, being able to suppress
the appearance of early damage even when subjected to high loads, have clear ad-
vantages under cyclic loading [6, 19].

6.3.1.2 Spread-tow fabric

As shown in Fig. 6.29, regarding the ultimate strengths, nearly no ply thick-
ness effect on the material response was detected, except under filled-hole compres-
sion. For all the test configurations, both thin and intermediate grade laminates
exhibited similar complex fracture sections where splitting, fibre pull-out and some
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delamination between the plies are visible. Under tension, premature damage was
detected for both material grades but it developed in earlier stages of the tests in
the high-grade laminate.

As previously pointed out [24], the material grades used in this study have
quite similar effective ply thickness and were both obtained by tow spreading which
guarantees good uniformity of the plies. A more pronounced thickness effect is
expected for thinner and thicker spread tow fabrics, particularly if, as a result, the
crimp angles and waviness of the tows significantly increase.

(a) (b)

Figure 6.29: a) Strengths and b) normalized strengths of the spread tow fabric laminates. Note
that PST and PSC are normalized by the tensile and compressive longitudinal Young’s moduli,
respectively, BEA MAX, BEA INI and FHC are normalized by the PSC and the notch sensitivity
ratio is presented for OHT and OHC. H134 is used as baseline.

6.3.1.3 Non-crimp fabric

The C134 laminate exhibited more brittle failure sections, similar to those
of the H75 laminate. The corresponding intermediate grade laminate (C268) also
exhibited fibre dominated failure but some evidence of fibre splitting, pull-out and
little evidence of delamination was also detected. As shown in Fig. 6.30, overall the
low-grade laminate (C134) exhibited higher ultimate strengths than the correspond-
ing intermediate grade laminate (C268) except for the notched tension strength due
to the appearance of subcritical damage at the vicinity of the notch in the latter.
As reported in Refs. [6, 18, 19, 24], in structures with stress concentrations loaded
in tension, the appearance of cracks at the vicinity of the notch leads to stress redis-
tribution and consequent increase of the ultimate strength. The thin-ply laminate
(C134) has an overall more consistent behaviour, even though the effect of ply thick-
ness is not highly pronounced for this reinforcement geometry. It is important to
take into account that the stacking sequence may have a significant influence on the
performance, since the C268 laminate has a higher mismatch angle between plies
than the C134 laminate. As typically observed, the intermediate grade laminate is
more insensitive to the presence of stress concentrations (see OHC and OHT in Fig.
6.30b). However, it should be taken into account that premature damage develops
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around the notch for this material grade (only evaluated in this study under OHT)
which can have negative repercussions under fatigue loadings.

(a) (b)

Figure 6.30: a) Strengths and b) normalized strengths of the non-crimp fabric laminates. Note
that PST and PSC are normalized by the tensile and compressive longitudinal Young’s moduli,
respectively, BEA MAX, BEA INI and FHC are normalized by the PSC and the notch sensitivity
ratio is presented for OHT and OHC. H134 is used as baseline.

6.3.2 Effect of ply hybridization on the global response of the ma-
terial

The non-hybrid and corresponding hybrid laminates all exhibited similar brit-
tle failure under tension and compression. As shown in Fig. 6.31, contrary to
Furtado et al. [19] and Arteiro et al. [24, 270] findings, the strengthening effect
of selective hybridization with intermediate grade plies was not as clearly demon-
strated. In fact, the non-hybrid (H75) and the H75-H1 hybrid laminate exhibited
very similar performances in all the test cases. Conversely, an overall improvement of
the strengths was obtained for H75-H2, particularly under notched tension (OHT).
However, it is also important to note that the H75-H2 laminate is highly sensitive to
the loading direction when compared to H75, which can compromise its behaviour
in some structural applications.

The bearing performance of the hybrid laminates was not studied here. Arteiro
et al. [270] reported that the use of blocked 0◦ plies effectively delayed the onset and
propagation of localised compressive damage when compared to the use of dispersed
0◦ plies. It was concluded that the thicker 0◦ plies provide additional stability in
the bolted area that resulted in an overall improvement of the bearing response. A
similar behaviour would be expected for the laminate configurations presented in
this study.
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(a) (b)

Figure 6.31: a) Strengths and b) normalized strengths of the hybrid laminates made from unidirec-
tional tapes. Note that PST and PSC are normalized by the tensile and compressive longitudinal
Young’s moduli, respectively, BEA MAX, BEA INI and FHC are normalized by the PSC and the
notch sensitivity ratio is presented for OHT and OHC. H75 is used as baseline.

6.3.3 Effect of the reinforcement configuration on the global re-
sponse of the material

6.3.3.1 Thin-ply laminates

In this section, a comparison between the mechanical performance of the thin-
ply laminates made of unidirectional tape (H75), spread-tow fabric (O160) and non-
crimp fabric (C134) is made (see Fig. 6.32). Generally speaking, H75 and C134 lam-
inates presented a brittle failure in all test configurations with nearly no evidence of
premature damage prior to ultimate failure. The UD laminate exhibited an overall
more consistent behaviour, particularly when accounting for the different laminate
configurations, i.e. the normalized strengths (see Fig. 6.32b). The non-crimp fabric
laminate (C134) exhibited higher plain strength and notched strength, but slightly
worse mechanical performance in bolted/pinned connections. The spread-tow fabric
laminate exhibited complex failure sections with diffuse damage in all test configu-
rations and slightly lower strengths than the UD laminate in all test configurations.
However, taking into account the design constrains (the % of 0◦/90◦ and +45◦/-45◦
is the same given the ply morphology), the global performance of the laminates is
particularly interesting, especially considering it is easier to handle during manufac-
turing than UD laminates.

6.3.3.2 Intermediate grade laminates

The mechanical performance of the intermediate grade laminates (H134, C268
and O240) is analysed in this section (see Fig. 6.33). The UD laminate presented a
semi-brittle failure section, characterized by diffuse damage where some delamina-
tion and fibre splitting were visible after final failure. The O240 laminate exhibited
more complex failure sections typically observed in spread tow fabric laminates,
consequence of the cross-ply reinforcement configuration.

Consistently with the thinner material grade, the UD laminate exhibited an
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(a) (b)

Figure 6.32: a) Strengths and b) normalized strengths of the thin-ply laminates. Note that PST and
PSC are normalized by the tensile and compressive longitudinal Young’s moduli, respectively, BEA
MAX, BEA INI and FHC are normalized by the PSC and the notch sensitivity ratio is presented
for OHT and OHC. H75 is used as baseline.

overall more consistent behaviour. However, it is important to take into account that
the unnotched tensile strength of the UD laminate (H134) is particularly low, and
consequently, the notch sensitivity ratio might be over predicted. The non-crimp fab-
ric laminate exhibited an overall better performance and particularly higher notched
tensile strength. Note that the notch sensitivity ratio of the C268 laminate was per-
formed assuming that the unnotched tensile strength of the laminate was equal to
that of the C134 laminate. Similarly to the thinner configuration, the spread-tow
fabric laminate exhibited complex failure sections with diffuse damage in all test
configurations. Despite the design constrains (the % of 0◦/90◦ and +45◦/-45◦ is the
same given the ply morphology), the spread tow fabric laminate exhibited a similar
behaviour to that of the industry defined baseline.

(a) (b)

Figure 6.33: a) Strengths and b) normalized strengths of the intermediate grade laminates. Note
that PST and PSC are normalized by the tensile and compressive longitudinal Young’s moduli,
respectively, BEA MAX, BEA INI and FHC are normalized by the PSC and the notch sensitivity
ratio is presented for OHT and OHC. H134 is used as baseline.
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6.4 Concluding remarks

An extensive experimental test campaign was performed, featuring nine equiv-
alent 0◦ dominated hard multidirectional laminates made from unidirectional tapes,
non-crimp fabrics and spread-tow fabrics with fibre areal weights ranging from
67g/m2 to 268g/m2 and the same carbon-epoxy material system. Standard struc-
tural details including plain strength tension/ compression, open-hole tension/ com-
pression, filled-hole compression and bolt-bearing specimens were tested up to failure
with the goal of clarifying i) the effect of ply thickness, ii) the effect of selective ply
thickness hybridization and iii) the effect of type of geometry reinforcement on the
damage mechanisms that dominate failure and on the ultimate design strengths of
multidirectional laminates. The main conclusions of this study are:

• Regarding the manufacturing process:

– Given the material configuration (cross-ply layers), laminate and struc-
ture design using STF is less flexible than using UD tapes and NCF
(note that prepregs with different mismatch angles can already be man-
ufactured). However, STF and NCF present clear advantages during the
lay-up process since bi-angle prepreg handling is easier and the lay-up
process is more efficient.

• Regarding the effect of ply thickness:

– An overall improvement of the material behaviour with the decrease of ply
thickness in the UD laminates (75g/m2, 134g/m2 and 268g/m2) was ob-
served. Even though the behaviour under fatigue loading was not studied
in this work, it is important to take into account that thin-ply laminates,
being able to suppress premature damage even when subjected to high
loads, have clear advantages under cyclic loading.

– Nearly no ply thickness effect was identified for STF (160g/m2 and 240g/m2).
Both laminates presented very similar strengths which makes the higher-
grade material more interesting in terms of manufacturing. The STF
material grades used in this study have quite similar effective ply thick-
ness and were both obtained by tow spreading which guarantees good
uniformity of the plies. A more pronounced thickness effect is expected
for thinner and thicker STFs, particularly if, as a result, the crimp angles
and waviness of the tows increase significantly.

– Regarding the NCF laminates (134g/m2 and 268g/m2), the effect of ply
thickness is less evident than for the UD laminates given the difference
in mismatch angles but, overall, the thin-ply laminate exhibited higher
strengths (except for notched tensile strength due to the appearance of
subcritical damage at the vicinity of the notch).

• Regarding the effect of ply hybridization:

– Nearly no effect of ply thickness hybridization was detected when inter-
mediate grade (134g/m2) 0◦ plies are combined with thin off-axis plies,
under the different loading configurations.
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– An overall improvement of the strengths when high-grade (268g/m2) 0◦
plies are combined with thin off-axis plies was observed when compared to
the corresponding non-hybrid laminate. However, a high sensitivity to the
loading direction in the presence of stress concentrations was observed.
The high grade 0◦ plies, that contribute to the high notched strength at
0◦, gradually become thick off-axis and 90◦ plies with low resistance to
the appearance of transverse cracks as the laminate is rotated. Hybrid
laminates are therefore interesting for applications where the loading di-
rection is highly oriented, but it should be taken into account that even
small deviations in the loading direction can severally compromise the
performance of the structures.

• Regarding the effect of reinforcement configuration:

– The UD laminates exhibited an overall more uniform behaviour, partic-
ularly when accounting for the different laminate configurations, i.e. the
normalized strengths.

– The STF laminates exhibited complex failure sections with diffuse damage
and slightly lower strengths than the UD laminates in all test configura-
tions. However, it should be noted that, given the design constrains (the
% of 0◦/90◦ and +45◦/-45◦ is the same given the ply morphology) the
global performance of the laminates is particularly interesting and similar
to the baseline considered.

– The NCF laminates exhibited a similar behaviour in the unnotched and
open-hole test cases to that of the UD laminates, but slightly worse me-
chanical performance in bolted/pinned connections.

– Spread-tow non-crimp and textile fabrics did not show especial suscepti-
bility to early failure either in the presence or not of geometrical discon-
tinuities. Due to their added flexibility in terms of manufacturing and
processing, the replacement of unidirectional tapes by spread-tow non-
crimp and textile fabrics can be seen as an economical solution that does
not compromise the structural response, ensuring the weight benefits of
composite materials at lower processing costs and opening the possibility
of integrating new, more efficient manufacturing processes.

While the mechanical behaviour and damage mechanisms of thin-ply lami-
nates have been exhaustively studied, there are still many opportunities to fully
exploit the characteristics of thin plies and to explore their applicability. With the
information presented here, where the main characteristics of failure of structural
details manufactured using thin-ply laminates with different reinforcement geome-
tries have been elucidated, it is now possible to explore new design opportunities
using thin plies.
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Part V

Nano-reinforced interfaces





Chapter 7

Interlaminar fracture toughness of thin-ply
laminates reinforced by carbon nanotubes

It was demonstrated in the previous chapters that thin-ply laminates have
and improved mechanical behaviour when compared with standard grade materi-
als for several design drivers. One of the reasons for this improvement is the fact
that thin-ply composites delay the onset of free-edge delamination due to the more
favourable stress distribution resulting from the use of thinner plies; however, the
effect of using thin plies on the interlaminar fracture toughness associated with de-
lamination propagation still needs to be fully understood. Furthermore, the possible
synergies between thin-ply laminates and recently developed techniques to reinforce
the interfaces between composite plies needs to be studied in detail.

One of such techniques consists of using nanostructured composite materials,
where nanoparticles such as carbon nanotubes are used alongside microscale fibre
composite laminates. The main idea behind this combination is to improve the
matrix dominated properties of traditional composites. In fact, carbon nanotubes
introduce additional energy dissipating mechanisms that have the potential to en-
hance the interlaminar fracture toughness and therefore be used to improve the
interfacial properties of composite laminates.

Recently, composite laminates composed of carbon fibre-epoxy plies nano-
stitched together with vertically aligned carbon nanotube arrays have been devel-
oped. It was shown that this innovative process guarantees a good dispersion of
carbon nanotubes and improves both interlaminar and, consequently, intralaminar
composite strength and toughness [8, 10, 110–112].

Garcia et al. [8] conducted an experimental program to assess the influence
of including CNT in the interface on the mode I and mode II interlaminar fracture
toughness. Double cantilever beam (DCB) and four point bending end notched
flexure (4ENF) tests were performed in a unidirectional CFRP reinforced with 60-150
µm high CNT arrays. In this preliminary study, it was concluded that the inclusion
of CNT does not influence the resulting thickness of the specimens after curing and
that the mode I and mode II fracture toughness were improved by a scale of 1.5-2.5
and 3 times, respectively, by the inclusion of CNTs. This improvement was reported
to be a consequence of both interlayer toughening through plastic deformation and
crack bridging. In fact, Scanning Electron Microscope (SEM) analysis of the fracture
surface of reinforced DCB specimens showed z-oriented CNTs on both the crack
surfaces suggesting bridging of the crack by the aligned CNTs.

Falzon et al. [10] also compared the fracture toughness of nano-stitched and
unreinforced interfaces by performing DCB and ENF tests and determining the mode
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I and mode II crack resistance curves (R-curves), respectively. Mode I tests showed
an increase in the average fracture toughness between 31%-61%, and mode II tests
showed an increase of 161% but a very large scatter in the results was reported.

Lewis [110] performed short beam shear tests [127] to study the influence of
nano-stitching on the interlaminar shear strength (ILSS). Quasi-isotropic lay-ups
reinforced with 5-65µm CNT in every interface were tested. Even though samples
with seven different CNT heights were tested, no relevant difference was reported be-
tween the reinforced configurations since, regardless of the initial height, the forests
were compressed to around 5µm in the interface. The average improvement in ILSS
over the unreinforced baseline was 8.75±0.5%. Moreover, the CNT reinforcement
was shown to be effective enough to deviate delamination propagation from the
interfaces to within the plies even though this results in a very limited strength
improvement.

Other forms of through-thickness reinforcement that rely on bridging as the
main toughening mechanism such as stitching, z-pinning and weaving have proved
to increase the through-thickness properties, however, the in-plane properties usu-
ally decrease due to damage and misalignment of the reinforcing fibres caused by
the reinforcement’s geometry. Following Garcia et al. [8] study, Guzmán de la
Villoria et al. [111] carried out an experimental campaign to prove that the nano-
reinforcement had no such degrading effect due to the un-obstructive nature of the
interface reinforcement in the adjacent plies. The experimental test campaign in-
cluded open-hole compression, bolt bearing and L-shape tests. For bolt-bearing,
the major reported improvement was not the increase in ultimate failure but the
delay/suppression of sub-critical interlaminar damage giving the material a 30% in-
crease in the load corresponding in the load corresponding to damage onset (first
load drop). For open-hole compression, both a 14% increase of ultimate strength
and the suppression of sub-critical damage near the hole was reported. For the
L-shapes tests, the reported improvement was also the suppression of sub-critical
damage that resulted in a 26% increase in the ultimate deflection of the specimen
and a correspondent 30.7% increase in the energy required to break the specimen.

The experimental campaign reported in Ref. [111] suggests that the in-plane
properties are not degraded by the presence of CNT in the interfaces and actually
benefit from their presence. Their presence contributes to the suppression of inter-
laminar damage in some loading cases, lay-ups and geometries and can result in the
improvement of the design strengths.

More recently, Kalfon-Cohen et al. [21], attempted for the first time to com-
bine thin-ply laminates with nano-reinforced interfaces. The goal of this experimen-
tal campaign was to understand what are the improvements on the interlaminar
strength and toughness that could be obtained by reinforcing thin-ply laminates
with CNTs compared to baseline conventional grade laminates. Short beam shear
tests were performed on three quasi-isotropic laminate configurations: a conven-
tional grade laminate (162gsm), a thin-ply laminate (54gms) and a nano-reinforced
thin-ply laminate, where the middle plies of the specimens where reinforced with
20µm tall carbon nanotubes. A synergetic strength effect of nano-stitching and
thin-ply lamination was found: the use of thin-ply increased the strength by 10%
and the selective reinforcement of the interfaces further increased it by 5%. More-
over, as shown in Fig. 7.1, a complete suppression of delamination planes of the
nano-reinforced interfaces was found, which confirms the effectiveness of the rein-



175

forcement technique. A 15% increase of the mode I and mode II fracture toughness
of the nano-reinforced interfaces was numerically estimated based on finite element
analysis of the short beam shear samples, performed using the models described
in Chapter 3. However proper characterization of the interfaces is still required to
confirm this numerical assessment.

In this study, the mode I, mode II and mixed-mode crack resistance curves as-
sociated with crack propagation in nano-reinforced thin-ply interfaces are experimen-
tally determined. Following Kalfon-Cohen et al. [21], 54gsm thin-ply HTS40/Q-1112
carbon fibre-epoxy material system reinforced with 20µm aligned carbon nanotubes
are used. The experimental procedure and test results are presented in Section 7.1.
A numerical study on the effect of ply thickness and the effect of reinforcing the
interfaces with carbon nanotubes on a composite subcomponent is also performed.
The case study and numerical results are presented in Section 7.2.

Figure 7.1: Segmented Synchrotron Radiation Computed Tomography (SRCT) images of post
mortem short-beam shear samples and the corresponding finite element results of the simulated
specimens. Delamination is shown in red and matrix cracks are shown in blue. For the nano-
reinforced sample (THIN-CNT), the middle fifteen interfaces are reinforced with vertically aligned
carbon nanotubes [21].
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7.1 Experimental work

7.1.1 Test Setup and data reduction method

The ASTM standards [113, 114] proposed to measure the mode I and mode
II interlaminar fracture toughness are based on Linear Elastic Fracture Mechanics
(LEFM) which main hypothesis is that the nonlinear deformation at the crack front
is small in comparison to any of the specimen’s dimensions. The method has been
largely applied to fibre reinforced polymers, however, the determination of the frac-
ture toughness and crack resistance curves using these methods rely on the accurate
measurement of the crack length, which can be particularly difficult for mode II and
mixed mode tests. Moreover, the main hypothesis that the non-linear deformation
at the crack front, and the bridging mechanisms that may be present along the
wake of the crack, have a negligible effect might not apply for all material systems,
including those that have nano-reinforced interfaces.

J-integral closed-form solutions for interlaminar fracture tests have been pro-
posed for mode I [115–118], mode II [119–122] and mixed mode [123–126] but the
ASTM standard methods are still usually preferred over these solutions. In this
work, the solutions proposed by Paris and Paris [279], Stigh et al. [122] and Sarrado
et al. [126] are used. These J-integral closed-form solutions, rely on the determina-
tion of the rotation angle of the load introduction points, instead of the crack length.
This increases the complexity of the instrumentation, however, reduces the uncer-
tainty of the results related to the determination of that crack length and greatly
simplifies the data post processing. NA3-30 capacitive dielectric liquid-based incli-
nometers from SEIKA Mikrosystemtechnik GmbH were used to control the rotation
angles at the load introduction points. Even though this information is not required
to calculate the J-integral, the crack length was monitored from the photos of the
cross-section of the specimens recorded with a Canon EOS 550D camera. The load,
displacement and rotation angles were recorded with a frequency of 20Hz and the
crack length was monitored from the photos of the cross-section of the specimens
recorded every 0.5s. A schematic representation of the experimental setup and in-
strumentation is shown in Fig. 7.2. The particular data reduction methods and
instrumentation for each type of test are explained in the following sections.

Figure 7.2: Schematic representation of the experimental setup and information obtained from the
tests
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7.1.1.1 Mode I tests

The double cantilever beam (DCB) specimens were tested on a MTS Insight
equipped with a 10kN load cell under displacement control at a speed of 5mm/min.
Two inclinometers were used to monitor the rotation angles at the load introduction
points, θA and θC . The test setup is shown in Fig. 7.3 and the dimensions of the
samples are presented in Table 7.1.

Figure 7.3: Experimental setup of the double cantilever beam tests

The J-integral for mode I was calculated as proposed by Paris and Paris [279]:

J = 2P
b
θ (7.1)

where P is the applied load, b is the width of the specimen and θ is the angle at
the load introduction point. In this work, the rotation angles at both the upper and
lower load introduction points of the DCB specimen were recorded. The angles are
defined as positive counter clockwise.

Table 7.1: Nominal dimensions of the DCB samples. L, b, 2h, a0, c are the length (or half span
for ENF and MMB), width and thickness of the specimen, length of the precrack and lever arm
length, respectively.

Ref L (mm) b (mm) 2h (mm) a0 (mm) c (mm)
DCB 250 25 3 37 -
ENF 60 25 3 42 -
MMB 75 25 3 45 59.4

7.1.1.2 Mode II tests

The end notched flexure (ENF) specimens were tested on a MTS Insight
equipped with a 10kN load cell under displacement control at a speed of 1mm/min.
Three inclinometers were used to monitor the rotation angle at the load introduc-
tion points, θA, θB and θD. The test setup is shown in Fig. 7.4 and the dimensions
of the samples are presented in Table 7.1. The determination of the mode II crack
resistance curves requires the crack propagation to be stable. For the ENF tests, the
crack propagation is stable for a0/L higher than approximately 0.7, where L is the
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half span and a0 is the initial crack length. The span used was 120mm, rather than
the 100mm suggested by the ASTM standard, to increase the crack propagation
area and therefore, a initial crack length of 42mm had to be used to ensure a stable
crack propagation during the test.

Figure 7.4: Experimental setup of the end notched flexure tests.

The J-integral for mode II is calculated as proposed by Stigh et al. [122]:

J = P

2b(θA − 2θD + θB) (7.2)

where P is the applied load, b was the width of the specimen and θA, θB and θD are
the angles at the load introduction points (see Fig. 7.4). As before, the angles are
defined as positive counter clockwise.

7.1.1.3 Mixed-mode tests

The mixed mode bending (MMB) specimens were tested on a MTS Insight
equipped with a 10kN load cell under displacement control at a speed of 0.5mm/min.
Four inclinometers were used to monitor the rotation angle at the load introduction
points, θA, θB, θC and θD. The test setup is shown in Fig. 7.5 and the dimensions
of the samples are presented in Table 7.1. The distance between supports was set
to 150mm to increase the crack propagation area, and the initial crack length was
set to 45mm. The MMB lever arm was determined following the ASTM standard,
depending on the specimen thickness and material properties. The aimed mixed-
mode ratio was 50%.

The J-integral for mixed mode bending was calculated as proposed by Sarrado
et al. [126]:

J = P

b

[(1
2 −

c

2L

)
θA +

(1
2 + c

2L

)
θB + c

L
θC −

(
1 + c

2L

)
θD

]
(7.3)

where P is the applied load, b is the width of the specimen and θA, θB, θC and θD
are the rotation angles (in radians) at the load introduction points (see Fig. 7.5),
defined as positive counter clockwise.



7.1 Experimental work 179

Figure 7.5: Experimental setup of the mixed mode bending tests.

7.1.2 Specimen preparation

20µm height aligned carbon nanotube (A-CNT) forests were grown on 30mm
x 120mm silicon wafer substrates using the Chemical Vapor Depositon process. The
final stage of the process included a water-assisted delamination step that allows the
CNT forests to be easily removed from the silicon wafers. 54gsm thin-ply HTS40/Q-
1112 carbon fibre-epoxy prepreg was used. Baseline and Nanoreinforced unidirec-
tional [030/d/030] laminates were manufactured, where d is the middle plane where
the teflon insert is located. The middle two plies were layed-up with a mismatch
angle of 4◦ to minimize fibre nesting, so the effective lay-up used was [029/2/d/-
2/029]. The nano-stitched samples were manufactured including a 30mm x 120mm
CNT forest in the middle interface as described in Ref. [110] and shown in Fig. 7.6:
a) the silicon wafer is inverted onto the prepreg, b) pressure is applied to the wafer
and finally c) the wafer is removed. A 60mm long and 0.025mm thick PTFE insert
was introduced in the mid-plane of each plate to create the precrack. The panels
were cured in an autoclave according to the manufacturer specifications: 30min at
80◦C at 0 bar followed by 90min at 130◦C at 7bar. The specimens were cut from
the plates using diamond coated disk. Before testing, the surface of the specimens
was cleaned using sandpaper and acetone and one side of the samples was painted
white and marked at every millimetre so that the crack length could be monitored.
Table 7.2 summarizes the specimens manufactured.

Table 7.2: Description of the ply thickness and stacking lay-up of each set of samples. The
dimensions L, b and 2h are the nominal dimensions.

Ref Lay-up Nanostitched int. Ply t (µm) L (mm) b (mm) 2h (mm)
TT-B [029/2/d/-2/029] - 54 250 25 3
TT-R [029/2/d/-2/029] Middle 54 250 25 3
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Figure 7.6: Transfer process: a) the silicon wafer is inverted onto the prepreg, b) pressure is applied
to the wafer and finally c) the wafer is removed d) a new ply is layed up.

7.1.3 Experimental test results

7.1.3.1 Mode I test results

The load-displacement curves of the DCB tests are shown in Fig. 7.7. The
specimens all showed a linear elastic behaviour up to the point of maximum load,
where the load dropped sharply. The specimens were not precracked and conse-
quently the cracks start propagating from in the area near the teflon insert. The
vicinity of the teflon insert is typically a resin rich area and the corresponding
crack is likely not as sharp as a the crack tip resulting from propagation. The first
load drop observed after the peak load in every test is partially attributed to the
crack geometry and resin content. Even tough the point of maximum load might
yield unrealistically high values of the fracture toughness, it was used to calculate
this property so that a comparison between the two material configurations can be
made.

(a) TT-B-DCB (b) TT-R-DCB

Figure 7.7: Load-displacement curves of TT-B-DCB TT-R-DCB samples.

From the load and rotation angles at the load introduction points obtained
for each specimen, the mode I J-integral was determined following Eq. (7.1) and
plotted as a function of the crack length. The results are shown in Fig. 7.8. Note
that the steady state values for the fracture toughness were not reached for the
applied displacement. In fact, a significant amount of fibre bridging was observed
both configurations as shown in Fig. 7.9.
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(a) TT-B-DCB (b) TT-R-DCB

Figure 7.8: Mode I crack resistance curves of TT-B-DCB TT-R-DCB samples.

(a) TT-B-DCB (b) TT-R-DCB

Figure 7.9: Fibre bridging of TT-B-DCB and TT-R-DCB samples.

The average R-curves for both configurations are shown in Fig. 7.10a. The
average initiation value of the fracture toughness of the reinforced samples is 34%
higher than that of the baseline configuration but the average mode I fracture tough-
ness during propagation is only 10% higher than that of the baseline and the error
bars nearly overlap. The higher inconsistency of the crack propagation of the rein-
forced samples compared to the baseline samples is clearly highlighted in Figs. 7.8
and 7.10a. In fact, it is plausible that for some samples, the crack migrates to an
unreinforced region, namely the intralaminar region. This process might increase or
decrease the measured fracture toughness. On one hand, if a crack migrates to the
intralaminar region where CNTs are not present the measured fracture toughness
should be supposedly lower. However, this can lead to an increased crack tortuosity
and a more significant fibre bridging effect, which should lead to a higher apparent
measured fracture toughness. The crack surface of the broken samples was analysed
as shown in Fig. 7.11. From previous scanning electron microscopy analysis on
broken samples, it was concluded that darker matte areas (highlighted with a white
contour in Fig. 7.11) correspond to carbon nanotube rich areas and lighter glassy
areas correspond to resin/fibre rich areas where carbon nanotubes are not visible
(see Fig. 7.12). In Fig. 7.11, it can be observed that in the reinforced samples the
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area near the teflon insert is clearly a CNT rich area but as the crack progresses,
the percentage of CNT rich area decreases significantly. This suggests that in the
beginning of the test, the crack propagates through the reinforced area, and then
progressively shifts away from this area into the unreinforced intralaminar region.
This explains why the initiation value of the fracture toughness of the reinforced
samples is 34% higher while during crack propagation, only a 10% improvement was
found.

(a) (b)

Figure 7.10: a) Average mode I crack resistance curves of TT-B-DCB and TT-R-DCB samples. b)
improvement over the baseline of each TT-R-DCB sample.

In Fig. 7.10b, the improvement of the mode I fracture toughness of the re-
inforced samples over the average toughness of the baseline samples is plotted as a
function of the crack length. The inconsistency is one more highlighted since the
improvements over the baseline range from -10% to +35% depending on the sample.
However, no significant difference between the crack surfaces to justify the different
improvements are observed.

Figure 7.11: Crack surfaces of TT-R-DCB1 - TT-R-DCB5 and TT-B-DCB1 samples. The CNT
rich crack surfaces are highlighted with a white contour.
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7.1.3.2 Mode II test results

Despite the modification of in the test setup (see Section 7.1.1.2), initial tests
revealed that the crack propagation was still unstable for the selected a0/L ratio.
In fact, similarly to the mode I tests, if the samples are not precracked, the crack
propagates from a resin rich area near the teflon insert, which is not as sharp as the
crack tip resulting from crack propagation, and therefore, the load drops suddenly
after crack initiation. For this reason, all the samples were precracked 2mm in mode
I using a wedge. The tests performed on the baseline samples were all stable as
shown in Fig. 7.13a. However, as shown in Fig. 7.13b the reinforced samples were
all unstable, even though there were precracked using the same methodology. Three
out of the six samples still propagated up to around 5mm, point when the measured
fracture toughness drops and the crack propagated unstably. For this reason, the
reinforced samples were tested twice: once after precrack and once after unstable
propagation. After unstable propagation, the crack position was marked and the
sample was shifted so the same initial crack length a0 = 42mm was used. The first
round of tests will be referred to as #1 and the second as #2. As shown in Fig. 7.13c
and contrary to the #1 tests, the #2 tests of the reinforced samples were stable and
significantly more consistent.

Figure 7.12: SEM analysis of the crack surfaces of a A) glassy dark region corresponding to in-
tralaminar crack propagation and a B) dark matte region, corresponding to a CNT rich crack
surface.
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(a) TT-B-ENF

(b) TT-R-ENF #1

(c) TT-R-ENF #2

Figure 7.13: Load-displacement curves of TT-B-ENF TT-R-ENF samples.
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(a) TT-B-ENF

(b) TT-R-ENF #1

(c) TT-R-ENF #2

Figure 7.14: Mode II crack resistance curves of TT-B-ENF TT-R-ENF samples.
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(a)

(b)

(c)

Figure 7.15: a) Average mode II crack resistance curves of TT-B-ENF, TT-R-ENF #1 and TT-R-
ENF #2 samples. b) improvement over the baseline of each TT-R-ENF #1 and c) TT-R-ENF #2
samples.
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From the load and rotation angles at the load introduction points obtained for
each specimen, the mode II J-integral was determined following Eq. (7.2) and plotted
as a function of the crack length. The results are shown in Fig. 7.14. Comparing
the R-curves from TT-R-ENF #1 and #2 (Figs. 7.14b and 7.14c) it is clear that
the fracture toughness of #1 tests is higher and the tests were often more unstable
than that of #2 tests. The average R-curves for both configurations are shown in
Fig. 7.15a. From Fig. 7.15a, it can be concluded that in fact, the fracture toughness
of the reinforced samples (#1) is around 40% higher than that of the baseline while
#2 test results show no improvement. This suggests that, the crack propagates in
a CNT rich area, until it shifts away to an area where crack propagation is less
limited. This was confirmed by analysing the crack surface of the samples in Fig.
7.16. Similarly to what was observed in the mode I samples, the area near the teflon
insert is clearly a CNT rich area. Particularly, in the first 5mm after the precrack, the
density of areas where the CNTs are visible is significantly larger than the remaining
area further from the crack tip. Moreover, there is nearly no CNT rich areas visible
in the area corresponding to the second round of tests (#2). This suggests that in
the beginning of the test, the crack propagates through the reinforced area, and then
progressively shifts away from this area into the unreinforced intralaminar region.

Figure 7.16: Crack surfaces of TT-R-ENF1 - TT-R-ENF6 and TT-B-ENF1 samples. The CNT rich
crack surfaces are highlighted with a white contour.

7.1.3.3 Mixed-mode test results

Similarly to the mode II samples, from preliminary tests it was concluded that
crack propagation unstable if the samples were not precracked. For this reason, all
the samples were precracked 2mm in mode I using a wedge. The load-displacement
curves obtained are shown in Fig. 7.17. Similarly to mode I and mode II samples,
the baseline (TT-B) load-displacement curves are significantly more consistent than
those of the reinforced samples (TT-R).

From the load and rotation angles at the load introduction points obtained
for each specimen, the mixed-mode J-integral was determined following Eq. (7.3)
and plotted as a function of the crack length. The results are shown in Fig. 7.18.
The average R-curves for both configurations are shown in Fig. 7.19a. The aver-
age mixed-mode fracture toughness of the reinforced configuration is not statically
higher than that of the baseline even though some clearly have an increased frac-



188
Chapter 7. Interlaminar fracture toughness of thin-ply laminates reinforced by

carbon nanotubes

(a) TT-B-MMB (b) TT-R-MMB

Figure 7.17: Load-displacement curves of TT-B-MMB TT-R-MMB samples.

ture toughness as shown in Fig. 7.19. In fact, the improvement over the baseline
range from -18% to 30% depending on the sample. This clearly highlights the higher
inconsistency of the crack propagation of the reinforced samples compared to the
baseline samples.

(a) TT-B-MMB (b) TT-R-MMB

Figure 7.18: 50% mixed mode crack resistance curves of TT-B-MMB TT-R-MMB samples.

Fig. 7.20 shows the crack surfaces of TT-R-MMB1 - TT-R-MMB5 and TT-B-
MMB1 samples. This analysis revealed that, in the TT-R-MMB3 and TT-R-MMB4
samples, the cracks propagated through the CNT rich interfaces more often than
in the remaining samples. This is consistent with the higher improvement on the
fracture toughness reported for those samples.

7.1.4 Statistical analysis

A Welch’s T-test or unequal variances T-test, was performed to test the hy-
pothesis that TT-B and TT-R populations have significantly different mean mode I,
mode II and mixed-mode fracture toughness or if the differences observed are more
likely due to random error (sampling errors).
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(a) (b)

Figure 7.19: a) Average mixed-mode crack resistance curves of TT-B-MMB and TT-R-MMB b)
improvement over the baseline of each TT-R-MMB samples.

Figure 7.20: Crack surfaces of TT-R-MMB1 - TT-R-MMB5 and TT-B-MMB1 samples. The CNT
rich crack surfaces are highlighted with a white contour.

The Welch’s T-test is a two-sample hypothesis-testing technique that can be
used to test the equality of two populations means. It is an adaptation of Student’s t-
test, that is more reliable when the two samples have unequal variances and unequal
sample sizes. To use it, the following assumptions have to be made: i) all populations
involved follow a normal distribution and ii) the samples are randomly selected and
independent of one another.

The null hypothesis assumes that the population means are equal. The proba-
bility value (p-value) ranges from 0 to 1 and is used in the context of null hypothesis
testing in order to quantify the idea of statistical significance of evidence. The thresh-
old value of the the level of significance used was α = 0.05, which means that if the
p-value determined for a given set of samples is lower than 0.05 (p−value < α), the
null hypothesis can be rejected, i.e. the mean fracture toughness is not statistically
equal for the two configurations.

Since the fracture toughness is a function of the crack length, the p-value was
also calculated as a function of the crack length. For the sake of clarity, the level
of confidence (1 − α) and 1 − p are plotted in Fig. 7.21. If 1 − p > 1 − α, the null
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hypothesis is rejected: the mean fracture toughness is not statistically equal for the
two configurations. From this analysis, the following can be concluded:

• As shown in Fig. 7.21a, there is >95% confidence that the initiation value of
the mode I fracture toughness of the reinforced samples is higher than that of
the baseline samples. However, there is no statistical difference between the
fracture toughness of the two configurations during crack propagation.

• As shown in Fig. 7.21b, there is >95% confidence that the initiation value of
the mode II fracture toughness of the reinforced samples is higher than that
of the baseline configuration. However, as shown in Fig. 7.21c, no significant
difference between the fracture toughnesses was found the second time the
samples were tested.

• The is no statistical evidence that the 50% mixed mode fracture toughness is
higher than that of the baseline samples.

(a) DCB (b) ENF #1

(c) ENF #2 (d) MMB

Figure 7.21: 1-pvalue as a function of the crack length.

7.1.5 Discussion

The effect of the presence of carbon nanotubes in the interfaces of thin-ply
laminates on the mode I, mode II and mixed mode interlaminar fracture toughness
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was studied testing 54gsm thin-ply HTS40/Q-1112 carbon fibre-epoxy laminates
reinforced with 20µm aligned carbon nanotubes in the interface. The test results of
the reinforced configuration are less consistent than those of the baseline. It is clear
from the test results that the inclusion of carbon nanotubes makes crack propagation
less stable since the crack migrates to a non-reinforced area that is more prone to
delamination (namely the intralaminar region) as the crack length increases. This
means that the crack resistance curves measured are not directly related to the CNT
rich interface but to a combination between reinforced and unreinforced regions.
Only the improvement related to the initiation value of the fracture toughness could
be measured. A 30% and a 40% improvement on the mode I and mode II initiation
value of the fracture toughness, respectively, was determined.

If the cracks migrate to non-reinforced areas during crack propagation, this
type of reinforcement might not be particularly successful in configuration and load-
ing conditions where interlaminar crack growth is progressive. However, for in-plane
loadings, where failure is usually catastrophic and when interfaces are mostly sub-
jected to mode II and mixed mode loading conditions, the presence of the CNTs can
potentially delay subcritical damage in the interfaces, as concluded by Guzmán de
la Villoria et al. [111] and Kalfon-Cohen et al. [21]. The type of nano-reinforcement
at hand could be particularly interesting as a selective reinforcement in areas with
stress concentrations such open-holes, bolted joints or components with ply drops
where delamination resistance is critical.

7.2 Case study

Aerospace composite structures are often made of skins with co-cured stringer
and stiffeners. Given the mismatch in bending stiffness and the discrete transition of
the thickness (ply drops) that result in stress concentrations, the structural integrity
of such components is generally limited by delamination near the stiffener flange.
For this reason, the local reinforcement of the structure interfaces in the thickness
transition regions is expected to improve the design of such components.

A numerical study on the effect of ply thickness and the the effect the reinforc-
ing interfaces with carbon nanotubes in a skin-stiffener component is performed. A
simple specimen consisting of a stringer flange bonded onto a skin loaded in tension
was considered. Three skin-stiffeners designs made from HTS40/Q-1112 were de-
fined following Ref. [280]: L1, L2 and L4, where the ply thickness are one, two and
four times that of the nominal ply thickness of the prepreg (see Table 7.3). With the
purpose of determining the effect of using carbon nanotubes as a reinforcement in
these structures, three additional skin-stiffener configurations, where every interface
is nano-stitched, were studied: L1-CNT, L2-CNT and L4-CNT. The dimensions of
the specimens are presented in Table 7.4 and Fig. 7.22.

The modelling strategy used in this study was previously used and validated
in Ref. [21]. The details are presented in Section 7.2.1 and the outcomes of the
analysis are presented in Section 7.2.2.
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Table 7.3: Stacking sequences of the skin stiffener.

Reference Ply thickness Skin Stiffener
L4 and L4-CNT 0.216mm [0/45/90/− 45/45/− 45/0]S [45/90/− 45/0/90]S
L2 and L2-CNT 0.108mm [0/45/90/− 45/45/− 45/0]2S [45/90/− 45/0/90]2S

L1 and L1-CNT 0.054mm [0/45/90/− 45/45/− 45/0]4S [45/90/− 45/0/90]4S

Table 7.4: Geometry of the skin stiffener.

Reference Ply thickness Nr. of Plies Length Width a b
L4 and L4-CNT 0.216mm 28 150mm 25mm 42mm 50mm
L2 and L2-CNT 0.108mm 48 150mm 25mm 42mm 50mm
L1 and L1-CNT 0.054mm 96 150mm 25mm 42mm 50mm

Figure 7.22: Schematic representation of the skin stiffener.

7.2.1 Modelling strategy

The skin-stiffener models used one 8-node linear brick reduced integration el-
ement (C3D8R) per ply thickness, t, and cohesive elements (COH3D8) between the
plies. X-symmetry conditions were defined in the middle of the specimen and a dis-
placement (through the definition of an appropriate smooth step amplitude) was ap-
plied to all nodes at the boundary. A mesh of 0.5×0.5×t mm3 and of 0.5×0.5×0.001
mm3 was used for ply elements and for the cohesive elements, respectively (see Fig.
7.23).

Intralaminar damage is simulated using the continuum damage model pre-
sented in Chapter 3. As explained in Chapter 3, the continuum damage model is
able to predict all the intralaminar failure mechanisms. A linear-elastic response fol-
lowed by bi-linear softening and a linear-elastic response followed by linear softening
was used under longitudinal and transverse loading respectively, while a non-linear
elasto-plastic response followed by linear softening was used for in-plane shear. The
material properties are presented in Tables 7.5. The ply strengths related to matrix
failure (transverse tensile strength, YT , transverse compressive strength, YC , and
in-plane shear strength, SL) were calculated as a function of the ply thickness and
position of the ply using the close-form solutions proposed in Appendix B.
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Figure 7.23: Finite element model of the skin-stiffener.

Table 7.5: Ply properties of the HTS40/Q-1112 carbon/epoxy system.

Elastic Fracture Strength
E1 [MPa] 98000 G1+ [kJ/m2] 133.3 XT [MPa] 1471
E2 [MPa] 8460 G1− [kJ/m2] 61 XC [MPa] 970
G12 [MPa] 3607 G2+ [kJ/m2] 0.26 YT [MPa] 56
ν12 [-] 0.32 G2− [kJ/m2] 1.38 YC [MPa] 178

G6 [kJ/m2] 0.83 SL [MPa] 83.

Interlaminar damage was simulated using the cohesive zone model imple-
mented in ABAQUS [229]. The quadratic nominal stress criterion was used for
damage initiation and the Benzeggagh-Kenane fracture criterion was used for dam-
age propagation [216]. The engineering solutions proposed by Turon et. al. [212, 213]
and by Cui et al. [208] presented in Appendix C were used to calculate the mode
I and mode II interlaminar strengths to ensure proper energy dissipation in mixed-
mode loadings, and to artificially account for the effects of pressure and friction. As
previously considered by Kalfon-Cohen [21], and following the findings presented in
Section 7.1.3, the carbon nanotubes were assumed to improve the fracture of the
interfaces by a factor of 30% and 40% in mode I and mode II, respectively. The
interfacial properties of the two material configurations systems used are presented
in Table 7.6. The baseline material configurations corresponds to the L1, L2 and L4
simulations and the reinforced material configurations corresponds to the L1-CNT,
L2-CNT and L4-CNT simulations.
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Table 7.6: Interface properties of the HTS40/Q-1112 carbon/epoxy system.

Baseline
Penalty Fracture Strength
K [N/mm3] 106 GIc [kJ/m2] 0.26 τN [MPa] 31

GIIc [kJ/m2] 0.83 τsh [MPa] 55
ηB−K [-] 2.0

Reinforced
Penalty Fracture Strength
K [N/mm3] 106 GIc [kJ/m2] 0.338 τN [MPa] 35

GIIc [kJ/m2] 1.162 τsh [MPa] 66
ηB−K [-] 2.0

7.2.2 Numerical results

The load-displacement curves of the six simulations are presented in Fig. 7.24
and the loads corresponding to delamination onset and ultimate failure are sum-
marized in Table 7.7. As it is loaded in tension, i) the specimen bends due to
the variation in stiffness of two parts of the structure, ii) delamination is triggered
between in the 0◦/45◦ interface between the skin and the stiffener, iii) the delamina-
tion plane grows, iv) until the structure fails. Only the delamination growth in the
non-deformed configuration is represented in Fig. 7.24, for the sake of simplicity.
Regardless of the ply thickness, since the ultimate load is dominated by intralaminar
failure, the ultimate failure load is not affected by the presence of carbon nanotubes.
However their use delays the onset of delamination by 15%. In fact, delamination
starts in point A for the non-reinforced configurations and in point B for the rein-
forced configurations. This presents a significant improvement in the damage onset
load of the stiffened structures, as initially expected.

Table 7.7: Load at delamination onset and failure load of the six laminate configurations.

Reference Delamination onset [kN] Improvement Ultimate load [kN] Improvement
L4 19.2 (Point A) - 27.3 (Point C) -
L4-CNT 22.1 (Point B) 15% 27.5 (Point C) 1%
L2 19.3 (Point A) - 33.7 (Point D) -
L2-CNT 22.2 (Point B) 15% 34.8 (Point D) 3%
L1 19.3 (Point A) - 39.8 (Point E) -
L1-CNT 22.2 (Point B) 15% 40.1 (Point E) 1%

Regarding the effect of ply thickness, even though there is no difference in
the load corresponding to delamination onset, there is a 45% and 22% improvement
of the ultimate strength of the thin (L1) and intermediate grade (L2) specimens
when compared to the baseline thick-ply design (L4). This increase can be partly
attributed to the different bending stiffness of the thin, intermediate and thick spec-
imen configurations. This is clearly demonstrated in Fig. 7.25 where the vertical
displacement of the nodes in the upper surface of the specimen (see Fig. 7.26) is
plotted as a function of the x-coordinate of the nodes: the bending stiffness of the
specimen progressively increases from L4 to L2 and to L1. This consequently results
in higher tensile and compressive stresses in the upper and lower plies in the thicker
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specimen configuration for the same applied displacement. This effect, combined
with the lower in-situ strengths, leads to earlier ultimate failure of L4, followed by
L2 and L1.

Figure 7.24: Load-displacement curves of the six specimen configurations and delamination evolu-
tion (in blue) as a function of the applied load.

The improvement resulting from the use of thinner plies reported here seems to
be at least partly related to the design of the specimens and therefore the reduction
of strength related to the thick-ply configuration could potentially be minimized
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with a more careful definition of the stacking sequences. However, it is also im-
portant to take into account that the use of thin-plies brings clear advantages in
terms of design space and therefore, if stacking sequence optimization procedures
are used, structures made from thinner plies will always have advantages in term of
performance simply because the design space is increased.

(a) u1 = 0.28mm (b) u1 = 0.51mm

Figure 7.25: Vertical displacement of the nodes in the upper surface of the specimen (see Fig. 7.26)
pre (a) and post (b) delamination onset.

Figure 7.26: Nodes in the upper surface of the specimens where the vertical displacement was
determined.

7.3 Concluding remarks
The effect of the presence of carbon nanotubes in the interfaces of thin-ply

laminates on the mode I, mode II and mixed-mode interlaminar fracture tough-
ness was studied testing 54gsm thin-ply HTS40/Q-1112 carbon fibre-epoxy lami-
nates reinforced with 20µm aligned carbon nanotubes in the middle interface. In
the nano-reinforced samples, the crack migrated to the intralaminar region after
crack initiation, regardless of the test configuration. This suggests that the fracture
toughness of the nano-reinforced interfaces is higher than that of a non-reinforced
material, however, also indicates that only the improvement related to the initiation
value of the fracture toughness could be measured. A 30% and a 40% improvement
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on the mode I and mode II initiation value of the fracture toughness, respectively,
was determined.

Since the cracks migrate to non-reinforced areas during crack propagation,
this type of reinforcement will likely be more relevant in structures for which the
design strength is limited by delamination initiation, e.g. panels with a co-cured
or co-bonded stiffeners. To test this hypothesis, a numerical study on the effect
of ply thickness and the effect of reinforcing the interfaces with carbon nanotubes
was performed. Three equivalent skin-stiffener designs based on 0.054mm (thin),
0.108mm (intermediate) and 0.216mm (thick) plies and an additional three speci-
mens with the same stacking sequences where the interfaces were reinforced with
carbon nanotubes were considered.

Regardless of the ply thickness, since the ultimate load was controlled by
intralaminar failure, the ultimate failure load was not affected by the presence of
carbon nanotubes. However their use delayed the onset of delamination by 15%
which significantly improves the damage onset strength of the stiffened specimens.

Even though no difference in the load corresponding to delamination onset
for the different designs was found, a 45% and 22% improvement of the ultimate
strength of the thin and intermediate grade specimens when compared to the baseline
thick-ply design was observed. This improvement resulting from the use of thinner
plies was found to be partly related to the defined stacking sequences. However, it
should be taken into account that the use of thin-plies increases the design space.
For this reason, stacking sequences can be better optimized for a given application
and therefore, structural performance could significantly benefit from their use.
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Chapter 8

Conclusions and future work

The main conclusions of the work presented in this thesis and potential re-
search topics directly related to the developed work are presented in this chapter.

8.1 Conclusions

8.1.1 Analysis models to predict failure of composite laminates

Two different methodologies were proposed and implemented in this thesis: a
finite element based methodology to simulate composite laminates at coupon level,
compatible with industrial requirements, and an analytical framework to predict the
notched strength of general laminates characterized by fibre-dominated intralaminar
fracture.

To simulate the intralaminar behaviour, a modified version of the continuum
damage model proposed by Maimí et al. [47–49] was developed. The model was
enriched with a bilinear softening law for longitudinal compression more suitable to
represent kinking failure. Additionally, a damage activation function for longitudinal
compression that accounts for the effect of though-thickness stresses based on a 3D
failure criteria and engineering solutions to account for the effect of pressure on the
longitudinal compression and in-plane shear fracture toughness were proposed. To
simulate the interlaminar behaviour, a frictional cohesive model was used to more
accurately represent delamination onset and propagation in test cases where the
effect of through-thickness pressure cannot be neglected.

The proposed methodology was thoroughly validated for various material sys-
tems of interest to the aeronautical community and coupons with increasing level of
complexity: unnotched tension and compression, open-hole tension and compression
and filled-hole compression of both soft and hard laminates. It was concluded that
a very good agreement was found between the predictions and the experimental
ultimate strengths for all the test cases, oftentimes within the standard error of the
tests, and with industry compatible computation times.

It is worth noting that the models developed follow the requirements typically
used by the aeronautical industry, in terms of element size and mesh structure and
that all the predictions were obtained using a common set of material properties and
material models. These facts indicate that the methodology presented here is a step
towards the simulation of failure of composite structures using a standard modelling
strategy. Hence, this work serves as basis for modelling more complex geometries and
can potentially be used for the generation of statistically-based design allowables.
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Given their formulation, these tools can be used, not only for prediction of the
ultimate failure of composite laminates, but also to identify the mechanisms leading
to early failure such as delamination planes, extensive matrix cracking among oth-
ers. These tools are, therefore, particularly useful to properly explain experimental
observations or to assist the design of more robust structures by mitigating sources
that may lead to early failure.

Even though finite element models to simulate failure of composite laminates
are particularly powerful solutions given their flexibility to estimate the material
behaviour of different laminates, geometries and loading conditions, their computa-
tional complexity and cost still limits their use, particularly as a preliminary design
tool. Considering this limitation, an analytical framework to predict the notched
strength of multidirectional laminates was proposed.

The analytical framework proposed is based on a Finite Fracture Mechanics
model [70] coupled with an invariant-based approach to stiffness and strength [16,
236] and fracture mechanics based analytical model to estimate the laminate fracture
toughness [235]. This framework can be used to predict the notched strengths of
general laminates characterized by fibre-dominated intralaminar fracture using only
three ply properties as inputs: the longitudinal Young’s modulus, the longitudinal
strength, and the R-curve of the 0◦ plies. Relative errors around or below 10% were
obtained for all the laminates and open-hole geometries analysed. It was concluded
that the proposed framework is particularly accurate for laminates with thin plies,
for which relative errors of 3% or less were obtained.

The proposed analytical framework was also coupled with statistical tools re-
quired to take into account the variability of the material and geometrical parame-
ters and propagate this uncertainty to the notched strength. This process allows the
determination of the statistical distribution of the notched strength and the quick es-
timation of B-basis allowable, which is the design parameter more commonly used in
the aeronautical industry. The proposed framework was validated successfully and
was used to develop statistical-based design charts for notched specimens. These
tools that are useful for design engineers and would otherwise be infeasible to at-
tain as they require a large number of testing or time consuming simulations to be
performed.

The coupled framework provides a fast-analysis model for preliminary sizing
and optimization of composite laminates based solely on material properties de-
termined at the ply level. Important gains in terms of material characterization,
computing time and cost can be obtained using the proposed framework, in partic-
ular at the stages of material screening and lay-up selection.

8.1.2 Mechanics of thin-ply laminates

Taking into account the importance of the intralaminar fracture toughness
on the accuracy of the strength predictions provided by both analytical and nu-
merical methods, and the contradictory opinions found in literature, an experimen-
tal/numerical study was performed to elucidate if this property depends on the ply
thickness.

The apparent crack resistance curves associated with longitudinal tensile fail-
ure of carbon fibre reinforced epoxy composite systems with ply thicknesses of
0.075mm, 0.134mm and 0.268mm was determined experimentally from the size effect
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law of geometrically similar double edge notch tension specimens. An increase in
notched strength as a function of the ply thickness and a corresponding increase of
the measured intralaminar fracture toughness was observed. However, this increase
was shown to be a consequence of the appearance of split cracks in the thicker 0◦
plies in the vicinity of the notches.

The numerical models developed demonstrated that if the notch blunting
mechanisms are properly represented, the laminate strength is well predicted for
a constant value of the ply intralaminar fracture toughness. This supports the hy-
pothesis that these mechanisms are responsible for the higher strength of the thicker
plies, and that the intralaminar fracture toughness of the 0◦ plies is not and in-situ
property and should not be scaled with the ply thickness when modelling damage
propagation at the mesoscale.

A comprehensive study of the structural performance of nine equivalent 0◦
dominated hard multidirectional laminates made from unidirectional tapes, non-
crimp fabrics and spread-tow fabrics with fibre areal weights ranging from 67gsm to
268gsm was also performed. Structural details corresponding to unnotched speci-
mens, notched specimens (open-hole tension and compression), and bolted connec-
tions (filled-hole compression and bolt-bearing) were tested to failure and analysed
in detail to clarify i) the effect of ply thickness, ii) the effect of selective ply thickness
hybridization and iii) the effect of the type of geometry reinforcement on the damage
mechanisms that dominate failure and strength of multidirectional laminates.

An overall improvement of the material behaviour with the decrease of ply
thickness in the laminates made from unidirectional tapes and non-crimp fabrics was
observed, except for the strength in the presence of stress concentrations (notched
strength), where thin ply laminates presented a more brittle behaviour, due to the
suppression of premature damage around regions with stress concentrations. Con-
versely, nearly no ply thickness effect was observed for the spread tow laminates,
since the ply morphology based on interlaced 0◦ and 90◦ plies promotes similar
damage mechanisms in both configurations. A more pronounced thickness effect is
expected for thinner and thicker spread tow fabrics, particularly if, as a result, the
crimp angles and waviness of the tows vary significantly.

The concept of selective ply-hybridization, where both thin off-axis plies are
combined with intermediate or high grade 0◦ plies, was tested under general loading
conditions. This type of hybridization has been shown to promote longitudinal
fibre splitting near the stress concentration points and lead to the reduction of the
notch sensitivity typically observed in thin-ply laminates, therefore, increasing their
notched strength.

Contrary to the reported literature, nearly no effect of ply thickness hybridiza-
tion was detected when intermediate grade 0◦ plies were combined with thin off-axis
plies, under the different loading configurations. However, an overall improvement
of the strengths was observed when high-grade 0◦ plies were combined with thin
off-axis plies. A high sensitivity to the loading direction in the presence of stress
concentrations was also observed. The high grade 0◦ plies, that contribute to the
high notched strength at 0◦, gradually become thick off-axis and 90◦ plies with low
resistance to the appearance of transverse cracks as the laminate is rotated. Hybrid
laminates are, therefore, more suitable for applications where large deviations from
the main loading axis are not expected.

Spread-tow non-crimp and textile fabrics did not show especial susceptibility
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to early failure either in the presence or not of geometrical discontinuities. Due to
their added flexibility in terms of manufacturing and processing, the replacement
of unidirectional tapes by spread-tow non-crimp and textile fabrics can be seen as
an economical solution that does not compromise the structural response, ensuring
the weight benefits of composite materials at lower processing costs and opening the
possibility of integrating new, more efficient manufacturing processes.

8.1.3 Nano-reinforced interfaces

The effect of reinforcing the interfaces of a thin-ply prepreg with 20µm aligned
carbon nanotubes on interlaminar fracture toughness was studied. The advancing
cracks in the reinforced material were shown to migrate to the intralaminar region
after crack initiation, regardless of the test configuration. Even though this crack
bifurcation indicates that the fracture toughness of the nano-reinforced interfaces is
higher than that of a non-reinforced interface, it also indicates that only the improve-
ment related to the initiation value of the fracture toughness could be measured.
Nonetheless, a 30% and 40% improvement on the mode I and mode II initiation
values of the fracture toughness, respectively, was determined.

Since the interlaminar cracks are able to migrate to non-reinforced areas dur-
ing crack propagation, this type of reinforcement will likely be more relevant in
structures for which the design strength is limited by delamination initiation, e.g.
panels with a co-cured stiffeners. To test this hypothesis, a numerical study on
the effect of ply thickness and the effect of reinforcing the interfaces with carbon
nanotubes was performed. Three equivalent skin-stiffener designs based on low, in-
termediate and high grade plies and an additional three specimens with the same
stacking sequences, and with interfaces reinforced with carbon nanotubes were con-
sidered. Regardless of the ply thickness, since the ultimate load was controlled by
intralaminar failure, the ultimate failure load was not affected by the presence of
carbon nanotubes. However, their use delayed the onset of delamination by 15%
and therefore, improved the design strength of the devised stiffened panels.

8.2 Future work

The constitutive model proposed to predict the elastic and inelastic behaviour
of composite laminates should be further validated for material systems of interest
and for more complex stacking sequences, including soft and hard laminates so that
the range of applicability, mesh sensitivity and ability to accurately capture the
damage mechanisms associated with failure can be properly assessed. Additionally,
since the model was enriched with engineering solutions aimed at improving its
ability to simulate test cases where the though-thickness stress cannot be neglected,
more complex test cases where this effect is more relevant should be considered,
including impact loadings and bolted joints.

The effect of the presence of defects, such as disbonds, fibre waviness, surface
roughness, ill-defined stacking sequences, among other, is of utmost importance to
the aeronautical industry since it can help define manufacturing procedures, reduce
scrap parts and define safety factors associated with the potential presence of de-
fected parts in a given structure. The effect of defects can also be addressed using
the proposed constitutive model.
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Efficient methodologies to define statistical design allowables based on finite
element based solutions should also be developed. Even though, currently, these
tools might not be efficient enough, the computational efficiency will improve over
time and, therefore, these tools may prove crucial in a near future.

Regarding the material parameters, the definition of experimental or numeri-
cal methodologies to determine the parameters of the softening law associated with
longitudinal intralaminar tensile and compressive failure is of key importance. Even
though they represent physical phenomena, these parameters are particularly hard to
determine experimentally given the catastrophic failure associated with fibre break-
age. Optimization algorithms can potentially be used to inversely identify them
based on the simulation of notched specimens.

A thorough validation of the analytical framework proposed to predict the
notched strength of composite laminates with fibre dominated failure should be
performed, featuring hard and soft laminates, so that a proper assessment of its va-
lidity and interest as a preliminary design tool can be made. Moreover, the proposed
framework can also be extended to more complex geometries such as other notch
geometries, pinned connections or for multidirectional loadings scenarios.

While the mechanical behaviour and damage mechanisms of thin-ply laminates
have been exhaustively studied, there are still many opportunities to fully exploit the
characteristics of thin plies and to explore their applicability. With the information
presented in this thesis, where for the first time an “apples to apples” comparison on
the main characteristics of failure of structural details manufactured using thin-ply
laminates has been made, it is now possible to explore new design opportunities
using thin-ply laminates. It is also important to note that the design constrains
and design rules for composite materials were proposed based on the mechanical
behaviour of conventional grade composite laminates. The introduction of thin-ply
laminates at the industrial level, would perhaps require or, at least, benefit from
their review.

The use of any material system relies on the ability to predict its behaviour.
Some solutions based on mesoscale finite element modelling and simplified analyti-
cal models were proposed in this thesis and proved particularly accurate to predict
failure of thin-ply composite laminates. However, other approaches to predict their
failure, such as phase-field models, should be proposed and further explored, po-
tentially at the homogenized level, taking advantage of the damage suppression
capability observed in thin-ply laminates.

Regarding the use of carbon nanotubes as an interface reinforcing technique,
a new testing methodology should be proposed so that the fracture toughness asso-
ciated with the propagation of interlaminar cracks can be properly measured.

With respect to the utility of the reinforcement technique, it was shown nu-
merically that the improvement of the interfacial properties can be useful in delaying
delamination onset and, therefore, increase the design strength of some structures.
A similar analysis should be performed experimentally to further validate the mod-
elling methodology and assess the advantages in other configurations, ideally struc-
tural components used by the industry.
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Chapter A

Material properties and their determination

The ply and interface properties required to populate the model proposed in
Chapter 3 and suggested methods for their determination are provided in Tables
A.1 and A.2. Note that some properties, despite representing physical phenomena,
are particularly hard to determine experimentally. To clarify punctual assumptions
done in this work, the estimation of some of the material parameters is highlighter
in this section.

Even though solutions to determine the cohesive laws for longitudinal ten-
sion and compression have been proposed throughout the years [281–285], they are
particularly challenging to determine experimentally and there is up to date, no
standard procedure to do so. In this work, the inflection points for the softening
laws for longitudinal tension and compression (fXT , fGT and fXC ) which represent
fibre bridging and crushing, respectively, were inversely identified using an open-hole
or filled-hole simulation, since there was no experimental data available.

Similarly, the biaxial tensile and compressive strengths (YBT and YBC) are
also impractical to determine, since the specimens are generally expensive to man-
ufacture and the required complicated test rigs. A summary of test methods for
composites under multiaxial and out-of-plane loading conditions is given in Ref.
[286]. Micromechanical models can also be used to numerically determine the ma-
terial response under multiaxial stress states [287, 288]. YBT and YBC were only
available for IM7/8552 [11, 50] and were assumed from the remaining material sys-
tems by considering that the ratio YBT /YT and YBC/YC is constant and equal to
the ratios available for the IM7/8552 material system.

The parameter, ffxc, is a frictional parameter that represents the strength-
ening effect of pressure on the longitudinal compressive behaviour of the ply. The
concept was first introduced here and therefore, no procedure was defined to deter-
mine it. For this reason, in this work, the parameters was inversely identified from
an open-hole or filled-hole simulation, depending on the material system.
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Table A.1: Intralaminar material parameters and suggested method for their determination.

Material parameter Methodology
Ply Elastic Properties

E1 Young’s modulus for longitudinal tension ASTM D3039 [271]
E1c Young’s modulus for longitudinal compression Ref. [289]
E2 Young’s modulus for transverse tension ASTM D3039 [271]
G12 In-plane shear modulus ASTM D3518 [290]
ν12 Major Poisson’s coefficient ASTM D3039 [271]

Ply strengths
XT Longitudinal tensile strength ASTM D3039 [271]
fXT fXT

XT is the longitudinal tensile stress at inflection point Note (1)
XC Longitudinal compressive strength Ref. [289]
fXC fXC

XC is the longitudinal compression stress at inflection point Note (1)
YT Transverse tensile strength (2) ASTM D3039 [271]
YC Transverse compressive strength (2) Ref. [291]
YBT Biaxial transverse tensile strength Note (1)
YBC Biaxial transverse compressive strength Note (1)
SL In-plane shear strength (2) ASTM D3518 [290]
SLP Shear stress that activates plastic flow Note (3)
KP Shear incremental stiffness under plastic flow Note (3)

Fracture Toughness
G1+ Fracture toughness for long. tension Ref. [23]
fGT Portion of G1+ dissipated up to the inflection point Note (1)
G1− Fracture toughness for longitudinal compression Ref. [222]
G2+ Mode I fracture toughness for transverse tension ASTM D5528 [113]
G2− Mode I fracture toughness for transverse compression Calculated (4)
G6 Mode II fracture toughness ASTM D7905 [114]

Geometrical
t Element thickness Ply thickness
α0 Fracture angle of the UD ply subjected to uniaxial transverse comp. ≈53◦ [63]

Friction
ffxc Internal frictional parameter under long. compression Note (1)
ηG Internal frictional parameter under in-plane shear Ref. [207]
(1) No standard methodology to determine this material parameter is available. The parameter is
assumed or inversely identified.
(2) The references given provide methodologies to determine the UD strengths of the ply. The in-situ
properties should be calculated in function of the ply thickness and the position in the laminate
proposed in Appendix B

(3) Best fitting from the in-plane shear stress-strain curve of the ply
(4) G2− = G6/ cos(α0)

Table A.2: Interlaminar material parameters and suggested method for their determination.

Material parameter Methodology
Penalty Stiffness
K Penalty stiffness Recommended value: 106 N/mm3 [177]
Strengths
τn Strength under pure mode I ASTM D3039 [271]
τsh Strength under pure mode II ASTM D3518 [290]
Fracture Toughness
GIc Mode I fracture toughness ASTM D3039 [271]
GIIc Mode II fracture toughness ASTM D7905 [114]
η Mixed-mode interaction parameter ASTM D6671 [292]
Friction
µ Friction coefficient Note (1)
(1) The frictional parameter can be inversely identified following Ref. [207]
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Derivation of the in-situ properties

B.1 Transverse tensile and in-situ shear strengths

Camanho et al. [22] considered three ply configurations to calculate the trans-
verse tensile and in-plane shear strengths: thick, thin inner and thin outer plies.

B.1.1 Thick embedded plies

In a thick ply embedded in a multidirectional laminate, a slit crack such as
the one shown in Fig. B.1 will propagate firstly in the transverse direction (T), and
therefore the mode I and mode II energy release rates read:

GI(T ) = πa0
2 Λo22σ

2
22 (B.1)

GII(T ) = πa0
2 χ(γ12) (B.2)

where 2a0 is the slit crack length along the thickness, χ(γ) is given by:

χ(γ12) = 2
∫ γ12

0
σ12dγ12 (B.3)

and Λo22 is given by [269]:

Λo22 = 2
(

1
E2
− ν2

12
E1

)
(B.4)

Figure B.1: Thick embedded ply [22]

Dvorak and Laws [269] proposed that the transverse tensile in-situ strength
can be obtained by solving equation B.1 for Y is

T , yielding

Y is
T =

√
2GIc(T )
πa0Λ0

22
(B.5)
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In the Continuum Damage model presented here and implemented in the
ABAQUS user subroutine, the shear response of a given laminated composite is
approximated by:

σ12 =
{
G12γ12 , γ12 ≤ SLP /G12
K1γ12 +K2 , γ12 > SLP /G12

(B.6)

whereK1 = KpG12
1+Kp andK2 = SLP

(
1− Kp

1+Kp

)
, G12 is in-plane shear modulus, SLP is

the shear stress at which the plastic flow is activated andKp is the shear incremental
stiffness under plastic flow. Having defined σ12, the mode II fracture toughness can
be calculated replacing (B.6) in equation (B.2), yielding:

GIIc(T ) = πa0

∫ SLP
G12

0
G12γ12dγ12 +

∫ γis12

SLP
G12

(K1γ12 +K2) dγ12

 =

= πa0

[(
γis12

)2 K1
2 + γis12K2 −

S2
LP

2G12(1 +Kp)

]
(B.7)

where K1 = KpG12
1+Kp and K2 = SLP

(
1− Kp

1+Kp

)
.

Dvorak and Laws [269] also proposed that the a unidirectional laminate can be
considered a special case of a thick ply with unconstrained outer surfaces and, there-
fore, the in-situ strengths of a thick ply can be related to those of an unidirectional
thick ply. Using the classical solutions for stress intensity factors of surface cracks
in unidirectional laminates [293], the mode I and mode II components of fracture
toughness can also be calculated as

GIc(T ) = 1.122πa0Λ0
22(Y T )2 (B.8)

and
GIIc(T ) = 2πa0

[
γ2
L

K1
2 + γLK2 −

S2
LP

2G12(1 +Kp)

]
(B.9)

where γL = SL−K2
K1

.

Combining equations (B.5) and (B.8), the transverse tensile in-situ strength
for a thick ply yields:

Y is
T = 1.12

√
2YT (B.10)

Combining equations (B.7) and (B.9), the in-plane shear strength can be ob-
tained solving the following equation for γis12:

(γis12)2K1
2 + γis12K2 = γ2

LK1 + 2γLK2 −
S2
LP

2G12(1 +Kp) (B.11)

Knowing γis12 the in-plane shear strength can be obtained solving the second
member of equation (B.6) for σ12:

SisL =
√

2S2
L − SLPK2 (B.12)
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B.1.2 Thin embedded plies

In thin plies embedded in a multidirectional laminate, a slit crack such as
the one shown in Fig. B.2 will propagate in the longitudinal direction (L) since it
already extended through the ply thickness and, therefore, the mode I and mode II
energy release rate read [269]:

GIc(L) = πt

8 Λo22σ
2
22 (B.13)

GIIc(L) = πt

8 χ(γ12) (B.14)

Figure B.2: Thin embedded ply [22]

The transverse tensile in-situ strength can be obtained by solving equation
B.13 for Y is

T yielding

Y is
T =

√
8GIc
πtΛ0

22
(B.15)

Replacing equation (B.3) in equation (B.14) yields

GIIc = πt

4

[
(γis12)2K1

2 + γis12K2 −
S2
LP

2G12(1 +Kp)

]
(B.16)

which can be solved for γis12. Knowing γis12 the in-plane shear strength can be obtained
solving the second member of equation B.6 for σ12:

SisL =
√

8GIIcK1
πt

+ SLPK2 (B.17)

B.1.3 Thin outer plies

A thin outer ply is a special case of the thin ply for which the energy release
rate is larger because the slit crack is closer to the surface of the laminate (Fig. B.3).
The mode I and mode II energy release rate read:

GIc = 1.222πt

4 Λo22σ
2
22 (B.18)

GIIc = πt

4 χ(γ12) (B.19)

The transverse tensile in-situ strength can be obtained by solving equation
B.18 for Y is

T yielding

Y is
T = 1.78

√
GIc
πtΛ0

22
(B.20)
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Replacing equation (B.3) in (B.19), yields:

GIIc = πt

2

(
(γis12)2K1

2 + γis12K2 −
S2
LP

2G12(1 +Kp)

)
(B.21)

which can be solved for the γis12. Knowing γis12 the in-plane shear strength can be
obtained solving the second member of equation B.6 for σ12:

SisL =
√

4GIIcK1
πt

+ SLPK2 (B.22)

Figure B.3: Thin outer ply [22]

B.2 Transverse compressive strength

The in-situ transverse compressive stress Y is
C is calculated imposing that the

slope in the σ22-σ12 failure envelope when σ22 = 0, ηL, is equal to the slope of
the envelope obtained with the in-situ properties (see Fig. B.4). To maintain
consistency between the assumptions made to derive the in-situ strengths and the
assumed behavior of the material, the criterion used in both cases is the LaRC03-04
failure criterion [64]. The coefficient of longitudinal influence ηL can be determined
experimentally but in the absence of biaxial test data, it can be estimated as [63, 64]

ηL = −S
UD
L cos(2α0)

Y UD
C cos2(α0)

(B.23)

and therefore, the in-situ transverse compressive strength Y is
C can be estimated as

ηL = ηL,is ⇔ Y is
C = SisL Y

UD
C

SUDL
(B.24)

Figure B.4: σ22-σ12 failure envelope [11]
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B.3 General expression for the in-situ strengths
The general expression for the in-situ strengths are presented in this section.

Note that K1 = KpG12
1+Kp and K2 = SLP

(
1− Kp

1+Kp

)
.

For an embedded ply:

• the in-situ transverse tensile strength is the maximum between the trans-
verse tensile strength of a thin embedded ply and a thick embedded ply, i.e.:

Y is
T = max

{√ 8GIc
πtΛo22

, 1.12
√

2Y UD
T

}
(B.25)

• the in-situ in-plane shear strength is the maximum between the in-plane
shear strength of a thin embedded ply and a thick embedded ply, i.e.:

SisL = max
{ √8GIIcK1

πt
+ SLPK2 ,

√
2S2

L − SLPK2
}

(B.26)

• the in-situ transverse compressive strength Y is
C is given by:

Y is
C = SisL Y

UD
C

SUDL
(B.27)

For an outer ply:

• the in-situ transverse tensile strength is the maximum between:

Y is
T = max

{
1.78

√
GIc
πtΛo22

, Y UD
T

}
(B.28)

• The in-situ in-plane shear strength is the maximum between the in-plane
shear strength of a UD ply and a thin outer ply, i.e.:

SisL = max
{√4GIIcK1

πt
+ SLPK2 , SUDL

}
(B.29)

• the in-situ transverse compressive strength Y is
C is given by:

Y is
C = SisL Y

UD
C

SUDL
(B.30)
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Chapter C

Engineering solutions for the determination of
the material properties of an interface

Cohesive finite elements require very fine meshes: the fracture process zone
should include at least three cohesive elements so that delamination is accurately
simulated. Turon et al. [212] proposed an engineering solution to avoid the use of
such refined meshes that consists of lowering the cohesive strengths whilst keeping
the fracture toughness constant to enlarge the cohesive zone and to allow a better
representation of the softening behaviour at the vicinity of the crack tip. Following
Refs. [212] and [213], the cohesive properties should therefore, be determined as
follows:

1. Take the penalty stiffness, K, equal to 106 N/mm3 [177];

2. Determine the transverse tensile strength Y UD
T (ASTM D3039 [271]);

3. Determine the mode I fracture toughness GIc (ASTM D5528 [113]);

4. Determine the mode II fracture toughness GIIc (ASTM D7905 / D7905M
[114]);

5. Select the element size in the direction of crack propagation, le [212];

6. Select the number of elements in the cohesive zone, Ne, which should be at
least 3 [212];

7. Calculate the strength in pure mode I as: τ̄N =
√

9πE22GIc
32Nele [212];

8. Calculate the effective strength in pure mode I as [212].

τN = min
{
Y UD
T , τ̄N

}
(C.1)

It was shown that through-thickness compression increases the interlaminar
shear strength of laminates and delay delamination [205–207]. Cui et al. [208]
suggests that this strengthening effect is a result of an increase on mode II fracture
toughness under through-thickness compression that can be expressed as:

GefIIc = GIIc (1− ηG〈−σ33〉) (C.2)

where GIIc is the mode II fracture toughness, ηG a material dependent empiri-
cally derived enhancement factor, σ33 is the through-thickness stress and 〈x〉 is the
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of an interface

Mccaulay operator. [208, 209]. In situations where the applied pressure is fairly
constant (e.g. in bolt bearing and filled-hole compression tests), equation C.2 can
be used to artificially account for the strengthening effect on the interfaces caused
by friction under shear. These enginering solutions are used in modelling stategies
S2 and S3 in Chapter 3 and in Chapters 5 and 7.



Chapter D

Variability of the longitudinal mode I crack
resistance curve

Catalanotti et al. [23, 222] proposed a methodology to determine the R-
curve of polymer composites reinforced by unidirectional fibres based on the size
effect law, i.e the relation between the size of the specimens and their notched
strength σ∞(w). The size effect law can be determined by experimentally testing
geometrically similar double edge notch specimens, i.e. with the same width-to-crack
length ratio 2w/a and different widths 2w. The size effect law can be determined by
finding a fitting regression that best approximates the experimental data [262] and
the R-curve parameters (length of the fracture process zone, lfpz, and the fracture
toughness at propagation Rss) can then be obtained as a function of these fitting
parameters [23, 222, 262]. Catalanotti et al. [23] also suggested to express the R-
curve analytically. Here, the following analytical expression is proposed to represent
the R-curve: R(∆a) = Rss

[
1− (1−∆a/lfpz)β

]
if ∆a < lfpz

R(∆a) = Rss if ∆a ≥ lfpz
(D.1)

where β is a parameter determined to obtain the best fit of the R-curve. The
proposed equation guarantees that the steady state value of the fracture toughness
is reached when ∆a = lfpz. Since the mean R-curve is determined from the mean
experimental notched strengths of the double edge notch specimens, accounting for
the variability of the R-curves implies accounting for the variability of the size effect
law. Two methodologies to determine the variability of the R-curves are proposed
in the following section.

D.1 Methodology

D.1.1 Method 1

The variability is obtained by generating a large number of R-curves account-
ing for the variability of the notched strength (σ̄∞) of the specimens with different
geometries by:

1. Randomly generating Ni strengths per each specimen geometry following a
statistical distribution determined experimentally for each specimen geometry;

2. Fitting the data to one of the fitting regressions proposed in Ref. [262];
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3. Determining the R-curve parameters (lfpz and Rss) as proposed in Ref. [23,
222, 262];

4. Fitting the R-curve to the analytical expression proposed in Eq. (D.1);

5. Repeat 1-4, N times obtaining a large number ofR-curves and the distribution
of the fitting parameters.

Using this methodology, a set of statistically representative crack resistance
curves is obtained. With the generatedR-curves it is possible to determine the mean
values and standard deviation of the three R-curve fitting parameters (lfpz, Rss and
β). However, due to the nature of the crack resistance curves, the fitting parameters
cannot be treated independently as that would lead to unrealistic and potentially
non-continuous R-curves. For this reason, a relation between the parameters should
be established as a function of Rss, i.e. lfpz = f(Rss) and β = g(Rss). These
functions can vary and should be analysed for each material system considered. A
more detailed analysis is given in Section D.2.

D.1.2 Method 2

The variability can also be obtained from the determination of the 95% pre-
diction bounds of the linear regression used to fit the size effect law measured ex-
perimentally. Either the whole set of experimental points or the mean strengths per
specimen geometry can be used, however, the confidence intervals will be generally
narrower if only the mean size effect law is used. This process allows the determina-
tion of the mean R-curve and the two 95% confidence R-curves. The three R-curve
parameters and the respective standard deviations can also be determined.

This method provides only three sets of R-curve parameters and therefore,
Rss, lfpz and β are considered independent. This second method is simpler to
apply and less computationally expensive, however, the relation between Rss and
the remaining parameters has to be assumed, so caution is required when applying
this method.

D.2 Case study

The determination of the R-curve is based on the size effect law which can be
determined from the strengths of geometrically similar double edge notched speci-
mens with different widths. Table D.1 shows the notched strengths and respective
standard deviations of the double edge notch tension specimens that were used to
determine the longitudinal crack resistance curve of IM7/8552 material system [23].

Table D.1: Double Edge Notched Tension Strength for IM7/8552 [90/0]8s [23].

Ref. w [mm] x̄ [MPa] s [MPa]
B 7.5 309 9
C 10 289 16
D 12.5 269 11
E 15 256 10
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Using Method 1 described in Section D.1.1, a set of statistically representative
crack resistance curves, with a known mean and standard deviation of the three
fitting parameters (lfpz, Rss and β) is obtained, as shown in Fig. D.1.

(a) (b)

Figure D.1: Schematic representation of randomly generated R-curves using method 1 (a) and
distribution of the steady state fracture toughness Rss (b).

The fitting parameters of the crack resistance curves cannot be treated in-
dependently as that would potentially lead to non admissible R-curves. For this
reason, a dependence between the parameters was established as a function of Rss.
As shown in Fig. D.2, it was found that lfpz varies linearly with Rss and β is almost
constant for the case analysed. Therefore, the crack resistance curves can be defined
as a function of Rss. Rss is generated randomly following a normal distribution with
a know mean (206.75N/mm) and standard deviation (23.64N/mm) and the other
two parameters are estimated as:

lfpz = 2.7776× 10−2 ×Rss − 3.0598 [mm]
β = 2.9027 [-]

(a) (b)

Figure D.2: lfpz= f(Rss) (a) and β= g(Rss) (b) obtained with method 1 and method 2.

Using Method 2 the variability is obtained from the determination of the
95% prediction bounds of the fitting of the size effect law. Either the whole set of
experimental points or the mean strengths per specimen geometry can be used. In
this study only the mean strengths were used since the full set of results was not
available.
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Since this method provides only three sets of R-curve parameters, the relation
between lfpz, Rss and β is undefined. However, using Method 1, it was shown that a
linear functions can be used to relate Rss to lfpz and β, and so the fitting parameters
of the curves can be easily determined as a function of Rss as shown in Fig. D.2.
Using this method, Rss is generated randomly following a normal distribution with
a know mean (205.26N/mm) and standard deviation (14.83N/mm) and the other
two parameters are estimated as:

lfpz = 2.8654× 10−2 ×Rss − 3.2701 [mm]
β = 2.9024 [-]

As shown in Fig. D.2 the fitting curves obtained with both methods show sim-
ilar trends. Fig. D.3 shows the normal distribution and the corresponding average
and 95% IC R-curves obtained with both methods. Only a 1.5N/mm difference in
the mean Rss using Methods 1 and 2 was found. However, since the standard de-
viation obtained using Method 2 is around 40% lower than the one measured using
Method 1 because the confidence bounds were determined using the mean double
edge notch strengths, the normal distribution of Rss is significantly narrower when
Method 2 is used. Using the whole set of data would be preferred in Method 2.

(a) (b)

Figure D.3: Average and 95% confidence bounds R-curves (a) and predicted normal distribution of
Rss using method 1 and method 2 (b).
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