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Abstract

With on-going development of fuel cells and operational experience, fuel cells are
also considered for continuous power generation in the exigent flight application.
Here, low power specific weight and high electric efficiency are primary requirements.

The air supply system represents a core interface of the FC to the ambient, which
has impact on the operational range, stability and controllability of the FC system.
Radial turbomachinery is found to be most promising for the in-flight integration with
PEM-FC. The air supply system resembles a turbocharger, which is electrically
supported. A dedicated turbomachinery design is essential for an optimised operating
strategy regarding mass flow range, power demand, and system response.

Safe and quick transients of the air supply in combination with stack dynamic
operation are achievable. Application a decoupled controller improves the controller
performance and eliminates critical operating conditions for the compressor. The
controlled air supply system covers the entire operational range based on a reference
flight envelope and also handles extreme operating scenarios.

Kurzfassung

Aufgrund  des  fortschreitenden  Entwicklungsstands und  zunehmender
Betriebserfahrungen wird die Einsetzbarkeit von PEM-Brennstoffzellen in der
anspruchsvollen Fluganwendung untersucht. Bei der Anwendung zur kontinuierlichen
Bordenergieversorgung kommen einem geringen leistungsspezifischen Gewicht und
einem hohen elektrischen Wirkungsgrad eine besondere Bedeutung zu.

Das System zur Luftversorgung stellt das wichtigste Verbindungsglied mit der
Umgebung dar und beeinflusst Systemeigenschaften der Leistungseinheit wie
Betriebsbereich und Regelbarkeit. Radiale Turbomaschinen werden den
Anforderungen in dieser Anwendung gerecht, mudssen jedoch flr einen optimierten
Betrieb hinsichtlich des Betriebsbereichs, der Leistungsaufnahme wund der
Systemdynamik gezielt ausgelegt werden. Die Anordnung der Turbomaschinen ist
der Turboladeranwendung entlehnt.

Unter Berlcksichtigung der dynamischen Eigenschaften des Stacks kann das
Luftversorgungssystem schnell und zuverlassig geregelt werden. Eine Entkoppelung
erhoht die Regelgiute und umgeht kritische Betriebszustande im Verdichter. Der
Regler zeigt gutes Verhalten im ganzen Betriebsbereich einer Flugmission und deckt
auch extreme Lastwechsel ab.
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Nomenclature

Latin symbols

A

Cdis

[

area
state matrix

sound velocity
B-parameter

input Matrix

width

output matrix
absolute velocity
dissipation coefficient

turbine discharge coefficient

friction coefficient

KJ/(kg K) isobaric heat capacity

kg/s

1/s

kW

Pa / bar
J/(kg K)

pressure recovery coefficient

spouting velocity
diameter

decoupling matrix
feedthrough matrix
diffusion ratio
correction factor
process transfer matrix
gravitational acceleration
altitude

enthalpy

moment of inertia

cost function

constant

feedback gain

length

temperature lapse rate
impeller passage length
Mach number
non-dimensional speed
mass flow

shaft speed

power

pressure

gas constant



r m radius

Re - Reynolds number

T K temperature

u m/s circumferential velocity
- output vector

Y, m? volume

Y, m/s volume flow

W m?/s? loss work

Whg - power coefficient

W kW power

w m/s relative velocity

X - state vector

z - blade number

Greek symbols

flow angle
blade angle
difference
- efficiency
flow number
- specific heat ratio
- work factor
- gain factor
- slip factor
- radius ratio
m?/s kinematic viscosity
VH - hub to shroud ratio of the radial compressor
VDiff - diffuser radius ratio of the radial compressor
- pressure ratio
density
Nm torque
circumferential velocity
- loss coefficient
- head coefficient

<TE >®» > A 63 >

£ Jv g 4 o A

Subscripts

standard condition

compressor impeller inlet

compressor impeller outlet / compressor diffuser inlet
compressor diffuser outlet / compressor volute inlet
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compressor volute exit cone inlet
compressor volute exit cone outlet / compressor outlet

o o O A~

turbine inlet
turbine rotor outlet

ad adiabatic

amb ambient

b blade

c compressor

cl clearance

crit critical

Diff diffuser

diff diffusion

eff effective

exh exhaust

fri friction

H hub at compressor impeller inlet or
Helmholtz

h hydraulic

imp impeller

inc incidence

is isentropic

m motor
meridional

max maximum

mech mechanic

opt optimum

) plenum

pass passage

pre pressure side

red reduced

ref reference state

rel relative

rot rotor

S shroud at compressor impeller inlet

S static

suc suction side

T turbine

TP tropopause

t total

turb turbine

u circumferential

vol volute
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Abbreviations

AEA
APU
ATR
BoP
FC
GT
IGV
ISA
MEA
PEM-FC
POX
RGA
SOFC
TIT
TC
VTG

All electric aircraft

Auxiliary power unit

Auto-thermal reforming
Balance-of-Plant

Fuel cell

Gas turbine

Inlet guide vanes

International standard atmosphere
More electric aircraft

Proton exchange membrane fuel cell
Partial oxidisation

Relative Gain Array

Solid oxide fuel cell

Turbine inlet temperature
Turbocharger

Variable turbine geometry






1 Introduction

1.1 Background and Motivation

In order to meet the increasing demand of on-board electrical power in civil aircraft
and for the further reduction of emissions, the conventional auxiliary power unit
(APU) shall be replaced by a fuel cell system. Proton exchange membrane fuel cells
(PEM-FC) are favoured because of their currently advanced development level.

During each stage of a flight, electric, pneumatic, and hydraulic power is required and
is supplied by the main engines. For on-ground power supply, the gas turbine
auxiliary power unit (APU) generates the power and is situated in the tail cone of the
plane. It is also used for starting the main engines and as an emergency back-up in
case of damage to one engine or in case of electric system damage during flight.
State-of-the-art APUs are extremely robust and have a low specific weight and low
specific volume in regard to power. However, they are noisy and exhibit low
efficiency (Adamson, K-A. (2005), Daggett, D. (2003)).

Due to decreasing allowable emission levels at airports, airlines will be steadily
forced to either improve this technology or to purchase the expensive ground energy
service provided at the airport. Fuel cells exhibit a technically clean exhaust gas with
the stack operating noiseless. The stack can operate in a wide power range at
considerably higher efficiency and could therefore contribute to a decrease in CO,
emissions at airports. A second important reason for considering fuel cells for on-
board power conversion is the increasing electric power demand in the cabin
throughout the entire flight envelope, which is answered by the new aircraft
development strategy of a “more electric’ or even “all electric” aircraft (MEA/AEA).
Hydraulic and pneumatic systems are then gradually replaced by electric actuators.
This suggests the conceptual design of a continuously operating power unit, meeting
all power demands throughout an aircraft's operating year (Daggett, D. (2005),
Rothammer, W. (2005)). Unlike in present aircraft, the main engines would then be
completely decoupled from electrical power generation and used for thrust only.

Based on these requirements, fuel cell systems seem to meet future demands
regarding emissions and efficiency. A further synergetic advantage arises of the
chemically pure water which is available in the exhaust gas as a result from the
chemical reaction at the membrane. Due to the low membrane temperature of 80°C,
it is already in the liquid phase and can be separated without great technical effort. If
used as service water, the aircraft take-off weight can be decreased significantly.



1 Introduction

Both the PEM-FC and Solid Oxide Fuel Cell (SOFC) offer advantages for this
application but impose also technological challenges on aircraft manufacturers.
Boeing, e.g., favours SOFC-systems for further integration in the flight environment
due to the low requirements for anode gas when compared to all other FC types
(Bundschuh, N. (2005), Eelman, S. (2003), Freeh, J. (2005)). The reasons for
considering PEM-FC on-board can be explained with a much lower power specific
weight and volume when compared to SOFC. PEM-FC technology is more mature
due to a longer development history and has gained more accumulated operating
hours. Furthermore, PEM-FC’s are more robust regarding mechanical shocks and
temperature fluctuations, which are crucial requirements for the flight application.
However, generating sufficiently pure H,-gas from kerosene and the required fuel
flexibility have to be named as the most important challenges for integrating PEM-FC
into the flight environment. Here, the development and application of high-
temperature PEM-FC might reduce the integration efforts as they show a much
greater tolerance to CO impurities, which decreases the operational requirements for
the gas processing path.

Without any dependence on the fuel cell type, FC systems must be supplied with air
both for reaction and cooling purposes. The air supply system is the interface
between the FC and the ambient and provides air according to the power output
demand of the PEM-FC. In the flight application, the inlet conditions of the air supply
system undergo extreme changes throughout the flight envelope. Failure of air
supply components would lead to a shut down of the FC unit, which affects the power
supply on-board. This demonstrates the importance of its overall reliability. The
impact of the air supply architecture, the choice of its components, and their design
on operating range and stability are subject of the present work.

An important boundary condition for the air supply design is the cathode pressure.
Operation at near standard atmospheric conditions throughout the entire flight
envelope has an important advantage as it allows the application of state-of-the-art
stacks. Furthermore, the power specific weight and volume not only of the stack but
of the entire gas processing path can be decreased (Bundschuh, N. (2005), Pratt, J.
(2003)) significantly. As ambient pressure at cruising flight is at around 0.2 bar, the
air has to be compressed considerably and conditioned before entering the cathode.
Considering this boundary condition, this can be regarded as pressurisation of the
system, which is already known from automotive PEM-FC applications and SOFC-
gas turbine systems.

At present, no demonstrator system or experimental experience of an air supply
system are available in the here discussed configuration, while only little analytical
work is found addressing the specific air supply and turbomachinery design. No
scientific publication exists on the dynamic analysis of the interactions between the
air supply system and the PEM stack.
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1.2 Objectives

For automotive applications, different air supply architectures have already been
suggested which consider also possible control strategies (Lang, O. (2004), Kulp, G.
(2001), Rodatz, P. (2005)). However, as operational requirements, e.g. pressure ratio
range, ambient conditions, and life-time differ strongly, synergies with the present
discussion are limited. Unlike in these papers, this work considers the expansion of
the burnt stack off-gases for running the compression process, which significantly
changes system dynamics and controls. It will be shown that only a thermo-
mechanical drive of the compression process is an acceptable concept regarding the
internal energy flow and system efficiency.

1.2 Objectives

This thesis aims at establishing comprehension of the steady-state and transient
interaction between the air supply system and the PEM-FC in the flight application.

In detail, the primary interests of this work are to define how the air supply system
and namely the turbomachinery characteristics have to be chosen (a) to allow a
stable operation for a “more electric” flight envelope, (b) to improve operational
flexibility regarding mass flow range and system response, and (c) to increase overall
system efficiency by minimisation its power demand.

Viewing the little analytical work on this topic, this work has also guideline character
for supporting the integration of turbomachinery into the PEM-FC flight environment.
It shall contribute in-flight FC to become a reliable, robust and commonly accepted
technology on-board of civil aircraft.

1.3 Methodology

In order to attain the objectives stated above, this work comprises the analysis of (a)
the optimum conceptual design, (b) the turbomachinery design and optimisation, and
(c) the steady-state and transient system characteristics of the entire power unit. A
core concern of this work is to not leave these three analysis steps independent.
Neither should they be regarded as sequential steps. Their interdependencies are
found by a systematic approach and used in a synergetic way. It will be shown that
this methodology initiates a superior optimisation process and is more effective than
if the analysis steps are applied in a sequential way.

Mathematical models and tools cannot be the same for each analytical step as these
have different sub-tasks. During the conceptual design for example, simple
assumptions of the design output and fairly accurate part-load characteristics are
applied. These are based on the basic physical understanding of the components
and allow a quick assessment of a whole set of numerous concept variations. They
will, however, not suffice for detecting the minimum or maximum mass flow of a
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suitable compressor. In this case, they have to be replaced by more suitable
(aerodynamic) models. They have to be sufficiently accurate to guarantee a reliable
performance prediction, on the one hand, but have to keep calculation time at a
reasonable level when integrated into optimisation procedures or time resolved
transient models, on the other hand. Modelling depth, calculation procedures, and
evaluation criteria are therefore adjusted for each analysis step and weighed by the
accuracy requirements of the actual physical or mathematical problem.

While the conceptual analysis can be done with a simple calculation software such
as Excel, the turbomachinery design and optimisation as well as the steady-state
analyses are carried out with the programming environment Matlab® (Version 7.01,
R14, Service Pack 1). It offers a remarkable library of mathematical functions for
problems occurring in applied sciences including the optimisation functions used
here. The dynamic analyses are carried out with Simulink®, which is directly designed
for the simulation and evaluation of dynamic and controlled systems. It offers by itself
a broad function library with classical and modern evaluation tools. It is designed for
Matlab® and its programming structure and is therefore widely used both in academic
and commercial circles.

1.4 Overview

The following section gives an outline for understanding the content and the structure
of this work.

Based on a description of the operating boundary conditions of a FC power unit and
a catalogue of design requirements, Chapter 2 presents suitable compression and
expansion technologies and outlines their operating limits. A systematic approach
reveals the basic arrangement of the air supply components which adequately
satisfies the requirements catalogue. Possible operating restrictions are analysed
which may occur from varying ambient conditions. Finally, a short overview is given,
how the operational flexibility can be increased by conceptual means.

After a general introduction into core aerodynamic parameters of radial compressors
in Chapter 3, the here used design strategy and procedure for radial turbomachinery
is developed on the basis of dimensionless numbers. Assumptions and limitations of
each compressor section are discussed and integrated into one design algorithm.
The turbomachinery design appears to be a highly complex task with numerous free
variables as inputs. The interested reader is referred to the Appendix B where the
interdependencies between aerodynamic and dynamical parameters are outlined. In
a subsequent step, the design algorithm is embedded into an optimisation algorithm
which follows in-flight PEM-FC specific requirements and which is finally extended to
a multi-objective optimisation procedure. The newly developed tool allows addressing
questions about the appropriate turbomachinery design such as single-stage or two-

4



1.4 Overview

stage compression and the corresponding optimum pressure ratio split. The
procedure is designed to integrate additional fuel cell or flight specific boundary
conditions and requirements in order to evaluate their sensitivity on overall
performance and to identify aero-thermodynamic restrictions.

Chapter 4 presents the thermodynamic, aerodynamic and transient models which are
applied in this work. The turbomachinery description is based on a highly detailed
model which has been validated against a whole set of suitable turbocharger
compressors and turbines. The pneumatic description of the system is based on a
classical approach but extended for the sequential arrangement of pneumatically
lumped volumes with specific pressure loss characteristics.

Chapter 5 gives an overview of sensitive parameters for optimum air supply design
and their influence on operation range, addressing PEM-FC characteristics,
turbomachinery design issues, and conceptual choices such as the application of a
post-combustor. The importance of the adaptation of the cathode pressure to the
operating altitude is detected early and applied in the further analyses. While this
chapter reveals clearly which key issues are important during air supply design, the
additional co-firing with kerosene remains an option with counteracting tendencies for
the overall benefit.

Chapter 6 enters into the transient system analysis of the entire system. An open-
loop analysis gives insight into the general dynamic character of the system.
Proposing a simple but reliable controller architecture for the air supply system, the
appropriate input-output pairing and tuning of the controller is carried out with
classical design tools. Its validity for the entire flight envelope range is proven. A
modern control approach, the Linear Quadratic Gaussian controller, is applied to
demonstrate the potential to increase controlling performance and minimising
controlling action. The results in this chapter are obtained with a simple, quasi-steady
PEM-FC model to accelerate the controller design procedure but finally validated
successfully against a highly resolved PEM-FC model.

Chapter 7 considers the influence of the additional free parameters occurring from
the advanced PEM-FC model such as different load and reformer transients. All
considerations deduced in this work are superposed to demonstrate their
effectiveness and are applied successfully to an extreme operating scenario for the
power unit. Finally, the controlled system is calculated for the entire flight envelope
based on a more electric aircraft power demand, where it proves stable and safe
operation.



2 Conceptual Analysis of the Air Supply System

The analysis presented in this chapter identifies possible system configurations and
detects the most suitable compression and expansion techniques. In order to give
chance to introduce a completely new concept, a systematic top-down approach is
applied. The model description for this section remains at the black-box level defining
only the necessary values at the unit interfaces. Once the system architecture is
defined, the simplified assumptions will be replaced by highly detailed aerodynamic
and fully transient models.

2.1 Requirements and Boundary Conditions in the In-flight FC Application

The design requirements for the air supply are defined by (a) system level
specifications demanded from the entire FC-power unit, such as design power
output, operating range and system response, (b) by the integration with a FC stack
and thus its operating conditions, e.g. cathode inlet temperature and pressure, and
by (c) the interface characteristic of the air supply system to the ambient and thus the
changing ambient conditions, which are specified by the envelope of a standard
flight, comprising different sections of an entire flight mission. The result is a highly
evolved requirement specification.

From system level, the design requirements for the air supply are, basically, valid for
the entire envelope and can be summarised with a descending priority as follows:

e Low system weight and volume

¢ High availability

e Low cost

e Low power consumption

e Autonomous operation and start-up

e Least number of devices

e Good controllability as well as quick and safe system response
e Low noise emissions

e Based on state-of-the-art technology

There can be no doubt, that not all of the stated requirements can be fully achieved
with one technically feasible solution. The task of the analysis presented in this
section is therefore to reveal the optimum concept and to detect air supply
components which cover the catalogue of requirements as completely as possible.



2.1 Requirements and Boundary Conditions in the In-flight FC Application

At this point, it shall be outlined further why autonomous operation is required. The
strategy to use cabin air would clearly facilitate the system design. It would even lead
to excess power if the stack exhaust gases are expanded to the ambient at high
altitudes but has a crucial disadvantage. In case of decompression of the cabin
during emergency, the cathode pressure and thus power output of the stack would
consequently decline, which might even evoke a breakdown (when the membrane is
cooled down by the ambient air beneath 0°C) of the electric power supply in the most
critical moment. This is believed to be an exclusion criterion for the certification.

The design requirements directly imposed by the combination with a PEM-FC are:

e Constant cathode inlet conditions
e Low pressure fluctuations at cathode inlet
e Operational flexibility regarding mass flow and pressure at cathode inlet

and must be fulfilled throughout the entire envelope. The ambient conditions, which
are the inlet conditions for the compression device as function of the altitude, are
defined by the International Standard Atmosphere (ISA), which defines the ambient
temperature in the troposphere (h<11000 m) by

r=T,—L-h Eq. 2-1

with the standard sea level temperature T¢=288.15 K, the lapse rate L=0.0065 K/m
and the altitude above sea level h. The ambient pressure is

LR
P=p H Eq. 2-2

with the standard sea pressure pp=101,325 Pa, the gravitational acceleration
g=9.81 m/s?, and the gas constant for air R=287.04 J/(kg K).

Civil aircraft reach their cruising altitude for long-distance flights at a maximum of
12500 m, which is in the stratosphere and situated above the so called tropopause at
11000 m. It can be well approximated that the ambient temperature in the
troposphere remains constant at 216.65 K resulting in the pressure definition
(29
pP=Dp-e ” Eq. 2-3

where TP indicates the ambient conditions in the tropopause. The ambient
temperature and pressure as function of altitude are plotted in Fig. 1.
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Fig. 1 Ambient conditions in the stratosphere and troposphere vs. altitude

Consequently, the ambient pressure at cruising altitude of 12500 m falls to 0.179 bar
and a constant mass flow soaked up for compression increases its volume flow by
the factor of 4, which will be of great importance for the subsequent considerations.
The typical operating range for commercial APU in civil aircraft (Fig. 2) must be
covered by future FC-system and will be therefore used as a starting ground for the
present analysis. Unlike for gas turbine auxiliary power units (GT-APUs), there will be
no distinction between the operating mode for bleed air and shaft power or shaft
power generation only, as the FC will generate solely electric power. A starting limit
with batteries or re-starting limit with bleed air from the main engines is not of
importance for the present system, while breakdown scenarios of the FC will not be

considered here.
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2.1 Requirements and Boundary Conditions in the In-flight FC Application

The middle line represents the correlation between altitude and temperature following
the ISA standard. Temperature deviations to lower and higher values may occur at
every altitude. If operating restrictions exist due to temperature deviations at altitudes
beneath 4450 m (Fig. 2) will be discussed in Section 2.6, p.17.

The typical flight envelope of civil aircraft, the electric demand, and the corresponding
operating altitude are shown in Fig. 3. After a start-up and taxi-out period, the climb
phase is finished after 23 min with a short manoeuvre climb pause at approximately
3000 m. The cruising phase takes 160 min followed by the descent phase with a
duration of 29 min.
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Fig. 3 Flight envelope parameters and boundary conditions

The electric load demand throughout the envelope (Fig. 3) is increasing until cruising
altitude is reached and remains almost constant until the descent phase is started.
The more electric concept, however, shows a significantly higher power demand and
is characterised by more load changes which occur even abruptly.

In order to understand the issues related to the combination with a PEM-FC, the fuel
cell system and its components shall be briefly described. In our case, the FC system
consists of the stack itself, the power control device and a kerosene reformer with an
auto-thermal reactor (ATR), a low-shift reactor, and a partial oxidisation (POX)
reactor, see Fig. 4. Air is needed in the stack cathode, the ATR and the POX reactor,
but at different pressure levels and mass flows, which has to be covered by the air
supply system. Water can be removed directly at the cathode. A portion will be
recycled to the reforming process, while the excess water might be used for service
water.
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Fig. 4 Schematic flow sheet of the PEM-FC

In our system, the cathode inlet pressure is set to 1.33 bar which is derived from an
assumed pressure loss of 0.25bar and 0.05 bar across the cathode and the
humidifier, respectively, resulting in an effective outlet pressure of 1.03 bar. This is
above the standard ambient pressure at 0 m and eliminates back flow into the
cathode at ground operation. The cathode pressure is also within the pressure range
of state-of-the-art PEM-stacks and is held constant for the entire operating altitude
range. It will be shown later in Chapter 5, p.54, that an adapted cathode pressure
throughout the envelope shows significant advantages for both overall system
efficiency and mass flow operating range. The inlet pressures for the ATR and POX
with 2.66 bar may be somewhat high but offer a margin for necessary controls. The
outlet temperature of the cathode off-gases is 80°C and the relative humidity of the
stream is 100%, which is typical for state-of-the-art PEM-FC, while the rest of water is
in liquid phase and not entering the expansion device. Regarding the cruising altitude
of 12500 m, one can calculate that the air has to be compressed from 0.179 bar to
1.33 bar resulting in a pressure ratio of around 7.5 for the cathode air and 15 for the
reformer air. An overview of the boundary conditions and assumptions valid for the
entire work is given in Tab. A-1, p. 109.

2.2 Application of Radial Compressors

For the needed compression process, only two compressor technologies can meet
the requirements: Screw compressors and radial compressors. The advantages of
screw compressors are their extremely broad operating range without stall or surge
at small mass flows. They can be controlled by shaft speed control and throttle valve
displacement up- and downstream of the compressor. Their main disadvantages are
their relative high specific weight and volume, a low isentropic efficiency of regularly
less than 60%, the necessity of oil injection at compression ratios above 4.5 for
cooling purpose and relatively small shaft speeds of 3000 to 10000 rpm, which
implies the need of an electric drive or a gear box. Screw compressors are extremely
noisy (more than 100 dB when not sound-proofed) and produce a highly pulsating
outlet pressure amplitude, which can only be reduced by the installation of a large-
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2.2 Application of Radial Compressors

volume compensating reservoir (Groth, K (1985), Fister, W. (1984)). Only little
experience exists with screw expanders. Automotive applications e.g. superchargers
are light but generally do not exceed pressure ratios of 2 and a life time of more than
5000 h. To the author’s knowledge, no screw compressors are installed in state-of-
the-art civil aircraft.

The advantages of radial compressors are their extremely low specific weight and
volume and an achievable isentropic efficiency of 65% to 75%. They can be
controlled by shaft speed, throttle valve displacement up- and downstream of the
compressor, inlet guide vanes and diffusers with variable vanes. Radial compressors
do not require cooling while reaching high pressure ratios of up to 8 in one single
stage. Space saving multi-stage compression is possible by arranging the stages on
one shaft. The outlet pressure shows very low amplitudes and can be recognised as
non-pulsating. A major disadvantage is the so-called surge when un-stable operation
occurs low mass flows and concurrently high pressure ratios. Maximum mass flows
are obtained when distinct sections (impeller inlet, diffuser or volute) in the
compressor reach choked flow. Radial compressors are used in state-of-the-art GT-
APUs in the power and bleed air section of the APU and are therefore already
certified for civil aircraft.

As the specific weight and volume are criteria of primary significance for optimum air
supply design, radial compressors seem to be the favoured technology. The following
consideration may further tip the scales in favour of radial compressors.

With a typical isentropic efficiency of 60% for screw compressors, disregarding the
further compression of reformer air and assuming an ideal electric motor, the
mechanical power demand for the compression of 0.18 kg/s is approximately 49 kW
when applying the following expression

. K Rair Tl KT_I
Wmech,comp =m: P _1 ’ 77 : (ﬂ- _IJ Eq 2-4

With a radial compressor of 75% efficiency the power demand would decrease to
40 kW. Assuming a total power output of the corresponding FC of 80 kW, an electro-
mechanically driven air supply would consume approximately 50% of the generated
power, which is not acceptable.

With this rough calculation two important air supply design requirements can be
stated. Firstly, the application of highly efficient compressor technique is of great
importance for optimum overall performance. Secondly, it is crucial for optimum
system efficiency to further decrease the parasitic air supply power demand. This can
be achieved by the exergetic use of the FC exhaust gases and brings up the concept
of a thermo-mechanical drive.

11



2 Conceptual Analysis of the Air Supply System

2.3 Application of the Turbocharger Architecture

Design alternatives for a thermo-mechanical drive are the coupling of a screw
compressor and a screw expander or a combination of a screw compressor and a
turbine. While the first combination results in an extremely heavy system when
considering the compensating reservoir, the latter requires a heavy and expensive
gear box of high transmission ratios due to the differing shaft speeds. A combination
of a radial compressor and a radial turbine yields a turbocharger, which is a well-
known, robust technology in stationary and mobile applications. The major advantage
of radial turbines is their compactness and the possibility to apply variable turbine
geometry (VTG), which allows the control of the shaft speed and thus the mass flow
or pressure ratio. Even though turbochargers do not exist with the here required
design specifications, the maturity of turbocharger technology gives reason to
assume a feasible adaptation to the in-flight PEM-FC environment.

Firstly, we can assume an isentropic efficiency of 60% and a turbine inlet
temperature of 80°C, which is identical with the stack outlet temperature. According
to Eq. 2-5, the mechanical power from a radial turbine is 26 kW.

I-x
. K —
Wmech,turb =m: 1 : Rexhuuxtgax ' nix,turb ' T4 : (1 -~ J Eq 2'5

o —
It can be also seen that the power output is proportional to the inlet temperature,
which makes a temperature increase desirable. This can be accomplished by the
combustion of the unused hydrogen in the exhaust gas of the stack. Incidentally, the
use of a post-combustor becomes necessary as unused hydrogen must not be
released to the ambient due to airport safety and emission standards.

Based on the assumptions made in Tab. A-1, p.109, the remaining thermal power in
the stack off-gases can be calculated with 50 kW. With a corresponding temperature
increase by about 180 K and an improved turbine isentropic efficiency of 70%, the
turbine provides then 45 kW. This represents a power excess of 5 kW when
compared to the compressor power demand calculated above. The power excess
balances the reformer air power demand, which has not been considered in the
power balance yet. This concept is electrically self-sufficient and inherently fulfils the
aforementioned system requirement of least power consumption.

At this step in concept analysis, some preliminary considerations about the suitable
compressor configuration can be made. The here demanded high pressure ratio can
be achieved with a radial compressor consisting of one single stage: It offers a
compact arrangement, which is close to state-of-the-art turbocharger design. This
requires, however, a vaned diffuser which is known to cause a steep and narrow
compressor map and which again counteracts with the aforementioned requirement
of a broad operating range. A two-stage compressor, on the other hand, facilitates

12



2.4 Integration of the Reformer Compressor

the compressor design omitting a trans-sonic inducer section. It broadens the
compressor map but might lead to a heavier compression system. As these
alternatives diverge significantly in design targets, a trade-off between these
alternatives is carried out in Chapter 3, p.24 and completed by a detailed
aerodynamic analysis.

One possibility to reduce the design pressure ratio for both compression concepts is
the use of a ram air intake. It recuperates a portion of the kinetic energy of the inlet
flow caused by the forward motion of the aircraft into static pressure, see Eq. 2-6.

poz:(l+K_1.Ma2jKl Eq2-6
Po 2

With an assumed maximum cruise Mach number of 0.8 and a recovery coefficient of
0.4, the maximum pressure ratio could be reduced to 6.2 and 12.4 (disregarding any
pressure losses) for the cathode and reformer air, respectively. Though this option is
not considered for the present analysis, it might help to decrease design efforts in
future configurations.

2.4 Integration of the Reformer Compressor

Once the turbocharger architecture for the cathode mass flow is fixed, the reformer
air path has to be addressed. It is of great advantage, when the entire air flow is
compressed in one device, here the turbocharger compressor, before it is split into
the reformer and cathode fraction. This avoids two high-pressure-ratio compressors,
tends to result in an efficiency increase for the first compressor due to an increased
mass flow, and provides a convenient decoupling of the reformer air compressor
from the ambient and thus avoids strong deviations from off-design operation. As
thermal power excess is available at the stack output, there exist several options to
run the reformer air compressor. These are:

e On the shaft of the turbocharger (concept A, Fig. 5)
e With a separate radial turbine (concept B, Fig. 6)
e With a separate electric motor (concept C, Fig. 7)

As a power mismatch can be expected between the compressor and the turbine, a
starter-motor-generator is introduced, which assures autonomous start-up and
controllability of the entire air supply system. The electric motor can be arranged
between compressor and turbine, which is known as “ebooster’ in the automobile
industry. Otherwise, a high-speed motor can be situated on the compressor side of
the turbocharger. An obvious disadvantage of concept A is the decrease in
controllability of the reformer air compressor as the shaft speed for both compressors
is identical.

13



2 Conceptual Analysis of the Air Supply System

A second smaller turbine can be used for running the reformer air compressor while
expanding the exhaust gases to the ambient (Fig. 6). The second turbocharger would
be very small in weight and volume but represents an additional device and requires

a three-way valve for high temperatures.

The most promising arrangement is concept C (Fig. 7) as maximum flexibility in
controls of the reformer air and pressure can be expected due to a separate electric
motor. This also leads to a possible arrangement for prototype applications, where
emphasis is placed not on efficiency but feasibility demonstration. A final evaluation

of the concepts is carried out in Section 2.9, p. 23
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2.5 Flight Operation at Varying Altitudes

As can be seen from the flight envelope in Fig. 3, the power demand is a maximum
at the beginning of the cruising flight section. It is therefore set as design power
output. For the present analysis, the power output of the FC and all inlet conditions at
the gas processing path and the stack are held constant for every operating altitude.

This strategy allows extracting the impact of changing ambient conditions on the
operating range of the air supply system. The corresponding design point
assumptions during cruising flight are given in Tab. 1. As inlet conditions do not
differ, the stack cannot “distinguish” at which altitude it works. This simplified
approach will lead to extreme off-design operation for the compression system and
give an essential basis for further analyses.

Tab. 1 Design point assumptions for the air supply system components

parameter value unit
Tlotal air comp 7.30 -
Tlreformer air comp 1.69 -
T turbine 5.89 -
MNtotal air comp 0.75 -
MNreformer air comp 0.70 -
MNturbine 0.70 -

The mechanical power demand of the total air compressor is shown in Fig. 8. A
simple correlation for the efficiency of the compression process has been applied to
account for part-load operation when pressure ratio and ambient conditions are
changing with altitude. The reformer air compressor operates at constant pressure
ratio (Fig. A-1, p.110), which was intended by the compressor arrangement. The only
changing value is its inlet temperature, as pressure ratio of the total air compressor
increases with altitude. Therefore the power demand increases with altitude from
2.2kW to 3.1 kW. For simplicity, the isentropic efficiency of the reformer air
compressor is assumed to remain constant.

The reformer air compressor power is not lost from an energetic and exergetic point

of view. It increases the heat input to the reformer and allows thus a smaller amount
of kerosene to be burnt for the reforming process.
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compressor

The turbine power output rises with altitude due to the increasing expansion ratio.
The efficiency curve is highly simplified as the turbine model does not take into
account the dependency of TIT and shaft speed. To outweigh this uncertainty, the
turbine efficiency has been assumed conservatively with 70%.

Based on the component energy balances, an air supply energy balance can be
depicted, see Fig. 10. The turbine inlet temperature of 530 K is obtained with the
combustion of the unused hydrogen from the off-gases. It can be seen that the air
supply does not consume any electric power from the FC at cruising flight conditions
as has been deduced in the preceding section. At intermediate and lower operating
altitudes, a power gap occurs between compression power demand and turbine
output power and makes electric support necessary.
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Fig. 10 Energy balance of the air supply system at TIT = 530K
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2.6 Operating Restrictions due to Extreme Ambient Conditions

An increase in TIT up to 1250 K can move operation without external electric power
down to altitudes around 6000 m. However, it does not omit further demand for
electric power for air supply operation below this altitude (see Fig. 11).
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Fig. 11 Energy balance of the air supply system at TIT = 1250K

The assumption of a TIT of 1250 K represents a maximum value for uncooled turbine
blades which can be designed with robust and cheap alloys and which limits the
cooling efforts to a reasonable level.

2.6 Operating Restrictions due to Extreme Ambient Conditions

Extreme ambient conditions on the ground may impose operating restrictions.
Therefore a brief assessment will be carried out. As can be seen from Fig. 1, p.8,
great changes of the ambient conditions may occur at altitudes beneath 4380 m
which must be covered by the FC-APU.

Tab. 2 Extreme scenarios for on-ground operation

location Tamb [°C] Pamb [bar] rel. humidity [%]
snow desert -54 1.013 50
desert +56 1.013 30
high altitude +28 0.558 50
Tropics +40 1.013 100

Four on-ground operating scenarios at locations with extreme ambient conditions
(Tab. 2) are picked out from the figure to verify if operation is possible and safe in
principle. An important indicator to be evaluated is the temperature at the total air
compressor outlet which is dependent on the compressor inlet temperature and the
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2 Conceptual Analysis of the Air Supply System

pressure ratio. The temperature of the cathode air, again, is a critical system
parameter and has to be maintained at 80°C to ensure safe operation of the stack
membrane.

All scenarios lead to off-design operation for the air supply system but are deduced
to be feasible when based on the following considerations. Decrease of the ambient
temperature leads to a decrease of the reduced mass flow moving the operating
point towards the surge margin and vice versa. The corresponding changes for the
reduced mass flow are in the range of 15%, which can be covered by the radial
compressor. |If compressor outlet temperature is beneath 80°C, subsequent heating
of the air is optional as the stack can operate at lower temperatures. A trespassing of
80°C for the cathode inlet, on the other hand, has to be avoided to prevent the
membrane from irreversible damage and represents therefore a possible bottleneck
for operation afar from ISA ambient conditions. The scenario “tropics” might be
critical for the stack due to the high ambient and therefore high total air compressor
outlet temperature. Indeed, the compressor outlet temperature is too high at altitudes
above approx. 4500 m even during operation at ISA conditions as can be seen from
Fig. 12. A subsequent cooling of the compressor air is therefore obligatory.

-@-T_out, total air compressor —-T_out, reformer air compressor —4-T_out, turbine
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Fig. 12 Important temperature values of the air supply system

The question is inherently resolved by the humidification of the cathode air and omits
the application of an additional heat exchanger. The most disadvantageous scenario
for evaporation cooling is found in the scenario “tropics”. Fortunately, vapour
pressure increases by 0.04 MPa between 40°C and 80°C and offers a sufficient heat
sink to cool down the compressed air to 80°C.The humidification of dry air at cruising
flight is sufficient to even cool it down from a theoretical value of 740°C to the
required 80°C. The corresponding compressor outlet temperature of approximately
190°C (Fig. 12) can be therefore handled by the humidification device. As a
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consequence, only a fraction of the water to be evaporated is used to control the
cathode air temperature, while the other fraction might be heated up electrically or by
heat transfer from the reformer and then mixed in form of vapour with the pre-
humidified air. An interesting result of this evaluation is the curve of the turbine outlet
temperature, which is an indicator of how much water will condense in the turbine
exhaust gases. As can be seen in Fig. 12 the turbine outlet temperature remains at
every altitude above 0°C without the risk of ice formation in the turbine section.

2.7 Operating Restrictions due to Aerodynamic Boundary Conditions

It will now be verified whether the required design cathode mass flow can be covered
with the total air compressor without reaching aerodynamic constraints, such as
surge or choke. The operation at altitude dependent ambient conditions and the
requirement of a constant compressor outlet pressure and compressor mass flow
reveals to be an advantage. In order to supply a constant cathode and thus
compressor mass flow with increasing operating altitude, both the volume flow and
the pressure ratio have to be increased simultaneously. These boundary operating
conditions allow the operation close to the design flow and head coefficient (Eq. 3-13
and Eq. 3-14) of the compressor over a wide range of the operating altitude.
According to these similarity parameters, the velocity diagram at the impeller inlet
and the force conditions across the impeller are close to the design conditions, which
points to an operation not only afar from the stated aerodynamic constraints but also
at highest efficiency possible. This consideration is confirmed by the detailed analysis
presented in Chapter 5, p.54, and makes the radial compressor a favourable
compression technology for this application.

In order to illustrate the operating distance from the surge and choke line, a
compressor map for a two-stage compressor is shown in Fig. 13. The straight line
represents the constant cathode mass flow throughout the flight envelope matching
the stack design point requirements at every altitude. The pressure ratio is plotted
versus the reduced mass flow and shaft speed, which makes it possible to compare
compressor performance mapped at different ambient conditions. These variables
are defined by

. o pt,"@f Tamb
Mg =My -~ T— Eq 2'7

amb t,ref
and

Ivz,ref

nred =n Eq 2'8

real
amb

where Tier and pyrer are standard conditions.
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Fig. 13 Constant cathode pressure and mass flow operation in the reduced compressor map

Starting at the design operating altitude, the reduced mass flow and the pressure
ratio are steadily decreasing, which illustrates the constant-volumetric-flow
characteristic of the compressor. For system integration and the stack developer, on
the other hand, this representation is not useful as solely the real mass flow is of
importance. The compressor map has been therefore arranged in such a way that
each constant speed line is recalculated with the corresponding ambient conditions.
The result is shown in Fig. 14 and is unfamiliar to turbomachinery readers but depicts

the operation afar from aerodynamic constraints and the possible mass flow variation
at each altitude.
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Fig. 14 Constant cathode pressure and mass flow operation in the rearranged compress. map

An improved representation is used in Chapter 5, p.54, where the interaction
between turbomachinery design and operating range is addressed specifically.
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2.8 Increasing Operational Flexibility by Advanced System Design

It is of major interest how operational flexibility is improved by conceptual means,
which might be an extension or modification of the proposed arrangements. Here,
operational flexibility is characterised by a wide cathode pressure and mass flow
range and the ability to overcome transients in a quick and safe way.

2.8.1 Application of a Compressor Blow-off Valve

Decreasing the mass flow represents a critical scenario to the compressor moving
the operating points towards surge and thus to critical system operation. The
installation of a bleed valve at compressor outlet is a simple device to decrease the
cathode mass flow but causes dissipation of the compressor work. This scenario
cannot be recommended for long-term operation as the excess air does not provide
benefit to any other component but this scenario may be considered for prototype
demonstration. However, a bleed valve will be necessary even for a commercial
system to serve as a robust anti-surge device e.g. during start-up or fast transients.

2.8.2 Application of Compressor Inlet Guide Vanes

The broadening of the compressor map towards lower and greater mass flows can
be achieved by the application of inlet guide vanes (IGV). IGVs initiate a pre-swirl
e.g. in direction of the impeller’s rotation reducing incidence losses and thus allowing
operation at lower mass flows than without IGV. A pre-swirl against the rotation
decreases the relative inlet velocity at the impeller inlet. The relative inlet velocity
again dominates the choking characteristic of the compressor, which is shifted to
higher mass flows. This allows off-design operation without additional dissipation and
an efficient work transfer to the fluid. On the other hand, IGVs increase the weight
and volume of the air supply system and, more importantly, raise system complexity.
A malfunction of the IGVs can impose significant restrictions for overall performance
or lead even to a system shut down which has to be taken into account during
availability considerations. The potential to enlarge the compressor map by
application of IGVs is remarkable and is illustrated in Fig. A-2, p.110. The position of
70° represents maximum pre-swirl in the direction of rotation. The model for the IGV
is taken from Hagelstein, D. (2001). The mass flow is decreased by half at a guide
vane position of 50° and increased by more than 30% at a guide vane position of -
20°.

2.8.3 Application of a Post-combustor

The possible benefits of a post-combustor have been addressed in Section 2.5, p.15,
as its use might avoid or minimise the electric power demand for compression.
Temperature can be increased up to 1000 K (a typical temperature range for
turbocharger turbines) by additional burning of kerosene in the post-combustor. This
brings up a whole set of possible operating scenarios. Short duration kerosene
injection may help to overcome too slow shaft speed transients during fast cathode
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2 Conceptual Analysis of the Air Supply System

fast mass increase. Continuous co-firing may help to support short-term high power
output demands from the APU or to increase overall system efficiency at cruising
altitude when the turbine section offers sufficient power output.

1_7,‘-
_ mexh 'cp,exh .nis,turb (1 -~ j.(Tét,coﬁring - T4) _ [1 B IKKJ Eq 2-9
Ucofﬁring . Uis,turb 4
mexh 'Cp,exh '(T4,co—_/iring - T4)
The additional output power of the turbine due to co-firing can be related to the
kerosene amount necessary for increasing the temperature, which yields the
thermodynamic efficiency of the co-firing. It can be roughly calculated by Eq. 2-9 and
is solely a function of the turbine isentropic efficiency and the expansion ratio when
neglecting changes in mass flow and gas properties during co-firing.

At cruising altitude, the efficiency of the co-firing process is approximately 25%,
which is in the range of the overall system efficiency without co-firing. For operation
at lower altitudes, the ratio increases and co-firing becomes disadvantageous from a
system efficiency point of view but might remain an option as this operating period is
relatively short. An increase in turbine efficiency, on the other hand, would enhance
the system efficiency even without co-firing, which underlines the importance of a
careful turbine design. Co-firing is a possible mean to overcome load peaks during
transients at every altitude. It allows designing the stack output below the maximum
peak load and thus decreasing the stack and gas processing reactor size
representing the largest weight and volume fraction within the FC power module.

2.8.4 Cathode Pressure Strategy

An important potential for improving the operational flexibility is the choice of the
cathode pressure which may be varied at each operating altitude to find optimum
system operating conditions. To find the optimum system pressure as a function of
altitude is part of the operating strategy and has a significant impact on
turbomachinery design, stack performance, and mass flow range. Basically, it can be
stated that the maximum mass flow is defined by the choking characteristic of the
turbine at any operating altitude. An increase of the turbine inlet pressure causes
therefore not only a higher turbine power output but also an extended mass flow to
higher values. At the same time, the compressor power demand rises and the fuel
cell stack output and efficiency increase due to the higher Nernst potential at the
membrane shifting the entire power management to a new equilibrium. A cathode
pressure increase will be limited by the aerodynamic compressor constraints such as
surge, especially when the compressor mass flow is chosen to remain constant.
Nevertheless, cathode pressure optimisation is an interesting option as it does not
impose additional devices and thus does not increase the system weight and volume.
Special attention will be therefore paid to the analysis of the cathode pressure in
Chapter 5, p.54.

22



2.9 Concept Choice and Further Approach

2.9 Concept Choice and Further Approach

For optimum air supply system for an in-flight PEM-FC, the design criteria system of
low weight and volume, low system complexity, best controllability and least electric
power consumption have been pursued. Radial compressors and turbines meet
these crucial requirements and offer, through their integration into turbocharger
architecture, a compact and proven technology. Based on simple assumptions for the
compressor and turbine models, it has been shown that the air supply system is
applicable for the entire envelope and requires moderate power support from the FC
stack. Operation under extremely hot and humid ground ambient conditions is
possible as the increasing vapour pressure leaves enough cooling margin. The
aerodynamic characteristics of radial compressor maps inherently match the
requirement of a constant cathode mass flow over the entire flight envelope.

Tab. 3 Decision matrix for the concept choice

requirement evaluation: 2=very good, 1= fair, 0=bad

concept A | conceptB | conceptC

low system weight and volume 2 1 0

high availability

low power consumption

least number of devices

good controllability

based on state-of-the-art technology

N O O I NIN| -~
Ala|lalo|a|o
DININ|~|O|—~

sum

A decisions matrix (Tab. 3) is created to select the best concept following the most
important design requirements of the air supply system. With an evaluation range
from zero to two, denoting very poor to very good fulfiiment of the requirement,
respectively, concept A should be favoured, while closely followed by concept C.

Despite concept A seeming to achieve the stated requirements in a best way, it is
believed that at the present development level the coupling of the reformer air
compressor to the turbocharger shaft unnecessarily increases integration effort and
burdens system dynamics and controls. Concept C resolves this problem without
dropping too low in the decision matrix. It is therefore favoured for the subsequent
analysis (see Fig. 7, p.14). As can be seen, the reformer air compressor is driven by
a separate electric motor which imposes a power demand of approximately 5 kW
throughout the entire envelope. This is reasonably low when compared to the design
output of 80 kW from the fuel cell stack.
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3 Radial Compressor Design and Optimisation

3.1 Design Strategy Considerations

Radial compressors have been chosen to be optimum for the combination with the
in-flight PEM-FC. To the author’'s knowledge, radial compressors designed for or
applied to this task do not exist at this point of time. Therefore, it is believed that a
new radial compressor has to be developed or a similar, already existent, design has
to be adapted to the present boundary conditions. This brings up the necessity of a
radial compressor design procedure, which sets guidelines for a new design or
allows the evaluation of the development gap for a successful integration,
respectively. In this regard, two important questions arise:

e How has a radial compressor to be designed to fit the in-flight requirements?
e How can the design be modified to improve overall performance?

The design of radial compressors is a highly complex task comprising aero-dynamic,
stress analysis and system integration issues based on experimental and operational
experience. Various authors (Aungier, R. H. (2000), Eckert, B.; Schnell, E. (1980),
Rautenberg, M. (1984), Balje, O.E. (1981), and Whitfield, A (1990)) propose
strategies for the radial compressor design differing in application of empirical and
semi-empirical correlations which are combined with basic aerodynamic laws. These
different strategies may be called “philosophies” of design procedures as they are
based on the authors’ experience emphasising different aspects of loss mechanisms
or algorithm logics as sufficiently accurate or effective.

In this work, a design algorithm has been developed to obtain important geometric
relations of the impeller, the diffuser and the volute, which is also known as
preliminary design. The geometry set allows the calculation of a complete
performance map of the designed radial compressor and thus an evaluation in a
subsequent steady-state and transient analysis. Based on these results, the design
procedure can be adjusted to application specific operating targets, here the use with
an in-flight PEM-FC.

Special attention has been paid to the impeller design which has been started from
the basic relations published in Whitfield, A (1990). This strategy is favourable for the
current work as it is based on the most general aerodynamic laws and non-
dimensional similarity parameters followed by a one-dimensional meridian streamline
approach. The streamline approach itself on the one hand offers sufficient accuracy



3.2 Basic Aerodynamic Relationships and Non-dimensional Parameters

for performance prediction and on the other hand requires only low calculation time
when compared to Computational Fluid Design calculations. The design procedure is
carried out with non-dimensional similarity parameters to obtain independency from
geometry and to compare and evaluate aerodynamically similar conditions at the inlet
and outlet of the designed section. The application of similarity parameters for the
preliminary design of turbomachines is attractive due to its simplicity and
independence of loss models. Arranged as one module, it can be combined with
user-specified loss models or known efficiency values e.g. obtained from
experimental data. The specification of only one geometric value or the mass flow is
sufficient to translate the results of the non-dimensional design into a geometry
setting and absolute velocity parameters, which are necessary for performance

mapping.

A common objective of design with non-dimensional parameters is to transfer the
optimised design of an existing turbomachine to another one. As in this work a
completely new design is sought after, the newly obtained similarity parameters are
used only to verify if the design results are within the specific radial compressor
region of the Cordier-diagram. The Cordier diagram gives an overview of design
parameters of state-of-the-art compressors with good performance.

In order to facilitate comprehension of the design strategy, the most important
aerodynamic relations and non-dimensional parameters and their interdependencies
shall be mentioned here. As special attention has been paid to the impeller design,
the main inducer and discharge considerations are described before the overall
compressor design procedure is presented.

3.2 Basic Aerodynamic Relationships and Non-dimensional Parameters

A radial compressor consists of the radial impeller, a diffuser, and a volute. An
illustration of an impeller and the corresponding velocity diagrams is given in Fig. 15.

The important geometric characteristics at impeller inlet are the blade angles at the
hub B1y and shroud B1s, the absolute velocity angle at inlet a4, the blade angle at

outlet B2, and the absolute velocity angle a,. Further geometric relations are the
radius ratio

=D, Eq. 3-1

D, Eq. 3-2
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3 Radial Compressor Design and Optimisation

In this analysis, no inlet guide vanes are applied, therefore a4 remains constant at
90°.

8 D2

Fig. 15 Radial impeller geometries and velocity diagrams

Deducing from the velocity vectors and the relationship
C=u+w, Eq. 3-3

the characteristic velocity diagram can be drawn for the impeller inlet and outlet
illustrating the specific work transfer from the impeller to the fluid (Fig. 16).

impeller inlet impeller outlet
C1 Wi “ W2
" CEﬂJ,
o2 1 P2
U1 Czu Lz 'l

Fig. 16 Velocity diagrams at the inlet and outlet of the impeller

All velocity diagrams can be transformed into non-dimensional diagrams represented
by Mach numbers which are calculated either with the static local temperature or the
total temperature at impeller inlet following

C
- R-T Eq. 3-4

local

Ma =
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c
Ma =
\/K ’ R ’ ];mpellerinlet,t Eq ) 3-5
impeller inlet impeller outlet

Ma < Ma w2
* Ma c2m S,

N

az | R ‘: P2

Ma c2u MU |

Fig. 17 Mach number diagrams at the inlet and outlet of the impeller

Unlike for absolute velocity diagrams, the calculation with Mach numbers offers a
comparison of aerodynamically different states, which is favourable for a general
compressor design (Fig. 17).

Additional non-dimensional dynamical characteristics can be defined, such as the slip
factor

cZ,u

p=— _
o Eq. 3-6

which shows the effect that the magnitude of tangential velocity is lower than the
ideally attainable velocity, the work factor

/1 — cZ,u — ,u
Uy gy, N Eq. 3-7
tan f3,,

which demonstrates the ratio between the mechanical impeller work and the work
transferred to the fluid, and the non-dimensional impeller speed

Mu = ——2—
T RT Eq. 3-8

Core aerodynamic parameters of the impeller can be then expressed by the non-
dimensional parameters such as the total temperature ratio

T (x-1)
%:Hm‘(“z'cm—%'chu) Eq. 3-9
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3 Radial Compressor Design and Optimisation

which gives the stagnation temperature ratio not only for the impeller but also for the
entire compressor as the remaining adiabatic components such as the diffuser and
the volute do not change the total temperature. The relation between the change of
angular momentum of the fluid and the thermodynamic change of state of the fluid is
well illustrated. When assuming a swirl-free inlet flow and applying Eq. 3-7 and Eq. 3-
8, the total temperature ratio can be expressed by

%:1+(K—1)%-Mu2 Eq. 3-10

1t

demonstrating the dynamical conditions at the impeller. When applying the definition
of the isentropic efficiency

=)

(pS,tJ * _1
APy Eq. 3-11

T]is
&_1

T,

Lt

the compressor total pressure ratio can then be expressed by

K

%=(1+(K—1)'77is'/1'M”2)H Eq. 3-12
1t

The total pressure ratio is not only dependent on fluid properties represented by the
heat ratio but also the isentropic efficiency of the compressor. A value for the
isentropic efficiency can be obtained from aerodynamically similar machines or
calculated from loss models.

Finally, two important parameters from similarity theory can be defined, which are
important for the comparison of compressors, the flow and head coefficient. They are
defined by

Y
pluzﬂ_Dzz Eq 3'13
and
x-1
\Pzz'Ahl,Zzat :i.K.R.TI. Py | © 1
w, uy (k=1) [\ P Eq. 3-14

respectively.
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3.3 Inducer Design

Ferguson T.B. (1963) gives an overview of research work considering the optimum
incidence angle. Ferguson T.B. (1963) reports optimum performance at zero
incidence, when blockage is not considered, which will be applied here. Japikse, D.
(1996) reports that a negative incidence angle for the design operating point
increases operational range, which is an option to be defined in the algorithm for
further analysis.

For the inducer design, minimisation of the relative Mach number at the impeller tip is
considered to be essential for optimum overall performance. Low relative Mach
number at impeller inlet is an indicator for low blade incidence losses at inducer inlet,
which again is a dominating dissipation source during work transfer. Furthermore, it
is desirable to decrease the relative Mach number at the impeller inlet as the stable
operating range between choke and stall increases significantly (Rodgers, C. (1964)).

It has to be mentioned that if single-stage compression is favoured, transonic inducer
design becomes necessary. For this, shock models at the impeller tip and the splitter
blades as well as friction losses for the transonic flow at the inducer tip have to be
introduced in order to complete the evaluation of the single-stage concept. This goes
beyond the scope of this work and is not considered here.

The main design parameters are the hub and shroud radii and blade angles. At a
fixed mass flow, impeller speed and hub diameter, which is often defined by the
torque transmission, the shroud diameter can be varied in order to minimise the
relative Mach number at the impeller shroud. The mean inlet velocity is decreased
with an increased shroud diameter and thus cross sectional area at the impeller inlet,
given by

_RT 1
T T (e Eq. 3-15
! 4'(D1,S_D1,H)- 9. o

Simultaneously, the circumferential velocity at the shroud is increasing by the relation

Ug=0—— Eq. 3-16
The relative velocity though can be expressed by

Wis =+ ”12,S + Clz,s Eq. 3-17

Consequently, an optimum exists for the relative inlet velocity which is calculated by
an iterative loop. This procedure fixes then the blade angles at the hub and shroud.
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With the total pressure ratio, the outlet blade angles, and the velocity angles as input
to the procedure, the shaft speed is iterated in an outer loop to find the overall
optimum shaft speed at a minimum inlet Mach number.

In order to maintain design algorithms and applied technology at a reasonable level,
only sub-sonic modelling and thus inducer design is applied in this work. An increase
in the tip Mach number opens a wider design range but imposes also further losses
due to shock waves decreasing the overall isentropic efficiency. Once unity is
reached, the maximum relative Mach number is held constant as a constraint during
further parameter variations.

The inlet blade angle at the shroud remains between 30° and 34°, which is in the
range of state-of-the-art inducer designs.

3.4 Discharge Design

The following section aims at the illustration of the impact of major geometric design
parameters on aerodynamic design parameters and vice versa. It shall also give
basis to a thorough comprehension of the parameter interaction during compressor
design. It finally allows to evaluate performance and to reveal operational restrictions
due to the in-flight specific boundary conditions. Important aerodynamic parameters
are:

e The magnitude and direction of the absolute discharge Mach vector
¢ The magnitude of the relative inlet Mach number

e The diffusion ratio of the impeller deH

e The specific speed Mu

The outlet Mach vector defines to a great portion the loading of the diffuser system
downstream of the impeller. High meridional velocities lead to friction losses and to
shock losses around the leading edges of the diffuser and, if used, the diffuser
vanes. A too low discharge angle imposes a long circumferential path through the
vaneless diffuser causing not only additional friction but may initiate stall and flow
reversals to the point of violent surge. Although, the relative inlet Mach number has a
strong impact on the inducer section, it also shows important interaction with the
diffusion ratio, which again is linked directly to outlet Mach number, e.g. small
diffusion ratios may lead to an unstable operation due to increasing boundary layers
initialising backflow in the impeller and possibly lead to surge. The specific speed
gives important information about the non-dimensional impeller loading from a
thermodynamic and mechanical point of view.

The major geometric parameters at the impeller discharge are (see Fig. 15, p.26):
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e The blade angle By

e The discharge angle o

e The diameter D, (radius ratio v)

e The blade height b, (non-dimensional blade height by/rz)

A large outlet diameter (or small radius ratio) has a strong impact on the physical
stresses and defines through the impeller channel lengths strongly the friction
surface and thus the impeller efficiency. Small blade height, for example, interacts
strongly with high inlet Mach numbers. When loss models are applied for the
prediction of the section performance, these parameters cannot be set
independently. Some have partially strong interdependencies with each other while
others simply result from other parameters, as in the case of the blade height.

It is not possible and not meaningful to define only geometric parameters to calculate
and assess the aerodynamic performance, or vice versa. A design strategy which
follows design targets and specifications is rather based on a suitable choice of
setting parameters from both categories. In the present case, input values to the
procedure are the pressure ratio, the outlet angles, the radius ratio and the specific
speed. In order to demonstrate their influence in a systematic way, these values are
analysed independently while the efficiency parameter is held constant. The results
are presented in detail in Sections B.1 to B.4, p.111.

Considering the preceding relations, it can be summarised that for the here
demanded high pressure ratios the optimum geometry settings may be found at low
discharge blade angles, low radius ratios and low discharge angles. Diffusion ratio
and the relative inlet Mach number are to be kept low. On the other hand, a low
discharge blade angle will be limited by the upper stated stress constraints, while a
low radius ratio leads to a great outlet diameter. This again has a detrimental impact
on the transient behaviour and, more importantly, the isentropic efficiency of the
compressor. A low discharge flow angle will also impose a great loading on the
subsequent diffuser, decrease the diffuser efficiency and shift the operating
conditions nearer to the stability limits due to increased diffuser surface friction. This
represents a typical optimisation problem which will be addressed below.

3.5 Diffuser and Volute Design

The fluid discharges from the impeller at high velocity. Therefore, it is essential to
convert the kinetic energy efficiently into static pressure. The diffuser system of a
centrifugal compressor is usually constructed of either a vaneless diffuser or a
combination of a vaneless diffuser followed by a vaned diffuser. The vaneless
diffuser is often applied due to its technical simplicity and inexpensive construction
and, in the present application of great importance, due to its broad operating range.

31



3 Radial Compressor Design and Optimisation

A vaned diffuser has the clear advantage of achieving very high pressure ratios
which would be favourable when considering only one stage for the total air
compression. The fixed diffuser geometry, however, entails a narrow operating range
at high mass flows. Off-design compressor operation results in a significant change
of the discharge angle, which causes incidences and thus losses at the vane edges.
After a narrow operating range at high pressure, the compressor performance
collapses within a small range of further mass flow increase. One possibility to avoid
this effect is the application of variable vane geometry where the angle of the diffuser
blades can be adapted to the optimum discharge conditions. It represents an
increase in technical complexity which is believed to be a too great of a step for the
demanded prototype application. Considering this circumstance, solely vaneless
diffusers are applied in the present work.

The vaneless diffuser consists of two parallel or slightly converging walls or a
combination of those. A simple geometric relation is the diffuser radius ratio,

Voir =~ Eq. 3-18

where the diffuser outlet diameter is divided by the inlet diameter. The inlet diameter
is not equal to the impeller outlet diameter as a small gap is often implemented for
flow stability reasons. The diffuser radius ratio will be set to 1.6 for the present work,
which is state-of-the-art for a broad number of radial compressor applications.

For the design procedure, a simple, but for preliminary design suitable, diffuser
stability criterion will be applied from Aungier, R. H. (2000). It accounts for the
possibility of rotating stall on-set as a precursor of surge. Independent from the
diffuser width to outlet diameter ratio, the diffuser design will consider only discharge
flow angles greater than 14° to avoid stability restrictions at design point operation.

The volute situated downstream of the diffuser collects the air flow into a single pipe
for delivery to the cathode and gas processing path. At design point operation, the
volute is expected to have no impact on pressure rise or drop, while it is often
observed that it acts as a diffuser at low mass flows and as a vane at high mass
flows compared to the design point. For this work, the external volute design has
been applied, as this represents the state-of-the-art for radial compressors and
contributes to a maximum overall operating range. As the pressure recovery is
expected to be near zero for the volute, the outer diameter of the volute is adapted in
order to meet this criterion. Further attention has been paid to the cone exit which is
often reported to be a transition piece relevant for choking of the mass flow and thus
a possible constraint for operation at high mass flows. The diameters at the cone
entry and exit have therefore been adapted to result in low Mach numbers, which is
also favourable for the piping velocities and the associated pressure losses.
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3.6 Design Procedure

Based on the design topography presented in Section 3.4, p.30, a design procedure
has been developed to obtain the thorough geometry setting necessary for the
subsequent performance map calculation. The design boundary conditions in the
present work can be summarised as follows:

e Only backswept blades B,,<90° are applied to keep the diffusion ratio low

e The absolute discharge angle oy is greater than 14° to ensure diffuser flow
stability

e The relative Mach number at shroud inlet Ma, ,, s is lower than unity to ensure
subsonic inducer design

e The diffusion ratio is greater than 0.62 to ensure impeller flow stability

e The optimum specific speed is calculated by minimisation of the relative Mach
number Ma, ,, at impeller inlet

The performance targets of the compression device can be summarised as follows

Tab. 4 Performance targets of the compression system

parameter value unit
total pressure ratio, mot 7.5 -
mass flow, m 0.18 kg/s
ambient pressure, pamb 0.179 bar
ambient temperature, Tamp 216.54 K

From the set of input and output variables, the general formulation of the algorithm
can be stated as

(vel .triangles, geom. relations)
. Eq. 3-19
= f(vﬂVH ° al 4 a27ﬂ19ﬂ2b977ls,imp5 7711? b mred’ 72’-[0[’ nred ) q

of which the most important input variables are the reduced mass flow, the pressure
ratio, and the reduced speed.

In order to avoid the input of the isentropic efficiencies for the impeller and overall
performance by the designer, an aerodynamic model has been combined with the
design programme to create a consistent data set between the geometric design and
the design point performance calculation. The loss model is based on detailed
correlations of loss mechanisms for each section of the compressor. A detailed
overview and discussion of the models is given in Chapter 4, p.43. By the
combination of the design programme and the loss models, the number of input
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variables is reduced by the efficiency values. The output variables of the design
programme serve as input to the loss model and vice versa. This will be continued in
an iterative calculation until convergence is reached. As these loss models are also
applied for the subsequent performance calculation, a consistent set of values is
passed from the design step to the performance calculation step.

input variables m,, m.,v, vy, Baps

4’| initial value for Migm, |
L]
| initial value for n, |‘7
v

| inlet optimization: initial values for B, gNeq
I Ma,,, s at minimum?
l yes

| diffuser loss model | I

no

¥

| volute loss model |
L1

: no
| 1S M = nis‘sla:ﬂ? |

yes

| impeller loss model
¥

no B 5
I | IS Nis,imp ~ Mis,imp.start ? |

+ consistent values for g, M

* nrer. optimum
- complete geometry set

Fig. 18 Design procedure for the single-stage radial compressor

In the design procedure, the shaft speed is calculated by a minimisation of the
relative Mach number at the impeller shroud minimising the dominant incidence and
friction losses in the inducer section as explained in Section 3.3, p.29. The overall
isentropic efficiency is then iterated applying the diffuser and volute models. Finally,
the impeller isentropic efficiency is calculated with the impeller loss model until
predefined convergence criteria are reached. The nesting of the overall isentropic
efficiency into the impeller efficiency loop seems to be not intuitive but achieves quick
and stable convergence.

For the demanded pressure ratio of 7.5, a single-stage concept imposes the usage of
a vaned diffuser or trans- or supersonic impeller design. Both the vaned diffuser and
the transonic impeller require a more sophisticated design procedure. Technology
and design requirements can be lowered significantly with a two-stage compressor
concept applying vaneless diffusers in each stage. This might increase weight and
volume but be outweighed by the broader operating range and the higher reliability.
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Fig. 19 Design procedure for the two-stage radial compressor

The two-stage concept represents a good alternative for the prototype application.
The design procedure is therefore extended to a two-stage compression, which is
depicted in Fig. 19. For this purpose, the single-stage design procedure has been
duplicated and then modified to handle differing inlet conditions caused by the first
stage. Consequently, the number of input variables for the two-stage design
procedure increases by further geometric boundary conditions.

3.7 Design Optimisation

3.7.1 Definition of Design Specifications

In order to cover the aforementioned system design requirements, it is fundamental
that the turbomachinery design procedure follows pre-defined specifications.

e Maximum isentropic efficiency

The importance of maximum compressor efficiency (Eq. 3-11, p.28) has been
already addressed and is demonstrated in Chapter 5, p.54. Therefore it is a primary
criterion.

e Maximum diffusion ratio and minimum relative inlet Mach number
While a maximum diffusion ratio (Eq. B-6, p.115) extends the operating range to
lower mass flows, the minimum relative inlet Mach number (Eq. 3-4, p.26) favours
the opposite effect.

e Maximum power coefficient
The power coefficient is a good indicator for the compactness of turbomachines and

is
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Eq. 3-20

e Minimum outlet diameter D, rotor mass mror, and rotor moment of inertia Jrotor
The outlet diameter allows the evaluation of volume of the compressor and is
inherently related to the rotor mass and the rotor moment of inertia. The calculation
of these parameters is based on the assumption that the passage diameter along the
hub camber line can be represented by a spline function. Low rotor moment of inertia
can improve significantly transient response characteristics of the turbocharger and,
consequently, the needed control action.

e Maximum mass flow range

The mass flow range defines to a great portion the load range of the entire FC-
system. For the design speed, it can be defined by

mchoke - msurge

range = _
. | Eq. 3-21
and for the entire compressor map by
Z:rangei
TA08C e = 7 Eq. 3-22

available speed lines

Following Eq. 3-19, p.33, the remaining parameters v, B2p and o, are left to be
specified by the compressor designer and can be varied in meaningful intervals. The
solution space is defined by the intervals given in Tab. 5.

Tab. 5 Solution space for the single-stage optimisation

parameter lower limit upper limit unit
radius ratio, v 0.45 0.7 -
discharge blade angle, B2y 45 80 °
discharge angle, oy 14 34 °

3.7.2 Optimisation Limits

The choice of these parameters has a significant impact on the aforementioned
design targets. Applying the design algorithm described above, a parameter variation
for the radius ratio is carried out and illustrated in Fig. 20 and Fig. 21 (continued Fig.
B-6 to Fig. B-8, p.116). For one example of a single-stage compressor, an efficiency
optimum exists at a radius ratio of 0.63 (Fig. 20). A maximum diffusion ratio or
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minimum relative inlet Mach number are obtained at a radius ratio of 0.55 (Fig. 20)
while the highest power coefficient is found at a radius ratio of 0.75 (Fig. 21). This
demonstrates well that the achievement of all design criteria is not possible and the
design result represents always a compromise of counteracting tendencies.
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= 115 0.40
. 07754 0.75 g

= £ 1104 1035 -
> - 5 -
g oo < '\ 070 5 E 105 e 030 £
S B 8 i 1 S
£ 0.765 - 065 ¢ s 100 e 025 ¢
2 g 8 o095 — 0.20 8
- 2 £ L~ 5
g o7e0 7 NN 060 £ s 0901 / Lots &
@ s Qo
Qo

2 0755 0.55 3 oss o 0.10

0.80 | 1005

0.750 T T 0.50 0.75 0.00

0.5 0.55 0.6 0.65 0.7 0.75 0.8
radius ratio [-]

0.5 0.55 0.6 0.65 0.7 0.75 0.8

radius ratio [-]

Fig. 20 Isentropic efficiency and diffusion Fig. 21 Relative inlet Mach number and power
ratio as a function of the radius ratio coefficient as a function of the radius ratio

It has to be mentioned that these results are only valid for a fixed outlet flow of
ap=20°and a blade angle of B,=55°. When changing each of these parameters in the
defined interval, respectively, the point of maximum efficiency (and all other
parameters) moves to a new value, which is due to the strong non-linearity of the
algorithm and the models.

e |imnit defined by minimum diffusion ratio
m—— |irnit defined by maxium Mach number at impeller tip

: ‘ maximum efficiencies

isentropic efficiency,nis [-]

outlet blade angle, B, [°] 20 outlet flow angle, o, [°]

Fig. 22 Design plane for maximum efficiencies as a function of the impeller outlet flow angle
and the impeller outlet blade angle

Following the design criterion of maximum efficiency for all permutations of the outlet
flow and blade angles, a solution plane can be depicted. The common knowledge
that maximum stage efficiency can be found at high outlet flow angles and small
outlet blade angles is confirmed by the results shown in Fig. 22 and confirms the
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3 Radial Compressor Design and Optimisation

prediction capability of this procedure for a reliable preliminary design. The solution
plane is constrained by the upper mentioned minimum diffusion ratio in the impeller
and the maximum inlet relative Mach number at the impeller tip. Therefore, the
maximum efficiency value is defined by an array of points along the maximum Mach
number line shown in Fig. 22.

3.7.3 Decrease of Input Variables for the Design Procedure

It is still unsatisfactory, that the final design result is not definite. Due to the high
number of free variables and their interdependencies, it appears furthermore
complex and little illustrative to the designer to find the best compressor design
especially when multiple design targets are pursued. The number of free parameters
is therefore further decreased by embedding the design targets in an optimisation
function offered by the Matlab software. The local maximum of the function is then
found within the pre-defined solution space according to Tab. 5, p.36.

Thus, the input parameters for the compressor design are reduced to the known
parameters, which are the mass flow, the pressure ratio, and the specifications of the
design targets. The general expression of the algorithm then has the form

Eq.
3-23

(vel. triangles, geom.rel.,n, . oumsMis imp > Mis s Mrea ) = f (. 7,,,design requirements)

The result is a set of 4-D matrices which are filtered and recalculated according to
the turbomachinery design requirements. An illustration of one 4-D matrix is given in
Fig. 23. The cluster of blue points represents the entire solution plane for the
isentropic efficiency in the 4-D solution space which is convolved by the 3-D
illustration.

©  maximum efficiency
maximum diffusion ratio
Q minimum Mach number at impeller tip

o
=]

0.75 |~

b
b

isentropic efficiency, n; []

outlet blade angle, p.y, [°] 20 outlet flow angle, o, [°]

Fig. 23 4-D matrix visualisation of the optimum efficiency for the single-stage compressor
design
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What can be outlined in the figure is that the maximum compressor efficiency can be
found at maximum outlet flow angle and minimum outlet blade angle indicated by the
red circle. The green and black circles represent the corresponding efficiency values
when the design procedure is optimised for highest diffusion ratio or lowest relative
inlet Mach number, respectively. This means that different design targets lead to
different aerodynamic parameter settings. For the two-shaft compression design, the
matrices have a 7D form but are handled in the same mathematical way.

3.7.4 Multi-objective Optimisation

It is common in optimisation problems that one design has to cover several design
criteria at the same time, which represents a multi-objective optimisation. The design
optimisation has been extended within the Matlab software to allow a free number of
design specifications and the possibility to weigh these design tasks according to the
flight or PEM specific operating requirements.

Disentropic efficiency Mdiffusion ratio Orelative inlet Mach number \D power coefficient B rotor mass OO mean mass flow range
1 1.2

L 09 —

0.8 —

0.8

0.7 - 0.6

0.61 0.4

mean mass flow range [-]

0.5 - 0.2 4

isentropic efficiency [-]; diffusion ratio [-];
relative inlet Mach number [-]
power coefficient [-]; motor mass [kg];

0.4 - —
etamax deHmax Ma1min optim

T T
etamax deHmax Ma1min optim

Fig. 24 Compressor characteristics for Fig. 25 Compressor characteristics for
different design strategies different design strategies

The capability of weighted compressor design optimisation with the developed
algorithm is demonstrated in Fig. 24 and Fig. 25. In this example, isentropic efficiency
and operating range are primary criteria, which have been achieved by a maximum
diffusion ratio and minimum relative inlet Mach number. When optimisation is carried
out only for one design goal, then at least one other goal does not achieve satisfying
values. The last column in both figures shows that weighting of the design tasks by
the same algebraic factor results in an overall gain for each parameter and therefore
an overall optimum. The overall optimum has to be paid by a slightly decreased
isentropic efficiency when compared to the efficiency oriented optimisation. It is well
illustrated in Fig. 25 that coverage of every design task is not possible, which puts
forth the compromise aspect of optimisation. The rotor mass is high even for the
weighted optimisation while the power coefficient is comparatively low.

The algorithm offers the most important turbomachinery requirements to be achieved
by one calculation step. Moreover, it is designed to allow quick introduction of new

39



3 Radial Compressor Design and Optimisation

criteria and specific weighting which might be found during advanced analysis to be
relevant for the successful turbomachinery integration.

3.7.5 Optimum Pressure Ratio Split for the Two-stage Compression

For the two-stage compression, the pressure ratio split between the two stages
becomes an additional optimisation parameter. The design procedure is applied now
for different pressure ratio splits while in each case optimum compressor efficiency is
pursued. The results for the pressure ratio variation are given in Fig. 26.

—4—overall isentropic efficiency —-isentropic efficiency of the 1st stage
=i isentropic efficiency of the 2nd stage

0.81
0.8

0.78 - L
o7 \-\-\-

0.76 -

isentropic efficiency [-]

> \“‘.

2.25 2.75 3.25 3.75 4.25
pressure ratio of the 1st stage [-]

Fig. 26 Optimum pressure ratio split fort the two-stage compression

An optimum can be found for a compression ratio in the first stage of 2.75, which is a
result from two counteracting tendencies. While the isentropic efficiency of the first
stage has a flat maximum at 2.75, it decreases with further pressure ratio due to the
increasing impeller diameter. Transferring the greater part of the fluid work, it cannot
be compensated by the increasing efficiency of the second stage. Therefore, the
design pressure ratio of the first stage is set to the found optimum value.

3.7.6 Comparison between the Single-stage and Two-stage Compression

As has been addressed in Section 2.3, p.12, the design choice between a single-
stage or a two-stage compression has significant impact on turbomachinery design.
The here developed design procedure is a tool for a final evaluation as to which
concept is favourable for overall system performance.

For comparability reasons, the concepts are calculated with the same aerodynamic
loss correlations. It has to be kept in mind, though, that Shaaban, S. (2004) validated
these models for radial compressor with pressure ratios from 2 to 3.5. Therefore, the
prediction quality for the isentropic efficiency has to be handled with care. The results
of the aerodynamic performance, on the other hand, can be fully evaluated for the
high-pressure ratio single-stage concept as the maximum relative Mach number at
impeller inlet is unity, which eliminates transonic flow and shock waves in the
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inducer. This provides a basis for a comparison between the two compression
concepts.

Again, the overall isentropic efficiency is chosen as optimisation criterion. The design
results are shown in Tab. B-1, p.118. The detailed set of geometric parameters is
given in Tab. B-2, p.118. It has been observed that optimum efficiency is obtained in
both cases, when the maximum Mach number at the inlet of the first compressor is
reached.

For the single-stage compression, it can be stated that the radius ratio is very low
resulting in a great outlet diameter of the impeller and consequently of the entire
compressor. The long flow channel of the impeller provides a large surface for friction
and lowers the impeller and overall isentropic efficiency significantly, which
qualitatively confirms the validity of the impeller model. An efficiency drop of
approximately 7 percentage points has to be accepted when choosing the single-
stage concept. Additionally, the mass flow range is significantly decreased at design
speed due to the lower diffusion ratio.

A graphical comparison between the single-stage and two-stage compression can be
carried out with the illustration given in Fig. 27. The constant speed lines of the
single-stage and two-stage compressor are indicated by the red and blue curves,
respectively.

single-stage compression

8 /—'7_\ two-stage compression
i / ~
////_ y 7 design point
7 - | constant speed lines of the / e
two-stage compressor / L 4
=6 _———=%
S / 7/ s
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31 d P 7 constant speed lines of the

— \ - single-stage compressor
2 - A v ~~
4% < _ - - constant cathode mass flow operating line
R —— > | | |
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reduced mass flow [kg/s]

Fig. 27 Comparison between the single-stage and the two-stage compressor maps

It is important to state that both compression concepts are capable of covering the
demanded operating line, defined by a constant cathode inlet pressure and cathode
mass flow throughout the envelope. Moreover, the operating line for the constant
cathode mass flow is close to or parallel to the peak of the lines of constant shaft
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3 Radial Compressor Design and Optimisation

speed, pointing at a high compressor isentropic and therefore overall air supply
efficiency. Additional devices such as inlet guide vanes or a vaned diffuser are not
necessary for the fulfilment of the design requirements but remain future options for
improving operational flexibility.

Regarding the mass flow range of the two-stage compression, it can be observed for
the design and intermediate shaft speeds (and thus operating altitudes) that the
operating range is greater for mass flows left of the operating line. This can be
explained by the fact that the total pressure increase is split into steps which moves
the diffusion ratio of the design point in the first stage to higher values when
compared to the single-stage compression (see Tab. B-1, p.118) and thus the surge
line to lower mass flows. The operating range at intermediate and low shaft speeds
to the right of the operating line, however, is lower when compared with the single-
stage compressor. This circumstance can be explained with the greater volute for the
single-stage compressor while the design mass flow is kept constant. With the volute
representing the most important section for the choke characteristic, it can be
deduced that the increased cross-sectional area reduces the aerodynamic losses in
the volute and allows therefore a wider range to higher mass flows. This explains
also why the mean operating range values shown in Tab. B-1, p.118, are almost
identical for both concepts. An option to increase the mass flow range also at design
speed is to further increase the cross-sectional area of the volute, which increases,
on the other hand, the weight and the volume of the single-stage concept.

It is now left to the designer’s choice, whether isentropic efficiency and thus power
demand or mass flow range is considered to be more important for overall
performance. The single-stage concept, surely, is attractive due to its compact
design and its closeness to state-of-the-art turbocharger architecture. Due to the
remarkable increase in efficiency, the two-stage compression is favoured in this work
and applied in the subsequent analysis.
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4 Process Modelling

4.1 Radial Compressor

The radial compressor requires a complex modelling approach due to a high number
of aerodynamic phenomena occurring on the compression path. The models for
impeller and volute are taken from Shaaban, S. (2004), while the diffuser model is
derived from Traupel W. (1962). The impeller model accounts for incidence, friction,
disk friction, diffusion, passage, clearance, and blade loading losses. The diffuser is
based on the conservation of mass, energy and momentum. The volute model
accounts for friction, exit cone, and diffusion losses as well as loss of meridian
velocity. Shaaban, S. (2004) developed this model as a reliable program for
computing off-design conditions and validated it with experimental data obtained from
a wide range of turbocharger compressors differing in flow and head coefficient. The
model results agree well with the investigated radial compressors and offer a good
means of extrapolation to low shaft speeds.

4.1.1 Slip Factor

The calculation of the tangential component of velocity at impeller discharge has
been subject of extensive study. The objective is to find a reasonably simple method
to calculate the mean tangential component of velocity in order to allow accurate
calculations of the pressure ratio and thus the demanded power input to the
compressor.

The slip factor accounts for the reduction in the anticipated swirl velocity at the
impeller outlet. The difference between the actual and the ideal velocity diagram at
the impeller outlet are shown in Fig. 15, p.26. In an ideal velocity diagram, the
relative flow coincides with the blade angle. In practice, the flow cannot be perfectly
guided by a finite number of blades. As the magnitude of the tangential component of
velocity is decreased, it leads to a decreased pressure ratio as can be seen from Eq.
3-9 and Eq. 3-12, p.28. A general definition of the slip factor is

c

C2,u _ CZb,u _Cslip _ 1 o slip

H= Eq. 4-1

Copu Copu Copu

The classical explanation for the slip phenomenon uses the concept of a relative
eddy in the impeller passage. As the flow into the impeller is usually irrotational and a
frictionless fluid remains irrotational, the flow at the outlet must rotate with an angular
velocity opposite to that of the impeller. The slip velocity can be then expressed by
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Cslip = reddy "o . Eq 4'2
The eddy radius can be formulated for backswept blades accounting for flow
separation and aerodynamic blockage in the impeller outlet area by

T-D, .
Veday = T;'Sln By “Foa Eq. 4-3

The empirical coefficient Feqqy accounts for the effect of the geometrical and
operating conditions of the impeller on the eddy radius. The final expression for the
slip factor is

T .
ﬂzl_—'_'smﬂzb'Feddy Eq. 4-4

A good comparison and assessment of different slip correlations is given in Shaaban,
S. (2004). A simple and often used correlation for the slip factor was presented by
Stanitz, J.D. (1952) as

0.63-7

z

=1

Eq. 4-5

where the number of blades is accounted in a radially bladed impeller and Wiesner,
F.J. (1967)

\/sin f3
p=1-Y—=2 Eq. 4-6

z

who adds the effect of outlet blade angle on the slip and a correction factor
dependent on the radius ratio. In view of the complex flow mechanisms within and
behind the impeller, Balje, O.E. (1981) reports that the assumption of Wiesner
appears to be a highly simplifying assumption. A complex but more accurate
correlation for the eddy correction in Eq. 14 is proposed by Shaaban, S. (2004) and
is validated for three different compressors with vaneless diffusers with a very good
accuracy. The correlation accounts for the diffusion ratio, the radius ratio, the
Reynolds number, the passage camber due to backswept blades, and the effect of
fluid inertia occurring at small blade angles and high mass flows. Due to the strongly
non-linear character of the correlation, Shaaban, S. (2004) recommends a
simplification, which results in a slightly lower accuracy than the complex expression
but offers a better slip factor prediction than the upper stated correlations:

u, 7w

u=1-—=-=.sing,,-0.76 Eq. 4-7
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4.2 Radial Turbine

A value of 0.76 for the eddy radius allows an accuracy of 5% deviation in the
measured slip factor and is therefore used in the design algorithm.

4.1.2 Aerodynamic Loss Models

Once the total outlet temperature can be calculated with the corrected circumferential
velocity according to Eq. 3-10, p.28, the total impeller outlet pressure can be
calculated with Eq. 3-12, p.28, and the impeller loss coefficient which is defined as

¢ '(th,ad =T )

p.air
aimp =

u? Eq. 4-8
The total impeller loss coefficient can be then calculated as follows
2w,
Simp = Eq. 4-9

2
u,

The empirical coefficients are obtained from a minimisation procedure based on
experimental data. A description of the losses is given in Section C.1, p.119. A
thorough discussion about the loss model and its prediction quality is given by
Shaaban, S. (2004).

The diffuser model is based on Traupel W. (1962) and is valid for vaneless diffusers,
where it is assumed that losses occur due to fluid friction and energy dissipation. In
order to calculate the outlet conditions the conservation of mass, energy and angular
momentum is applied. The description of the applied equations is given in Section
C.2, p.120. In the volute, friction as well as exit cone, diffusion losses and dissipation
of meridional velocity are considered which are described in further detail in Section
C.3, p.121.

4.2 Radial Turbine

The turbine mass flow is modelled by an expansion through a nozzle with an
effective total-to-static pressure ratio taking into account the centrifugal force on the
turbine mass flow as it is also suggested by Whitfield, A (1990) or Aungier, R. H.
(2000). The effective pressure ratio is reduced by the radial outward pressure caused
by the rotating turbine channel. The effective pressure ratio is then

2
P =0.5-p (1, @
My o =— p6 (@) Eq. 4-10
8

For low design shaft speeds, the influence of the centrifugal forces is neglected. The
mass flow rate can be then expressed as
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Pt e

T —
SR Ty, Eq. 4-11

m,=¢;r A

The turbine discharge coefficient, cq 7, is dependent on the inlet guide vane position
and the Reynolds number. The flow coefficient ®t ¢ such as the calculation of the
isentropic efficiency are outlined in Section C.4, p.123.

4.3 Pressure Loss

For the off-design analysis simple pressure loss models have been used. For the
humidifier and the post-combustor a quadratic correlation has been applied with

Apum’t = KAp,unil,design ’ I/uiiz‘ Eq 4'1 2

while for the cathode a linear pressure characteristic is assumed
Apsathode = KAp,cathode,design ’ I/cathode . Eq 4-1 3

The constants are obtained from design conditions given in Tab. A-1, p.109. It has
been found that the pressure losses across the air path are very sensitive
parameters for the air mass flow operating range. Pressure loss optimisation should
be therefore addressed at an early point of development. For a demonstrator plant,
these values may be even optimistic, especially for the cathode section.

4.4 Further Components

As mentioned above, the reformer, the humidifier, and the PEM are described by
simple thermodynamic steady-state models accounting for the gas composition at the
inlet and stoichiometric conditions within the unit at the desired operating point. Input
parameters are the relative humidity for the humidifier and the power output and
current density for the stack.

The dynamic models for the humidifier, the reformer and the stack are provided by
DLR Stuttgart. The humidifier is modelled following Neubrand, W. (1999) and
Detallante, V. (2002). A description of the reformer is given by Lenz, B. (2005) and
Lattner, J. R. (2004). The PEM stack model is applied from Bernardi, D. M. (1992),
Riekmann, C. (1997), Siebke, A. (2003), and Wohr, M. (1999).

The post-combustor is modelled according to the first law of thermodynamics and is
assumed to operate ideally. It allows sequential burning of the cathode off-gases and
additional kerosene which can be injected for boosting the turbine inlet temperature
during fast transients. In a first step, the burning of the anode off-gases and the
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corresponding temperature is calculated. In a second step, kerosene is added to the
combustor until the defined TIT is reached. The burning equation follows

4C,H,,+710, — 48 CO, +46 H,0 Eq. 4-14

The empirical formula of kerosene and its properties e.g. the average molecular
weight, enthalpy of formation and the net calorific value has been taken from
Rachner, M. (1998). Based on the definitions for the specific heat capacity and
enthalpy in Baehr, H.D. (2002) and user-defined coefficients for the polynomials, the
exhaust gas composition, its specific heat capacity and the specific heat ratio are
calculated for each operating point. It has to be kept in mind for the off-design
analysis that temperature deviations in the combustor are only due to transients in
composition or mass flow transients at the cathode inlet and not due to electro-
chemical interaction at the membrane.

4.5 Dynamic Process Modelling

4.5.1 Radial Compressor

A reliable dynamic compressor model has been proposed by Greitzer, E.M. (1976).
According to Fig. 28, it comprises three sections, which are the duct, plenum, and
throttle.

-«
Lc
\J Peplenum mr
PO . Z
TO _'"m AC Vplcnun‘ _"'
inlet duct |/ T %
throttle
T exit duct
compressor plenum

Fig. 28 Compressor model according to Greitzer, E.M. (1976)

The model has been developed for transient modelling of single-stage and multiple-
stage axial compressor performance in the stable operating regime as well as for
operation prediction during stall and surge of the compressor. As a result, Greitzer,
E.M. (1976) deduced stability criteria for on-set of and distinction between surge and
rotating stall, which are dependent on two compressor geometry parameters, the
compressor length L¢ and the cross sectional area compressor inlet Ac, and plenum
characteristics. Despite its simplicity, these criteria have kept relevance for present
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system stability analysis. Based on experimental data, Fink, D.A. (1992) reports that
the model can also be applied for radial stages, although it is developed for axial
stages. The model is based on simplifications such as:

e One-dimensional incompressible flow in compressor duct
e |sentropic change of state inside the plenum

e Linearisation of turbine characteristic

¢ Negligible length of throttle duct

¢ Negligible gas angular momentum in compressor passage

The compressor is simulated as an actuator disc or a discontinuity plane across
which pressure and temperature increase instantaneously inside the duct, with the
pressure rise described by the steady-state compressor map. The dynamic system
equations are derived from the conservation of momentum and mass for the duct and
the plenum, respectively, which are

d K- R : T len . . azlen 3 3

1. Ap =——"—-(mh~1m (p cnum) =——(m-m (p cnum) -

it (A) = (i () = 5 (1= (D) Eq. 4-15
and

d, . A,

a(m): L '(pC(mred7nred)_Ap) Eq 4-16

Cc

It can be seen that the plenum volume and sound velocity inside the volume affect
the pressure change rate. Both equations are coupled with each other and are of
non-linear character which describes the inertia of gas dynamics inside the
compression system.

A third equation is proposed by Greitzer, E.M. (1976) to account for the dynamic
pressure rise over the compressor:

d 1 . L.

E(Apc)zz'(ApC,stat _ApC)VVIth’E ZC_C Eq 4'17

mer

The compressor response time is simulated by a first order time lag in the order of
the through-flow time of the compressor, which is obtained from experimental data.
The difference between static and dynamic pressure rise over the compressor
becomes negligible for systems of a large plenum volume as it is the case in this
analysis. It is therefore not applied in the present model.

4.5.2 Shaft Dynamics

For the modelling of the transient change of shaft speed, the conservation of angular
momentum is applied. The shaft dynamics for the turbocharger are expressed by
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d 1
a(“)u.nz.y(%”t”c) Eq. 4-18

The moments of inertia for the two shafts are dominated by the two compressors and
the turbine, which are calculated from geometric parameters obtained from the
design procedure. In the case of the reformer air compressor, no turbine torque
exists. The turbine and compressor torque are obtained directly from the static
performance maps, while the shaft speed, as result of this equation, is fed back to
these calculating blocks, respectively. It can be seen from Eq. 4-18 that if the turbine
torque is not equal to the compressor torque, the shaft speed will change with time.
One important actuating parameter is therefore the power or torque to obtain a
specific control action such as constant shaft speed or constant pressure output
during system transients.

453 Plena

Based on the dynamic compressor model in Section 4.5.1, the plenum between the
compressor outlet and compressor throttle is considered (as only this section is of
importance for compressor stability analysis). In various SOFC and PEM system
analyses, all volumes occurring on the air and exhaust gas path are summarised by
one plenum. Consequently only one throttle exists, which is often the gas turbine
itself. This represents a simplification especially when several technical devices are
sequentially arranged each exhibiting different size and therefore volume. In
preliminary analyses for the present work, it has been verified by a simple mass flow
increase scenario that the air system response is changed significantly when
calculating with one or several sequentially arranged volumes. Pressure and mass
flow at turbine inlet is strongly affected due to the long air path. The accurate
description of the turbine power output is important for the mechanical power
management of the turbocharger section and the necessary control action which
again impacts the subsequent controller design. A severely delayed pressure and
mass flow information at turbine inlet, for example, leads to a higher electrical power
demand, which underlines the importance of small device volumes not only from the
weight management point of view.

Therefore the model has been extended in a way that the volumes between the
compressor and the turbine (humidifier, PEM-stack and post combustor) are each
represented by one volume model and one pressure loss characteristic. It is
assumed that a lumped distribution of temperature and density for each volume
achieves the necessary accuracy for overall system analysis without stepping too
deeply into the reactor’s details and thus increasing calculation time. This strategy
limits the detection of failure mechanisms which are of local character e.g. within the
reformer. If these local mechanisms have impact on overall process stability and
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range, they have to be indicated by appropriate criteria as it is done for the surge limit
of the compressor. For the pressure change the conservation of mass is applied with

d R-T . .
a(punit) = [Tjunit ’ (min _mout) Eq 4-19

Due to the thermal requirements in the humidifier and the stack, the temperatures of
the gases show only small deviations from steady-state values during off-design
operation and transients and are therefore considered to be constant.

A fully aerodynamic modelling of one device is possible if the equation of momentum
is introduced. This is represented in our case by the simple pressure loss correlations
such as Eq. 4-12, p.46. These equations are again coupled with each other and are
of non-linear nature. This presented model strategy has a modular character. This
means that the pressure loss characteristic can be easily implemented or modified
for each device. The interaction between the equations is shown in Fig. 29.

Prout,i-1=pin,

equation equation I Mgut,i=Min,i+1
Mout,i-1=min,i | of of _|4
mass momentum

Pout,i=Pin,i+1

Fig. 29 Downstream pressure modelling strategy for the distributed device volumes

The downstream pressure of each device is then defined by Eq. 4-19, which is
solved for the next downstream device. The last device is the radial turbine while its
backpressure is the altitude dependent ambient pressure. This modelling strategy is
costly in calculating time as pneumatics has to be calculated against the mass and
energy flow. It takes however into account the dynamic pneumatic interaction of each
device and allows therefore a more accurate evaluation of overall system dynamics.

4.5.4 Compressor Stability Aspects and Surge Modelling

4.5.4.1 Characterisation of Rotating Stall and Surge

Compression systems exhibit aerodynamic instabilities like rotating stall and surge.
Surge is known as overall oscillation of the annulus-averaged axial flow in the
compressor. Rotating stall, in general, is not symmetric but is characterised rather by
a wavelike disturbance with rather small amplitudes when compared to surge. As a
general explanation, both phenomena are initiated by local boundary layer separation
in the impeller or the diffuser section due to low kinetic energy of the fluid at low flow
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numbers and high head coefficient. Rotating stall is often observed as a precursor of
surge and commonly considered to trigger surge in the compression system. In radial
compressors, a distinction between those two phenomena is sometimes difficult as
they are observed to appear closely together. When all impeller vanes are stalled
over the entire passage height, surge is present, turning the more-dimensional
phenomenon into a one-dimensional one, as the entire mass flow through the
compressor starts oscillating. Amplitudes may be higher than the average meridional
velocity causing flow reversal in the compressor.

Surge and rotating stall must be avoided for safe operation as they induce large
mechanical loads on the structure and entail a significant loss of power. While surge
leads to instantaneous damage of the impeller and bearings due to the high energy
density of the fluid impact on the impeller, rotating stall might cause excessive
heating of the blade structure which can result in fatigue of the compressor. For
overall operation, a reversal of the cathode mass flow or fluctuations in the gas
processing air can lead to severe damage of the corresponding devices and thus
lead to a complete break-down of the PEM-system. In practice, the surge line of a
specific compressor is obtained from experimental data. This line is moved to higher
mass flows providing an arbitrary but reliable operating limit of the compressor which
represents the so-called surge margin. Unfortunately, steady-state operation near the
surge limit allows for both high pressure ratio and high efficiency, two main
requirements of a compression system. During transient operation, the surge margin
might not suffice to prevent the compressor from surge as the operating line might
temporarily trespass the surge line though start and end point of the transient control
action lie in the stable region. Special attention will be paid to this circumstance
during transient process analysis and controller design (Chapter 6, p.72).

4.5.4.2 Review on Surge Modelling

Presently, no integral theory exists for the analytical description of all surge and stall
phenomena, as they appear to be highly complex and interacting with each other
while dependent on a whole set of boundary conditions. Therefore, surge and
rotating stall prediction is limited especially with newly designed and not
experimentally evaluated compression systems.

As a simple circumstance, it has been observed that oscillating pressure and mass
flow occur during operation in the region of positive gradient of constant speed line,
see Japikse, D. (1996). The assumption that the on-set of surge correlates with the
saddle point of the speed line is not only in good accordance with numerous
experimental data obtained from axial and radial compressors but also allows an
analytical approach available from system theory. It can be generally stated that the
compression system is unstable for
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ﬁ > 0

A® n=constant Eq. 4-20
and metastable for

AY 0

En:constant - Eq 4-21

As a mechanical analogon, Greitzer, E.M. (1976) considered the compression
system as a Helmholtz resonator, oscillating with the Helmholtz frequency when a
disturbance is introduced into the system. It can be defined by the geometry in and
downstream of the compressor as

V, L Eq. 4-22

The system equations Eq. 4-15 and Eq. 4-16, p.48, can be normalised to allow a
general stability analysis. The mass flow is normalised by poAcU, the pressure
difference by 1/2poU? and the time by the inverse Helmholtz frequency 1/ow,
obtaining

d(A\P) _ 2'(’0H'Lc .

_ D —D .
7 U (O -D,) Eq. 4-23
and
dd,. U
< = (AY . -
dt 2-coH-LC( e =) Eq. 4-24
where
U
B=—— —
2.0, L, Eq. 4-25

represents a factor, which summarises the dynamic behaviour of the system during
instability. It is dependent on rotational speed and the speed of sound within the
plenum. The achievement of Greitzer, E.M. (1976) was to transform the system
equations in such a way that the application of a stability analysis known from a non-
linear mass-damper system is possible. He further demonstrates that, once the
compressor instability is triggered, the B-parameter serves as indicator whether
rotating stall or surge and which type of surge is to be expected. For great B-
parameters (>5), deep surge occurs while small B-parameters (~1) lead to mild
surge. Very small B-parameters (=0.5) do not lead to surge but trigger rotating stall
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4.5 Dynamic Process Modelling

accompanied by a small pressure and mass flow drop at a new steady-state
operating point without overall oscillation.

4.5.4.3 Criteria for Modelling of Surge and Surge Margin

The stability analysis presented in Greitzer, E.M. (1976) reveals that the type of
periodic motion is of non-linear, non-conservative character, where energy is fed into
the oscillation over part of the cycle so that the motion is maintained even if
dissipative forces are acting. The conditions necessary for periodic oscillations
is not a critical value of the slope anywhere on the compressor characteristic but
rather in a region surrounding the point of zero slope. For surge to occur, the
compressor characteristic must have a positive greater slope than 1/(B%F’), over
some part of the cycle, where F’ represents the slope of the throttle characteristic.
The on-set of the instability, though, is only possible when the criterion defined in Eq.
4-20 is fulfilled.

Deviations from this theory can be observed when surge occurs already at small but
negative slopes which are close to the maximum of the constant speed line.
Additionally, when the curvature of the speed line is very flat and the region of small
slope is wide, as it is the case with vaneless diffusers, the distinction of the surge
point is difficult and seems to be arbitrary.

As further surge criterion might serve the deHaller number or diffusion ratio of the
impeller. Generally, a minimum value of 0.7 has to be attained in order to assure
stable operation for the design point. It has been found that the on-set of surge in the
available data sets of suitable turbocharger compressors coincides when the
diffusion ratio of the impeller reaches the value of 0.62. For low shaft speeds, the
surge line overlaps almost exactly with the maximum of the curve while at
intermediate and high shaft speeds this point is found right of the maxima of the
speed lines. Concerning the preceding consideration, this surge criterion has been
applied for the present analysis as surge is not expected at higher diffusion ratios. As
it encircles a smaller operating range than defined by the criterion of zero slope of the
speed line, it represents the more conservative criterion and is therefore favoured.

In order to simulate real operation conditions, a surge margin has been applied for
the subsequent analysis. Once the surge line for the entire compressor map is
determined from the aforementioned criteria, each value is increased by 20 %,
representing the surge margin and thus the operating limit for low mass flows.

Ii’lsurgema.rgin = Ii’lsurge 12 Eq 4-26

This value appears to be high but represents again a conservative strategy.
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5 Steady-state Air Supply System Analysis

This analysis gives insight into the general characteristics and thus operating limits of
the system for steady-state operation but covers also slow transient demands when
occurring in the domain of 2.5% of the design power output per minute. This is a
typical scenario, see Fig. 3, p.9, during the climb and descent motion of the aircraft,
and can be regarded as quasi-steady. Changes of ambient conditions occur at a time
constant which is one magnitude lower than a corresponding load transient. Faster
transients evoked by a change of power demand are addressed in the subsequent
chapter. The following analysis aims at the improvement of the most important air
supply system characteristics which are

e The turbocharger (TC) drive power and
e The mass flow range.

Both are dependent on the operating altitude. The turbocharger drive power
decreases the overall power output and also system efficiency and should be
decreased through the setting of the system parameters. The mass flow range of the
air supply system defines to a great portion the overall operational flexibility of the FC
power unit and should be increased.

The following aspects have been found to be sensitive on the TC drive power and the
mass flow range:

e Cathode pressure

e Pressure loss across the cathode
e Turbomachinery design

e Application of co-firing

The improvement of the TC drive power and the mass flow range is carried out in two
separate sections, while it can be expected that the setting of one system parameter
is favourable for one system characteristic but counteracting with the other.

The calculations are based on the concept presented in Fig. 7, p.14. The design
operating point of the entire system is set for cruising flight conditions. An overview of
the design point boundary conditions is given in Tab. A-1, p.109.
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5.1 Improvement of the Drive Power for Constant Cathode Mass Flows

For the improvement of the TC drive power, the cathode mass flow is held constant
maintaining constant air utilisation. It is of interest to find a design parameter setting

which points to the minimum use of external power for the air supply system.
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Fig. 30 Air supply system parameters as a function of the operating altitude
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Though operation is possible with a constant cathode pressure, it has been found
early during the analysis that this strategy leads to high power consumption at low
altitudes, which is due to the low turbine expansion ratio. A better strategy is to
increase the cathode pressure for operation below altitudes of 3000 m until a
maximum value is reached e.g. at sea level (see Fig. 30).

Fig. 31 Operating line in the compressor map as a function of the operating altitude
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5 Steady-state Air Supply System Analysis

For a first step, the cathode pressure is steadily increased to a maximum value of
1.9°bar. The corresponding operating line in the compressor map is shown in Fig. 31.
A detailed discussion of the optimum cathode pressure as a function of the altitude is
carried out in Section 5.1.1.

An overview of the compression and expansion ratio and the area ratio of the guide
vane at the turbine inlet is given in Fig. 30. The area ratio peak around 3000 m is a
result of the fixed pressure ratio for altitudes below 3000 m. As cathode inlet
pressure decreases faster than ambient pressure, the effective turbine pressure ratio
decreases. It reaches a minimum at this altitude and has to be compensated by a
higher area ratio in order to maintain the required constant cathode mass flow.

‘-O-W_comp -==W_turb —=delta_W —*-eta_air supply‘

50 1.00
- 1T 083 _
< —
= 3
g + 0.67 E
Qo 0
e 1050 5
8 >
2 2
s 0.33 %
3}
[] —
£ V.,O"/‘ =
0 — - MF‘__ . N 0.17
2-2-2¢ oo Pr‘—‘—‘
-10 0.00
0 2000 4000 6000 8000 10000 12000 14000
altitude [m]

Fig. 32 Power management of the turbocharger

An insight into the power management of the turbocharger section is given in Fig. 32.
According to the considerations made in Chapter 2, the turbine power output and
compressor power demand are balanced for the design point. For decreasing
operating altitudes, turbine power output is slightly higher than the power demand but
drops faster than the compressor demand. The power gap increases for low altitudes
and is then approximately constant. The maximum TC drive power is around 4 kW
and is considered to be acceptable for the prototype concept. If the cathode pressure
would have been held constant also at low operating altitudes, the power demand
would increase beyond 10 kW.

It is meaningful to formulate a supply efficiency for the air supply system and thus to
allow an evaluation of the driving device. It can be formulated by

compressor ,mech E 1
W q . 5 =

anodeoff —gas

77 supply = W

Kerosene +
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5.1 Improvement of the Drive Power for Constant Cathode Mass Flows

and compares the mechanical power demand of the compressor with the chemical
energy introduced to the post-combustor. In the case of co-firing, these are the
portions of unused hydrogen among the cathode off-gases and the additionally
injected kerosene. This mechanical efficiency is not to be mistaken with a thermal
efficiency calculated for a Joule process. This would be in the present case equal to
zero as no additional shaft power is taken from the Joule process. The efficiency
definition allows a comparison with other compressor driving devices e.g. an electric
motor but also for mixed operation strategies such as co-firing and simultaneous
electric support. Consequently, a direct trade-off can be made between the cathode
pressure function and the FC design power output.

The supply efficiency without co-firing is shown in Fig. 32. It is steadily increasing
with altitude due to the increasing expansion ratio. As it gives also the efficiency
value when the process is co-fired it provides an evaluation criterion whether co-firing
is favourable not only from power generation but also from an efficiency point of view.
In order to satisfy e.g. high long-term power demands, where overall kerosene
consumption becomes important, it can be then decided on this ground whether it is
favourable to change the operating point of the FC or to burn additional kerosene in
the post-combustor.

5.1.1 Cathode Pressure Function

There exists a whole set of possibilities to define the cathode inlet pressure as a
function of the altitude. For keeping the number of free parameters low, firstly, a
simple function has been chosen: The compressor pressure ratio does not fall below
a minimum value.
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Fig. 33 Simple cathode pressure function

Consequently, the cathode pressure increases with descending altitudes. The free
parameter is the minimum pressure ratio which is varied and evaluated, while the

57



5 Steady-state Air Supply System Analysis

maximum cathode pressure is found at ground altitude, see Fig. 33. The
corresponding operating lines in the compressor map are given in Fig. 34 and show
that an increased maximum cathode pressure moves the operating line to the surge
margin. Once the surge margin is reached cathode mass flow will have to be steadily
increased to maintain a constant reduced mass flow (see Eq. 2-7, p.19).

-o- p_cat_max=1,6bar -o- p_cat_max=1,9bar
-e- p_cat_max=2.2bar -e- p_cat_max=2.5bar
9
8 @7 \
-7 f{surge margin
26
o
2 5
=
7]
[72]
o >/
a

0 0,2 0,4 0,6 0,8 1 1,2

reduced mass flow [kg/s]

Fig. 34 Compressor map operating lines for the simple cathode pressure function

The TC drive power for these scenarios is given in Fig. 35. It is a result of the
interaction of the unit performance and the cathode pressure function and therefore a
good evaluation criterion. The power demand should be low and not changing
abruptly over the altitude in order to minimise the steady-state and dynamic impact
on the power management and controls of the FC unit.
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Fig. 35 TC drive power for the simple cathode pressure function
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5.1 Improvement of the Drive Power for Constant Cathode Mass Flows

While a low maximum cathode pressure leads to a relative minimum at intermediate
altitudes, the high maximum pressure shows high power demand at low altitudes. A
cathode pressure of 1.9 bar shows moderate changes at low altitudes with a
maximum power demand of 4 kW.

It can be summarised for the simple cathode pressure function that the cathode
pressure of 1.9 bar is an optimum from power consumption point of view. It is
however not satisfactory that the compressor operates near the surge margin at low
operating altitudes.

The cathode pressure function is therefore modified where the minimum and
maximum value as well as the slope of the linear section can be defined freely (see
Fig. 36). The maximum cathode pressure is varied between 1.3 bar and 1.9 bar and
held constant until an altitude of 1000 m. The minimum cathode pressure is reached
at 7000 m, defining the slope of the cathode pressure curve. The optimum values for
the corresponding altitudes have been found from iterations during analysis but can
be also adapted to the designer’s needs.
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Fig. 36 Advanced cathode pressure function
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Fig. 37 Compressor map operating lines for the advanced cathode pressure function

This cathode pressure function shifts the operating lines at low altitudes away from
the surge margin (see Fig. 37) and should be therefore favoured against the simple
one. For high maximum pressures however this benefit is becoming small.
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Fig. 38 TC drive power for the advanced cathode pressure function

A further advantage of this cathode function is that the TC drive power for the
turbocharger section is smoothened along the envelope, see Fig. 38. The maximum
power demand is now around 3 kW and reduced by 25% compared to the simple
cathode pressure function. A maximum pressure beyond 1.75 bar gives no benefit for
the external power demand, while moving the operating line towards the surge

margin. Therefore, the maximum pressure is chosen with 1.75 bar and applied for the
subsequent analyses.
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5.1 Improvement of the Drive Power for Constant Cathode Mass Flows

5.1.2 Influence of the Cathode Pressure Loss

It is probable that demonstrator stacks are not optimised regarding the internal flow.
The influence of an increased cathode pressure loss on overall performance is
therefore investigated here. As the pressure loss characteristic is highly dependent
on the unit design, the here followed pressure loss assumptions of linear and
quadratic correlations for the cathode and the main devices on the gas path
respectively are afflicted with a considerable uncertainty. The analysis shall
demonstrate however the importance of an aerodynamically optimised flow path.
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Fig. 39 TC drive power for the simple pressure function and a varying cathode pressure loss
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Fig. 40 TC drive power for the advanced pres. function and a varying cathode pressure loss

The drive power for the simple and advanced cathode pressure function is shown in
Fig. 39 and Fig. 40, respectively. The drive power is significantly higher for the simple
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5 Steady-state Air Supply System Analysis

cathode pressure function with a power demand peak of around 10 kW when
assuming a cathode pressure loss of 450 mbar. It will be decreased at low altitudes
by the increasing cathode pressure but remains at a value of 6 kW at ground
operation. The advanced cathode pressure function shows much smoother power
demand curves for all pressure loss variations, but does not eliminate the increased
power demand for the air supply throughout the envelope. It is well demonstrated by
this analysis, that a low pressure loss across the cathode should be addressed early
during the stack design as it significantly decreases the power to the air supply
system.

5.1.3 Influence of the Turbomachinery Design

A core objective of this work is to assess the interaction of the turbomachinery design
and the overall system performance, such as efficiency and operating range. The
impact on the transient system behaviour will be addressed in particular in Chapter 6,
p.72. Here, it is demonstrated to which degree the turbomachinery choice, its design,
but also the matching of the compressor and turbine design have an impact on the
TC drive power.

The drive power of the two-stage compression is shown in Fig. 41 for the advanced
pressure function, which was shown in Fig. 36. If the two-stage compressor is
replaced by the single-stage concept, the drive power demand is increased over the
entire envelope in the range of 6 kW. This is due to the lower isentropic efficiency of
the single-stage compressor. At cruising flight conditions, the power gap may
increase up to 8 kW. This is particularly disadvantageous because of the long portion
of the cruising flight throughout the envelope. This result is obtained if the turbine
remains designed for the two-stage compressor.

—&—delta_W two-stage compression
-=—delta_W single-stage compression
-+ delta_W single-stage compression with adjusted turbine

] ﬂ\
2 o

el

mechanical power [kW]

0 2000 4000 6000 8000 10000 12000 14000
altitude [m]

Fig. 41 TC drive power for the single-stage and two-stage compressor
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5.1 Improvement of the Drive Power for Constant Cathode Mass Flows

A re-design of the turbine for the single stage compressor gives a similar drive power
curve as for the two-stage concept, see Fig. 41, but requires a higher turbine
isentropic efficiency. While the two-stage compressor turbine exhibits an isentropic
efficiency of 0.62 for the design point, the single-stage compressor turbine design
requires a minimum of 0.76. If this efficiency should not be achievable, a lower FC
power unit efficiency throughout the entire envelope has to be accepted. This
circumstance may outweigh the advantage of the compactness and lower weight of
the single-stage compressor.

It can be now shown to which degree an improved turbomachinery design can
influence overall system efficiency. This holds in particular when both components
compressor and turbine are not only matched but also designed with a maximum
isentropic efficiency. The maximum isentropic efficiency was a primary order criterion
during compressor optimisation. The turbine efficiency for the radial turbine is
obtained from a dimensionless efficiency map for different spouting velocities and
geometry parameters (Whitfield, A (1990)). Maximum values of 0.88 are reported to
be possible. If special attention is paid to the turbine design and design point
efficiency is increased to a value of 0.82, the power consuming air supply system can
be shifted to a fully power generating system as can be seen in Fig. 42.
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Fig. 42 TC drive power for an efficiency improved turbine design

While the air supply system is self-sustaining even at sea level, it can generate
excess power of more than 15 kW at the design point becoming a bottoming Joule
cycle as known from the SOFC-GT systems. The splitting of the generated power
between fuel cell and air supply system (or GT in this case) represents, on the other
hand, a major complication for operating strategies and controls as can be observed
in the SOFC-GT application. Together with the application of a highly optimised
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5 Steady-state Air Supply System Analysis

compressor and turbine device, this scenario remains an option for systems which
have proven feasibility and accomplished a successful commercialisation.

It can be summarised that the appropriate design of the turbine has significant
potential to decrease the drive power of the turbocharger, and that sophisticated
turbine design may change the air supply system into a power generating device.

5.1.4 Influence of Co-firing with Additional Kerosene

The possibility to apply a post-combustor and burn additional kerosene to eliminate
external power demand and thus electric power management has been already
addressed in Section 2.8.3, p.21. It can be shown in Fig. 43, that this operating
strategy can be applied for operation down to sea level. At intermediate altitudes, the
air supply generates a small amount of power but is then in equilibrium at cruising
flight.

The turbine inlet temperature and the inlet guide vane position show moderate
changes, see Fig. 44, which encourages assuming this concept to be technically
feasible. The efficiency of the co-firing is low as it is applied at low and intermediate
operating altitudes.
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Fig. 43 TC drive power with and without additional co-firing

64



5.2 Improvement of the Mass Flow Range

=&~ turbine inlet temperature —#— guide vane position =& turbocharger efficiency

1000 0.7
900 {\ 0.63
800 0.56

700 N

AAAAAAAAA 0.49
600 A 0.42
500 Pt 0.35
400 f 0.28
300 0.21
200 M 0.14
100 0.07

0 T T T T 0
0 2000 4000 6000 8000 10000 12000 14000
altitude [m]

turbine inlet temperature [K]
guide vane position [-]
efficiency [-]

Fig. 44 System parameters during co-firing as function of the operating altitude

Co-firing represents therefore an option to overcome high power demands at low and
intermediate altitudes but cannot be recommended for long-term operation. If
minimum kerosene consumption is to be achieved for the overall FC power unit, it
can be stated that the kerosene is explored more efficiently at the stack membrane
than in the post-combustor.

5.2 Improvement of the Mass Flow Range

It is of interest for the overall operating strategy to detect to which degree the air
supply system can follow air mass flow demands. One common requirement during
stack transients is to maintain the air utilisation factor and thus stoichiometry at the
cathode membrane. If the air supply system reaches its maximum operating limit,
then the air utilisation has to be increased which again has negative impact on stack
efficiency and the cooling management.

A great portion of the overall power unit operating range is therefore defined by the
air supply mass flow operating range. This again is defined by the aerodynamic
restrictions from the compressor and the turbine and the resulting power balance
between the compressor and turbine. Further it is dependent on the pressure loss
characteristics of the main devices such as the humidifier, the cathode, and the post-
combustor. The following section aims at the demonstration of the potential to
increase the mass flow range of the air supply system.

For a thorough variation of operating altitudes and possible cathode mass flow
demands, an operating map for the TC drive power can be generated. It is shown in
Fig. 45 in a three dimensional view and is plotted versus the entire compressor map.
The corresponding inlet guide vane position is given in Fig. 46. An alternative
visualisation in the two dimensional plane of these parameters is given in Fig. D-1
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and Fig. D-2, p.125. The maps shown are valid for a constant cathode inlet pressure
of 1.33 bar.

Mot -l reduced mass flow [kg/s]
Fig. 45 3D map of the TC drive power as a function of the operating altitude and the mass flow

Once the operating altitude, the mass flow, and the pressure output are known, the
TC drive power and the inlet guide vane position can be obtained from these maps.
These parameters define the entire state variable vector of the air supply system and
are therefore the setting parameters of the air supply system. They will be used as
input vector for the subsequent control analysis.

0 reduced mass flow [kg/s]

Tyt [l

Fig. 46 3D map of the inlet guide vane position as a function of the operating altitude and the
mass flow

As already addressed in Section 2.7, p.19, it is not useful for the design of the stack
to use reduced mass flows. Only the real cathode mass flow has physical meaning at
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the membrane and has impact on stack chemistry and controls. In order to improve
the clearness of the analysis results and to allow a comparison of the here presented
options for increasing the mass flow range, an adapted presentation has been
chosen, see Fig. 47.

1.5

) |maximum normalized cathode mass flow base case

13 N

T T ‘\

—
[

-
N
I

—
-_

©
\l

normalized cathode mass flow
operating range [
=)

7<| minimum normalized cathode mass flow base case| —
0-5 T T T 1 T
0 2000 4000 6000 8000 10000 12000

altitude [m]

Fig. 47 Normalised cathode mass flow operating range for the base case

The cathode mass flow is normalised by the design cathode mass flow, which is
indicated by the horizontal line. At each altitude, a minimum and maximum
normalised mass flow can be depicted, which is defined by the compressor surge
margin and the choke flow condition at turbine inlet, respectively. Extending this
procedure over the entire altitude range, a complete cathode mass flow operating
range can be depicted in one graph.

5.2.1 Influence of the Cathode Pressure on the Mass Flow Range

The importance of the cathode pressure function for the TC drive power has been
addressed. It can be observed in Fig. 48, that the maximum mass flow can be
significantly shifted to higher values when the cathode pressure is increased by
0.2 bar which is assumed to be feasible with a state-of-the-art stack design. It can be
deduced that a further range extension is possible with higher cathode pressures.
The reason for this circumstance is given in the turbine characteristic where the
choke mass flow is higher due to increased turbine inlet pressure.
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Fig. 48 Cathode mass flow operating range as a function of the cathode pressure

An increase of the cathode pressure, on the other hand, increases the TC drive
power significantly for the entire operating range. To allow a better comparison of the
increased power demand, the power difference between the modified case and the
base case is shown for each operating point in Fig. D-3, p.126. It can be seen that,
only if the cathode pressure is increased by 200 mbar at the cruising flight altitude,
the air supply system has a power demand increase of up to 3 kW.

It has to be therefore considered that an increase of the cathode pressure with the
aim to increase the choke mass flow has to be paid by a higher electric demand of
the air supply system. The increase of the cathode pressure is therefore not an
option for long-term operation but can overcome system transients where high mass
flows are necessary. This is e.g. when the air utilisation in the stack is not to increase
beyond a maximum value during high power demands.

5.2.2 Influence of the Cathode Pressure Loss on the Mass Flow Range

The importance of the cathode pressure loss for the TC drive power has been
already demonstrated. In this analysis, the cathode pressure loss is increased by
200 mbar to a value of 450 mbar in order to demonstrate its impact on the mass flow
range. High cathode pressure losses may be expected for the first prototypes.

The maximum operating range is affected negatively at low operating altitudes, see
Fig. 49. The TC drive power, on the other hand, increases significantly, see Fig. D-4,
p.126, over the entire altitude range and particularly at high mass flows. This can be
explained by the remarkably decreased turbine inlet pressure.
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Fig. 49 Cathode mass flow operating range as a function of the cathode pressure loss

Consequently, the decrease of the cathode pressure loss has to be addressed early
during the stack development as it decreases the TC drive power as well as
increases the mass flow range.

5.2.3 Influence of the Turbine Design on the Mass Flow Range

Again, it shall be demonstrated how turbomachinery design influences overall
performance of the power unit. In this analysis, the design inlet pressure of the
turbine has been decreased from 0.98 bar to 0.78 bar by 200 mbar in order to
investigate the influence of an unconventional design choice. Pictorially speaking, the
turbine is designed too big.
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Fig. 50 Cathode mass flow operating range in dependency of the turbomachinery design
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5 Steady-state Air Supply System Analysis

As shown in Fig. 50 and Fig. D-5, p.127, this choice reveals to be highly
advantageous both for the mass flow range and the TC drive power. The maximum
mass flow can be moved by approximately 20% almost over the entire altitude range
while the drive power is decreased by 2 kW to 8 kW when compared to the base
case.

It has to be kept in mind that a further decrease of the design inlet pressure leads to
an increased cross-sectional area of the turbine, to a greater rotor diameter, and thus
rotor moment of inertia, which will have a negative impact on the transient response
characteristic of the air supply system.

5.2.4 Influence of Co-firing on the Mass Flow Range

The scenario of injecting additional kerosene into the post-combustor to decrease the
TC drive power at high mass flow has been addressed in Section 5.1.4, p.64. It is
found to be an option for short-term scenarios to overcome high load demands. It is
shown in this analysis, how co-firing affects the mass flow range.

Due to the increased turbine inlet temperature during co-firing, the choke mass flow
of the turbine decreases and simultaneously limits the maximum mass flow, see Fig.
51. At the same time, the mechanical efficiency of the air supply system drops
beneath the values of the base case without co-firing as seen in Fig. D-6, p.127.
Therefore, co-firing is not applicable when high mass flows are required.
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Fig. 51 Cathode mass flow operating range in dependency of co-firing

The drop of the operational flexibility might be compensated, regarding the preceding
analysis results, by a simultaneous increase of the cathode pressure and the
application of an adapted turbine design. Despite these modifications, the
mechanical efficiency is expected to remain smaller than without co-firing, which
excludes co-firing as an option for the long-term operation.
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5.2 Improvement of the Mass Flow Range

Considering now that efficiency plays a minor role for short high-power demands,
which occur mainly during the climb and descent phase, co-firing can support the fuel
cell power output by minimising the parasitic losses for the air supply. If TIT is
increased up to 1000 K, the air supply can even generate power. The expected
power output from the air supply system is then in the range of 10% of the design
stack output. It can be assumed that this additional power can be activated quickly
as, once the kerosene is ignited, it instantaneously increases turbine power.

Application of co-firing remains an alternative for overcoming fast power transients
when the reformer path lacks response agility. This is especially true when the fuel
cell operates at part-load and has to increase power output e.g. by a factor of two or
more. Within the first seconds, safe operation is guaranteed until maximum cathode
mass flow and air utilisation are reached. When the reformer has increased its
hydrogen generation, co-firing can be reduced to allow for higher mass flows and
also higher air utilisation in order to reach a new operating point at better efficiency.

It is comprehensible that co-firing requires a high level of understanding of the fuel
cell and the air supply system and operational experience of the system under flight
conditions. Further, the development of a dual combustor for hydrogen and kerosene
represents a challenging development task. It is therefore left open at this analysis
step, whether peak power demands could also be overcome with less development
effort and less impact on the operating strategy.
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6 Controls Optimisation Using a Simplified PEM-FC Model

In this section, the following guiding questions are answered:

e Which are the basic challenges and system requirements for safe transient
operation?

e To which degree do the air supply system concept and the turbomachinery
design impact the transient system characteristics?

e Which control architectures and strategies for the air supply system are
possible to ensure safe and quick overcome of transients?

While slow transients can be well covered by off-design analysis, here fast power
demand changes shall be investigated, see Fig. 3, p.9, and will be evaluated for the
presence of critical operating conditions. Power increases of up to 20% of the design
power output per minute can be expected for the more electric aircraft design at the
end of the climb phase and must be covered by the power unit. These considerations
can only be evaluated with fully dynamic models as applied here. Critical operating
conditions such as compressor surge or dehydration of the stack membrane will be
considered. In order to separate the turbomachinery-specific from the PEM-specific
influences and to focus on the air supply section, the highly detailed PEM model will
be introduced in a separate section.

In order to allow and cover fast pneumatic transients but also for safety reasons, the
application of a blow-off valve at compressor outlet (for a fast decrease in mass flow
demand) might be necessary. The use of a blow-off valve clearly imposes pneumatic
(pressure) disturbances on the system which are believed to be more acceptable
than to shut down and restart the air supply as a consequence of compressor surge.
As during blow-off operation, the cathode and reformer mass flow are not
significantly decreased, no critical conditions are expected for the reformer or the
stack. Very fast power demands, such as power peaks occurring when several power
devices are switched on simultaneously, are not discussed here. They are not
expected to have an impact on air supply design but rather on stack and power
management design.

As two setting parameters (the inlet guide vane position at turbine inlet and the TC
drive power) are available, only two variables can be controlled for the air supply
system. These are the compressor mass flow and the compressor outlet pressure. It
is necessary to vary the mass flow in order to maintain constant air utilisation during
power transients. Cathode pressure changes are required throughout the altitude



6.1 Open-loop Analysis

range, as discussed in the Section 5.1.1 on the cathode pressure function, and
during load transients. The first requirement represents only a quasi-steady change
due to a relatively slight temperature and pressure gradient as a function of the
aircraft’s climb and descent velocities. A fast pressure increase might be helpful to
raise the PEM power output by increasing stack efficiency through increasing the
pressure dependent Nernst potential. A decrease of the cathode pressure at cruising
flight conditions, on the other hand, can help to increase the maximum mass flow due
to the compressor map characteristic, see Section 5.2.2, p.68.

6.1 Open-loop Analysis

In order to quantify system behaviour, a mass flow and pressure increase step
function of 20% compared to the design operating point is examined. The analysis is
carried out for a flight altitude of 6000 m, during the climb or descent period where
high load fluctuations occur on-board, see Fig. 3, p.9.
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Fig. 52 Step response analysis for a cathode mass flow and pressure increase

The corresponding compressor map is given in Fig. 52. The operating range is
limited by the surge margin and the choke line. The dotted black line gives the
operating line of the air supply system throughout the entire envelope while the PEM-
FC is run at design mass flow and cathode pressure. It is slightly increased at low
flight altitudes moving the operating line towards the surge margin as it has been
deduced to be optimum for the maximum mass flow operating range and minimum
power demand at low altitudes.

An overview of the assumed lumped volumes of each unit and the rotor moment of
inertia obtained from the turbomachinery geometry is given in Tab. 6. The design
case is characterised by the boundary conditions presented in Tab. A-1 and Tab. B-
2, p.118. Unlike in classical step response analysis where only one parameter is
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6 Controls Optimisation Using a Simplified PEM-FC Model

changed to analyse state space response, both electric support and the guide vane
position of the turbine are set to values defining a new steady-state operating point.
These are a mass flow increase at constant compressor pressure or vice versa. Thus
it is possible both, to evaluate system response for a scenario which is relevant in the
present application and to demonstrate the transient system characteristics.
Obtained from the preceding off-design analysis, the setting values of the inlet guide
vane position and TC drive power are available from the three-dimensional function
presented in Fig. 45 and Fig. 46, p.66, respectively. The system response of the
turbocharger section is shown in Fig. 53 for the design case and an increased PEM-
FC volume or rotor moment of inertia by a factor of three, respectively.

Tab. 6 Design point assumptions for the main components of the air supply system

parameter value Unit
volume

- compressor 0.025 m?3

- humidifier 0.150 m?

- PEM-stack 0.500 m?

- combustor 0.150 m?
rotor moment of inertia:

- turbocharger 0.00486 kg m?

- reformer compressor 0.00112 kg m?

It is of interest and might be called “ideal” that during a mass flow increase,
compressor pressure output remains constant and vice versa. This system
characteristic cannot be expected, though, when regarding the non-linear character
of the compressor dynamics given in Eq. 4-15 and Eq. 4-16, p.48, and the
interdependency between the compressor and turbine characteristics.

It can be recognised in Fig. 53 that the operating line is deviating in each scenario
from the optimum line, while a pressure increase results in a strong decrease in
mass flow towards the surge margin. In the case of increasing the mass flow, the
large moment of inertia and PEM volume counteract with each other to result in an
operating line closer to the ideal one, while in the case of pressure increase, the
effects accumulate and lead to an even greater deviation from the ideal operating
line.
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Fig. 53 System response for a cathode mass flow and pressure increase

The response time is defined as the time when 95 % (three time constants) of the
desired set point change is reached. It is plotted in Fig. 54 and Fig. 55 as a function
of the rotor moment of inertia and the PEM volume for each operating point change
scenario. For both increased PEM volume and moment of inertia, response time is
increased. Cathode mass flow response time is around 1 sec and increases with
rotor moment of inertia but is less sensitive to increased PEM volume, which is an
important fact for the subsequent mass flow response optimisation.
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For a pressure increase, the results are inverted. The system response is increased
by a factor of two when the PEM stack volume is tripled in size. The mean response
time is at about 10 sec and is a magnitude higher than the response time for the
mass flow increase, which is mainly due to the compressor and turbine
characteristics. While in the pressure increase scenario the electric power remains
almost constant, the electric power to the compressor motor is significantly increased
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6 Controls Optimisation Using a Simplified PEM-FC Model

for the mass flow increase scenario to overcome the pressure losses and the
lowered efficiency parameters in the compressor and the turbine. The additional
compressor power to the system therefore leads to quicker responses than observed
when solely the guide vane position is adjusted.

As expected, the open-loop system response is dependent on the energy storage,
e.g. the system volume and the rotor moment of inertia. Minimising these parameters
for advanced system design is favourable for improving the system response but with
a different effectiveness. For improving the mass flow response characteristics, the
PEM volume plays a minor role. A decrease of rotor moment of inertia improves
mass flow response significantly, which should be incorporated early in demonstrator
design. System behaviour is changing considerably when a (feed-back) controller is
applied. Therefore the present analysis will be extended to a fully controlled system
including the reformer air compressor.

6.2 Controller Requirements and Controller Architecture

Based on the current understanding of the system it is assumed to be a too great
step to design an integral controller for the reformer section, the FC cooling
management, the air supply, and the power management. Moreover, the present
strategy to apply detailed aerodynamic models instead of transfer functions would
clearly increase the integration effort. The controller architecture is limited to the air
supply components but designed to fit into a hierarchical FC power unit controller.
Mass flow and cathode pressure are then input variables to the air supply controller.
These might be controlled by a superior controller or optimisation procedure to find
the overall optimum operating point for the FC power unit.

The primary control requirement of the air supply system is to provide a required
mass flow at a specified pressure. Among these two targets, the mass flow control is
considered to be most important because it affects the stack cooling and the
stoichiometry at the membrane. Pressure changes should be made rather smoothly
to avoid additional mechanical stress between the anode and the cathode side but
might be considered for achieving an increase of stack efficiency or operating range.

The present air supply represents a two-input-two-output problem, where the inlet
guide vane position at turbine inlet (u4) and the electric support (uz) are the setting
parameters and the compressor outlet pressure (y1) and the mass flow through the
compressor (y2) are the controlled variables. This is also true for the reformer air
compressor, where the electric motor power and back pressure valve set the mass
flow and the reformer inlet pressure, respectively. For this purpose, two independent
controllers are proposed. Each controller is divided up into two independent single-
input-single-output (SISO) sub-controllers controlling one variable.
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6.3 Input-Output Pairing

In order to determine the global issues related to the actuator topology, the control
design will assume perfect measurements of the performance variables. Electrical
actuator dynamics are neglected because they are considered to be more than a
magnitude faster than pneumatic system response time. The inlet guide vane
exhibits a fast first-order behaviour while the back-pressure valve at the reformer air
compressor is slower by a factor of 5.

6.3 Input-Output Pairing

The responses of the output to step changes in the actuator signals show a coupled
and anisotropic system (Fig. 53), because the mass flow responds faster than the
pressure. It is of interest now which setting variable has to control which variable for
the turbocharger section and the reformer compressor, respectively, in order to have
least interaction and thus best controller performance. A wrong choice of the input-
output pairing can lead to poor controller performance with great control action. At
high coupling of the wrong pairing, the system can become unstable and
uncontrollable even though the uncontrolled system has negative eigenvalues. A
method used to measure the interaction and assess appropriate pairing is called
Relative Gain Array (RGA), as presented in e.g. Bequette, B.W. (2007), where

Ay A A 1-A
RGA(G):GX(G_I)T :[7\‘11 7\‘12]:(1_;\1‘ }\’ 11\] Eq 6-1
21 22 11 11
and
3
auj Uy k#j
Ay =W Eq. 6-2
6ui yikA

Each element of the RGA matrix indicates the interaction between the corresponding
input and output pair. It is preferred to have a pairing that gives an RGA matrix close
to identity matrix, resulting in minimum interaction with the input-output pairs which
are not trace elements of the RGA. This means that control actions of the designated
setting variable has maximum impact on the desired control variable and has least
influence on all other control parameters. The RGA of the turbocharger section is

Eq. 6-3

1.78 —0.78
RGA(O I'ad/ S)turbocharger =

-0.78 1.78

which leads to a pairing choice of (inlet guide vane) — (compressor outlet pressure)
and (TC drive power) — (compressor mass flow) to avoid instabilities at low
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6 Controls Optimisation Using a Simplified PEM-FC Model

frequencies as it is true for the step function scenario. The RGA for the reformer air
compressor is

0.82 0.18
RGA(O rad/ S)reformer compressor = 0 18 O 82 Eq 6-4

and suggests the best pairing choices to be (backpressure valve) — (reformer
compressor outlet pressure) and (electric demand) — (reformer air compressor mass
flow).

Due to the varying operating altitude of the aircraft and the non-linearity of the system
characteristics, the RGA for the turbocharger section is not constant over the altitude
range as depicted in Fig. 56. It shows that the operating point at 6000 m exhibits the
maximum coupling for this pairing choice, which represents therefore a good starting
point for the controller design. At higher altitudes, the coupling drops to values
around unity, increasing the controller performance. This coincides well with the long
operating time of the power unit at these altitudes.
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The controller performance can drop significantly in performance during quickly
varying control demands or frequency disturbance due to measurement noise, even
if the controller show good results for the step analysis. A frequency analysis of the
turbocharger section at different operating altitudes (Fig. 57) shows that the coupling
decreases at high frequencies at low to mean altitudes. The coupling at cruising
altitude increases slightly with higher frequencies but the RGA reaches again unity,
which confirms the pairing choice and allows the assumption that the proposed
controller architecture is able to attain the desired control actions at a reasonable
performance.
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6.4 Coupled and Decoupled Single-Input-Single-Output (SISO) Control Approach

6.4 Coupled and Decoupled Single-Input-Single-Output (SISO) Control
Approach

As outlined above, two independent SISO controllers have been designed for the air
mass flow and compressor pressure, respectively. They are analysed for a mass flow
and a pressure increase, Fig. 59, p.81. While the mass flow increase causes only
slight deviations in compressor pressure ratio, the pressure increase changes the
mass flow strongly towards surge margin. This can cause a critical operating
condition, especially for demands of high pressure increase at low altitudes, where
the design operating line is moved to surge. A trespassing of the surge line would
lead to compressor surge and thus a complete break-down of mass flow which must
be avoided. For the opposite scenarios (mass flow or pressure decrease, not shown
here) the response characteristics are almost symmetric and therefore not critical to
the compressor.

An increase in pressure output of the compressor would surely not be accomplished
in a step change but in a much slower process because abrupt pressure fluctuations
at the cathode inlet or asymmetric pressure differences across the membrane due to
the pneumatically longer anode and gas processing path are not desirable.
Nevertheless, the step change represents a worst-case scenario for the compressor
and is used as starting ground in order to improve controlled system dynamics. For a
coupled controlled system, the introduction of a decoupler is a common step to
improve overall controller performance (Bequette, B.W. (2007) and Fdllinger, O.
(1990)). It can be regarded as an “intermediately-installed” controller minimising or
eliminating the undesired control action evoked by the system-controller interaction.
The basic decoupling architecture is given in Fig. 58.
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Fig. 58 Controller architecture including a simplified decoupler

Therefore, a synthetic input vector is introduced. The relationship between the
synthetic input vector and the process output vector is
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6 Controls Optimisation Using a Simplified PEM-FC Model

y(s)=G,(s)-D(s)-u’(s) Eq. 6-5

where D(s) represents the decoupling matrix and Gy(s) the process transfer matrix.
For a simplified decoupling strategy, D(s) remains restricted to

8 (s) ]

g,,(s)
D(s) = _
(s) e Eq. 6-6

g, (%)

when the decoupler is expected to operate ideally. The synthetic process matrix is
then

G;sz(S)-D(S)z g,(s) g,(s) { 1 d12(s):|

_gZI(S) g2 (S)_ d,,(s) 1

M % Eq 6'7
_ gn(s) 1
L 1 g;(s)_
where
* g,,(8) g, (s)
s)=g,,(s) - ==
g.(8)=g,(%) o () Eq. 6-8
and
* S): S
82,(8) =85 (s) 20 8,(8) Eq. 6-9

g,(8)

Here, the decoupler is calculated with the process transfer matrix obtained from the
system model which is linearised at 6000 m and at the design stack operating point.
Similar to feed-forward controller design, right half plane poles can occur in the
decoupler matrix when positive zeros are present in the process transfer matrix.
Therefore they are factored out and replaced by low-pass filters. This also assures
retaining a physically feasible controller, which requires a denominator of a higher
order than of the numerator. In the case of static decoupling, the decoupling matrix
does not consist of transfer functions based on the linearised models but of constants
which are obtained by setting the transfer matrix to s=0. Static decoupling represents
a simple strategy and decreases controller performance but it is often used in
practice, especially if the dynamic parameters are uncertain as it may be expected
for the demonstrator phase. It will therefore be included in the controller assessment.
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6.4 Coupled and Decoupled Single-Input-Single-Output (SISO) Control Approach

The results for the independent SISO and the statically and dynamically decoupled
controllers are given in Fig. 59, where the operating lines are depicted in the
compressor map. Again, a severe deviation in compressor mass flow towards surge
can be observed during the step pressure increase. The deviation can be
significantly reduced by static decoupling and almost eliminated with dynamic
decoupling. This is also true for the step mass flow increase resulting in a slight
pressure loss throughout the operating point change. Basically, no overshoot or
oscillation occur during the transients, which can be confirmed also for an arbitrary
choice of mass flow and pressure change for each controller type.
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Fig. 59 System response for the independent and decoupled SISO-control during a cathode
mass flow and pressure increase

For the present mass flow increase analysis, both the mass flow in the turbocharger
and the reformer compressor are increased, because it is assumed for simplification
that a stack power increase will cause a higher mass flow on the anode and cathode
side. Applying the dynamic decoupler during the step mass flow increase of 10%, the
desired compressor mass flow is reached after one second, which is assumed to be
satisfactory, while the deviation of the pressure at the compressor outlet remains
below 1% of the demanded pressure value (Fig. 60).

The actuators show reasonable dynamics. Small overshoots are shown in Fig. 61 for
the dynamically decoupled controller type for the turbocharger section and the
reformer air compressor, respectively. Note that the turbocharger changes from a
power generating to a power consuming device in order to overcome the rising
pressure losses. The power peak is at approx. twice the power increase needed for
the steady-state operating point change. At 4 kW, it is low when compared to a
80 kW stack power output.
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Fig. 60 Compressor mass flow and outlet pressure response for a mass flow increase at

6000m

It is left to a future analysis, to which degree the overall power management can
absorb such power peaks without destabilising the power system or violate control
demands. A ramp or polynomial set point function or the implementation of a low-
pass filter would clearly smooth the power peak but also have a negative impact on

response time.
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Fig. 61 IGV, valve position, and electric power demand during a mass flow increase at 6000m

The actuator dynamics of the downstream reformer air compressor are relatively

slow due to the slow temperature
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6.5 Validity of the Decoupled SISO Controller for the Entire Altitude Range

compressor and the demanded higher reformer air mass flow. It is clear that these
dynamics are highly dependent on the control quality of the turbocharger controller
situated upstream. They remain however still uncritical even if the turbocharger
section is controlled with the independent SISO controller type.

6.5 Validity of the Decoupled SISO Controller for the Entire Altitude Range

It is one important requirement for the controller that it must cover the entire altitude
range. Therefore, the thorough analysis is performed with the non-linear models of
the system.

Due to the strong non-linearity of the compressor and the turbine maps, it has to be
investigated how the controller performs at altitudes different from the controller
design altitude of 6000 m. The compressor mass flow change for a step increase at
0 m, 6000 m and 12000 m altitude and the dynamically decoupled controller type are
shown in Fig. 62.
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Fig. 62 Compressor mass flow and outlet pressure response for a mass flow increase at
different operating altitudes

The mass flow curves lay close together while the corresponding pressure curves
deviate slightly from each other, which is still satisfactory. The pressure curve for 0 m
is also similar but is found at a higher pressure level due to increased cathode
pressure at low altitudes. This can be also confirmed for an arbitrary choice of set
point change. Therefore the controller type proposed proves to be valid and shows
good performance for the entire altitude range.
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6.6 Multiple-Input-Multiple-Output, Linear-Quadratic-Gaussian Control
Approach

A relatively modern controller design approach for the feedback state controller is the
linear quadratic gaussian (LQG) controller where the control action is based on a
quadratic performance criterion. The LQG controller minimises this cost criterion,
optimises the control action and enables to trade off regulation performance and
control effort. LQG control technique is often applied in aviation and space
applications where the minimisation of control action plays a significant role (see
Follinger, O. (1990)). It is based on a state feed-back control approach where the
system is fully controllable by the state vector and the state feedback gain K. The
state feedback controller represents therefore a proportional controller in the feed-
back loop. With a model of the form

x=A-x+B-u

y=C-x+D-u Eq. 6-10

where u is the vector of control inputs, x is the state vector, and y is the vector of
measurements, and the control law

u:—K-X Eq. 6'11
the closed loop dynamics are given by
X:(A—B-K)-X_ Eq. 6-12

The closed loop poles are the eigenvalues of (A-B-K). In a “classical”’ state-space
controller design, it is possible to define K in a way that the eigenvalues provide the
desired control performance. For the LQG approach, the regulation performance is
measured by the quadratic criterion of the form

Jw=["{x"-Q-x+2:x"-N-u+u"-R-u} dt Eq. 6-13

Q, N, and R are the weighting matrices of the state variables, the input variables and
their combination, respectively, and are user specified. The first design step seeks a
state-feedback law according to Eq. 6-11 that minimises the cost function J(u). The
minimising gain matrix K is called the LQ-optimal gain and is obtained by solving the
associated algebraic Riccati equation in S:

0=A"-S+S-A—(S:B+N)-R"-(B"-S+N")+Q Eq. 6-14
K is derived from S by

K=R"(B"-S+N") Eq. 6-15
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6.6 Multiple-Input-Multiple-Output, Linear-Quadratic-Gaussian Control Approach

and can be obtained from the function library available in Matlab. For further
analytical insight and limitations of this mathematical procedure see Ludyk, G. (2001)
and Follinger, O. (1990).

The here presented control task of the air supply system requires four control
variables, these are mass flow and output pressure at the main compressor and the
reformer compressor, respectively, and therefore four setting parameters which
results in a 4x4 MIMO-problem. For the state-space controller, the controller cannot
be designed independently as done with the SISO controller approach, but has to be
undertaken in a fully integral design step, where all input and output variables are
controlled by one matrix. Generally, this procedure increases control performance for
coupled systems but increases on the other hand controller design effort. The main
objective of the LQG approach is not to increase control performance as this has
been proven well by the decoupled SISO strategy but rather to show the potential to
minimise the control effort for the same control quality when compared to the results
presented in Section 6.4, p.79.

A comparison between the system response for the dynamically decoupled SISO
and LQG control approach is shown in Fig. 63 and Fig. 64 for the main compressor
and the reformer compressor, respectively. It can be recognised that control
performance is slightly increased for the main compressor. The pressure fluctuations
at the reformer compressor are even significantly reduced, also well seen in Fig. 67,
while the mass flow response is good.
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An overview of the mass flow and pressure response characteristics is given in Fig.
65 and Fig. 67 for the main compressor and the reformer compressor, respectively.
For reasons of comparability, both controllers are tuned in a way that the mass flow
response is almost identical.
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6 Controls Optimisation Using a Simplified PEM-FC Model
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It is well shown in Fig. 66 and Fig. 68 that actuator dynamics are significantly
reduced with the LQG approach while the control performance is similar or even
better as for the pressure output.

Especially the power peaks are eliminated which is a clear advantage for the fuel cell
power management. The setting variables show a characteristic which might be
expected from the open-loop control but with the quality of full feed-back control
architecture. This makes the LQR control approach an interesting control strategy for
this application.
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For a successful use and final evaluation of this control architecture, though, further
design effort is necessary. The state-space controller is based on the fact that all
state variables are known in order to allow a full feed-back of all state variables. As
this is often not possible for technical systems, a state estimator has to be introduced
to guess the state space vector from the available measurement. This state estimate
is generated by the Kalman filter which also considers system disturbance and
measurement noise. It is an optimal estimator dealing with Gaussian white noise,
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6.7 Validation of the Control Architecture and Tuning with an Advanced PEM Model

which minimises the asymptotic covariance of the estimation error based on the
covariance data. The Kalman gain L is again determined through an algebraic Riccati
equation. For the final design, the LQ-optimal gain K and the Kalman filter have to be
designed in one integral step resulting in a LQG regulator, see Fig. 69.
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Fig. 69 State-space controller including a LQG regulator

It is further important to mention that the presented results are only valid for the
simple PEM FC model, which keeps the design effort reasonable. The use of the
highly detailed stack model and the associated differential equations, and thus further
states, increases the system matrix size significantly, which might make system
reduction strategies necessary. As these steps go deep into the domain of control
theory and application and entail a separate field for analysis and evaluation, the
LQR control approach is not further pursued in this work.

6.7 Validation of the Control Architecture and Tuning with an Advanced PEM
Model

In the last section of this chapter, a final comparison between the application of the
simple and the highly detailed PEM-FC model and its influence on the pneumatic
performance shall be drawn. For model stability and calculation time reasons, a
highly simplified model on the cathode but also the reformer path has been used. It is
not accounting for any dynamic phenomena or interactions between the partial
oxygen pressure and electrochemical performance. Stack power has been set
constant for both model types to ensure comparability.
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6 Controls Optimisation Using a Simplified PEM-FC Model
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Again, a cathode mass flow and pressure increase is investigated for the simple
SISO control architecture. It can be seen in Fig. 70 that system response is very
similar for both models with a small overshoot which can be recognised for the
pressure increase and the detailed PEM-FC model. The results for the decoupled
scenario (Fig. 71) show also good agreement but are obtained with a recalculated

decoupling matrix. This is necessary to avoid steady offset as the transfer matrices of
the different models are not the same.

The strategy to design the air supply control architecture on a simple FC model is
proven to be a good choice for fast controller development and assessment. The
combination with the highly detailed and calculation-time consuming model can be
left to a last model integration step where the controller has only to be slightly tuned.
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7 Response Analysis Using an Advanced PEM-FC Model

In the last chapter, a fully dynamic investigation is undertaken to prove the theoretical
models under in-flight conditions. The system response is optimised considering all
aspects of cathode turbomachinery design, cathode pressure strategy, and controller
design.

7.1 System Behaviour during PEM-FC Step Load Scenarios

It can be expected that a new free parameter, the stack current, imposes changes in
system response as the composition of the anode off-gases change significantly. The
system response during a step increase of the stack current of 20% and 30% starting
from the design power output is given in Fig. 72. The current increase is limited by a
maximum hydrogen utilisation of around 0.9. This is when further hydrogen available
in the anode channel cannot be transported to the membrane due to diffusion losses.
The local current then becomes zero. It can be seen that overall system response
remains good. However, pressure deviations grow stronger and the cathode mass
flow response becomes more sluggish, especially for the high stack current increase
(see also Fig. E-1and Fig. E-2, p.128).
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Fig. 72 System response as a function of the stack current increase

After the stack current change, the calorific values of the stack off-gas decreases,
which again leads to decrease of TIT. The additional power lack has to be
compensated by a higher supporting power from the electric net, which is unfortunate
during the higher output demand from the stack.



7 Response Analysis Using an Advanced PEM-FC Model

7.2 System Behaviour during PEM-FC and Reformer Step Load Scenarios

It is realistic that the reformer performance will also be increased in case of a higher
stack power demand. A small time delay has to be expected from the reformer until it
has reached the demanded hydrogen production while the changed operating
conditions are again delayed by the gas cleaning devices. Here, the cathode air, the
stack current, and the reformer output performance are increased by 20%, which
would maintain the air utilisation constant.
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Fig. 73 System response as a function of the stack current and reformer performance increase

System response for these scenarios is again acceptable as seen in Fig. 73, while
the sluggishness of the mass flow response is eliminated to the highest degree (Fig.
E-3 and Fig. E-4, p.129). This can be explained by the more uniform composition of
the cathode off-gases and therefore the TIT response, which consequently
decreases the necessary control action to achieve the required mass flow.

7.3 Extended Operational Flexibility by Advanced Cathode Pressure Function
and Turbine Design

In order to demonstrate the considerations of how to improve operational flexibility
and system response, an extreme operating scenario is examined where the cathode
mass flow is increased by 50% at an operating altitude of 6000 m. As the desired
operating point is highly power consuming because of a disadvantageous
compressor efficiency and high compressor mass flow, it is not a recommended
operating scenario. It shows however the capability of the controller to cover even
operating scenarios far aside from the design point.

In a first scenario, the reformer performance and stack current will be increased by
25%, which keeps the hydrogen utilisation at moderate parameters. When increasing
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7.4 System Behaviour during Typical On-board Load Scenarios

the cathode mass flow by the same value of 25% (see Fig. 74), the inlet guide vane
position reaches an opening ratio of 0.78 which is close to the maximum, illustrating
that the upper limit for the mass flow is nearly reached.
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Fig. 74 System response during an extreme operating scenario with an adjusted turbine
design, an advanced cathode pressure function, and the application of a decoupled controller

In the second scenario depicted in Fig. 74, the cathode air is increased by 50% while
the compressor outlet pressure is raised from 1.33 bar to 1.6 bar in order to allow a
higher mass flow through the turbine. The decoupler is not applied yet. As a result,
the guide vane position reaches the end operating point with an opening ratio of 0.77.
Pressure is slightly fluctuating and exhibits a small overshoot in the range of 9% of
the end value while the mass flow end value is reached rather sluggishly (Fig. E-5
and Fig. E-6 p.130). Nevertheless, system response is stable and the desired mass
flow is settled after 2 s. In the last scenario, the decoupler is activated which has the
result that the mass flow has reached its end point approximately after 1s. The
desired pressure value is reached after 2 s instead of 5s as without the decoupler

(Fig. E-5 and Fig. E-6 p.130). Basically, no overshoot occurs as can be well seen in
Fig. 74.

7.4 System Behaviour during Typical On-board Load Scenarios

In the last analysis of this work, it shall be demonstrated that the developed model
and the turbomachinery design allow for both operation throughout a typical flight
envelope based and highly fluctuating power demands at any operating altitude.
Based on a load demand from a more electric aircraft, a complete envelope is
calculated with the presented models and the controller. It is assumed that a strong
power demand change occurs at cruising flight conditions. This might be the case
during break-down of redundant power units or during unexpectedly simultaneous
high power demands from different power consumers.
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7 Response Analysis Using an Advanced PEM-FC Model

The here investigated load demand of the PEM-FC is shown in Fig. 75 in a
normalised form. It shows a steep demand increase during the climb phase, drops
quickly during cruising flight, and then drops slowly during the descent phase to a
value of 0.8.
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During cruising flight, the power demand and the mass flow are decreased in two
steps by 15% points, respectively. Finally, it is increased again to the starting value
by one step, which is shown in Fig. 76 in a zoomed time range. For the last load step,
this represents an increase of over 50% of the stack current and the cathode mass
flow, respectively, as the air utilisation is tried to be kept constant.

The compressor line of the entire envelope of operation is given in Fig. 77, which
summarises all preceding results in one illustration. The blue section represents the
climb phase and is located to the right of the design mass flow due to the stack
demand. The stagnation of the aircraft at intermediate altitudes and a decrease of
power demand cause a sharp bend at low shaft speeds.

It can be seen that the power demand steps at the cruising altitude are handled well
by the controller architecture. Note that even if the compressor line seems to deviate
strongly in the compressor map, the real pressure fluctuation at the compressor
outlet remains low within a range of 5% of the output value, see Fig. 76, which can
be explained by the high pressure ratio at cruising flight conditions. It can be
therefore stated that cathode pressure fluctuations remain low for the controlled
system which was a design requirement for the air supply in combination with the
PEM-FC. Power demand is decreased at cruising flight altitude shifting the
compressor line left of the design mass flow. During the descent phase, the system
reaches the operating point at ground level safely and with sufficient distance from
the surge margin.
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Fig. 77 System response during a typical on-board load scenario for the entire envelope

It can be seen from Fig. 77 that air utilisation should be adjusted. At low operating
altitudes, operation in the compressor map occurs close to the surge margin which
does not leave room for further mass flow variations or control actions. A higher
mass flow would be desirable and simultaneously increase air utilisation. At high
altitudes, the air supply operating point is rather to be shifted towards the surge
margin in order to decrease the external air supply power demand and thus increase
overall performance.
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8 Conclusions

An air supply system on the basis of radial turbomachinery for the in-flight PEM-FC is
shown to be technically feasible. The use of radial compressors is found to be a
suitable compressor technology. Due to the requirement of a constant compressor
mass flow and outlet pressure at every altitude, the compressor can be operated
close to its design flow and head coefficient over a wide range of the operating
altitude. This aerodynamic similarity points to an operation with high isentropic
efficiencies and sufficient margin from aerodynamic operating limits. Transonic
inducer design is omitted to keep design and manufacturing sophistication
reasonable. Based on the present performance models, the decision between single-
stage and two-stage compressors can be made in favour of the two-stage concept
due to the higher overall isentropic efficiency of around 10% with a pressure ratio of
7.5. Optimum compression performance is obtained when the first compressor has a
pressure ratio of 2.75. Driving the compressor with a turbine is found to be essential
for the decrease of the power demand of the air supply system. The option of
additional combustion of kerosene eliminates the demand of external electric power
but is burdened with poor efficiencies. It is therefore not sensible for long-term
operation but an option for fast transients.

An improvement of overall performance is obtained if the cathode pressure is
adapted to the operating altitude. The power demand of the air supply system is
minimised when the cathode pressure is gradually increased up to 1.6 bar at
intermediate operating altitudes. Further potential for decreasing the power demand
is found if special attention is paid to the design of the turbine section. The air supply
system turns into a power generating device throughout a broad flight altitude range
if the isentropic turbine efficiency is increased up to 0.8. The additional power is in
the range 10% of the FC power output but imposes higher complexity on the power
management of the FC power unit.

In order to further optimise mass flow range and power demand, both the pressure
loss characteristics of each device on the cathode path and the turbine design have
to be addressed early during component design and development, e.g. an increased
cathode pressure loss of 0.2 bar reduces the possible operating range of high mass
flows by one half. An unexpected advantage is obtained when the turbine is designed
too big with a mass flow of 20% higher than the design PEM-FC outlet mass flow.
The mass flow range is then increased by approximately 20% without any
deteriorating impact on the power demand of the air supply system.



Unlike in current modelling strategies, the transient analysis has been based on the
sequential arrangement of pneumatically interacting lumped volumes. It is found to
be an essential model for approaching real physical behaviour. The system shows
anisotropic transient behaviour due to the non-linear compressor and turbine
characteristics. Mass flow response is inherently stable and fast, while pressure
response tends to be rather sluggish. Abrupt pressure increase in particular has to be
avoided, as compressor mass flow might fall below the surge margin. Inherent
system dynamics can be improved by minimising the system plena and the moment
of inertia of the turbocharger.

The simple but reliable control strategy of applying SISO controllers allows the
integration into a hierarchical FC power unit controller. While the control performance
is good for the mass flow increase, the system response exhibits strong deviations
towards the surge margin when pressure is increased abruptly. The application of a
decoupled controller significantly minimises the coupling effect with an improved
ability to follow set points both for pressure and mass flow. Rise times are around 1 s
with no overshoot or oscillations for a step set point change while actuator dynamics
remain reasonable. Although the decoupling matrix is obtained from one linearisation
point, the controller architecture proves stable and shows good performance for the
entire flight envelope. This is an important result considering the highly non-linear
system characteristics. It can be further stated that the strategy to develop a
controller with an adaptive modelling depth with emphasis rather on pneumatic and
aerodynamic than on electrochemical phenomena has proven to be effective. The
replacement of the simplified PEM-FC model by a highly advanced one required only
moderate controller tuning to restore almost identical controller performance.

The objective of this work is to demonstrate the significance of the appropriate
turbomachinery design for the overall performance, which again has to be based on
the comprehension of the overall system. The effectiveness of this methodology can
be well demonstrated applying the most important considerations deduced from the
conceptual analysis, the turbomachinery design, and the transient analysis in one
extreme operating scenario: This is defined by a load increase of 50% at
intermediate operating altitude and includes the corresponding cathode mass flow
increase. The scenario can be calculated successfully without any critical or unstable
operating conditions and with acceptable controller dynamics. It is important to point
out, that neither the end point nor the quality of the transient would be achievable
without the simultaneous application of the results from all analysis steps.

After integration with a highly detailed PEM-FC stack model, the air supply system
and controller are finally confirmed to be suitable for the entire operating range. It is
possible to cover the flight envelope from climb to end of the descent phase in a safe
mode and with enough margin from the compressor surge line both for the standard
and the future “more electric” power demand requirements of civil aircraft.
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9 Outlook

In this work, the two-stage compression is favoured due to the higher isentropic
efficiency. The extension to a transonic inducer design opens the full assessment of
a single-stage compression. This clearly leaves state-of-the-art impeller design but
approaches “classical” turbocharger arrangements and better satisfies the
requirement for compactness. Reliable aerodynamic shock models then have to be
introduced to the procedure, while special attention has to be paid to the interactions
between the impeller and the diffuser section.

For the increase of operational flexibility, variable guide vanes upstream and
downstream of the impeller are technically feasible options. They represent, on the
other hand, a source of malfunction, whose impact has to be assessed carefully. A
challenging option to increase the compressor operating range is to shift the stability
line by prevention of surge. This can be done by the application of a blow-off valve or
more sophisticated devices like active surge control. In order to evaluate the potential
to further increase turbine power output, a full aerodynamic description of the turbine
is necessary. Additional power from the air supply system has significant impact on
the overall power management and increases the complexity of operating strategies
and controls. The choice of the load share between the PEM-FC and the air supply
system, on the other hand, allows further weight optimisation.

An important question to be investigated is how the FC system can manage peak
load demands safely and with minimum electric power demand. One possibility is the
application of a dual post combustor with the option of additional injection of
kerosene. The challenge is to handle overall dynamics even though physical
operating limits such as choke flow in the turbine section or air utilisation of the FC
stack are reached. To minimise the control action during peak load demands will be a
decisive key for successful overall integration. LQR controllers seem to satisfy this
requirement, while they are already widely used in flight and space applications. Due
to the strong non-linearity of the system, it remains however a non-trivial task to
design the controller with adequate performance for the entire altitude range.

A last challenging but decisive task remains the full integration of the FC system with
the electric network of the aircraft. The evaluation of the interactions between the
electric consumers and the power generating device gives the last confirmation
whether PEM-FC technology can meet the requirements of the civil flight application.
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Appendix

A Concept Analysis

Tab. A-1 Boundary conditions of the PEM-FC

parameter value unit

FC gross power 80 kW
Tecathode, inlet 70 °C
Teathode, outlet 80 °C
Pcathode,inlet 1.33 bar
PATR 2.2 bar
PPox 2.2 bar

M athode inlet 0.15 kg/s

M ATR+POX,inlet 0.03 kgls

™ xhaust gas 0.21 kg/s
relative humidity cathode, inlet 90 %
relative humidity exnaust gas 100 %

Kair 1.4 -

Rair 287.04 J/(kg K)
Kexhaust gas 1.36 -
Rexhaust gas 312.00 J/(kg K)
APhumidifier 5000 Pa

AP cathode 25000 Pa
APpost-combustor 5000 Pa
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Fig. A-1 Performance overview of the reformer compressor
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B Aerodynamic Design of an Radial Compressor Impeller

B.1 Influence of Outlet Blade Angle B, on Discharge Conditions

The increasing discharge number under increasing outlet blade angle and constant
boundary conditions is shown in Fig. B-1 for different pressure ratios. The outlet
blade angle affects only the work number according to Eq. 3-7, p.27. Decreasing the
blade backward sweep leads to the reduction in discharge number for any given
pressure ratio due to a reduced tangential absolute velocity at impeller exit.

1.6 a,=20° : 1
imp =0-85 | : : :
— s
N
=
5
o
£
S
c
=
5]
o]
=
(3]
o
&
- i : E : 5
3 : : : : g
5 04 _ ............... s R ................. .......................... .......... 4
002 s s o i 0 S S S RS B -}
D 1 | | | 1 | |

20 30 40 50 60 70 80 90 100
outlet blade angle, Bop [°]

Fig. B-1 Influence of the outlet blade angle on the discharge Mach number

The choice of the appropriate outlet blade angle B, offers significant advantages as
reported by Came, P.M., McKenzie, I.R.l. (1979). A reduction of the outlet blade
angle leads to:

e A reduction of the impeller discharge absolute Mach number reducing the
diffusion requirements of the following diffuser system and the risk of
separation in case of a vaneless diffuser

¢ Anincreased negative gradient of the work input and pressure ratio to mass
flow characteristic, which leads to a broader stable operating range
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¢ An increased streamline curvature in the blade to blade plane, which leads to a
reduced pressure gradient and thus to a reduction of secondary flows and
associated losses

But following McCotheon, A.R.S. (1978), there is no optimum discharge blade angle
from an aerodynamic point of view. The backward sweep is rather limited by
mechanical and physical aspects which are:

e Increased tip speed, leading to increased disc and blade stresses

e The need to construct blades with non-radial fibres, leading to centrifugal
bending stresses

¢ Increased impeller diameter, which leads to increased inertia and thus slower
transient response being important in turbocharger applications

Today, from experimental experience and for most applications, the discharge blade
angle may range from 40° to 70° in order to achieve acceptable range and efficiency.

B.2 Influence of Outlet Flow Angle o, on Discharge Conditions

Applying and rearranging Eq. 3-5, p.27, for the impeller outlet, Eq. 3-7 and Eq. 3-10,
p.27, and the relation from the velocity diagram, the outlet Mach number can be also
expressed as

A-Mu
sino
Ma, = 2 03 Eq. B-1
2 A 9
1+(x—1)-A-Mu -[1— > j
2-sin” a,

The meridional Mach number is then

Ma,, =Ma, sina, Eq. B-2

Applying Eq. B-1 with varying discharge angles, the influence on the Mach number is
depicted in Fig. B-2 for the pressure ratios of 2 and 8. For both pressure ratios, it can
be recognised that at low discharge flow angles (a2<30°) and high backward sweep
(B2ob<50°), the discharge Mach number increases again but very moderately.

In order to decrease the loading of the subsequent diffuser section, the discharge
angle should remain low. This strategy is limited, though, by the increasing friction
losses due to the long flow pass through the diffuser. Additionally, Aungier, R. H.
(2000) reports the risk of rotating stall, when the flow angle at diffuser inlet falls below
14 degree.
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Fig. B-2 Influence of the discharge flow angle on the discharge Mach number

B.3 Interdependency between Discharge Conditions and Inlet Design

A strongly interdependent aerodynamic parameter during design is the relative inlet
Mach number, which was stated to be a primary order task for the inducer design.
The relative inlet Mach numbers are indicated by the vertical lines for constant Mach
number at a given impeller speed (Fig. B-3), which demonstrates that inducer design
cannot be considered separately from discharge design but is integrated into the
design procedure. The relation can be expressed with

Mu-v

Ma,, = cosp, Eq. B-3

(1—(1{—1)-(Mu-v)2 -tan’ B, )O'S

and is derived from Eq. 3-10, p.28, the velocity diagram and the expressions
Mu, =Mu-v Eq. B-4

and

T, _(Ma, ’
Tl 1\/‘[111 Eq. B'5
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B.4 Integral lllustration of Geometric and Aerodynamic Interdependencies

A good and compact illustration of the interdependency of geometric and
aerodynamic parameters is possible when the absolute and meridional Mach number
is plotted versus the non-dimensional impeller speed, as seen in Fig. B-3.

discharge Mach number, Ma, [-]
meridional discharge Mach number, Ma, . [-]

Non-dimensional impeller speed, Mu [-]

Fig. B-3 Absolute and meridional Mach number vs. non-dimensional speed

With a variation of the outlet angle ay, it can be stated that a decreasing outlet angle
is favourable for lowering the discharge Mach numbers. It has though a negative
effect on the diffusion ratio as shown below. As stated in the precedent section, it can
be recognised that the back sweep decreases the magnitude of discharge Mach
number for any given pressure ratio up to the value of 8, which has to be paid though
with a greater impeller speed. In the lower section of Fig. B-3, the meridional
component of the discharge Mach number is depicted, which is of great importance
for the evaluation of the diffuser loading and shock estimation at the leading edge of
the vaneless diffuser. For the given set of boundary values, this number remains
always lower than unity but may change significantly with different discharge angles
and radius ratios, as will be demonstrated later.

A decreased outlet blade angle and thus increased impeller speed may interfere with
the upper stated constraint of a maximum relative inlet Mach number of unity. But
this parameter is also dependent on the hub ratio and the inlet blade angle. The
outlet Mach number remains unchanged following according to Eq. B-1, p.112. The
horizontal lines for constant relative inlet Mach numbers are shifted to lower impeller
speeds when the inlet blade angle or the radius ratio is increased.
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The influence of the radius ratio, however, is much more significant, which is shown
in Fig. B-4 as a function of the relative inlet Mach number and the radius ratio. For
high pressure ratios the relative inlet Mach number reaches quickly unity even at low
radius ratios which has to be kept in mind for the following optimisation procedure.
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Fig. B-4 Absolute Mach number vs. non-dimensional speed as a function of the radius ratio

A last important relation is the diffusion ratio or the de Haller number, which refers to
possible stability constraints in the impeller when a too high deceleration in the
impeller passage might lead to boundary flow separation and backward flow causing
significant losses or even initialising surge. This represents the operating limit of
radial compressors at low mass flows. The diffusion ratio is defined by

7\12 0.5
(1—2-k+ 5 j oS PBig

cos” a,

deH =22 — Eq. B-6

Wis A%

Its dependency on geometric discharge parameters is depicted in Fig. B-5.
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Fig. B-5 Diffusion ratio vs. the discharge blade angle f3,, as a function of the discharge blade
angle and the radius ratio

It can be stated that the diffusion ratio is decreasing with increasing discharge blade
angle and radius ratio, while it has to be kept above 0.62
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Fig. B-6 Impeller outlet diameter and rotational speed as a function of the radius ratio
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Fig. B-7 Rotor mass and moment of inertia a function of the radius ratio
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Fig. B-8 Mean mass flow range a function of the radius ratio
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Tab. B-1 Compressor design results for the single-stage and two-stage concept

parameter |single-stage two-stage compression unit
compression | gyerall (1% comp. |2™ comp.

Mred 0.886 0.886 - - kg/s
Tiot 7.5 7.5 2.75 2.14 -

Nis 0.675 0.743 0.769 0.784 -
deH 0.723 - 0.859 0.897 -
Maw1.s 1.000 - 0.998 0.904 -
Whg 0.284 - 0.269 0.086 -
Mrotor 1.541 - 0.694 0.895 kg
Jrotor 3.523*10°° - 0.916*10°| 1.57*10°| kgm
range 0.235 0.497 - - -
mean range 0.549 0.547 - - -

Tab. B-2 Geometric design results for the single-stage and two-stage concept

parameter single-stage two-stage compression unit
compression | 45t comp. 2" comp.

Nis,imp 0.843 0.877 0.918 -
Nred 61111 65272 - 1/s
@ 0.037 0.1219 0.040 -
¥ 1.101 0.963 1.013 -
\Y 0.43 0.639 0.7 -
ol 12 25 30 -
B1s 30.2 30.2 7.2 °
B1H 62.6 62.6 28.0 °
Bab 51 55 55 °
D1s 0.083 0.083 0.105 m
D, 0.193 0.130 0.150 m
Ds 0.289 0.195 0.226 m
z 12+12 8+8 7+7 -
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C Turbomachinery Loss Modelling

C.1 Compressor Impeller

The incidence losses occur from a deviation between the flow angle and blade angle
at inlet at off-design operation.

Wi ioss = Kine 0.5 le -sin’ (abs(Blb _Bl,opt ))With K #1 Eqg. C-1

The optimum flow angle at inlet, B1,pt, can be calculated from the continuity equation
at design point operation (Whitfield, A (1990)).

Impeller friction losses are calculated based on the analogous pipe friction model.

4'Cf'Limp W§+W12
W, = ~ 5 Eq. C-2

h,imp

The impeller passage length Limp is assumed to be the mean of two quarter circles
representing the blade contour (Baines, N.C. (1998)). The impeller hydraulic
parameter Dy imp represents the mean of the hydraulic parameters at the impeller inlet
and outlet. The friction coefficient is based on available pipe friction losses with the
impeller Reynolds number definition

0.5-(w,+w,)-D

_ h,imp
Re; . = v Eq. C-3

Diffusion losses are assumed to be proportional to the difference between the kinetic
energy between the impeller inlet and outlet

W —W; /W
Wiairr = Kiee % and K ;; =0.367- W_l Eq. C4
2

Passage losses are assumed to be proportional to the mean kinetic energy within the
impeller

W = ‘.wf+w§a _ 9327
pass pass pass 0‘9.[&] Eq C_5
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Clearance losses are assumed to be proportional to the energy carried by the flow
through the impeller clearance

W m

cl

:Kcl'

_u; s, and K,y =0.0524 | Eq. C-6

The blade loading losses are assumed to be proportional to the square of the
impeller blade loading taken from Aungier, R. H. (2000)

W, =K, (W, ~w,.) andK, =0.002 Eq. C-7

suc

and

suc pre 7L “Lou Eq C_8

The correlation for the disk friction losses is taken from Daily, J.W.; Nece, R.E.
(1960). The empirical coefficients are obtained from a minimisation procedure based
on experimental data presented in Shaaban, S. (2004)

C.2 Compressor Diffuser
The equations applied for the diffuser are the conservation of mass
cm-(br)-dp+p-(br)-dcm+p~cm~d(br)=0 Eq. C-9

the conservation of mass

. . . 2 2
d(rCu)=_Cf Y Cu \/Cu+cm . 2d

r-dr Eq. C-10
Py Copybyory a

and the conservation of energy

3

2 2 C. P c2+c2 2
@:_d(cu'FCmJ_ dis p ( u m) -rdr Eq C_11
P 2 P2 Cop by 1,

with ¢ and cgis the friction and dissipation coefficients, respectively. Rearranging and
assuming adiabatic flow, it can be written

p c br

m

Eq. C-12
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2 2
dec, errcf-p-\/cuchm rdr

C, o T Py Copn by 1y Eq. C-13
and
3
K. -C.-p-(c?+c)?
P . CudCu+ air  “dis Y ( u m) _d(br)
KairP Py-Cpy 'bz ‘T, br
d
O = . Eq. C-14
C,. 1_ Sm
Kair'p

obtaining non-dimensional relations for the density, the meridional and
circumferential velocity and thus defining fully the aerodynamic and thermodynamic
condition at any positions within the diffuser. In order to obtain the conditions at the
diffuser outlet, the diffuser is divided into a great number of radial segments, at each
segment applying and solving equations Eq. C-12 to Eq. C-14. Finally, the diffuser
loss coefficient can be defined

a = Pai = Ps:
Diff 0.5-p, -2 Eq. C-15
or the more often referred diffuser pressure recovery coefficient
c I e
p.Diff — 0.5-p, -c2 Eq. C-16

C.3 Compressor Volute

Analogous to the diffuser characteristics, the volute loss coefficient is defined by

a — p3t _pSt
vol 05p3C§ Eq C'17
and volute pressure recovery coefficient
c —_Ps7Ps
p,vol 05p3 C; Eq C‘18

In the volute, friction, exit cone, diffusion losses and dissipation of meridional velocity
are considered. The friction losses are calculated with equivalent pipe flow model
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2

é _ 4'Cf .Lvol,mean &(CAJ E C 19

fri,vol — . U~
D,, Ps \C ) g

The mean volute length is assumed to be

Lvol,mean =T (r3 F Toone ) Eq . C-20

The mean volute Reynolds number is defined by

_ 05 ’ (Cu + Cu,vol,mean ) ' Dh,4

Revol,mean - Eq . C'2 1

Vy

where the mean circumferential velocity is

c _ 5-Cyy
u,vol,mean 0.5_(1_3 +rcone) Eq C'22
The correlation for the exit cone losses is taken from Aungier, R. H. (2000) and
modified in order to account for the density change along the volute to

avol,cone = p_ : —2 . Eq C'23

The meridional flow at the volute inlet is directed into a vortex which is assumed by
the authors Aungier, R. H. (2000) and Whitfield, A (1990)) to be completely
dissipated along the volute channel. Japikse, D. (1996), on the other hand, reports
that a part of the meridional velocity is recovered in the exit cone. Therefore the
meridional losses are accounted with

2
C
gvol,m = Kvol,m (%] andI{vol,m = 043 Eq C'24

3

The increased absolute velocity caused by the vortex is assumed to increase friction
and exit cone losses, which is accounted by the correction factor

0.04
g _328 Cyp Co G0
vol Reo,os 0.5'(C +C4) q. C-

vol u,vol,mean

The volute diffusion losses are assumed to occur when the mean dynamic pressure
is greater then the dynamic pressure is at the inlet of the exit cone, which are
expressed by
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2 2
p .Cu,vo ,mean —PyC
Cotairt = Ko aitr ( : 113 e — Jand K orair = 0-54 Eqg. C-26
3763

The overall volute loss coefficient can be formulated with
avol = (avol,fri + avol,cone ) ’ Fvol + avol,m + avol,diff . Eq C—27

The empirical coefficients are again obtained from a minimisation procedure based
on experimental data (see Shaaban, S. (2004)).

C.4 Turbine

The turbine mass flow is modelled by an expansion through a nozzle with an
effective total-to-static pressure ratio taking into account the centrifugal force on the
turbine mass flow. The effective pressure ratio is reduced by the radial outward
pressure caused by the rotating turbine channel. The effective pressure ratio is then

2
_ )27 _0'5':06 .(rrat 0))
Toiss.eff = » Eq. C-28
8

For low design shaft speeds the influence of the centrifugal forces is neglected. The
mass flow rate can be then expressed as

P 6t.¢ff

—'q)T,le -
JR Ts, - Eq. C-29

with the discharge coefficient, cqt, which is dependent on the inlet guide vane
position and the Reynolds number. The coefficient is obtained from experimental
results. The effective flow coefficient is calculated by

=2 (e +)
CDT,eﬁ’: % ﬁﬁf,ﬁs[%hj_ﬂét,és[ o ] Eq C-30

exh

m,=C,p A -

for

Eq. C-31

[ Kexh )
K, +1j K =1

1< Tor6s.cff < ( >

and for choked flow by

123



Appendix

Keap 1
O &( 2 {3 Eq. C-32

while

Eq. C-33

[ Kexh ]
K., +1 j K~

exh
T61,65,eff >( >

The calculation of the isentropic efficiency is based on the relative blade speed
parameter

u —
c | [ y J Eq. C-34
S Jrel
77T,mz|x

with cs, the spouting velocity

[_(”((a‘h_l)]

c.= [2-¢ T, Eq. C-35

s p.exh ’

I

Based on the assumption that the relative isentropic turbine efficiency is symmetric
around the best efficiency point of the turbine, turbine isentropic efficiency is
calculated with

2
77is,T = UiS,T,maX | a [iJ - b(lj Eq C‘36
CS rel CS rel .

where the coefficients a and b as well as the best efficiency point are obtained from
experimental data and are valid for a wide range of radial turbines found in
turbochargers. The design velocity ratio is obtained from the turbine design
procedure determining the maximum turbine efficiency from a correlation for
attainable radial turbine efficiency which is similar to the Smith diagram for axial
turbines.
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D Steady-state System Analysis

—+—1500m -=-2500m -+3500m -=4500m -*5500m -*-6500m
—+—7500m —8500m -—9500m -*10500m -==11500m ——12500m

mechanical power [kW]

'15 T T T
0 0.2 0.4 0.6 0.8 1

reduced mass flow [kg/s]

Fig. D-1 TC drive power as a function of the operating altitude and mass flow

——1500m -=2500m -+3500m -=*4500m -<5500m --6500m
—+—7500m —8500m —9500m -*+10500m —=-11500m —12500m

= 0.9 -
3
11/ / /
(2]
8 o7 /
Q
S 0.6 - A
> /
3 05 /
5
> 04
()]
£ 03 ,r’(/

0-2 T T T

0 0.2 0.4 0.6 0.8 1

reduced mass flow [kg/s]

Fig. D-2 Inlet guide vane position as a function of the operating altitude and mass flow
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Fig. D-3 TC drive power difference for an increased cathode pressure
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Fig. D-4 TC drive power difference for an increased cathode pressure loss
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Fig. D-6 Air supply efficiency difference for the co-firing
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E Transient System Analysis with an Advanced PEM-FC model
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Fig. E-1 Cathode mass flow response for a stack current increase of 20% and 30%
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Fig. E-2 Compressor outlet pressure response for a stack current increase of 20% and 30%
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-+ 25% cathode air + 30% stack current + reformer output increase
-#- 50% cathode air + 30% stack current + reformer output increase
-4+ 50% cathode air + 30% stack current + reformer output increase + decoupler
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Fig. E-5 Cathode mass flow response for a cathode air increase of 25% and 50% w/o the
decoupled controller and a stack current and reformer output increase of 25% and 30%
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Fig. E-6 Compressor outlet pressure response for a cathode air increase of 25% and 50% w/o
the decoupled controller and a stack current and reformer output increase of 25% and 30%
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