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ABSTRACT

Creep-Fatigue Interaction in Aircraft Gas Turbine Components by

Simulation and Testing at Scaled Temperatures

Mohammad Hossein Sabour, Ph.D.

Concordia University, 2005

Advanced gas turbine engines which use hot section airfoil cooling, present a wide
range of design problems. The frequencies of applied loads and the natural frequencies of
the blade also are important since they have significant effects on failure of the
component due to fatigue phenomenon. Due to high temperature environment the thermal
creep and fatigue are quite severe. One-dimensional creep model, using ANSYS has been
formulated in order to predict the creep life of a gas turbine engine blade. Innovative
mathematical models for the prediction of the operating life of aircraft components,
specifically gas turbine blades, which are subjected to creep-fatigue at high temperatures,
are proposed. The components are modeled by FEM, mathematically, and using
similitude principles. Three models have been suggested and evaluated numerically and
experimentally. Using FEM method for natural frequencies causes phenomena such as

curve veering which is studied in more detail.

The simulation studies on the life-limiting modes of failure, as well as estimating
the expected lifetime of the blade, using the proposed models have been carried out.
Although the scale model approach has been used for quite some time, the thermal

scaling has been used in this study for the first time. The only thermal studies in literature
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using scaling for structures is by NASA in which materials of both the prototype and the

model are the same, but in the present study materials also are different.

The finite element method is employed to model the structure. Because of stress
redistribution due to the creep process, it is necessary to include a full inelastic creep step
in the finite element formulation. Otherwise over-conservative creep life predictions will

be estimated if only the initial elastic stresses are considered.

The experimental investigations are carried out in order to validate the models.

The main contributions in the thesis are:

1. Using similitude theory for life prediction of components in general, and
specifically using thermal scaling for the first time for prototype and
model with two different materials.

2. Developing 1-D creep ANSYS macro to study creep effects to get
meaningful results for industrial applications of gas turbine blade.

3. Analyzing the curve veering and flattening phenomena in rotating blade
at thermal environment, using Lagrange-Bhat method.

4. Simple constitutive models in creep-fatigue interaction are proposed that
can predict the lifetime in complicated situations of creep-fatigue, using

the pure creep and pure fatigue test data.
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CHAPTER 1

INTRODUCTION AND LITERATURE REVIEW

In this chapter the historical evolution of the creep-fatigue lifetime prediction and the
scale model analysis are explained and the present study is placed in the context. The

survey of literature on the life estimation and the one about similitude are presented.

1.1. INTRODUCTION

There is a general tendency towards more severe operating conditions, i.e. higher
mechanical loadings and temperatures, in order to increase the efficiency of gas and
steam turbines, internal combustion engines, heat exchangers, conventional and nuclear
electric power generation equipment and other engineering components and devices. This
trend has resulted in starting, growth and interaction of complex damaging processes
within the materials of these devices. They can lead to the failure of a component and,
consequently, a whole structure, and thus limit their lifetime. Therefore, a safe assessment
of lifetime is very important for the prevention of such failures which may have

disastrous consequences; too conservative predictions, however, unnecessarily increase

the cost of production and maintenance of such systems-

Advanced gas turbine engines which use cooling at hot sections of airfoil, present

a range of design problems. The blades operate in a damaging environment of high



temperatures, centrifugal and gas pressure forces and thermal cycling. These conditions
combine at every point in the blade to create an interaction between creep and thermo-
mechanical fatigue damage. Blades which have geometrically simple cooling passages
can be analyzed using basic techniques if the thermal and stress conditions are known. To
obtain meaningful results, finite element methods must be employed. Also, because of
stress redistribution due to the creep process, it is necessary to include a full inelastic
creep step in the finite element analysis. Otherwise over-conservative creep life

predictions will be estimated if only the initial elastic stresses are considered.

The creep model uses a Norton power law, Larson-Miller and Robinson's rule
approach, while the fatigue model combines Miner's rule and the universal slopes
method. In both creep and fatigue cases, crack initiation should be considered as defining
the design life. The simplest model, which has been suggested till now, is the linear
summation of both damage parameters. A linear summation of the creep and fatigue
damage parameters provides the analyst with a measure of the total damage at any point
on the blade at any time in the load history, and a breakdown into the failure mode
components. But it is not clear as to what is the best model that is as close as possible to

reality. It is also important to know whether such a model is valid for gas turbine blade.



1.2. LITERATURE REVIEW

Inthe current investigation several aspects of lifetime prediction are of interest.
They include the damage due to creep, fatigue, and creep-fatigue interactions, modeling
using FEM, and experimental validation. Many researchers have dealt with these issues
over the years. The simulation studies on the life-limiting modes of failure, as well as
estimating the expected lifetime of the blade, using the proposed models have been
carried out. Although the scale model approach has been used for quite some time, the
thermal scaling has been used in this study for the first time. Approximate methods such
as the Rayleigh-Ritz or the Finite Element Methods some times wrongly predict a veering
away phenomenon among the natural frequencies of the structure. Such wrong
predictions adversely affect any response quantities using such techniques resulting in
either over or under designs. A review of the research is presented below in order to
better understand the underlying phenomena and improve the predictions. The literature

survey is presented on each topic below.

1.2.1. Lifetime Prediction in Creep-Fatigue Interaction

Turbine blades of aeroengine work under the most severe conditions. They have
the most complex structure and are in danger of fracture. The turbine blades carry on the
compound loads at high temperatures all the time when the engine is working. Therefore,

to determine the working life of the blade, the creep and fatigue life cannot be treated



separately. On the contrary, the interactive effects of fatigue and creep must be fully

considered.

Since aeroengine turbine blades and other high-temperature components are
operated at high temperature and under cyclic loading, damage resulting from fati gue and
even creep-fatigue interaction is one of the factors which must be dealt with in this type
of application. The situation is often simulated in laboratories as high-temperature low-
cycle fatigue. Incorporation of hold time at constant strain or stress in high-temperature

low-cycle fatigue is one of the methods of studying creep-fatigue interaction.

Many investigators have examined creep-fatigue crack initiation [1, 2, 3] and
propagation modes [1,4-11] in general. Some of them focused on studying the effect of
specific parameters such as hold time [12-13] or creep stress effect [14], environment (5,
15] a new evidence of orientation [16, 17], geometry [18], and material parameters [19,
20, 21], and some of them studied the metallurgical problems [22], or discussed on design
rules [23]. In design field, some of them developed a system for assessment [24], used
numerical method [25] or damage concept [26] for life prediction, or suggested their own
constitutive model [27, 28]. Since it is easier, many of them used thermo-mechanical
loading [29-32] for the tests. It was shown in the above references that the origin of
failure under low-cycle fatigue is mainly related to the geometrical discontinuities on the
specimen surface and creep-fatigue-environment interactions may enhance the cracking

problem.



In low cycle fatigue (LCF) tests, it has been reported that as the hold time is
increased, the fatigue life is decreased at a fixed test temperature, and the reason for life
reduction is reported to be due to the creep effect of stress relaxation, which makes an
additional plastic strain enlarging the hysteresis loop during hold time. It is reported that
the creep mechanisms of stress relaxation, which are the main reasons for fatigue life
reduction under creep-fatigue interactions, after a long enough hold time, are the same as

that of the general monotonic creep [33].

A significant reduction in fatigue life is observed with hold time in compression
or in both tension and compression. The influence of tensile hold on fatigue life is more
complicated. The mean stress develops during tensile and compressive hold tests. The
scanning electron Microscopy (SEM) analysis of fracture surfaces shows that crack
initiation and first stage of growth is transgranular, but crack growth in second stage is
intergranular [34]. In fact, it has been noted that high-temperature tensile yield strength is
an important parameter in studying hi gh-temperature low cycle fatigue properties, crack
growth in creep and the effect of cyclic loading on growth in creep-fatigue [10].
Considerable effort has been made to understand crack growth behavior under fatigue
loading at elevated temperatures, where creep, fatigue and oxidation may contribute to
failure at the same time. Depending on the specific materials and loading conditions, the
role of each damage component may change significantly. To date, there is no “unified”
approach with which the problem of fatigue crack growth at high temperature can be

solved in a general manner.



The results show that mixed time and cycle dependent crack growth seems to be
the dominant fatigue crack growth mode in the two powder metallurgy (PM) nickel alloys
studied, whilst limited creep may be present at the crack tip, particularly under static and
long dwell loading conditions [35]. Coffine [36] produced the first significant evidence to
suggest that the oxidation is primarily responsible for high temperature low cycle fatigue
damage. A variety of studies have been carried out on different alloys, especially
directionally solidified superalloy Mar [37, 38], Inconel [39], Co-base [40, 41], Cr-base
[4, 42], Ti-base [43, 44, 45], and Al [46]. In the 300 series austenitic stainless steels, such
as 304, 316 and 316L used in high temperature applications, many studies have been
devoted to understand the creep-fatigue interaction behavior by employing the hold-time
tests [32-55]. It has been observed in these investigations that at relatively high
temperatures, continuous cycling endurance is corrupted when a hold-period is included
in the cycle. In general, the imposition of holds at tension peak strain tended to be more
harmful than those imposed at compression peak strain. Further, there has been
conflicting reports on the influence of the tension-hold duration on fatigue life. Hales [56]
reported a continuous reduction in life with increase in the length of tension hold-time,
while others [13, 57, 58] noted a saturation effect in the life reduction. The creep-fatigue
effect in stainless steels is mainly recognized to be due to the inherent weakness of the
grain boundaries which lend themselves to the formation of creep induced grain boundary
voids that can enlarge into intergranular cavities and cracks [44]. Nickel base superalloys
are so called “creep-brittle” materials because of their superior tensile strength and low
creep ductility. Nickel base superalloys have been used with high reliability for blades

and vane applications in gas turbines. Many investigations have been done on these types



of alloys either in single crystal or in general types. The application of directionally-
solidified and single crystal alloys has become common in advanced gas turbines,
because of their superior creep and fatigue properties compared with conventionally cast
polycrystalline materials. At a given stress intensity factor range, small cracks showed
growth rates significantly higher than physically long cracks, not only under the fatigue-
dominant conditions but also under the creep-fatigue conditions. This is confirmed in air
and in vacuum: thus the difference between the small and long cracks is independent of
environment [59]. In general, creep-fatigue design considerations are intended to
prevent crack initiation, where crack initiation may be defined arbitrarily as the
presence of cracks which can be detected visually, say one mm in size. The difference
between crack initiation and failure life in a small specimen is often a small proportion
of the total life, and it can be argued that the failure endurance of a small specimen
corresponds to the endurance at crack initiation in a large component. Several damage
rules have been suggested for estimating the cumulative damage under creep-fatigue

conditions. Interest has tended to focus on four basic types of approaches [60]:

1. The damage-summation method
2. The frequency-modified strain-range method
3. The strain-range-partitioning method

4. The ductility-exhaustion method.

In addition to these, several other less known approaches have also been applied. The

most common approach is based on linear superposition of fatigue and creep damage.



Indeed, the foundation of the present design procedure is the linear life-fraction rule,
which forms the basis of the ASME Boiler and Pressure Vessel Code, Section I, Code
Case N-47 [61]. This approach combines the damage summations of Robinson for creep

[62] and of Miner for fatigue [63].

The frequency modification approach is essentially a modification of the
Coffine-Manson relationship for pure fatigue by incorporating a frequency term [64].
The strain-range-partitioning (SRP) approach involves partitioning of the total inelastic
strain range into four possible components (depending on the direction of straining
tension or compression) and the type of inelastic strain accumulated (creep or time-
independent plasticity) [65-69]. A damage function has been proposed by Ostergren for
predicting low-cycle fatigue at elevated temperatures [70, 71]. The relative qualities of
one or more of the damage rules described so far in predicting the lives of specific
materials have been assessed by a number of investi gators. With respect to Cr-Mo-V rotor
steels, Leven compared the linear-damage (I.D), frequency-modified strain-range (FM),
and strain-range-partitioning (SRP) approaches and concluded that all of them could
predict life within a factor of 2 [72]. Similar conclusions were reached by Kuwabara and
Nitta [73] and by Batte [74]. Batte has claimed, however, that in the low strain ranges the
LD approach is better than the others. Curran and Wundt reported that the LD approach
gave non-conservative predictions [75]. Melton compared the FM and SRP approaches
and the Ostergren damage function and found the data to be best described by the FM
approach [76]. Bisego, Fossati, and Ragazzoni claimed better fit of data to the SRP

approach than to the LD approach [77].



There are divergent opinions regarding which damage approach provides the best
basis for life prediction. It is quite clear that a number of variables, such as test
temperature, strain range, frequency, time and type of hold, waveform, ductility of the
material, and damage characteristics, affect the fatigue life. The conclusions drawn in any
investigation may therefore apply only to the envelope of material and test conditions
used in that study. The validity of any damage approach has to be examined with
reference to the material and service conditions relevant to a specific application. One of
the major problems in evaluating the applicability of different life-prediction methods is
that in many cases it is necessary to use all the available data in deriving the life-
prediction method and thus it is possible to examine only up to the accuracy with which a
given method describes the data. Results from most studies show that even the best of the
available methods can predict life only to within a factor of 2 to 3. Some of the mentioned
reasons for these inaccuracies are: failure of the methods to model changing stress-
relaxation and creep characteristics caused by strain softening or hardening, use of
monotonic creep data instead of cyclic creep data, and lack of sufficiently extended-
duration test data. All of the damage rules available today involving empirical constants
are material-dependent and difficult to evaluate. Extrapolation of the rules to materials
and conditions outside the envelope covered by the specific investigation often results in
unsuccessful life predictions. For application to service components, the stress-strain
variation for each type of transient and its time dependence must be known with

accuracy.



1.2.2. Curve Veering in Rotating Blade in Thermal Environment

Analysis of fatigue requires information on the dynamic behavior of structures,
and hence the natural frequencies, mode shapes etc. Analysis of complex structures such
as a turbine blade cannot be carried out exactly and one must resort to approximate
methods such as FEM. Under such circumstances the results may be corrupted by a
phenomenon called “curve veering”.

Curve veering behavior has been observed in vibrating rectangular plates when
natural frequencies were plotted against the side ratio by Warburton as early as 1954 [78].
When the variation of the structural ei genvalues was plotted against a system parameter,
Claassen and Thorne [79] observed the phenomenon in 1962. A large number of
references have either reported this behavior [79-85], or in some cases reported results
without specifically referring to, but contained the curve veering behavior [86-90]. When
such curve veering behavior is present, the responses calculated using the particular
method of analysis cannot be completely relied upon in the design and against creep and
fatigue requires the use of large safety factors. Hence it is very important to understand

the curve veering phenomenon.

The phenomenon has been attributed to the approximate methods used in solving
the eigenvalue problem. However, a study on a rotating string with a spring support,
reported by Schajer [81] showed the curve veering behavior when analyzed by Rayleigh
Ritz method as well as by exact analytical solutions as reported by Perkins and Mote [82].

The curve-veering phenomenon is evident in the studies reported on rotating disks and

10



plates [86-88] and in the exact analysis of clamped beams on intermediate elastic supports
[89, 90] even though these authors did not allude to this behavior in their discussions. The
phenomenon has been haunting researchers not only in the area of vibrations of regular
systems but also in the vibrations of disordered systems [91], and in several other areas
such as molecular physics [92]. In the vibration of square membranes or plates, the
symmetry of the structures suggest that the natural frequencies corresponding to m, n
modes must be identical to n, m modes when the structure is rotated by 90° about its
transverse axis through the centre. In rectangular membranes or plates with a]l edges
simply supported, where exact solutions are available, the variation of natural frequencies
corresponding to m, n modes will intersect with those corresponding to n, m modes when
the aspect ratio is one, showing that @, is identically equal to Wy, However, Leissa [85]

reported on a curve veering aberration when natural frequencies were obtained using an

approximate miethod. When exact natural frequencies A 1 and A2 were plotted against
the side ratio (a/b), the lines corresponding to A, and A intersected at (a/b)=1.

However, when a three-term solution was worked out using Galerkin’s method these
curves corresponding to the approximate eigenvalues never intersected. The line

corresponding to A, strangely veered away when they reached (a/b) =1. At (a/b) =1, these
two natural frequencies stayed distinct and for (a/b)>1, the line corresponding to -
become that for A2 and vice versa. However when the problem was solved using finite

difference method, the curve veering behavior disappeared. Sabour et al [93] showed that
the curve veering in rotating blade is pseudo and depends on number of terms used for the

shape function, the phenomenon shifts to the still higher modes.
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1.2.3. Scale Model Analysis and Testing at Scaled Temperatures

Quite often it may not be possible to carry out experimental validation of design
analysis on prototype structures at the desi gn stage. Exact simulation of operating
conditions such as thermal environments may not be possible. Under such conditions the
designer may resort to study the structural behavior using scale model testing. Engineers
and scientists have been using scale models for many years. Models for vibrating rods
and plates were investigated by French mathematician A L. Cauchy in 1829. The first
water basin model for designing watercraft was made by W. Froude in 1869. O. Reynolds
started using the concept of scaling in fluid machinery problem and he published classical
model experiments on fluid motion in pipes in 1883 [94]. Model tests have many
limitations but still they are invaluable for engineers and the use of model testing is
increasing steadily. The principal purpose of modal analysis or dimensional analysis from
engineering viewpoint is the arrangement of the variables of a physical relation so that,
without destroying the generality of the relationship, it may be more easily determined
experimentally [95]. Thus, the complexity and extent of an experiment may be greatly
simplified by this approach. The origin of the modern theory of dimensional analysis is
rooted in the concept of geometric similitude used first by Galileo for determining elastic
properties of a single structural member as a function of their geometric dimensions.
Newton used it in the study of the Laws of Motion, and Marriotte for work on shock and
on fluid flow [96]. Great contributions were made to the analysis of physical phenomena
during the eighteenth century, and yet very little attention was paid to matters of physical

dimensions during most of that period. Euler broke this trend and showed in several of his
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numerous writings the meaning of quantities and the mathematical expression of physical
relationship [97]. Lagrange and Laplace continued the work that was initiated by Euler
and formulated the principles of dimensional analysis; Fourier, in the last of his three
successive versions (1807, 1811, and 1822) of the Analytical Theory of Heat, established
the foundations of dimensional analysis [97]. Fourier not only showed special
mathematical powers but also deep concerns about physical aspects of the problem of
heat transfer. He recognized the existence of dimensionless groups in his equations. All
the basic elements related to the principles of dimensional analysis are in Fourier’s
Théorie Analytique de la Chaleur, even though he did not derive the relations between
variables involved [97]. Further, Fourier did not consider the flow of heat in similar
bodies. After Fourier, no important development in dimensional analysis took place for
half a century. There were considerations and discussions about system of units for old
and newly created physical quantities; moreover- from both analytical treatments and
considerations of similarity — dimensionless groups, or so-called “abstract coefficients”,
started to appear in the literature. In the Theory of Sound (1877-8) Lord Rayleigh refers to
“Method of Dimensions” which corresponds to the principles expressed by Fourier fifty
years ago [97]. The first detailed application of the “method of dimensions” is described
at the beginning of the first volume (1877) after a discussion of the theoretical solution of
the problem of the vibration of a mass attached to the center of a stretched string.
Carvallo and Vaschy were the first to attempt a formulation of a general theorem for the
method of dimensions. Carvallo showed that the equation for the power of a dynamo

could be expressed as a relation between two dimensionless variables [97].
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Much work was carried out by Carvallo, Vaschy, and Riabouchinsky before Buckingham
[98] in 1914 developed the Pi Theorem that forms the basis for investigating physical
relationships within the framework of similarity. In 1915, Rayleigh [99] published a paper
motivating the use of his method in dimensions among engineers; he gave several
examples, including an analysis of Boussinesq’s on the steady passage of heat from a
solid conducting body immersed in a stream of fluid moving with a velocity, v, at
infinity. Rayleigh assumed that the total heat, &, passing in unit of time was a function of
only the linear dimension, a, of the solid, the temperature difference, &, the velocity, v,

the specific heat of the fluid, ¢ , and the conductivity, & .

1.2.3.1. Fields of Application

Historically dimensional analysis and similarity theory were first used to study
hydraulics and the flow of fluids in pipes and channels. Empirical rules were developed
through model tests before laws of viscous flow were known. Since many areas of fluid
dynamics are still too complicated and accurate analysis is mathematically very difficult,
a lot of efforts have been devoted to develop accurate similarity methods for fluid
dynamics, hydraulics, aerodynamics, and naval hydrodynamics [100]. Model test on
water wheels were conducted in the eighteenth century by Smeaton [101]. At the
beginning of the twentieth century model tests again began to be carried out by
manufacturers for the development of modem types of hydraulic turbines. Hydraulic
scaled models are frequently used in pump, turbine, hydraulic torque converters and other

turbo machines. These scaled models are used to design the sump or intake, to establish
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head, flow, efficiency, cavitations characteristics to ensure compliance with specified
rated conditions, obtain flow patterns, and to acquire the best efficiency value [102-106].
The best known and perhaps one of the oldest applications of scale model experiments is
in the field of naval architecture. Historical records show that experiments with models of
ships have been performed since the time of Leonardo da Vinci [107]. However, it was
not until W.E. Froude (1874) that model test predictions were established as a valuable
engineering tool. He used it to obtain the resistance of a full-scale ship from model
resistance experiments in a towing tank. For many decades model-testing tank, or water
basin have been used for ship designing [108]. Frictional and wave making resistance,
propeller performance, ship maneuverability in smooth and rough water, cavitations, ship
bending vibrations due to wave impact and crashing, and many other performance would
be impossible to predict without model experiments [108]. A 136:1 scale model of 820

feet World War II ESSEX-Class aircraft carrier prototype as shown in Figure 1 was tested

Figure 1 Segmented model of aircraft carrier [109].
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at the David Taylor Model Basin in regular and irregular seas [109]. Just as the water
basin was used in studying structural behavior in fluids, the wind tunnel was used to study
the structural behavior in subsonic, supersonic, hypersonic, and hypervelocity air flow.
Wind tunnels can simulate velocities ranging from a light breeze to many times the speed
of sound. They can accommodate the scaled models of buildings and structures that are
sensitive to winds [110], aircraft, and spacecraft for studies of turbulence, drag, lift,
pressures, buffeting, flutter, and other phenomena [108]. After the dramatic and
disastrous failure of Tacoma Narrows Bridge in 1940, intensive study of the aerodynamic
stability of suspension bridges was carried out. Investigators used wind tunnels in order to
study the aerodynamics of bridge sections. Use of dynamic “sectional” models, as
opposed to complete or full bridge models, is now commonly accepted [111]. Larger
model scale and lower modeling cost are advantages offered by sectional approach. The
scale ratio for sectional models may be in the region of 1:30 or 1:50, and for full models

in conventional wind tunnels may be 1:200 or higher. A 1/400 -scale- model is shown in

Figure 2 of about one mile of downtown Montreal that was used in the 6-ftx9-ft low
speed wind tunnel to obtain mean pressures and the spectrum on unsteady pressures at

different locations on a tall building in a simulated wind shear layer [112].
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Figure 2 Diffusion of smoke above and within shear layer 1/400 scale model of part of
downtown Montreal in 6-FT9-FT wind tunnel [112].

Again scaled models have been used extensively in the aeronautical field. In the
past decades, dynamic models have made possible many refinements and helped in
solving many problems which otherwise would have been impossible to solve
economically. Dynamic scaled models have also been used extensively in the
development of large launch vehicles in order to study fuel discharge, and the primary
natural frequencies of the vehicle, buffet and response to ground winds, and also the
determination of response due to acoustic excitation [113]. The importance of dynamic
scaled models in aerospace research and development is demonstrated in reference [113].
Much of the work on dynamic scaled models in aerospace has been carried out at Langley
Research center of NASA. In 1950 a one-tenth dynamic scaled model of large helicopter
with a rotor diameter of about 13 feet was tested [114]. This model was designed to study

the ground resonance and flutter problems.
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A 1/6" scale model, equipped with wing tip tanks and representative of unsure
fighter-type of conventional plan form, was tested for flutter [115]. For the design of the
model, the model was dynamically scaled to flutter at the same speed as a full scale; in
addition the principles followed in the scaling required that non-dimensional parameters
important in flutter, such as mass ratio, frequency ratio, and reduced frequency, remain

the same on the model as on the full-scale counter part.

A 1/5" scale dynamic replica of Saturn SA-1 launch vehicle was constructed
again at Langley Research Center to establish the feasibility of obtaining the required
experimental vibration data with a mode] [116]. For the resulting model which was 32
feet high (as compared to 160 feet full scale) and weighed about 7,500 pounds (as
compared to 935,000 pounds on full scale) as shown in Figure 3, good agreements were

obtained with the prototype results for the first bending mode as shown in Fi gure 4.

The modeling of concrete structures has received its greatest momentum in the
post World War II years when many structural problems dealing with dynamic loads had
to be resolved. Time dependent loadings, because of their complex nature and effects on

structures, have enabled the experimental technique of using small-scaled models to
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Figure 3 Model and full-scale saturn vibration test vehicles (116].
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Figure 4 First bending mode of saturn, maximum dynamic pressure weight [116].
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Figure 5 Model Glacier made from Kaolin. Faults and fields closely resemble those of field
observations [108].

compete on an equal basis with more traditional analytical methods. Scaled models have

been used for evaluating the dynamic properties of concrete material [117], response
behavior of multipart building structures, dams and bridges due to earthquake [118-121],
response due to wind pressures, soil mechanics, pile foundations, underground
explosions [108]. Meteorologists and geophysicists are another group long interested in
model experiments. As early as the late eighteenth century, an attempt was made to
construct a laboratory model for cyclone. Now the study of geophysical phenomena in the
laboratory on a miniature scale is well advanced. A model of extremely slow fluid flow, a
miniature glacier composed of water and kaolin is shown in Figure 5 [108]. There is no
limit to scale model experimentation within the range of quantifiable physical
phenomena. Scaled models are used in every field that needs experimental results for the

approximation of behavior of phenomena.
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1.2.3.2. Temperature Scaling

Problems involving thermal environments are widespread within the framework
of today’s science and technology. In many engineering problems heat transfer is
involved, and under certain conditions it may be desirable to use a model to assist in the
solution of the problems. It is basically two axioms [122] that are inherent in methods of
measurement and evaluation of quantities.

Axiom 1. Absolute numerical equality of quantities may exist only when the quantities
are similar qualitatively.
Axiom 2. The ratio of the magnitudes of two like quantities is independent of the units

used in their measurement, provided that the same units are used for evaluating each.

One of the characteristics involved in all thermal problems is temperature, which is
normally measured in units of degrees F or degrees C. However, in solutions based on
dimensional analysis, degrees Rankine or Kelvin must be used. The dimensional
designation 8 will be used for temperature. Quantity of heat, measured in units of BTU’s
and designated dimensionally as H is also a significant factor in the usual method of
approach to thermal problems. It must be recognized, however, that H is dimensionally
equivalent to F*1 or capacity for doing mechanical work. Coefficient of Thermal
Expansion, a, is the unit strain developed in an unrestrained specimen by a temperature
change of one degree. It is expressed in units of strain per degree F, C, R, or K and in
dimension of 67!, Specific Heat, c, is the quantity of heat required to increase the
temperature of a unit mass of the material by one degree. It is expressed in units of BTU

per degree, and dimensions of HM10"! or L’T0"". Thermal Conductivity, k, is the rate of
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heat flow through a unit thickness of the material for a one degree temperature difference.
It is evaluated in BTU per hour per inch per degree F, and HT 'L ¢! or MLT?0". It is

almost mandatory that model and prototype be constructed of identical materials [106]

1.2.3.3. Background of Investigations

The research till now is mainly focused on thermodynamic and heat transfer point of
view. Ward [123] did some investigations in thermodynamic scale effects on pump
suction performance, and Clark [124] carried out some studies on aircraft tire. Clark
concluded that in general thermal modeling of aircraft tire temperature rise may not be
possible without extensive experimentation and the development of suitable scaling
factors based on experimental data. Ezra [125] believes that model experiments should be
conducted at the same temperature as full scale. Most of the studies in thermal scaling are
done at National Aeronautics and Space Administration (NASA), but all of them are
concerning heat transfer on spaceships or aircrafts. For instance Katzoff’s [126] studied
the similitude in thermal models of spacecraft, and he concluded that the most difficult
problems appear to be the accurate scaling of thermal conductivity and heat capacity. In
his study four dimensionless similitude parameters are derived concerning heat radiation,
internal heat generation, thermal conductivities of materials, and heat capacities of
materials. William and O’Sullivan’s [127] work is another comprehensive investigation
of aircraft structural models subject to aerodynamic heating and external loads, but even
in this study the prototype and model both are from the same material, and hence it is

much simpler than the present study.
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1.3. OBJECTIVES AND SCOPE OF THE THESIS

In this thesis, the creep, fatigue and creep-fatigue interaction have been studied
and innovative mathematical models are proposed to predict the operating life of aircraft
components, specifically gas turbine blades, which are subjected to creep-fatigue at high
temperatures. The components are modeled by finite element methods, analytical method,
and using similitude principles. Three constitutive models have been developed to predict

the lifetime of the components experiencing creep-fatigue interactions.

1.3.1. Model 1

The main idea is that the total damage can be used for break point of the
components, and the damages due to creep and fatigue can be accumulated linearly. In
this model, the creep model uses a Norton power law, Larson-Miller and Robinson's rule
approach, while the fatigue model combines Miner's rule and the universa] slopes
method. Each damage has been calculated separately and the total damage is found by

linear summation in order to find the lifetime.

1.3.2. Model 2

The fluctuating stress is considered as a varying stress in fatigue-creep model.
Since the fluctuating stress is combination of alternating and mean stress, it can be

assumed that the mean part represents the static load which can cause creep at elevated
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temperatures, whereas the alternating part is responsible for fatigue damage. This model

is an extension to Goodman theory, except that instead of an intercept of ultimate stress

(6,) on the o, axis, the intercept used is the creep-limited static stress ( c. ).

1.3.3. Model 3

The approach for this model is that the creep-fatigue interaction can be considered
as cyclic fatigue but with the hold time at maximum, minimum, or extreme stresses. This
model has two strong points: 1) the required data can be used from pure creep and pure
fatigue tests; 2) it has a safety factor (or a weakness factor) that is based on the material

information and industrial experiences, between 0-1.

One-dimensional creep model, using ANSYS has been created to predict the creep
life of a gas turbine engine blade. This application creates an ANSYS macro, which is
called “Creep-1D”. The macro is developed in ANSYS Parametric Design Language
(APDL) using ANSYS creep models. Creep-1D macro creates a one-dimensional
geometry to simulate an equivalent blade model. This geometry is based on the blade
radial coordinates with the corresponding sectional areas using Link180 element- a 3D
beam element. The macro stops when user defined criterion, which are number of
missions and creep strain limit, are met, To execute the macro, four input files and eleven

command line arguments are needed.
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The simulation studies on the life-limiting mode of failure, as well as estimating
the expected lifetime of the blade, using the proposed models have also been carried out.
Although the scale model approach has been used for quite some time, the thermal
scaliﬁg has been used in this study for the first time. The only thermal studies in literature
using scaling for structures are by NASA in which materials of both the prototype and the
model] are the same, but in the present study materials also are different. The finite
element method is employed to analysis the structure. Because of stress redistribution due
to the creep process, it is necessary to include a full inelastic creep step in the finite
element formulation. Otherwise over-conservative creep life predictions will be estimated
if only the initial elastic stresses are considered.

The experimental investigations are carried out in order to validate the theories. In
order to save the time, accelerated tests which are a sense time scaling concept were
carried out. Two categories of tests were done at NRC Material Testing Laboratory,
Boucherville, Quebec, the thermal scaling tests, and the creep-fatigue tests. In thermal
scaling tests, the available steel 4340 and aluminum 2023 have been selected as prototype
and model, respectively. The scaled temperatures are applied to the model, and the tota]
strain of both prototype and model are measured and compared with those of simulation
results and good agré:emcnt (less than 10% error) have been found. The fatigue, creep and
creep-fatigue tests at upscale temperature are carried out on steel 4340 and the rupture
time, total strain, and elongation are measured and compared with those of the

mathematical models and good agreements are obtained.
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The main contributions in the thesis are summarized as follows:

1. Using similitude theory for life prediction of components in general,
and specifically using thermal scaling for the first time for prototype
and model with two different materials,

2. Developing 1-D creep ANSYS macro to study creep effects to get
meaningful results for industrial applications of gas turbine blade.

3. Analyzing the curve veering and flattening phenomena in rotating
blade at thermal environment, using Lagrange-Bhat method and energy
equation, in order to evaluate the vibratory stresses.

4. Suggesting the simple constitutive models in creep-fatigue interaction
that can predict the lifetime in complicated situation of creep-fatigue,

just by the simple pure creep and pure fatigue test data.

In this chapter the creep-fatigue lifetime prediction and the scale model analysis were
discussed. A literature survey of the life estimation was presented and then the one about
similitude. In next chapter, the creep life prediction in gas turbine components will be

discussed and the 1-D creep model in ANSYS will be explained.
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CHAPTER 2

CREEP LIFE PREDICTION IN GAS TURBINE COMPONENTS

In the previous chapter a literature Survey was presented on the creep-fatigue lifetime
prediction, curve veering phenomenon in structures and the scale model analysis
including thermal scaling. The thesis objectives were also stated. In this chapter, the creep
phenomenon and its effects on gas turbine blade will be explained, and the governing
equations presented. The life prediction in gas turbine component will be discussed and

the 1D creep model which was programmed in ANSYS will be explained.

2.1. THE HIGH-TEMPERATURE MATERIALS PROBLEM

The strength of metals decreases with increasing temperature. High temperature
will also result in greater mobility of dislocations by the mechanism of climb. In some
metals the slip system changes, or additional slip systems are introduced with increasing
temperature. Deformation at grain boundaries becomes an added possibility in the 'high-
temperature deformation of metals. The interaction of the metal with its environment at
high temperature is very important. However, at elevated temperature the strength
becomes very much dependent on both strain rate and time of exposure. A number of
metals under these conditions behave in many respects like viscoelastic materials, A
metal subjected to a constant tensile load at an elevated temperature will creep and

undergo a time-dependent increase in length. A strong time dependence of strength
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becomes important in different materials at different temperatures. What is high
temperature for one material may not be so high for another. To compensate for this,
temperature often is expressed as a homologous temperature, i.e., the ratio of the test
temperature to the melting temperature on an absolute temperature scale. Generally, creep
becomes of engineering significance at a homologous temperature greater than 0.4 [128].
The creep test measures the dimensional changes which occur from elevated-temperature
exposure, while the stress-rupture test measures the effect of temperature on the lon g-time

load-bearing characteristics.

2.2. THE CREEP CURVE

The progressive deformation of a material at constant stress is called creep. To
determine the engineering creep curve of a metal, a constant load is applied to a tensile
specimen maintained at a constant temperature, and the strain (extension) of the specimen
is determined as a function of time, Although the measurement of creep resistance is quite
simple in principle, in practice it is complicated. The elapsed time of such tests may
extend to several months, while some tests have been run for more than 10 years [128].

Curve A in Figure 6 illustrates the idealized shape of a creep curve. The slope of this

curve (d€/dt or £) is referred to as the creep rate. Following an initial rapid elongation of
the specimen, £,, the creep rate decreases with time, then reaches essentially a steady

state in which the creep rate chan ges little with time, and finally the creep rate increases
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Figure 6 Typical creep curve showing the three stages of creep. Curve A, constant-load test; curve
B, constant-stress test.

rapidly with time until fracture occurs. However, the degree to which these three stages
are distinguishable depends strongly on the applied stresses and temperatures.
Andrade's [129] pioneering work on creep had considerable influence on the subsequent
research on the subject. He considered that the constant-stress creep curve represents the
superposition of two separate creep processes which occur after the sudden strajn which
results from applying the load. The first component of the creep curve is a transient creep
with a creep rate decreasing with time. The superposition of these creep processes is

shown in Figure 7.

An equation which gives better fit than Andrade's equation, although it has been tested on

a limited number of materials, was proposed by Garofalo [130].
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Figure 7 Andrade's analysis of the competing processes which determine the creep curve.

=g, +e(l-e™)+ét (D

where €, = the instantaneous strain on loading
€, = the limit for transient creep

r = the ratio of transient creep rate to the transient creep strain

€= the steady-state creep rate

Although the instantaneous strain, €y, 1s not really creep it is important because it

may constitute a considerable fraction of the allowable total strain in machine parts.
Sometimes the instantaneous strain is subtracted from the total strain in the creep
specimen to give the strain due only to creep. In that case, the creep curve starts at the
origin of coordinates. The first stage of creep, known as primary creep, represents a
region of decreasing creep rate. Primary creep is a period of mainly transient creep in
which the creep resistance of the material increases by its own capability to deform. For
low temperature in the creep of lead at room temperature, primary creep is the major

creep process. The second stage of creep, known also as secondary creep, 1s a period of

30



nearly constant creep rate which results from a balance between the competing processes
of strain-hardening and recovery. For this reason, secondary creep is usually referred to as
steady-state creep. The average value of the creep rate during secondary creep is called
the minimum creep rate. For many relatively short-life creep situations (e.g., turbine
blades in military aircraft and rocket motor nozzles), time to rupture or the rupture
lifetime is the dominant design consideration. Empirical relationships have been
developed in which the steady state creep rate as a function of stress is expressed as
[131]:

¢ =K, 6" 2)

S

where €& is strain rate, 6is the mean stress, and K, and n are material constants. A plot

of the logarithm of €, versus the logarithm of o yields a straight line with slope of n.

Third-stage or tertiary creep mainly occurs in constant-load creep tests at high stresses
and at high temperatures. Tertiary creep occurs when there is an effective reduction in
cross-sectional area either because of necking or internal void formation. Third-stage
creep is often associated with metallurgical changes such as coarsening of precipitate
particles, re-crystallization, or diffusional changes in the phases that are present. Figure 8
shows the effect of applied stress on the Crecp curve at constant temperature. It is
noticeable that a creep curve with three well-defined stages will be found for only certain
combinations of stress and temperature. A similar family of curves is obtained for creep
at constant stress for different temperatures. Hi gher temperature causes greater creep rate.
The minimum creep rate is the most important design parameter derived from the creep

curve. Two standards of this parameter are commonly used [60]:
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Figure 8 Schematic representation of the effect of stress on creep curves at constant temperature,

1. the stress to produce a creep rate of 0.0001 percent per hour or 1 percent/10,000 h
2. the stress for a creep rate of 0.00001 percent per hour or 1 percent/ 100,000 h

(about 11.1 years).

The first criterion is more typical of the requirements for Jet-engine alloys, while the last

criterion is used for steam turbines and similar equipment. A log-log plot of stress versus

minimum creep rate frequently results in a straight line. This type of plot is very useful

for design purposes.

2.3. THE STRESS-RUPTURE TEST

The stress-rupture test is basically similar to the creep test except that the test is

always carried out to the failure of material. Higher loads are used with the stress-rupture
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Figure 9 Method of plotting stress-rupture data (schematic).

test than in a creep test, and therefore the creep rates are higher. In the creep test the total
strain is often less than 0.5 percent, while in the stress-rupture test the total strain may be
around 50 percent. The stress is plotted against the rupture time on a log-log scale (Figure

9). A straight line will usually be obtained for each test temperature [60].

2.4. STRUCTURAL CHANGES DURING CREEP

The curve of creep rate versus total strain, Figure 10, illustrates the large change
in creep rate which occurs during the creep test. Since the stress and temperature are

constant, this variation in creep rate is the result of changes in the internal structure of the

material with creep strain and time [60].
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Figure 10 Strain rate in creep test as function of total strain.

The principal deformation processes at elevated temperature are slip, subgrain
formation, and grain-boundary sliding. A number of secondary deformation processes
such as grain-boundary migrations have been observed in metals at elevated temperature.
Since different processes which occur at elevated temperature depend on the rate of strain
as well as on the temperature, it is not always possible to extrapolate the results obtained
for high strain-rate conditions to conditions of greater practical interest. If the
deformation happens such that large strains can be achieved with essentially no strain
hardening, it is called the hot working. Hot-working processes such as rolling, extrusion,
or forging typically are used in the first step of converting a cast slab into a shaped
product. The strain in hot-working is large compared with tension or creep tests. Hot-

working usually is carried out at temperatures above 0.6 T, . The temperature and stress

dependence of the steady-state hot-working rate is given by Equation (3).

g, = Ae VKT 3)
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where € = the steady-state creep rate, h ™!

A =material constants
Q =activation energy for creep
R =the gas constant, 8.3145 joules per kelvin per mole Jg-xKt- mol )

T =temperature, in Kelvin

and with the direct effect of both stress and temperature the following equation can be
used [131],

£, =K,o"e YRT C))

where o is the mean stress, and K, is constant. Further, Q is termed the activation

energy for creep and it is the amount of energy which is needed to activate the creep

function for the material.

2.5. FRACTURE AT ELEVATED TEMPERATURE

Early work of Rosenhain and Ewen [132] established that metals undergo a
transition from transgranular fracture to intergranular fracture as the temperature is
increased. When transgranular fracture occurs, the slip planes are weaker than the grain
boundaries, while for intergranular fracture, the grain boundary is the weaker component.
Jeffries [133] introduced the concept of the equicohesive temperature, ECT, which was
defined as the temperature at which the grains and grain boundaries have equal strength

(Figure 11a). Figure 11b shows that decreasing the strain rate lowers the ECT and
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therefore increases the tendency for inter granular fracture. However, for high-purity

material there is a wide range of temperature where the strengths of the grains and the

grain boundaries are not very different (Figure 1lc) so that transgranular fracture can

occur up to rather high temperatures.
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Figure 11 The equicohesive temperature [134].
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2.6. HIGH-TEMPERATURE ALLOYS

High-temperature alloys are a class of complex materials developed for a specific
application. Some of the metallurgical principles behind the development of these alloys
are important. In general, the creep resistance alloys have higher melting point of the

metals. The rate of self-diffusion is lower in metals with ahighT_.

2.7. PRESENTATION OF ENGINEERING CREEP DATA

For design purposes it is essential that decisions be based on experimental data. In
reporting high-temperature strength data it is common to speak-of creep strength or
rupture strength. Creep strength is defined as the stress at a given temperature which
produces a steady-state creep rate of a fixed amount, usually taken as 0.00001 or 0.0001
percent per hour. Alternatively, the creep strength may be defined as the stress to cause a
creep strain of 1 percent at the given temperature. Rupture strength refers to the stress at a
given temperature to produce a life to rupture of a certain amount, usually 1,000, 10,000,
or 100,000 h. It frequently is important to be able to extrapolate creep or stress-rupture
data into regions where data are not available. Therefore, the common methods of
plotting creep data are based on plots which yield reasonable straight lines. Figure 12
shows the common method of presenting the influence of stress on the steady-state or
minimum creep rate, which is a log-log plot. It has been shown [135] that the value of the

minimum creep rate depends on the length of time that creep test has been carried out.
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For precise determination of €, creep curves which have entered the third stage of creep
should be used. When €, is based on creep curves of shorter duration, the value of

minimum creep rate obtained is larger than the true value. Thus, the error is on the
conservative side. Another method of presenting creep data is a plot of stress versus time
to produce different amounts of total strain (instantaneous strain plus creep strain). The
uppermost curve in Figure 13 is the stress-rupture curve. The percentages beside each
data point are the percentage reduction of area at failure. For short-time high-temperature
applications (such as in missiles and high speed aircraft), data are needed at higher

temperatures and stresses and at shorter times than are usually determined for creep tests.
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Figure 12 Plot of stress vs. minimum creep rate, for 16-25-6 alloy [134).
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Figure 13 Deformation-time curves at 1300°F for 16-25-6 alloy [134].

2.8. PREDICTION OF LONG -TERM PROPERTIES

Frequently high-temperature strength data are needed for conditions for which
there is no experimental information. This is particularly true of long-term creep and
stress-rupture data, where it is quite possible to find that the creep strength to give 1
percent deformation in 100,000 h (11.4 years) is required, although the alloy has been in
existence for only 2 years. Obviously, in such situations extrapolation of the data to
longer term is required. Reliable extrapolation of creep and stress-rupture curves to longer
times can be made only when it is certain that no structural changes occur in the region of

extrapolation which would produce a change in the slope of the curve. Since structural
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changes generally occur at shorter times for higher temperatures, one way of checking
this point is to examine the log-stress-log-rupture life plot at a temperature several

hundred degrees above the required temperature. For example, if in 1,000 h no change in

slope occurs in the curve at 200°F above the required temperature, extrapolation of the
lower temperature curve as a straight line to 10,000 h is probably safe and extrapolation

even to 100,000 h may be possible.

Certain useful techniques have been developed for approximating long-term creep
behavior based on a series of short-term tests. Data from creep testing may be cross
plotted in a variety of different ways. The basic variables involved are stress, strain, time,
temperature, and perhaps strain rate. Any two of these basic variables maybe selected as
plotting coordinates, with the remaining variables to be treated as parametric
constants for a given curve. Three commonly used methods for extrapolating
short-time creep data to long-term applications are the abridged method, the

mechanical acceleration method, and the thermal acceleration method.

2.8.1. Abridged Method

In this method the tests are conducted at several different stress and temperature
levels. As shown in Figure 14, the data are plotted as creep strain versus time for a family
of stress levels, all run at constant temperature. The curves are plotted out to the
laboratory test duration and then extrapolated to the required design life. The design

specifications will dictate a limiting design strain that will intersect the desi gn life.
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Figure 14 Abridged method of creep testing.

2.8.2. Mechanical Acceleration Method

In this method, the stress levels used in the laboratory tests are significantly higher
than the contemplated design stress levels, so that the limiting design strains are reached
in a much shorter time than in actual service. The data taken in the mechanical
acceleration method are plotted as stress level versus time, as shown in Figure 15, for a
family of constant strain curves, all run at a constant temperature. As shown in the figure,
the stress rupture curve may also be plotted by this method. The constant strain curves are

plotted out to the laboratory test duration and then extrapolated to the design life.
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Figure 15 Mechanical acceleration method of creep testing.

2.8.3. Thermal Acceleration Method

The thermal acceleration method involves laboratory testing at temperatures much
higher than the actual service temperature expected. As shown in Figure 16, the data are
plotted as stress versus time for a family of constant temperatures where the creep strain
produced is constant for the whole plot. It may be noted that stress rupture data may also
be plotted in this way. As an aid in extrapolation of stress-rupture data, several time-
temperature parameters have been proposed for trading off temperature for time. The
basic idea of these parameters is that they permit the prediction of long-time rupture be-
havior from the results of shorter time tests at higher temperatures at the same stress.
Noting that & = te @RT i Equation (3) and taking the logarithm of both sides of this

equation:
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Figure 16 Thermal acceleration method of creep testing,
Loge=Logt-M (Q/RT)
Logt=Log ¢ + MQ/RT (5)

where M = Log e = 0.434. If ¢ and Q/R are functions of stress only, then Equation (5) is
linear in Log t and 1/T. Larson and Miller [136] plotted experimental stress-rupture data
in accordance with Equation (5), see Figure 17. Since the line for each constant stress
converges to a common point on the log t axis this plot indicates that Q varies with stress

but € does not. The point of convergence is log € = - C,. For most alloys C, varies from

about 15 to 25 depending on material. Figure 17 also indicates that the slope b = (M/R)Q

is a function of stress. From Equation (5) the Larson-Miller parameter can be formulated

as:

TCi+Intg)=b=f(6,T)=P or T(C;+Lntg)=P (6)
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Figure 17 Stress-rupture data at various stresses plotted according to Equation (5) [134].

where T = the test temperature, °R = °F + 460

t = the time to rupture (h)

C, = the Larson-Miller constant often assumed to be 20

Table 1 Time compression of operating conditions based on Larson- Miller parameter C,;=20.

Operating conditions Larson-Miller test conditions
10,000 h at 1000°F 13 h at 1200°F
1,000 h at 1200°F 12 h at 1350°F
1,000 h at 1350°F 17 h at 1500°F

Table 1 illustrates how Equation (6) provides a time compression at the expense of

increased temperature. When "tradin g-up" in temperature through the Larson-Miller
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Figure 18 Master curve for Larson-Miller parameter for Astroloy [134].

parameter, it is important to be sure that the hi gher-temperature does not cause a change
in metallurgical structure. If P, is evaluated for pairs of t and T obtained over a range of

stress, a single master curve is obtained for the material (Figure 18).

2.9. ONE-DIMENSIONAL CREEP MODELING USING ANSYS

This section summarizes the details of an analytical application tool that has been
created to predict the creep life of a gas turbine engine blade. This application creates an
ANSYS [137] macro, which is called “Creep-1D”. The macro is developed in ANSYS

Parametric Design Language (APDL) using ANSYS creep models. Creep-1D macro
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Creates a one-dimensional geometry to simulate an equivalent blade model. This
geometry is based on the blade radial coordinates with the corresponding sectional areas
using Link180 element- a 3D beam element. The macro stops when user defined criteria,
which are number of missions and creep strain limit, are met. To execute the macro, four
input files and eleven command line arguments are needed. Hot section components of
gas-turbine engines are subject to severe thermo-mechanical loads during each mission
cycle. Life assessment of engine hot-section components requires knowledge of the
thermal environment, material characterization, calibrated failure data, structural response
at the critical location for crack initiation. Creep is one of the most important phenomena
affecting the lifetime of the gas turbine engine components due to the exposure to high
temperature. Creep behavior usually appear, for a metal alloy when temperature is more

than 40% of melting point [131].

2.10. THEORIES FOR CREEP CALCULATIONS

In practice, creep often occurs under non-steady conditions. Methods have been
devised to predict the behavior of the material under non-steady conditions from data
obtained under steady conditions. There are basically four rules for creep calculations:

¢ Strain hardening
* Time hardening
e Life fraction

* Energy hardening
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2.10.1. Tabular Material Format (Primary and Secondary Creep)

The creep data in tabular form is used to predict the creep strain in primary,
secondary and tertiary regions. Experimental results stored in Tabular Material Format
are used directly to predict the creep strain at different stations. The creep data table (one
from each strain condition) consists of tabulated values of stress (at various temperatures)
at different times. However, for stress rupture condition, the values of creep strain could
be different for different temperatures. For some of the strain conditions, data have been
obtained by an interpolation scheme. Three (0.5%, 1 %, and rupture) or four (0.5%, 1 %,
2% and rupture) strain data points available in the material manual are sufficient for the

scheme used by this program to generate the creep curves. The temperature of station at

time i, L, and the corresponding stress, Oi, are calculated using Equations (3) and (4).
The strain-hardening rule is used to determine the cumulative creep strain (Figure 19).
Logarithmic interpolation is used to calculate the creep life at each station at time t; given
by:

4 log(o,_,) ~log(c;)
log(o,_,) - log(c,,,)

log,,t, = log(t; Ix[log(t,,,) - log(t,_,)] (7

where
tip @ time corresponding to G
tis; - time corresponding to Gy
Oj.1 . stress at time t;
O : stress attime t;

Ci+1 © stress at time t;,;
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Figure 19 Strain hardening rule.

Typical example of experimental test data and also the procedure of creep strain
calculations are presented in appendix B. The strain-hardening rule is based on the
assumption that the major factor governing the creep is the amount of prior strain. This
idea is shown in Figure 19, where the total creep strain would be calculated by adding the
€ increments. Note that under this assumption the operational path moves horizontally
from one curve to the other along lines of constant strain. Considering the case where a
virgin material has been creeping under a stress o, at a temperature T; for a time interval
t1, and at the end of which, the values of these parameters are suddenly changed to G,, T,
and remain there for another time interval ty (Figure 19b). During the first part of the test,
the mathematical creep following the 6,,T, follows curve 1 to reach a level of creep strain
point (€1,t;). Under the several loading conditions the stress and temperature will be
changed and the material will follow different curves. For instance, at point (g,,t;) the

curve (0, T,) will be followed, starting from a point €; and t.; (see arrows in Figure 19a).
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The term te; is called the equivalent time, which is time required to undergo creep strain

€, when subjected to stress G, and temperature Ts.

2.10.2.Creep Strain Calculation for a Mission in Terms of T4and Angular Velocity

This option will be used to calculate temperatures and stresses at the blade station
at various times from the given values of T, and angular velocity at a reference condition.
It will be used just as an alternative for providing the temperature and stress data for all

stations in detail.

2.11. ONE DIMENSIONAL CREEP MACRO

The 1-D Creep macro is the first step towards development for 3-D creep
applications. ANSYS has 12 implicit models for creep strain calculations. Seven of those
are for primary creep strain, three for secondary creep strains, and two for both primary
and secondary creep strains. The macro runs ANSYS creep model number six for primary
creep and model number 11 for primary and secondary creep. It then outputs maximum
creep strain, temperature and stress at the corresponding element. In order to run the

macro, the following ten arguments,

1. Number of missions

2. Material deterioration (temperature)
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3. Creep option 1(on) or 0(off)

4. Nonlinear geometry 1(on) or O(off)
5. Geometry filename

6. Load filename

7. Creep strain limit

8. Material properties filename

9. Creep constant filename

10. Creep ratio

and the following four input files;
1. Geometry

2. Load

3. Material properties

4. Creep constants

are required. Typical data and format of the input files are presented in Appendix C.

2.11.1. ANSYS Material Input for Creep

ANSYS has the capability of modeling the primary and secondary creep stages.
The tertiary stage is usually not analyzed since it implies impending failure. ANSYS
calculates the creep strain using either implicit or explicit time integration method. Both
are applicable to static or transient analyses. The implicit creep method is robust, fast,

accurate, and recommended for general use. It can handle temperature dependent creep
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constants, as well as simultaneous coupling with isotropic hardening plasticity models.

The explicit creep method is useful for cases where very small time steps are required.

2.11.2. ANSYS Creep Model # 6 (Primary Creep)

The ANSYS model number six is used for primary creep, since it is the only
primary creep equation on the base of creep strain, while the others are on the base of

creep strain rate. Model six predicts the creep strain using the following relationship:

€, =C,0°t"e /T /(C, +1) (8)
where
Er :  the creep strain
CitoCy material creep constants defined by the TBDATA command
T : metal temperature of each element in K (ANSYS help sec. 2.5.7)
t :  time at end of substep
o :  equivalent stress at time t

ANSYS creep model six is equivalent to the Norton power creep law (Equation 9),

where: C; =AxN, C,=M, C; =N-1, C;=0.0

g, =AcMtY 9)

cr
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2.11.3. ANSYS Creep Model # 11 (Primary and Secondary Creep)

ANSYS creep model 11 is used for primary creep, secondary creep as well as the
rupture time, since it is the only equation on the base of creep strain, which calculates
creep strain; the others calculate the creep strain rate. Model 11 uses the following
equation to calculate the primary and secondary creep strains. The first part of the

equation is exactly the same as Equation (6) and the second part is for the secondary

creep:
€, = C,07t5 e T )(C, +1) + C,0C%te™C'T (10)

where

Ecr :  the equivalent creep strain

CitoC; :  material creep constants defined by the TBDATA command

T :  metal temperature of each element

t :  time at end of substep

Y ' equivalent stress at time t
2.11.4. Geometry

The macro creates the geometry of the blade based on the radial coordinates and
corresponding area using Link180, a 3-D beam element. The average area between nodes
1 and i+1 is taken as the area of the i-th element. In the case of shrouded blades, in order

to consider the effect of the sudden change of area and also, the concentrated huge mass
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at the tip of the blade, the area of the shroud is considered as the area of the tip of the

blade.

2.11.5. Temperature History

Initial temperatures of all nodes as a function of time, at different stations, can be
input manually. Temperature can be calculated at different blade stations for a given T,
using temperature distribution input for at least two references Ts. The temperature
history of the blade at each station is calculated using linear interpolation between each

reference temperature provided by the user.

T, -T
T, =T, +—21—4(T, - T, 11
ij 1j T42—T41( 2j IJ) ( )

where
Ts : gas path temperature
T4 : minimum Ty
Ts42: maximum T,
T4 1 Ty at time t
Ty : temperature at station j at time t;, in °F
Tyj : minimum blade temperature at station J.at Ty

Ty maximum blade temperature at station j, at Ty,
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The macro uses Equation (11) to calculate the temperature history. The macro reads the
load from an input file. The load file includes time divisions of one mission t;, blade
angular speed at each time, N;, T, at each time, T4, minimum and maximum T4, and
minimum and maximum of blade metal temperature. Then it takes the temperature of the -
elements from the input file. In order to model the higher temperature conditions,

temperature of node j+1 is used for element j.

2.11.6. Stress History

The macro follows the following equation to find the stress at element j

representing the blade stress at cumulative time t:

_F+mRN?
=—r

J

o (12)

where
F . centrifugal force above element J
m; : mass of the element
R; : radius of rotation

N : angular speed at time t,

Aj @ average area of node j and j+1
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2.12. ANALYSIS

2.12.1. Mathematical Material Model Versus ANSYS Creep Model # 6

The same geometry, load conditions and material of the existing FORTRAN code are
applied in ANSYS creep model six. The stress output of the Mathematical Material
Model and ANSYS creep model six are comparable (Appendix D). The creep strains
versus time of both models are shown in Figure 20. The constant difference is due to
nonlinear geometry and also changes of Modulus of Elasticity, E, by temperature that
ANSYS takes into consideration. It can be seen that the ANSYS creep strain is always a
bit more than the FORTRAN code creep strain. In other words, the life of the specified

strain from FORTRAN code is a bit more than ANSYS life.
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Figure 20 Creep strain of the mathematical material model and ANSYS creep model # 6.

55



2.12.2. Tabular Material Format and ANSYS Creep Model # 11

The same geometric and load conditions of the FORTRAN code Tabular Material Format
are applied in ANSYS creep model 11. To compare the effects of linear and nonlinear
geometry, the creep strain calculation using ANSYS model # six with constant stress also
has been done. Figure 21 shows the creep strain of the Tabular Material Format, ANSYS
creep model 11 with constant stress (linear geometry), and the creep curve of ANSYS
equation with nonlinear geometry effect (1D creep macro). Figure 21 shows that ANSYS
creep model # 11 with constant stress, for a given strain, predicts higher time. The time
predicted by The Tabular Material Format at primary stage is lower than that given by the

ANSYS creep model # 11, but at secondary stage it gives higher time, due to nonlinear
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Figure 21 Creep strain of the tabular material format and ANSYS creep model # 11.
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geometry and also changes of Modulus of Elasticity, E, by temperature that ANSYS takes
into consideration. The difference for this stage is almost constant. The results of macro
using ANSYS model 11, and Tabular Material Format of the FORTRAN code are

illustrated in Appendix D.

2.12.3. Parameter Sensitivity

The effect of five different T, sequences on rupture strain has been investigated.
The following sequences using material CPW658 have been selected to model the real
situation of a mission in an aircraft flight. In this example, the total mission time is 1
hour. Power throttle movement between each condition is typically 5 sec., and therefore
the transient duration between each mission condition was set to this value. Temperatures
of four cases vary between 962.78°C (1765 F) and 1007.22° (1845°F) and case 3 has the
constant average temperature of 1805 F. As an example, case 5 is explained as follows

(Figure 22):

The mission starts at T4 temperature of 962.78°C (1765°F) and continues for 900 seconds.
In 5 seconds the T4 shifts to 1006.11° (1843 °F) and continues up to 2700 seconds. Again
in 5 seconds the T4 drops to 962.78°C (1765°F), after which it remains constant to the
end of the mission (3600 seconds). Some investigations were also done on creep ratio
with ANSYS macro: In both The FORTRAN code and ANSYS, case 3 (constant average
temperature) predicts about 20% higher lifetime, i.e. the temperature variations reduce the

lifetime and creep strain. In the FORTRAN code, Case 3 analysis gives about 10% higher
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rupture creep strain in comparison with the other four cases. However, for case 3 the
ANSYS macro gives about *+ 10% difference in rupture creep strain with the other four
loading cases. In both the FORTRAN code and ANSYS the sequence of the loading does

not affect the lifetime and rupture creep strain.
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The ANSYS macro has been developed with a feature “Fast Run”. In this case instead of
running for, “n” number of one-hour missions, we can run for one n-hour mission. The
results show that with a creep ratio from 0.1 to 1, the lifetime and the rupture creep strain
for this case is comparable with those of the FORTRAN code. When the creep ratios are
more than 1, they do not give accurate results. Based on the required accuracy and the run
time, any creep ratio from 0.1 to 1 can be selected (Appendix D). The main difference is

for the tertiary part of the creep curve. The higher the creep ratio, the higher the lifetime

and rupture creep strain and lower the run time.

It is worth noting that due to inherent nature of nonlinearity of the creep phenomenon, a
creep run with linear geometry is meaningless. Thus for a creep run, we have to keep its

relevant argument in the macro “on”.

2.13. CONCLUSIONS

A one-dimensional creep macro is created to calculate creep life of a gas turbine
blade using ANSYS creep models 6 and 11. The FORTRAN code options as well as

ANSYS models are compared.

2.13.1. The Mathematical Material Model and ANSYS Creep Model # 6

The creep strain of these two models is comparable with constant difference. The

ANSYS creep model six always predicts shorter lifetime.
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2.13.2. The Tabular Material Format and ANSYS Creep Model # 11

These two models calculate different “times” for a given strain, due to the fact that
ANSYS takes into consideration the nonlinear geometry, and also changes of modulus of
Elasticity, E, with temperature. The creep strain predicted by the FORTRAN code at
primary stage is larger than that of the ANSYS one, but at secondary stage ANSYS
calculates larger creep strain, due to above-mentioned facts. The FORTRAN code needs
the initial stresses, which must be calculated, whereas the macro calculates the stresses
using ANSYS. In FORTRAN code, the number of elements is limited to 15. Although
there is no limitation for the number of elements in ANSYS, the number of elements in

the macro is limited to 1000, and can be increased, if needed.

In this chapter, the creep phenomenon and its effects on gas turbine blade was explained,
and the governing equations were presented. The life prediction in gas turbine component
was discussed and the 1-D creep model which was programmed in ANSYS was
explained. In the next chapter, the cumulative fatigue and the life prediction will be

discussed. Also the universal slope and the effect of mean stress will be clearly explained.
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CHAPTER 3

CUMULATIVE FATIGUE AND LIFE PREDICTION

In the previous chapter, the creep phenomenon and its effects on gas turbine blade was
explained, and the governing equations were presented. The life prediction in gas turbine
component was discussed and the 1-D creep model which was programmed in ANSYS
was explained. In this chapter, the cumulative fatigue and the life prediction are

discussed. Also the universal slope and the effect of mean stress are clearly explained.

3.1. INTRODUCTION

A metal subjected to repetitive or fluctuating stress will fail at a stress much lower
than that required for failure on a single application of load. Failure occurring under
cyclic loading is termed fatigue failure. Vibrational stresses on turbine blades, alternating
bending loads on blades and shafts, and fluctuating thermal stresses during start-stop
cycles and due to power changes are some examples of cyclic loading that can occur in a
plant. For convenience two types of fatigue are distinguished: high cycle fatigue (HCF)

and low cycle fatigue (LCF).
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HCF resuiting in the loss of gas turbine engine blades or disks is currently the
predominant surprise engine failure mode after the completion of engine development.
This is a direct result of the introduction of high thrust-to-weight ratio engines,
accomplished by increasing the mass flow and utilizing fewer parts. HCF of
turbomachinery blading is a significant design problem because fatigue failures can result
from resonant vibratory stresses lasting over a relatively short time. Fatigue failure results
from a combination of steady stress, vibratory stress, and material imperfections.
Advanced turbomachinery blading is designed to have high steady stress levels. Thus,
HCF occurs because of high mean stress - low amplitude vibratory loading of the airfoils.
The root cause of the vibratory stress is flow- induced vibrations. It is not always possible
to eliminate the sources of forced vibration from the operating range of a turbomachine.
Because a blade may have as many critical points of high stress as it has natural modes,
the designer must determine which particular modes have the greatest potential for
aerodynamic excitation. This requires the prediction of the resonant aerodynamically
forced vibration response and vibratory stress of the airfoil. Most failures in machinery ‘
are due to time-varying loads rather than to static loads. These failures typically occur at
stress levels significantly lower than the yield strengths of the materials. Long before, the
(Linear Elastic Fracture Mechanics) LEFM-based approaches (e.g. Paris Law, 1963)
[138] to characterize fatigue failure were developed; the importance of cyclic
(alternating) loading in causing failures (e.g. railroad axles) was recognized. Because of
the severe conditions of gas turbine blades, specific features of fatigue crack growth in
blades have been considered and a method for predicting their propagation taking into

account the main factors has been justified [139].
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3.2. CYCLIC LOADING

Most laboratory fatigue testing is done either with axial loading or bending, thus
producing only tensile and compressive stresses. The stress usually is cycled either
between a maximum and a minimum tensile stress or between a maximum tensile stress
and a maximum compressive stress. The latter stress is considered a negative tensile, is
assigned an algebraic minus sign, and therefore is known as the minimum stress. There

are some necessary terms that should be explained first.

Definitions

A typical stress history during cyclic loading is depicted in Figure 23. Important

parameters to characterize a given cyclic loading history are:

max

v

min

Figure 23 Typical cyclic loading.
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Stress Range: A6 =0__ —0C

max min

Stress Amplitude: 0, = (O s ~Opin)
1
Mean Stress: o, = E(Gmax +0.)
Load Ratio: R = Omin_
o

Frequency

Frequency is the number of cycles per second and is denoted as v or f in units of
Hz. For instance for rotating machinery at 3000 rpm, f = 50 Hz. In general, only
influences of fatigue are critical if there are environmental effects present, such as

humidity or elevated temperatures. The waveform can be a sine wave, square wave, or

some other waveforms.

S-N Curve

If a plot is made of the applied stress amplitude versus the number of cycles of stress

(13)

reversals to failure (S-N curve) the behavior shown in Figure 24 is typically observed:
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Figure 24 Typical S-N curve.

Endurance Limit

If the stress is below o, (the endurance limit or fatigue limit), the component has

effectively infinite life. For most steels and copper alloys 0.356; <6, <0.500 .

If the material does not have a well defined o, , often o, is arbitrarily defined as the stress

that gives

N, =10’ (14)
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3.3. FATIGUE FAILURE MODELS

Based on the number of stress or strain cycles that the part is expected to undergo
in its lifetime, it is either a low-cycle fatigue (LCF) regime or a high-cycle fatigue (HCF)
regime. There is no sharp dividing line between the two regimes, and various
investigators suggest slightly different divisions. On an average N=1000 cycles is a
reasonable approximation of the divide between LCF and HCF. There are three fatigue

failure models in current use and each has a place and purpose. They are the stress-life (S-
N)1 approach, the strain-life (€-N) approach, and the linear-elastic-fracture-mechanics

(LEFM) approach.

final failure

crack initiation

N, (log scale)

Figure 25 Total fatigue life parts.

! In this text tow notations has been used for stress, S and o.
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3.3.1. Stress-Life Approach
If a plot 1s prepared of log(c,)versus log(2ZN,) (where 2N, represents the

number of reversals to failure, one cycle equals two reversals) a linear relationship is
commonly observed. Basquin [140] has proposed the following relationship between

stress amplitude and lifetime:
= =0,=0,2N,)’ (15)

In this expression o}is the fatigue strength coefficient (for most metals= G, , the true
fracture strength), b is the fatigue strength exponent or Basquin’s exponent (=-0.05 to -
0.12), and 2N, is the number of reversals to failure. The total fatigue life of a component

can be considered to have two parts, the initiation life and the propagation life, as
depicted in Figure 25 . The stress-life or S-N approach is the oldest and the least accurate
of the three models and is the most often used for high-cycle fatigue (HCF) applications.
It seeks to determine fatigue strength and/or endurance limit (c.) for the material so that
the cyclic stress can be kept below that level and failure avoided for the required number
of cycles. The assumption is that stresses and strains everywhere remain in the elastic
region and no local yielding occurs to initiate a crack. If the stress is below o, (the
endurance limit or fatigue limit), the component has effectively infinite life. For most

steels and copper alloys 0.3506; <0, <0.500, is valid.
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Figure 26 Plastic strain amplitude versus reversals to failure.

3.3.2. Strain-Life Approach

The stress-life approach just described is applicable for situations involving
primarily elastic deformation. Under these conditions the component is expected to have
a long lifetime. For situations involving high stresses, high temperatures, or stress

concentrations such as notches, significant plasticity can be involved, and the approach is

not appropriate. Under such conditions, rather than the stress amplitude 6, , the loading is

Ag, _ Ae,
2 ). If a plot is made of log ( >

)

characterized by the plastic strain amplitude (

versus log(2N, ), the linear behavior of Figure 26 is generally observed. To represent

this behavior, Coffin-Manson [141] has proposed the following relationship:
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Asp , .
T =€ (2N;) (16)

€ P
where

is the plastic strain amplitude, € is the fatigue ductility coefficient (for most

metals = g, the true fracture ductility) and c is the fatigue ductility exponent (-0.5 to -0.7

for many metals). The strain-life or € -N approach gives a reasonably accurate picture of
crack initiation stage. Combinations of fatigue loading and high temperature are better
handled by this method, because the creep effect can be included. It is mostly applied for
low-cycle fatigue (LCF). The LEFM approach gives the best model for crack propagation
stage of the process. It is often used in conjunction with nondestructive testing (NDT) in a
periodic service-inspection program, especially in the aerospace industry. It gives more
accurate results when a detectable and measurable crack already exists. Fatigue loads are
either fully reversed (without mean stress), repeated or fluctuating (with mean stress). In
first case, the mean value is equal to alternating stress and in later case, all component

values are nonzero and variable.

3.3.3. General Approach

Consider a fully reversed, strain-controlled loading. The total strain is composed

of an elastic and plastic part, i.e.

A Ag
E:i+_P %))
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t
The Coffin-Manson expression may be used to express the plastic strain term —29- . The

€

elastic strain term,

approach):
Ac ,
—=07(2N,)°
2
A
For 1-D, elastic loading S _ Ao = 2a and thus
2E
Ag

o} b
e 2 2L (2N
2 E( )

and we may write that:

Ag G’ ’ c
- =Ef(2Nf)b +¢€; (2N;)

A plot of this equation is depicted below:
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(18)

(19)
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strain amplitude (log scale)

2N, (log scale)

Figure 27 General approach curve.

3.4. ALTERNATING STRESS (ZERO MEAN STRESS)

In the absence of mean stress, the S-N curve is used and the method is called

Stress-Life Approach. If a plot is prepared of log(c,)versus log(2N;) (where
2N, represents the number of reversals to failure, one cycle equals two reversals, and o,

is alternating stress) a linear relationship is commonly observed. The following

relationship between stress amplitude and lifetime [140] has been proposed:
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where o} is the fatigue strength coefficient (for most metals = o, , the true fracture
strength), b is the fatigue strength exponent or Basquin’s exponent (=-0.05 to -0.12), and
2N, is the number of reversals to failure.

The total fatigue life of a component can be considered to have two parts, the initiation

life and the propagation life.

3.5. MEAN STRESS EFFECTS

.tH_:'
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reversed fatigue strength o
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Figure 28 Compressive and tensile mean stress effect (schematic).
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The presence of a mean-stress component has a significant effect on failure. When

a tensile mean component of stress,o_, is added to the alternating component the

m>
material fails at lower alternating stress than it does under fully reversed loading. Figure
28 shows the effects of mean stresses (ranging from the compressive regime to the
tensile regime) on failure when combined with alternating tensile stress for steels. The
plot is normalized. The effect of the mean stress has been depicted in Figure 29a. For the
same number of cycles to failure, the more mean stress that is applied, the less is the

alternating stress. Different failure criteria for this case of loading with mean stress are

compared schematically in Figure 29b.

Qerbcr

Goodman

Soderberg:
log N, 0 ” gy O
(@) (b)

Figure 29 (a) The effects of mean stress; (b) The schematic comparison between different failure
criteria. O, , C y ando s are fatigue strength, yield stress and ultimate tensile

strength respectively.
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The most common failure criteria are Goodman, Modified-Goodman, Soderberg and
Gerber. The comparison between these three criteria is shown in Figure 29b and their

equations are as follows:

% , Om 4 Modified Goodman (22)
Ge G'I‘S
% . Om 4 Soderberg (23)
o, O,
Byt (Bmy2 g Gerber (24)
Ge GTS

where 6,,0,.,0,,0, and 65 are alternating stress, mean stress, endurance limit, yield

stress and ultimate tensile strength, respectively.

3.6. DIFFERENT AMPLITUDES

In order to handle situations where there are varying amplitude loads, as depicted
in Figure 30, a very common approach is the Palmgren-Miner [142] linear damage

accumulation rule. If we define 2Ny as the number of reversals to failure at i™ stress, o,

then the partial damage d for each different loading o is
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2n, Reversals at o

d=—= : (25)
2N;  Reversals to failure at o
The component is assumed to fail when the total damage becomes equal to 1, or
n.
el S | (26
Z N (26)
¢

Case | - Case 2

n, cycles

- - ,
ny cycles -nycycles \ :
O I5e Cu
Lo’ \/ %2 0 >

n, cycles

(@) ()

(©)

Figure 30 S-N curve in varying amplitude loads.
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In the above, it is assumed that the sequence in which the loads are applied has no
influence on the lifetime of the component. However, the sequence of load application
can have a large influence on the lifetime of the component. Consider a sequence of two

different cyclic loads, ¢, andG,,.Let 6,,>0_,.

RN

Case 1: Apply o,,thenc,,. In this case, the total damage is z . During the first

fi
loading (0, ) numerous microcracks can be initiated, which can be further propagated by
the second loading (o,,). Hence the component may fail even if the total damage is less

than one.

Case 2: Apply o,, theno,,. In this case also, the total damage is Z—n; The first
i Ng

loading (©,,) is not high enough to cause any microcracks, but it is high enough to strain
harden the material. Then in the second loading (o,,), since the material has been

hardened it is more difficult to initiate any damage in the material. Hence even if the total

damage may be more than one, the component may not fail.

The life prediction under time varying loads and the concept of cumulative damage is
described in this chapter. The next chapter will discuss the interaction effect of creep and
fatigue on the life of structural components. The different design approaches will be

evaluated and the three suggested models will be explained.
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CHAPTER 4

CREEP-FATIGUE INTERACTION AND CONSTITUTIVE MODELS

In the previous chapter the life prediction under time varying loads and the concept of
cumulative damage was described. This chapter will discuss the interaction effect of
creep and fatigue on the life of structural components. The different design approaches

are evaluated and the three suggested models are explained.

4.1. INTRODUCTION

The working temperature of a jet engine is limited by the temperatures that its
component materials can tolerate, and so there is a continuing requirement for the
development of jet-engine materials which can operate at increasingly higher
temperatures. Nickel superalloys have been established as disc and blade materials as
they meet the requirements for such components. The combination of high temperatures
and high stresses in blades make them susceptible to creep, and the interactions of creep
and fatigue can seriously affect components’ life. In addition, mixed-mode loading
produces stress-states which may be closer to those actually applied in service than those

applied using simpler loading techniques.
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In components which operate at high temperatures, changes in conditions at the
beginning and end of operation result in transient temperature gradients. If these
transients are repeated, the differential thermal expansion during each transient results in
a thermally induced cyclic stress. The extent of the resulting fatigue damage depends on
the nature and frequency of‘ the transient, the thermal gradient in the component, and the
material properties. Components which are subject to thermally induced stresses
generally operate within the creep range so that damage to both fatigue and creep have to
be taken into account. Gas turbine blade and disks are particularly subject to severe
thermal gradients during start-ups. Under fast starting conditions from relatively low
temperatures, severe thermal stresses can result. During steady operation between start-

stops, stress relaxation as well as creep processes operate under centrifugal or pressure

stresses.

In view of the importance of combined creep and fatigue damage with respect to
component reliability, many attempts have been made to develop damage rules that will
help in design as well as in component life prediction under creep-fatigue conditions.
Several reviews of this subject are available in [143-149]. In developing these damage

rules, four types of laboratory tests have been utilized:

e Strain-controlled tests with hold periods at constant stress or strain
e Creep tests under cyclic stress or strain
e Interspersed creep and fatigue tests

e Strain-controlled tests under a thermal condition
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Type 4 tests, generally are known as thermo-mechanical fatigue tests. Because the strain-
controlled fatigue test (type 1) is the most common, it is described in detail in the

following.

4.2. HOLD-TIME EFFECTS IN STRAIN-CONTROLLED FATIGUE

The principal method of studying creep-fatigue interactions has been to conduct
strain-controlled fatigue tests with variable frequencies with and without a holding period
(hold time) during some portion of the test. The lower frequencies and the hold times can
allow creep to take place. In pure fatigue tests, at higher frequencies and short hold times,
the fatigue mode dominates and failures start near the surface and propagate trans-
granularly. As the hold time is increased, or the frequency decreases, the creep
component begins to play a role with increasing creep-fatigue interaction. In this region,
fractures show a mixed mode involving both fatigue cracking and creep cavitations. A
good systematic study of hold-time effects has been carried out by Ellison and Patterson
at 565 °C (1050°F), [150]. Their tests included either constant-strain or constant-load
hold periods in tension or compression. The resulting data are shown in Figure 31,
[150]. The hold time (in minutes) during the tensile/compressive portion of the cycle is
also shown on the figure. These data show that the addition of tensile hold periods
dramatically reduced the life of the material compared with results of continuous
cycling tests, with the longer hold periods leading to shorter lives and creep-dominated

failures. Compressive holds offset the detrimental effect of tensile holds, and, in the
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Figure 31 Effects of hold time and tensile vs compressive hold on cyclic endurance life of 1Cr-Mo-V

rotor steel at 565 °C [150].

limiting case of equal-duration tensile and compressive holds, the fatigue curve
approaches that of the pure fatigue case. Long-term high-strain fatigue data have been
obtained for forged ICr-1Mo-V4V rotor steel by Thomas and Dawson, [151]. Their
results show that the effect of hold time on fatigue life is a function of the type of strain
cycle employed, the strain range, and the test temperature. They compared cyclic lives

under two types of strain cycles:

the laboratory-type cycle, in which the hold time is normally imposed at the maximum
strain in the tensile cycle; and a type II cycle in which the hold time is imposed at the
zero strain. Many studies have been carried out on different types of steels, and nickel-
base alloys under a variety of test conditions. Hold times and reduced frequencies have

been reported to be detrimental. For each material, there is controversy regarding
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whether a tensile hold or a compressive hold is detrimental. These controversies seem to
arise mainly because data obtained under different test and/or material conditions give
different results. The effect of hold time seems to depend on a variety of factors
including type of cycle, strain range, temperature, environment, and material ductility.
Frequently, test conditions employed in the laboratory seem to be irrelevant to actual

conditions existing in a component.

4.3. EFFECT OF RUPTURE DUCTILITY

As the frequency is decreased or as the hold time is increased, the effect of rupture
ductility becomes more pronounced, as illustrated by the work of Kadoya et al, [152]. The
fatigue life of the low-ductility rotor steel is much more adversely affected by hold time
than that of the high-ductility rotor steel. Endurance data for several ferritic steels, in
relation to the range of rupture ductility, are illustrated in Figure 32, from the work of
Miller et al [153]. The lower the ductility, the lower the creep-fatigue endurance. In
addition, long hold periods, small strain ranges, and low ductility support creep-fatigue

interaction failures.
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Figure 32 Effect of ductility on endurance of ferritic steels [153].

4.4. EFFECTS OF ENVIRONMENT

The possible roles that can be played by environment in affecting fatigue life are
too numerous to describe. The more important ones include formation of oxide notches,
grain-boundary changes, increase of net section stress, corrosion-product wedging, and
shielding. The first four are fairly obvious and can cause reductions in fatigue life. The
last effect, shielding, is described as a net reduction in the effective strain range or stress-

intensity range due to corrosion products which in some instances can result in decreased

crack growth and increased life.

4.5. DAMAGE RULES AND LIFE PREDICTION
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In general, creep-fatigue design considerations are intended to prevent crack
initiation, where crack initiation may be defined arbitrarily as the presence of cracks
which can be detected visually, say 1 mm in size. The difference between crack
initiation and failure life in a small specimen is often a small proportion of the total life,
and it can be argued that the failure endurance of a small specimen corresponds to the
endurance at crack initiation in a large component. Several damage rules have been
suggested for estimating the cumulative damage under creep-fatigue conditions. Interest

has tended to focus on four basic types of approaches:

e The damage-summation method
e The frequency-modified strain-range method
e The strain-range-partitioning method

e The ductility-exhaustion method.

In addition to these, several other approaches have also been applied. The
frequency modification (FM) approach is essentially a modification of the Coffin-Manson
relationship for pure fatigue by incorporating a frequency term [154]. The strain-range
partitioning (SRP) approach involves partitioning of the total inelastic strain range into
four possible components depending on the direction of straining (tension or
compression) and the type of inelastic strain accumulated (creep or time-independent
plasticity) [155-159]. The Ostergren's damage function has been proposed by Ostergren

for predicting loW—c'ycle fatigue at elevated temperatures [160, 161]. Since the linear
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damage summation is the most common one and also it is being used in this study, it

will be explained in detail.

Linear Damage Summation

The most common approach is based on linear superposition of fatigue and
creep damage. Indeed, the mainstay of the present design procedures is the linear life-
fraction rule, which forms the basis of the ASME Boiler and Pressure Vessel Code,
Section III, Code Case N-47 [162]. This approach combines the damage summations of

Robinson for creep [163] and of Miner for fatigue [164] as follows [165]:
N t
—~—+¥N_=_-D 27
D Rruad vy

where N/N¢ is the cyclic portion of the life fraction, in which N is the number of cycles

at a given strain range and Ny is the pure fatigue life at that strain range. The time-
dependent creep-life fraction is t/t, where t is the time at a given stress and temperature,
and t;, is the time to rupture at that stress and temperature. D is the cumulative damage
index. Failure is presumed to occur when D = 1. If Equation (27) were obeyed, a
straight line of the type showﬁ in Figure 33 between the fatigue- and creep-life fractions

would be expected.
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Figure 33 Creep-rupture/low-cycle-fatigue damage interaction curve for 1Cr-Mo-V rotor steel at

540 °C [166].

~The life-fraction rule has no mechanistic basis. Its applicability is, therefore, material-
dependent. Contrary to experience, it also assumes that tensile and compressive hold
periods are equally damaging. The strain softening behavior, which has been seen in
many steels, and the effect of prior plasticity on subsequent creep are not taken into
account. Uses of virgin-material rupture life to compute creep-life fractions are,
therefore, inaccurate. In spite of these limitations, the damage-summation method is
very popular because it is easy to use and requires only standard S-N curves and stress-

rupture curves.
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4.6. EVALUATION OF LIFE-PREDICTION METHODS

The relative .qualities of one or more of the damage rules described so far in
predicting the lives of specific materials have been assessed by a number of investigators.
With respect to Cr-Mo-V rotor steels, Leven compared the linear-damage (LD),
frequency-modified strain-range (FM), and strain-range-partitioning (SRP) approaches
and concluded that all of them could predict life within a factor of 2 [167]. Similar
conclusions were reached by Kuwabara and Nitta [168] and by Batte [149]. Batte has
claimed, however, that in the low strain ranges the LD approach is better than the others.
Curran and Wundt reported that the LD approach gave non-conservative predictions
[166]. Melton compared the FM and SRP approaches and the Ostergren damage function
and found the data to be best described by the FM approach [167]. Bisego, Fossati, and

Ragazzoni claimed better fit of data to the SRP approach than to the LD approach [168].

There are divergent opinions regarding which damage approach provides the best
basis for life prediction. It is quite clear that a number of variables, such as test
temperature, strain range, frequency, time and type of hold, waveform, ductility of the
material, and damage characteristics, affect the fatigue life. The conclusions drawn in any
investigation may therefore apply only to the envelope of material and test conditions
used in that study. The validity of any damage approach has to be examined with

reference to the material and service conditions relevant to a specific application.
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One of the major problems in evaluating the applicability of different life-
prediction methods is that in many cases it is necessary to use all the available data in
deriving the life-prediction method and thus it is possible to examine only the accuracy
with which a given method describes the data. Results from most studies show that even
the best of the available methods can predict life only to within a factor of 2 to 3. Some of
the cited reasons for these inaccuracies are: failure of the methods to model changing
stress-relaxation and creep characteristics caused by strain softening or hardening, use of
monotonic creep data instead of cyclic creep data, and lack of sufficiently extended-
duration test data. None of the damage rules available today are all involving empirical
constants that are material-dependent and difficult to evaluate. Extrapolation of the rules
to materials and conditions outside the envelope covered by the specific investigation
often results in unsuccessful life predictions. For application to service components, the
stress-strain variation for each type of transient and its time dependence must be known

with accuracy.

4.7. FAILURE-MECHANISM MAPS

Based on a review of all the available low-cycle-fatigue data, Miller et al have
concluded that most of the failures reported are either predominantly fatigue- or creep-
controlled and that the region of interaction between the two mechanisms is rather small
[153]. The fatigue failures are characterized by trans-granular fracture, whereas the creep
failures are characterized by inter-granular fracture. Mixed-mode fractures, indicative of
creep-fatigue interaction, have been observed only over a narrow range of test conditions.

In many laboratory tests, high strain ranges and short hold times are employed in order to
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get quick results. These failures have tended to be fatigue-dominated. Service conditions,
on the other hand, involve long hold times (low frequencies) and small strain ranges,
which are conducive to creep. Based on these considerations, the various failure regions
can be defined in the form of a fracture map, as shown in Figure 34 [169]. Small strain
ranges and long hold times are found to promote creep damage, whereas large strain

ranges and short hold times promote fatigue damage.

4.8. THERMAL FATIGUE

Most low-cycle-fatigue problems in high-temperature machinery involve
thermal as well as mechanical loadings. In other words, the material is subjected to
cyclic temperature simultaneously with cyclic stress. Analysis of these loadings and
consideration of the attendant fatigue damage become very complex, and gross
simplifications are often introduced. In the past, thermal fatigue traditionally has been
treated as being synonymous with isothermal low-cycle fatigue at the maximum
temperature of the thermal cycle. Life-prediction techniques also have evolved from
studies on low-cycle-fatigue. More recently, advances in finite-element analysis and in
servo-hydraulic test systems have made it possible to analyze complex thermal cycles
and to conduct thermo-mechanical fatigue (TMF) tests under controlled conditions. The
assumed equivalence of isothermal LCF tests and TMF tests has been brought into
question as a result of a number of studies. It has been shown that for the same total

strain range, the TMF test-can be more-damaging under certain conditions than the pure

LCF test.
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Spera has defined thermal fatigue as-"the gradual deterioration and eventual cracking of
a material by alternate heating and cooling during which free thermal expansion is
partially or fully constrained" [170]. Constraint of thermal expansion causes a thermal

stress which may eventually initiate and propagate fatigue cracks. Because thermal
cycles usually result in appreciable inelastic strains and cause failure in 10* to 10°
cycles, thermal fatigue may be viewed as a form of low-cycle fatigue. Constraint of free
thermal expansion and contraction is an essential ingredient of thermal-fatigue in
damage. In a typical laboratory test, a uniaxial specimen - usually a tubular or hourglass-
shape specimen - is heated uniformly across its test section while constraining forces are
applied through an end grip. This technique is referred to as thermo-mechanical fatigue
(TMF) testing. Internal constraints also can be present in laboratory tests such as those

using
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Figure 34 Creep-fatigue failure-mechanism map for 1Cr-Mo-V steel at 565 °C [169].
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tapered disk specimens. Such tests are known as thermal stress fatigue (TSF) tests. In the
TMF test, the temperature is changed from a maximum to a minimum value concurrently
with an independent variation of the strain from a minimum to a maximum value. Spera
and Cox have developed a computer program called TF LIFE which can be used to
predict the thermal fatigue lives of metals and components [171]. This program is used
as a subroutine with a main program supplied by the user. The main program calculates
input cycles of temperature and total strain for TF LIFE, which then calculates stress
cycle, creep and plastic strain damage, and cyclic life. The life-prediction model uses
the linear damage-summation method for estimating the damage caused by creep and
fatigue. The cfeep damage is calculated using modified versions of the life-fraction rule
and the universal slopes relationship. Thermo-mechanical fatigue (TMF) testing
simulates many of the features of the general fatigue problem, yet retains the relative
simplicity and ease of data gathering and interpretation associated with axial strain
cycling of smooth laboratory specimens. In these tests, the temperature, strain, and
stress can be measured directly at any point within the cycle. Furthermore, any two of
these variables can be controlled independent of time. There is now sufficient evidence
to show that the fatigue-endurance curves obtained in TMF tests can be quite different
from those obtained in isothermal LCF tests. Results reported by Thomas, Bressers, and
Raynor [172] on Inconel 738 LC indicate that TMF testing at temperatures from 500 to
850 °C (930 to 1560 °F) was more damaging than isothermal tests at 850 °C, although

not by a significant degree.
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Based on the results of an extensive study of many materials, Kuwabara, Nitta, and
Kitamura [173] have classified them into four groups according to their relative lives in
IP cycles (maximum strain at maximum temperature) and OP cycles (maximum strain

at minimum temperature), as follows:

o Type I-materials for which IP life is shorter than OP life at lower strain ranges

o Type O-materials for which OP life is shorter than IP life at lower strain ranges

o Type E-materials for which IP and OP lives are nearly equal

o Type E'-materials for which IP life is shorter at higher strain ranges but nearly

equal to OP life at lower strain ranges.

A comprehensive study of the TMF behavior of gas-turbine blade alloy Inconel 738 and
vane alloy GTD 111 has been concluded recently [172-175]. The data show that the
type of cycle, peak temperature, frequency, and hold time affect the lives of the
materials and that for a given strain range the life can vary by as much as two orders of
magnitude. It was also noted that the maximum tensile stress during a given cycle was a
better index than strain range for ranking the behavior under the various conditions. The
problems in trying to develop a universal method for life prediction for all materials and
components have been reviewed by Russell [174], who points out the need for

developing specific techniques focused on specific material and applications.
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4.9. MODELS OF CREEP-FATIGUE INTERACTION

4.9.1. Introduction

Advanced gas turbine engines which make use of hot section airfoil cooling
present a range of design problems, as the blades operate in a damaging environment of
high temperatures, centrifugal and gas pressure forces and thermal cycling. These
conditions combine at every point in the blade to create an interaction between creep and

thermo-mechanical fatigue damage.

As the blades operate at metal temperatures in excess of 0.4 T_, in Kelvin, creep rupture

1s clearly a possible failure mode. Also, as the engine cycles through start-up and shut-
down with each flight, the transient thermal and body loading stresses cause fatigue
damage, which can lead to ultimate failure. The problem becomes one of predicting the
relative amounts of creep and fatigue damage at each point in the blade at each moment
of the cycle, which in turn depends upon knowing the stress and temperature conditions at
each instant and at spatial point. At start-up, the thermal load was applied to the blade,
resulting in a transient thermal stress response. These stresses often reached a maximum

value G, at some point in the transient before achieving a lower steady-state condition.

It is necessary therefore to record this maximum stress value at each point over the blade

and use it in the fatigue life calculation.
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4.9.2. Model 1

The fluctuating stress can be considered as a varying stress in fatigue-creep
model. Since the fluctuating stress is a combination of alternating and mean stresses, it
can be assumed that the part representing the static load can cause creep at elevated
temperatures, whereas the alternating part is responsible for fatigue damage. To find the

lifetime, the total damage will be found by the following model:

4.9.2.1. Fatigue Damage Prediction

The number of cycles to failure, N, can be calculated from the strain range A€ using the

method of universal slopes. This method has the advantage of using material data

obtainable from simple tensile tests. The equation combines the Coffin-Manson law given

by
Ag, . .
—5 =& ONp) (28)
where
Ag, : plastic strain range

8; : fatigue ductility coefficient, which is some fraction (0.35 to 1) of the true

fracture strain measured in the tension test, and equals to Ln & ,
100 - %RA

RA is area reduction at break
c : fatigue ductility exponent, ranges from about -0.5 to -0.7
Nt : number of reversals ( each cycle equals 2 reversals)

and the Basquin law given by
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Ae, o, b
= =—(2N 29
> TE (2N;) (29)

where

Ag_ : elastic strain range

o, : fatigue strength coefficient, which is approximated by the true fracture
stress, = Syt + 50 in ksi

b : fatigue strength exponent, which ranges from about -0.06 to -0.14

E : Young’s modulus of elasticity

into the form:

% =%(2Nf )° +€, (2N, )° (30)

The total strain range, Ag,, , can be found by finite element analysis at each integration

point in the model, and the coefficients and the exponents can be found by some fatigue

tests on the material. For instance the values for Steel 4340 are
s'f =0.58,c=-0.57, G'f /E =0.0062, b =-0.09 3D

Using Equation (30) provides us the value of N, . Once N; is found, the fatigue damage

parameter, Dy, is calculated as
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D, =~
Nf tme
where:

n :number of cycles completed

t : the total analysis time

t,, - flight duration (mission time)

4.9.2.2. Creep Damage Prediction

(32)

After the initial transient at start-up, the blade metal temperatures and stresses

approach a steady-state condition. However, as these temperatures are typically greater

than 40% of T, in Kelvin, creep occurs, resulting in stress redistribution. It is therefore

important to model the creep process throughout the life of the component. To find the

creep damage, it is needed to find the rupture time. For this purpose the Larson-Miller

[176] relation can be used. Starting with Norton power law

-B
é=i=Alexp( :
ty T

)

From that the rupture time, tg, is determined as

B
tr = A, exp(':l:g‘)
Taking logarithms on both sides
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Lnt, :LnA2+%=f(0,T) (35)

Assuming that Ln A; is a true constant and that B, varies with stress, the equation can be
rearranged to arrive at

B=T (Lntg —Ln Ap) =T (C; + Ln tg) (36)
From the pure creep tests for each material, C can be found. For instance for Steel 4340, it

equals to 16.65. The suggested value from the tests is C; = 20. Consequently, from

Equation (36)

P=T(20+Lnt,)=f(0,T)=b, +b,(Lno)+b,(Lnc)* +b,(Lno)’ (37)

Denoting Y=Lnt; , and X=Lno, we have

Y = L
T+ 460

(b +b,X+b,X* +b,X?) (38)

where
tg : rupture time in hours
T : temperature in deg. F
o : Von-Mises effective stress in ksi

b,, b;, b,,b,: material constants
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Once t is found, the creep damage parameter, D _, is calculated according to Robinson’s

rule:

where
At : spend time in hours
tg : rupture time in hours

1 :number of load case

The total damage parameter is:

SN At
Dtot :Dc +Df :Z(_+_)i

i=1 f tR

The total damage parameter D

tot —

4.9.3. Model 2

> 1 results in failure.

(39)

(40)

Assuming that the creep behavior is controlled by the mean stress (o, ) and that

the fatigue behavior is controlled by the stress amplitude (o, ), the two processes combine

linearly to produce failure. This approach is similar to the development of the Goodman

diagram except that instead of an intercept of ultimate stress (o,) on the o axis, the

intercept used is the creep-limited static stress (o, ) as shown in Figure 35. The creep-

limited static stress corresponds either to the design limit on creep strain at the design
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life or to creep rupture at the design life, depending on which is the governing failure

mode. The linear failure prediction rule then may be stated as:

Failure is predicted to occur under combined isothermal creep and fatigue if

2 4 9m > 41)

where
o, : alternating stress
O Inean stress

ocr: creep strength (creep stress for corresponding time to rupture)

S¢ : fatigue strength

An elliptic relationship is also shown in Figure 35.
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Figure 35 Failure prediction diagram for combined creep and fatigue under constant

temperature conditions.

Failure is predicted to occur under combined isothermal creep and fatigue if

Cry2 4 (myz 2y (42)
Sf

<r

h

¥

10 10

Figure 36 Failure prediction diagram for combined creep and fatigue under constant temperature

conditions.
From Equation (41) ©,, 6m, and o, are known, then Sy can be found. After finding S¢ on

the base of the following figure, we note that
If S¢> 0.9 oy, then N< 10

If 0.9 cu[ >Sf> Se, then N = Ndlagram

If S¢< S, then N > 10° cycles (43)
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4.9.4. Model 3

4.94.1. Fatigue Damage

It is known that in case of pure fatigue, the damage can be defined as

‘N
D, =) — (44)
; ZNﬂ

where

N; : number of cycles at stress o;

N; : number of cycles to failure at stress o;

If the process is at constant stress, ¢, and isothermal condition, T,

D, =— (45)

where
N : number of cycles at stress ¢ and temperature T

Nt : number of cycles to failure at stress ¢ and temperature T

4.94.2. Creep Damage

The creep damage under static load can be defined as
D, =% (46)

where

t; : tume spend at stress o; and temperature T;
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tp :rupture time at stress o; and temperature T;

and 1n case of having hold time for each stress o; and temperature T;
t, ).
D, = Z—(th)' 47
R;

where (tp); is the hold time at each temperature T;.

If the process is at constant stress, o, and isothermal condition, T,

D = (48)

where

N: number of cycles with hold time at stress ¢ and temperature T
ty : hold time at stress ¢ and temperature T

tr: rupture time at stress ¢ and temperature T

4.9.4.3. Creep-Fatigue Damage

In creep-fatigue interaction the total damage is the summation of fatigue damage and

creep damage
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N Nt

Di=D¢+D.=—+ (49)
f tR
When D, =1 the failure occurs and hence
N N t
Dg=—R 4+ R0 - (50)
Nf tR
where Dr is the damage at rupture. From that
1
Ny =N (&3))
Y
Nf tR

In Equation (51) Ngr is a safety factor which ranges from 0.1 to 1, t, is known, tg can be
found from Larson-Miller relationship, Equation (38) or from pure creep tests, and Nt can
be found from pure fatigue tests or from Equation (31). Then the number of cycles to
failure at creep-fatigue interaction, Ng, can be calculated. Knowing the number of cycles

spent in combination of creep and fatigue, the present life status can be found as

L =1-— (52)
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where L, is the remained life. If the remaining number of cycles is needed, it can be easily

calculated as
N,=Ng- N | (53)

where N; is the remaining number of cycles.

4.10. MECHANICAL TESTING

One of the most important facts in test is the load waveform. The following waveforms

are applied:

Load Waveform
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Figure 37 The load waveform in mechanical testing.
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4.10.1. Test Schedule for Model 1

The low-cycle fatigue tests will be carried out under closed-loop true temperature
control. The tests will be performed between 40.04 MPa (5.81 ksi) and 60.10 MPa (8.71
ksi) for fatigue, and creep-fatigue, but for the latter 5 seconds dwell time will be applied
and the test will be done at 800°C. For all tests, the specimens with 228.6 mm (9 in)
gauge length and 12.7mm (0.5 in) diameter will be used. For the creep test the average
constant stress of 50.07 MPa (7.265 ksi) at 800°C will be applied. The specimen will be
heated in a temperature gradient along the gauge length not greater than +2 C. Test
temperatures varying in the range from 800°C to 1100°C will be applied. Nine specimens
will be tested for pure fatigue, pure creep and creep-fatigue interaction, respectively, at

different temperatures.

Table 2 Test table for justifying model 1.

Specimen No. Test temperature Test condition Dwell time period
B (see notes) O (see notes) (second)

1 25 F 0

2 25 F 0

3 25 F 0

4 800 C

5 900 C -

6 1000 C -

7 800 CF 5

8 900 CF 5

9 1000 CF 5

Note: C: creep test; F: fatigue test; CF: creep-fatigue test
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4.10.2. Test Schedule for Model 2

Equation (41) has been used. Creep-limited static stress, o, in Equation (41) corresponds
either to the design limit on creep strain at the design life or to creep rupture at the design
life, depending on which failure mode governs. For this purpose the tabulated data of

materials’ creep tests, (similar to the Table 3 and Table 4) can be used.

Table 3 Typical material data from pure creep test.

T (°F) 1300 1400 1500 1600 1700 1800 1900 2000

Time (h) Stress (ksi)

0.1 120. | 110. | 96.0 | 80.0 | 64.5 | 48.5 | 35.0 | 25.0
10 90.0 | 77.0 | 60.0 | 44.5 | 30.0 | 18.6 | 10.3 | 5.70
20 86.0 | 72.0 | 57.0 | 40.5 | 27.0 | 15.0 | 8.20 | 4.30
50 80.5 | 67.0 | 51.5 { 36.0 | 22.5 | 12.0 | 6.20 | 3.00
100 78.0 | 62.5 | 48.0 | 32.0 | 19.0 | 10.0 | 4.85 | 2.30
200 74.5 | 60.0 | 445 | 28.5 | 16.5 | 8.30 | 3.85 | 1.70
500 69.5 | 56.0 | 39.0 | 23.8 | 13.0 | 6.60 | 2.80 | 1.18
1000 66.5 | 52.5 | 35.5 | 21.0 | 11.0 | 5.50 | 2.20 | 0.92
2000 63.0 | 49.8 | 32.0 | 18.5 | 9.25 | 4.60 | 1.72 | 0.70
5000 59.8 | 46.0 | 28.0 | 15.5 | 7.00 | 3.65 | 1.25 | 0.48
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Table 4 Typical material data from pure creep test.

Case | T | Design | 6., Om o, St Niest Nequation
# (F) | Life (h) | (ksi) | (ksi) | (ksi) | (ksi) | (cycle) | (cycle)
1
2
n

the following steps are taken:

1. A test temperature, T, is selected.

2. From the creep test data of the material based on design life, like Table 3, and the
selected temperature at step 1, as the working temperature, the corresponding

creep-limited static stress, o, is selected. For instance the o at 704.44°C

(1300 °F) and for 100,000 hour life, is equal to 289.58 MPa (42 ksi).

3. A mean stress, o, and an alternating stress, o,, as components of cyclic load

are selected.

4. Cyclic load is applied until break and the number of cycles to failure is counted.

5. S¢ from Equation (51) is calculated and the number of cycles to failure is found

from Equation (43).

4.10.3. Test Schedule for Model 3

From Equation (51), and the following table is constructed.
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Table 5 Results of model 3 for creep-fatigue interaction.
Case | T (o) N[ tr tn NR-test NR-equation

# (F) | (ksi) | (cycle) | (Sec) | (Sec) | (cycle) | (cycle)

1

The procedures are as follows

7.

8.

Selecting a temperature, T, between 760-982.22 °C (1400-1800 °F) and a stress,
o, between 206.84- 275.79 MPa (30-40 ksi) for test

Selecting a cycle frequency, f, for the fatigue test

Running fatigue test and finding number of cycles to failure, N¢

Running static isothermal creep test and finding rupture time, tg

Selecting a hold time, t,, for cyclic creep test

Running the cyclic creep test at the same frequency of the fatigue one, and
finding the number of cycles to failure, Ny

Calculating Ny by Equation (50)

Repeating steps 1 to 7 for other samples

Note: In case of using Equations (30) and (50) for fatigue and creep life respectively,

steps 3 and 4 can be ignored.
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In this chapter different approaches of lifetime prediction in creep-fatigue interaction
were discussed and also three suggested constitutive models and their related justification
tests for lifetime evaluation were described in details. In next chapter the approximate
methods in dynamic analysis of rotating blade in general, and Lagrange-Bhat method

specifically will be explained and applied to the rotating gas turbine blade.
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CHAPTER 5

APPROXIMATE METHODS IN DYNAMIC ANALYSIS OF

ROTATING BLADE

In previous chapter different approaches of lifetime prediction in creep-fatigue
interaction were discussed and also three suggested constitutive models and their related
justification tests for lifetime evaluation were described in details. Stress analysis under
dynamic loading depends strongly on the method used to predict the natural frequencies

~and the mode shapes. For complex structures, approximate techniques such as Finite
Element Methods or the Rayleigh-Ritz methods may give misleading information such as
curve veering. Curve veering phenomenon is the strange behavior where the natural
frequencies plotted against a structural nondimensional parameter strangely veer away
whereas common source suggests that they should meet. Hence curve veering behavior
indicates erroneous structural information which may give erroneous response stress
information. In this chapter the approximate methods in dynamic analysis of rotating
blade in general, and Lagrange-Bhat method specifically will be explained and applied to
the rotating gas turbine blade. The curve veering and flattening phenomena also will be

discussed.
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5.1. LAGRANGE-BHAT METHOD

The equations of vibration can be obtained from the expressions for the kinetic
energy T(z,t) and strain energy U(z,t) by using the Lagrangian approach. The equations of
motion can be obtained from the energy expressions using Lagrange’s equations in the

from

9 9T 9T QU
9 - =f,(t) j=12,..,N 54
2t9q) "9q, Taq W I oY

i

where q; is the jth generalized coordinate of the system, which is assumed to have N
degrees of freedom. and where fj is the external force applied at coordinates q; (for the
problem at hand, fj = 0). Here the energies T(z,t) and U(z,t) are the total kinetic energy

and strain energy, respectively, in the structure.

In Lagrange-Bhat method, the boundary characteristic orthogonal polynomials,
which are orthogonal to each other in the domain of the structure, can be considered as a
convenient and complete set of generalized coordinate directions with the magnitudes
represented by the generalized coordinates. Bhat [177] used boundary characteristic
orthogonal polynomials as generalized coordinate directions to form the Lagrangian, and

the Lagrange’s equations. In this method, the response y(z,t) is assumed in the form
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y(z,1) = 3 :(2)q; (1) (55)

where @;(z) are spatial descriptions of the deflection and q;(t) are the magnitude of these
spatial deflections signifying the generalized coordinates. Using the expressions for the
potential and kinetic energies in terms of generalized coordinates, we can write the
differential equations using the Lagrange’s equations as Equation (54). If the system is

under an external force F(z,t), the virtual work done by these forces can be written as
1 N
W, = [F(z,0) 0,(2)0q,dz | (56)
0 i=1

where ®;(z) Oq; 1s a virtual deformation along the g; coordinate. From this, the generalized

force along the q; coordinate can be written as

oW
f =
i aq

1

~ = | F(z,t)¢,(z)dz 57

Substituting Equation (55) into Equation (54) will give the N number of equations of
motion along the N number of generalized coordinates, q;. Using these equations the
natural frequencies, the mode shapes and the response of the structure can be

obtained.
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Bhat [178] proposed boundary characteristic orthogonal polynomials, as assumed shape

functions in the Rayleigh-Ritz method. The construction of these boundary characteristic

orthogonal polynomials is described in the following. The simplest polynomial that

satisfies at least the geometrical boundary conditions is chosen as the first member of the

set and then the higher members of the set are obtained as

D(z) = (z-By) D1(z)
(Dn+1(z) = (Z'Bn) (Dn(Z) - Cn q)n-l(z)
where

1

[2i@a [20,@0,
B, =%——; C,=%—
[02(z)dx [0, @ ax

5.2. DYNAMIC ANALYSIS OF ROTATING BLADE

(58)

(59)

A turbomachine blade, depending on its aspect ratio, can be treated either as a

cantilever beam or a cantilever plate mounted on the periphery of a rotating disk at a

setting angle. A beam model will represent a turbine blade reasonably well if the blade is

slender (i.e. large aspect ratio ), is reasonably thick, and only the first few vibrational

frequencies and mode shapes are needed accurately. Unfortunately, these conditions are

often not met. Many blades in sections of turbomachinery have a small aspect ratio;
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efficiency demands thin blades and dynamic response studies require results for many
modes, some of which cannot be approximated as beam modes.

Centrifugal forces are set up in the blade due to rotation, which cause in-plane strains,
resulting in the stiffening of the blade. Coriolis effects are also present which modify the
dynamic behavior. Due to change in structural characteristics with the speed of rotation,
the natural frequencies of the structure will change and it is imperative that the speed of

operation be away from the natural frequencies for satisfactory operation.

In this section, the dynamics of a rotating blade is studied using Lagrange-Bhat method.
The blade is modeled as a rotating beam initially and then as a rotating plate. The setting
angle of the blade with respect to plane of rotation and radius of the hub on which the
blade is mounted are considered in the formulation. The effects of shear deformation and
rotary inertia are also included. The variations of the natural frequencies and mode shapes
with the speed of rotation are obtained for several combinations of setting angle and hub

radius parameters.

5.3. BLADE MODEL

The cantilever beam, as the model of the rotating blade, is mounted on the
periphery of a rotating disc as shown in Figure 38. The xyz coordinate frame is chosen
such that x and y axes are in the plane of beam cross-section and are the principal

centroidal axes of inertia in that plane. The z-axis is along the beam. XYZ is another
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orthogonal Cartesian frame where Z axis is along the beam and XZ plane contains the
plane of disc rotation. Origin of both xyz and XYZ coordinate systems are at the root of
the beam where it is fixed to the disc. The angle 0 between the Y and x axes is the setting

or the stagger angle.

5.3.1. Strain Energy

The strain energy, U(z,t), in general may be written as [142],

1 M? 1 d?y

U(z,t) == | ——dz =—|EI *dz (60)
@1 27 EI 2I *(dz2)
Y
3 -
12
.4
2 .,z

b o e e o e e l.‘.._.Z,z

Figure 38 Rotating cantilever beam.
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where the integration is carried out along the length of the beam. Let zZ = z/L be the non -
dimensional axial length. Substituting this in Equation (60) and integrating along the

length of the beam, the expression for strain energy is,

2
4 g2z (61)
dz

11
U(z,t)=—| EI
(2,1) 2L3! (

5.3.2. Kinetic Energy

The total kinetic energy of the system is the sum of the kinetic energy due to
flexural motion of the beam, Tr and that due to rotation T, . Since the rotational motion
induces centrifugal loads and the consequent energy stored in the beam can be treated as
strain energy, some prefer to treat the kinetic energy due to rotation, T, as strain energy

due to rotation.

5.3.2.1. Flexural Kinetic Energy

The total kinetic energy of the blade in flexural vibration can be considered to be
made up of two are the translational kinetic energy, Ty, and that due to rotation T; (rotation

about a transverse axis, rotary inertia contribution).

For an element dz, the translational kinetic energy dT;, of the mass concentrated at the

centroid is given by
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dT, (z,t) = %myzdz (62)

where m = pA.

Hence the total kinetic energy Ty, is,
1 L
T, (z,1) =—mj y2dz (63)
2 0

The rotational kinetic energy, dT;, due to rotation of the element about its centroid is,

4T, (2,1) = w (64)

Therefore, the total instantaneous kinetic energy T, becomes
1 L
T.(z0 =~ Jor, () dz (65)
0

The combined kinetic energy Ty is the sum of the translational and rotational kinetic

energy and can be written from as

L
T, (z,t) = %f[pAy2 +pI, (y')*dz (66)

0
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5.3.2.2. Kinetic Energy Due to Rotation

Figure 39 shows the blade mounted on the periphery of the rotating disc. For a short
element dz, each view shows both the rest position A and the deflected position B,
displacements occurring in both 1,z plane (Figure 39a) and &,z plane (Figure 39b). When
the blade deflects in the &;z plane, Figure 39b, the line of action of the centrifugal force,
dF, on the element dz remains parallel to the z axis. Hence the force component dF; in the

&1 is zero and the kinetic energy dT stored by the element is also zero. Thus,

| |

dF+ , | * ,
| T
| |

N \Q dfy, \Q
\\

L N

77] T’l ) Sl £1

A

Centre Line
[ of Shaft !

—

Ca)d Cb>

Figure 39 Beam — hub radii assembly.
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dTe (z,1) =0 (67)

With the element dz in the deflected position B, Figure 39a, the force dF can be resolved
into two components dF, and dF, , in the circumferential and radial directions n; and z

respectively. The circumferential component dF;, of the centrifugal force dF is given by,

dF,(z,t) = dF sin B, (68)
where,
dF(z,t)= m o’ (R+z)dz (69)

due to negative gradient of centrifugal force, with increasing z, and

sin B1 = m1/(R+2) (70)

In the above equations, R is the disc radius, o is the angular velocity of rotation of disc
and m is the mass of blade per unit length. Similarly, substitution of Equations (69) and
(70) into (68) gives,

dF, (z,t) = m @’ n,dz (71)

Since the n; component of the centrifugal force, dF, , increases linearly from zero at the
position A, regarded as datum, to a value given by Equation (71) at B, the average force
during a displacement 1 is dF;, / 2. With the force and motion in the same direction, the

corresponding gain of the kinetic energy dT, is given by,
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dF 2.-2
AT, (z,1) =11 = O 42 (72)
2 2
and for the entire blade,
L 2..2
d
T,(z,t) = jm_z_ (73)

2

0

The centrifugal force dF acting on the element in the undeflected position A is given by
Equation (69). In the deflected position B the force component dF, in the z direction is,

dF,(z,t) = dF cos B, (74)

For small displacements, cos B, approaches unity; the force component in the z direction
can, thus, be regarded as constant and is given by Equation (69). The z component of the

kinetic energy dT,(z,t) stored by the element can be written as,

dT,(z,t)= dF, A= dF A (75)

where A is the total displacement of the element dz in moving from rest position A to

deflected position B. To determine A from Figure 40,

dz? = d8? + (dz-dA)?
where

dé = [dE* +dn*1"? (76)
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represents the increase of total transverse displacement 5. From Equation (76),

dz® = d8* + (dz* + d A%- 2dz dA) (77)

Since dA is small, neglecting higher order terms involving dA, Equation (77) can be

written as,

1 dd
dA =—(—)*d 78
5 42 (78)

cd

clA
N

dz

/

dn, dé&,

Figure 40 Beam element before and after deflection showing the relative

displacement dA of the ends.
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Combining Equation (76) and (78),
1_0E o
dA ==[(=2)? +(=1)?]dz 79
2[(az) (az)] (79)
and the total displacement A, of the element at z, is thus, given by
0
-—j[( i‘) (m)]d (80)

Assuming small displacements, and making use of Equations (69) and (80), Equation (75)

can be rewritten as,

dT, (z t)-

{j [(aE—‘W (aa"l >2]dz}dz (81)
Z

Thus, for the entire blade the kinetic energy T, becomes

2

T,(z1) =“’7j{m(R +2) [ (aa“Zl)Z]dz}dz (82)

The total kinetic energy due to centrifugal effects is given by,

Te=Te+ Ty + T, (83)
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which can be expressed as,

Tr(z,t)=%—j{m(R+z)D aal) (“1) ]dz}—mnl}d (84)
0 0

Let,

d dF dA
@ (FA)= A(E) + F(Ez—) (85)

where A is given by Equation (80) . Since A = 0 at the root (z = 0) and F = 0 at the free
end (z = L), integrating this equation with respect to z from 0 to L, the left hand side

becomes zero and hence,

L L
IAEdzz—jF%dz (86)
dz o dz
Using the relationship,
d L
— | F(z)dz = -F(z 87
— j (2) (2) (87)
and Equation (69), can be written as,
gli =mw’ (R +z) (88)
dz

by substituting the values in Equation (85) and integrating between 0 and L gives

[w%j{{( Zj ( TZb[n{R+z)]dz}dz+
2 o[ ] {2 e
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nl

£l

Figure 41 Configuration of two coordinate systems.

The left-hand side of Equation (89) is zero. The second term on the right-hand side is

identical with Equation (84) and thus, it follows that

T.(z,t) = - m‘2°2 I{K‘(‘E Jz N (dgll ﬂﬁ (R + z)]dz} —nf} dz

From Figure 41 we have

€ | |Cos® Sind ||x
N, | -Sin® Cosb y

Now, using the relationships,
Mm=ycosf-xsinbd
1=ysin0+xcos6

and

123

(90)

(91)

92)



de, _db, dx d, dy
dz dx dz dy dz

dnl — dTh 9_{_{_ dnl Ei_z_ (93)
dz dx dz dy dz

d—gl = Cosed—x + smeﬂ
dz dz dz
dn dx dy 94)

—L = _Sin6—+ Cos6—=
dz dz dz

Equation (90), can be written as,

2 L L
T, (z,t):p“\zw j {(xzsinze—nysin6c059+y2 cos’ e)—[(%)2 +%)2]@ (R+z)dz}}dz (95)

0

The in plane deflections x and y are small as compared to the bending deflection z. Hence

neglecting coupling of x and y deflections and ignoring higher order terms involving x,

_pA®® |F L, 0y, L z?
Tr(z,t)———z—{fy Cos Gdz—J;(s——Z—) (RL+—-~Rz-=-)dz (96)

0

The total kinetic energy of the system in terms of the nondimensional parameter Z=z/L

_dy_ldy ,_14dy

= Y =—-—)is,
dz Ldzy dei)

(dz=LdzZ,y
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Tiotal = T+ T, (97)

i.e.

1 ' 2
T, 00 = ij(yfdﬂ—ij 51+ [LijCo edi—%j(y')z(RL+}2——R1i—-]iz—)d2} 98)

where a dot represents differentiation with respect to time and ( )’ indicates differentiation

with respect to Z .

Lagrange-Bhat analysis can be applied at this stage to obtain the equations of motions.

Substituting Equation (55) in Equation (98), the total kinetic energy will be

T(zt) = -]:j‘pA(Zq)q. Yedz +ijpl O g dz + pAW Lj (Q.0.q,)" Cos’0dz —lj(Zq;fq. )2(RL+E
2 . I 175 2L : X l i 2 . : [} L . l fhe ¥} 2

(99)
and potential energy will be
_EL b
Uz, t) =0 { (Zcpi q,)°dz (100)
. _ R | 2 = R )
Using the substitution parameters g(z) =R(1-7Z) +—2-(1— z°) andR = I and rearranging
the kinetic and potential energy
T(z,t) = ["ALZI 0, d2+pI j¢ dz}qi {ZCOSZGW z-y jqﬂg(z)dz}qf (101)
i 0 i 0
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EL < [
U(z,t):{.ﬁ?z '([(D ZdZ}qi2

The terms of the Lagrange equation are

r 1 I 1 ) .
I =| pALY [o7dz + 2 [of di}q-
aq; | rzg)- LB[ '

— =pALw’ ZC0§6j¢i2 dz -Zjdzg(i)di}qj
L i 0 i o

Incorporating the following dimensionless parameters,

=2

4
_ Ix2;}L:pAL ;T]2=7»(1)2
AL El

X

and using Lagrange’s equation

D MO +T07) dz}i,- +{j 0 ~m’Costlo’ —¢'2g<z>]d2}qj =0 j=12..N

Corresponding to the jth equation, we denote
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1
M, = [M@ +7°67) &z
0

| (108)
K, = [ 67 -n*Coslo? - /’e@)]dz
0
With j=1, 2, ..., N, we get the complete set of equations which can be expressed in the
matrix form as
[M]NxN{q}le +[K]NXN{q}Nx1 :{O}le (109)
Assuming harmonic motion,
{a}=fgle™ (110)

Equating the determinant of the coefficient matrix to zero, for nontrivial solution, the

characteristic equation will be obtained as

|K—92M|=o (111)

In order to study the vibrations of the blade it is modeled as a cantilever beam. The first
member of the boundary characteristic orthogonal polynomial set satisfying the clamped-

free condition is obtained as follows. Consider the function,

D1 (Z)=bi+b, Z+b; Z°+bs Z +bs 2* (112)
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The boundary conditions for such a beam are that at Z= 0 the deflection and slope are

zero and for Z = 1 the moment and shear force are equal to zero, i.e.
0,(0) = ¢7(0) = /(D =) =0 (113)

(The prime denotes differentiation with respect toZ ) Substituting the boundary conditions

in ®(z),
D, (Z)=bs (62%-4Z°+ZY (114)

The coefficient bs is chosen appropriately so as to normalize @1 (Z ) such that,
1
[or@=1 (115)
0

Therefore, the starting function in the z direction is taken

0,(Z) = ibjzi-‘ (116)

=1

where for clamped free beam: b;= b, =0, b; = 6, by = - 4, bs = 1. Natural frequencies and
mode shapes can be obtained by solving this set of equations. A computer algorithm is
developed to solve Equation (111) for several parameter combinations of setting angle,

hub radius and rotational speeds.

128



5.4. TEMPERATURE EFFECTS ON NATURAL FREQUENCY

The schematic of the cantilever beam with the length of L and cross section of W

by h is shown in Figure 42 as a gas turbine blade. The blade temperature and

displacement at hub is T}, u;, and T, u; respectively.

y

y

g h W, h
1 . -

. AL/ z f{/ x

L

h U2
T, Ty

Figure 42 Schematic of the cantilever beam.

If the subscript T, ( )1, represents the parameter at thermal environment, then we have:

hr = h(1+ aAT)
Wr = W(1+ 0AT)
Ar = A(l+ aAT) ?

Lr=L[1+ (0/2)AT] (see Appendix E) (117)

Taking the temperature as a function of the length of the blade

T=az+b=T+(T,-Ty)z/L (118)
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And the temperature difference which is important in parameters at thermal
environment

AT =T-Ties=Ti+ (T2 -T))z/L - Tt (119)

where Tre is the atmospheric temperature as reference temperature in which there is

no change with length of the blade.
Taking the displacement as a function of the length of the blade
u(z,t)=Cz+ Cz =(1-z/ L) ui(t) + (z/ L1) ux(t) (120)
The modulus of elasticity can be considered as a function of temperature.
E(T) = E(To) — (dE/dT) AT = E(Tp) — (dE/AT) [ T+ (T2 -Ty)z /L] (121)
Taking: a = E(Ty), b=- (dE/dT) T1,d =a+b, ¢ = -(dE/dT) (T, - Ty),
E(T)=E(z)=d+cz/L (122)

For instance for the steel with the 64.447% Fe: a = 216.7, b = -0.059, ¢ = -0.059(T,-T));

[ASM, Vol. 2, pp. 641].
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5.4.1. Longitudinal Vibrations

From mechanics of materials, the potential energy or the strain energy is

U(z,t)=%JIE(z)A{ag(ZZ)} dz

Taking into consideration all the parameters in the integral and substituting them

Ly .
Uz, 1) = = [ @+ A0+ 0AT)? W ru?-2uu)dz
2, L L2(1+%AT)2

Assuming u; = 0, and neglecting the small amounts

A 1

L;
= A+ uldz

o 2
1+—AT)" o
( > )

U(z,t) =——(1+ 0AT)?

_Au? (1+0AT)? (d“i]“

2
2L 1+ %Aty 0
2
A2+ 2AT)
2 ~ 2
:._____jé___[zd+111+E§A3)}£liiﬁ§zl_
4L a+2am)?
- 2
A’ 1+ 0AT)* (2
U(Z,t)z uZ( 4L) ( d+C)

The kinetic energy of longitudinal vibration can be defined as
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Ly 2
T(z,t) = % j A, p(z)(%—‘j dz
0

Considering

du z.. z.
E = (1_E)u1(t)+fu2(t)

Assuming u;= 0, and neglecting the small amounts

Ju z.
— ==u,(t
and
m m
p(z)= =
Arlr AT (14 20AT + %AT)
the kinetic energy will be
14 m zu :
T(z,t):EIA(1+aAT)2 ” ( 2) dz
o AL(+20AT + 5 AT) L
_omal 7 z’ dz
2A17

0 (1+20AT + %AT)

Integrating, applying the limits, and neglecting the small values
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Lsa|  1+ZXAT
T(z,t) = 2 2 (131)
6A o
1+ 20AT + —AT

Using Lagrangian to find the differential equation of motion, reminding

O[9T) 9T 90U ¢y iz12 (132)
Jdtidy; ) du; du

i

1+ o AT
Taking the substituting parameter H= 2 - and N= (1+ aAT)?*(2d +c), in
1+ 20AT + 2 AT

our case the Lagrange equation would be

m AN

—Hi, ——u, =0 133

3A° % 2L ° (133)
Reordering the above equation

i, - 3A'N u, =0 (134)
* 2mLH °

From this eigenvalue problem, the natural frequency would be

o 3N
" 2mLH

(135)
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If the blade is isothermal T;= T, =T;, then ¢ = 0, and neglecting the small amounts

3A%(1+ 20AT
wp = 22 QP20

216.7-0.059T,) (136)
mL

Plotting the above equation gives the change of natural frequency versus temperature.

5.4.2. Transverse Vibrations

Following the same algorithm for the transverse vibration, the potential energy would be

ATo/2 1 3 4
L , 2 e (d+cz)(——bh ](1+OLAT)
Uz =1 JEL[M} . 2

2 g —

y"2dz (137)
213 d0z* 3
oo 0 2L3[1+%AT]

Simplifying this equation and neglecting the small amounts

1+ ATo/2

j (d+cz)1+aAT) y?dz =

0

2

EI p ,
Urz =" Ij (d+cz)1+aAT) y?dZ  (138)
0

because the upper limit, aAT/L, is from the order of e-8 and is almost negligible. There is
no kinetic energy in transverse vibration due to thermal environment and the only effect is
the potential energy. To consider the effect of temperature in gas turbine blade dynamic

analysis, it’s enough to add this potential term to all previous potential terms.
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5.5. DYNAMIC OF ROTARY BLADE AT HIGH TEMPERATURE

Referring to Equation (100) and taking into account the potential energy due to

thermal environment, Equation (138), we have

L) =T (z,t)- Ui (2,1) (139)

where Usotai = Ustrain + Uthermal. Assuming harmonic motion,

t El

1 1
U, (z,t)= El y*dz + d+cz)(1+0AT)* y"*dzZ 140
o (1) wl Y ZLzl( X )y (140)
Incorporating the following nomenclature,
E(z) =L(d +cZ)(1 + 0AT)* (141)
and Equation (142)
oU_E h .
g =—L3£|:-ZJ.[1+E(Z)]¢ 2dz}qj (142)
3] 1o
the Lagrange equation is
1 1
D MO, +T207) di}j J. +{j [1+E@)]07 —1°Cosolp? —q);zg(z)]dz}q =0 (143)
0 0
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Corresponding to the jth equation, we denote

1
M, = Mo, +7°07) dz
0

X (144)
K, = [[1+E@)107" - n*Cosely? - ¢*a@)]cz
0
With j=1, 2, ..., N, we get the complete set of equations which can be expressed in the
matrix form as
[M]NXN{q}le + [K]NXN{q}le = {O}le (145)
Assuming harmonic motion,
la}={gle™ (146)

Equating the determinant of the coefficient matrix to zero, for nontrivial solution, the

characteristic equation will be obtained as

|K —.QZM‘ =0 (147)

5.6. CURVE VEERING

The plots of variation of eigenvalues or natural frequencies of vibrating structures with
respect to a non-dimensional system parameter often cross each other or abruptly veer

away avoiding the crossing. This phenomenon is termed as curve veering and has been
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observed both in approximate solutions as well as in exact solutions associated with the
vibration of some vibrating systems. Illustrating a family of loci is one way to present the
dependence of eigenvalue on a system parameter. The curve veering mainly has been
observed in approximate solutions. In the present study also due to application of
approximate method, curve veering has been observed in both thermal and non-thermal
rotating blade (Figure 43 and Figure 44), but as was shown by Sabour et al [93] it will be
vanished when a larger number of terms are used in the investigation. Here again the
curve veering may be shifted to the still higher natural frequencies. In the present study, a
rotating cantilever blade is considered from the point of view of curve veering when its
natural frequencies are plotted against the rotational speed. The shifting behavior of curve
veering from lower order natural frequencies to higher order natural frequencies while
increasing the number of assumed shape functions is examined. The results of the study
indicate that the number of terms used in the Lagrange-Bhat method should be
sufficiently large in order to avoid the pseudo curve veering behavior in the frequency
range of interest. However, when the natural modes were identified before and after the
apparent curve veering points, the veered curve did not change the mode shape, indicating

that it may not be the true curve veering. All modes, before and after the crossing point

had the same number of nodes. In following figures: ®, =—
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5.7. FLATTENING

By increasing the angular speed of the blade, it will be stiffer and due to that, the
deflection of the blade will be reduced and the frequency of the response will be
increased. This behavior is seen in both thermal and non-thermal blades, although at
thermal case in comparison with the non-thermal blade, higher deflections and lower
frequencies are seen. In both cases, the flattening phenomenon can be depicted if the
nondimensional deflection is plotted versus non-dimensional blade length (Figure 45 and
Figure 46) which has a very good agreement with the Bhat [87] results for the rotating
cantilever beam. The higher deflections and lower frequencies in thermal environment,

due to reduction of Young modulus of elasticity are quite reasonable.
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In this chapter, the Lagrange-Bhat method has been explained and used to analyse
the dynamics of the rotating cantilever blade in both non-thermal and thermal
environments. The curve veering and flattening phenomena also were discussed. In next
chapter the scale model idea will be described and the thermal scaling model will be used
as first time in this thesis, and will be justified by FEM. The theory and application of

dimensional and dynamic analyses also will be presented.



CHAPTER 6

EXPERIMENTAL INVESTIGATION ON SCALED MODELS,

INCLUDING TEMPERATURE SCALING

In previous chapter, the Lagrange-Bhat method has been explained and used to
analyze the dynamics of the rotating cantilever blade. The curve veering and flattening
phenomena also were discussed. In this chapter the scale model idea will be described
and the thermal scaling model will be used in this thesis, and will be justified by FEM.
The theory and application of dimensional analyses also will be presented. The

justification of the suggested models and the thermal scaling will be discussed too.

6.1. THEORETICAL ANALYSIS

The requirement of static equilibrium is essentially obvious. It is the one aspect of
structural behavior in which the engineer may place complete confidence. Of course, if
dynamic behavior is to be investigated, it is necessary to consider the problem in terms of
the laws of motion. The requirement of compatibility of deformations is a little more
difficult to take into account. It is particularly difficult to visualize what happens to the
strains in the vicinity of a discontinuity, say, due to the presence of a crack or under a
point load. In one-dimensional problems it is usual to consider discrete deformations, for
example, the total axial extension in a tie or the rotation at the end of a beam. The

distribution of strains across the sections are generally assumed to take some simple
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forms: the best known of these is that plane sections remain plane. Depending on whether
the structure is stiff or flexible, the overall behavior is examined in terms of the small
deflection theory or the large deflection theory. The stress-strain relationships for the
materials of the structure must be taken into account, when relating the changes in
geometry, due to the structural actions. In the analysis of one-dimensional structures,
attention is again focused on the overall behavior in terms of load-deflection or moment-
curvature relationships in which the stress-strain relationship has been assumed or is
implicit in the formulation of the force-deformation relationships. The shape of the force-
deformation curve will determine whether the structural behavior will be linear or non-
linear, or whether the mode of failure will be of a brittle or ductile character. Some of the
assumptions introduced to facilitate the theoretical analysis of skeletal structures may also
be introduced to advantage in the planning of model analysis methods. This is particularly
the case for models used to simulate the behavior of elastic prototype structures which are
assumed to be composed of homogeneous, isotropic materials complying with Hooke's

Law and never stressed beyond their limits of proportionality.

6.1.1. Non-linear Elastic Behavior

Elastic models may simulate overall non-linear elastic behavior although the
materials have linear stress-strain characteristics. This happens when the deflections are
such that stresses, strains, and reactions are no longer directly proportional to the applied
loads, that is, the deformations affect the actions of the applied loads. Non-linear behavior
in skeletal structures may develop due to large deflections, changes in boundary

conditions or as a result of stability. The principle of superposition is not valid where non-
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linear behavior exists and indirect model analysis cannot be used. Therefore, in the
general case, in order to reproduce a prescribed state of deformation of the prototype it
should be €= &y and v,-vy,. Also, the ratio of the stresses will be the same as the ratio of

the Young's Modulus of Elasticity for the prototype and model materials.

6.1.2. Linear Elastic Behavior

If the overall behavior of a skeletal structure is linear, the similarity requirements
may be simplified. Since the principle of superposition is valid for linear behavior,
indirect as well as direct model methods may be used. By using the model to predict
overall behavior it is permissible to use different shapes of cross-sections of the members
of the model and the prototype provided the ratios of their gross axial, flexural, shear and

torsional rigidities are correctly reproduced to scale.

6.1.3. Characteristics of Observations

Observations have two general characteristics, qualitative and quantitative. The
qualitative aspect of an observation serves to identify the characteristics of behavior so
that the phenomenon may be accurately described or at least identified sufficiently to
distinguish it from any other phenomenon. In addition, a quantitative indication of the
phenomenon is essential to indicate the extent or degree of the occurrence and to assist in
distinguishing it from qualitatively similar occurrences of different magnitude. In order to
maintain an effective and accurate record of an observation so és to make predictions

from it, or to convey accurately information concerning it to someone else, standards of
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description are necessary. The qualitative characteristics of the observation may be
described in terms of standardized operations which identify classes of quantities such as
length (L), force (F), or time (T). These qualitative characteristics are called the

dimensions of the quantity observed.

6.1.4. Scale Model In Creep-Fatigue

The creep-fatigue phenomenon involves the following parametric relation (Appendix F):

f (l’ M, I, p’ E’ t? (D’ G’ 8, T’ F’ A’ 87 a’ a) = 0 (148)

The dimensions of the parameters involved are given in Table 6 (Appendix F). The

For exact modeling one very difficult scaling law relating to the modulus of elasticity and
densities of the model and prototype must be satisfied. If the modulus of elasticity of the
model material is the same as the prototype material, then the model material density

must be:

Pm = AL Pp (149)

For any reasonable value of A;, the model density requirement is impossible to satisfy
because of material unavailability, and make it extremely difficult to choose the

respective A-factor.
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Table 6 Parameters involved in modeling.

Symbol | Measured Quantity Dimension
1 ] Characteristic Length L
2 I Moment of Inertia L*
3 p Density ML>
4 E | Modulus of Elasticity ML'T
5 t Characteristic Time T
6 ® Characteristic Frequency T
7 c Stress ML'T™
8 £ Straim e
9 T Temperature 0
10 F Force MLT™
11 A Elongation L
12 o Deflection L
13 a Thermal Expansion Coefficient R
14 M Mass M
15 a Characteristic Acceleration of Vibration LT

extraction of nondimensional II-numbers is explained in Appendix F. The IT-numbers are:

t? t?
1) = “1=(3L—)p= (“T)m = A=0"

2
I =he= = =y
A

Et* Et*

n_ LB _ B
@2 = z—(pL2 )p (pLZ
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Et? ot?

3) :>“3=<E)p=<ﬁ>m =ho=Ap AL
@ = Tm (Y == (W)
Thas P asr T T

Ft? Ft>

5) :»“5=(5£7>p=<p%>m = hp= 4y (M)’
o )

(6) :>“6=(z>p=(z)m =h=A

™ :>“7=(—%)p=<%>m =

(8) = H8= (wt)p-_— (a)t)m :>}\‘m=( }\‘L)-UZ

@ = T=(e)=(e)m =1

10) = o= (Ey=(Eyn She=de=hh
(o2 (o2

Aw’ PA®’ IR
1= ", =2 - n 2 Aarha AE= Ao Aa hoZ = dap © —2AT Y
(11) 1 (TOLE ) (TO(.E) AT Ag AE=Ap A Ag AT e
A A Ao
also we have (e1)y= (&1 )m = Mr=Ar=A = B (150)

Since all the events must be modeled on unified time scale, meaningful model results are

expected only if all frequency scale factors (A, /10," ) have the same value. The time scale
is unified with
ho=4, = ()" (151)

where
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o= | K | AE _ | E (152)
Lol ApL!

Taking A, cross-section length factor, dimensionally we have = I=k, (Ac)"*

A A A A A
ho=A, = )P |E = T IZE o =) 22 153)
T LA T A, RN Y (

This result is distortion in cross section, but will give free choice to material. Limitation
with this is that we only get correct scaling for bending natural frequency, because we are
scaling frequencies using bending frequency expression. When the structure does not
have gravitational force, it is acceptable to neglect acceleration.

For any vibrating structure simulation:

p’ll  pw*l?
( 3 = ( E Im (154)
(0)p= (V)m (155)

Equation (155) can be neglected if £ is not high, and otherwise we should select the

same material.

(Equation 154) = A, = % j—E = Time scalé = A = (Ao) = AL %’L (156)

L 4 E
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Using this scale in other equations:

1= 4= 4 = Lute = Acceleration scale = A, = A
A A, A,
2
@)= 4, = ;zp = Stress scale = As =4,

(5) = Ap =AM, = PForce scale = Ag =A A

(11) = At Aa Ag=2Ap Aa Al = Temperature scale = At =

This is a distortion or relaxation because A,=1 or (a)p = (Q)m.

IV

(157)

(158)

(159)

(160)

6.2. SCALE MODEL OF CANTILEVER BEAM IN CREEP-FATIGUE

6.2.1. Frequency Scaling

a) Same material, and different dimensions from [179]. Table 7 shows the information of

two different materials selected for scale model test.
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Table 7 Parameters involved in modeling.

Parameters Prototype Model

Length I m 0.5m

Dimension 38.17x 6.38 cm 19.085 x 3.19 cm

Material Steel Aluminum

Modulus of Elasticity | 2.05e11 N/m* 69¢9 N/m”

Density 7870 kg/m’ 2700 kg/m’

Poisson’s Ratio 0.29 0.3

Thermal  Expansion | 12e-6 m/m°C 23e-6 m/m°C

Coefficient

b h2
Cross Section
b b/2
Table 8 Parameters involved in modeling.
Sr. Model (0N (Hz) | Prototype ®p (Hz) | Prototype Oy
No. (ANSYS) (Predicted) (ANSYS)
Present ref. [178] | Present ref. [178] Present ref. [178]

1 10.4196 10.42 5.25978 5.259986 | 5.2598 5.26
2 65.2981 65.298 | 32.9623 32.96225 | 32.962 32.962
3 182.818 182.82 | 92.2860 92.28702 | 92.288 92.289
4 358.217 358.22 | 180.827 180.8284 | 180.83 180.83
5 592.093 298.886 298.89
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with the above data we have: A=2, Ag=2.89855, 1,=2.88889, Length scale factor = 2 =»

Ay, = }% ;—E =0.5008354, the results of predicted natural frequencies and the one
L ¥ %

calculated by FEM are tabulated in Table 8.

b) Different materials and half size.

Table 9 shows the information of two different materials selected for scale model test.

With the above data we have: =2, Az=2.89855, %,=2.88889 and Length scale factor = 2

A
2> A, = % }»—E = 0.5008354. The results of predicted natural frequencies and the one
Ly %

calculated by FEM are tabulated in Table 10.

Note: The change of length in general (length scale) should be considered in area (A) and

moment of inertia (I) as well.

6.2.2. Amplitude Scaling

Figure 47 and Figure 48 show the amplitudes of outputs due to harmonic input force.

We have Ap =A ;A7 = 11.59. In order to get the output of the model, the applied force on
model should be 8.625 N, instead of 100 N for the prototype. By Equation (149) A5 =
A=2. As the figures show, the maximum amplitude of the prototype by ANSYS is 4.51
mm and the predicted maximum amplitude of the prototype is 2 * 2.4 = 4.8 mm. The
small error is due to the fact that number of substeps taken in harmonic analysis is not

exact and if we increase number of substeps we will get exact predicted value.
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Table 9 Parameters involved in modeling.

Parameters Prototype Model
Length Im 0.5m
Material Steel Aluminum
Modulus of 2e11 N/m” 69¢9 N/m”
Elasticity
Density 7800 kg/m’ 2700 kg/m’
Poisson’s Ratio 0.3 0.3
Thermal Expansion | 12e-6 m/m°C 23e-6 m/m°C
Coefficient

h —II 2
Cross Section b b2

6.2.3. Acceleration Scaling

Figure 49 and Figure 50 show the accelerations of outputs due to harmonic input force.
We have Ap = A A% = 11.59. In order to get the output of the model, the applied force on

model should be 8.625 N, instead of 100 N for the prototype. By Equation (149)

Ao = E_ = 0.50167. As the figures show, the first maximum acceleration of the

A4,

0
prototype by ANSYS is 41981.7 g and the predicted maximum acceleration of the
prototype 1s 0.50167 * 95774.2 = 48047.04 g. The second maximum acceleration of the

prototype by ANSYS is 140615 g and the predicted maximum acceleration is equal to
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Table 10 Parameters involved in modeling.

Sr. Model o, (Hz) Prototype o, (Hz) Prototype o, (Hz)
No. (ANSYS) (Predicted) (ANSYS)
1 16.332 8.1796 8.1645
2 102.34 | 51.255 51.160
3 286.50 143.49 143.22
4 561.29 281.11 280.60
5 927.63 464.59 463.74
6 1385.4 693.86 692.58
7 1934.6 968.92 967.16
8 2528.3 1266.3 1264.1
9 2575.6 1289.9 1287.6

10 3308.5 1657.0 1654.0

0.50167* 281181.21 = 141060.18 g. The small error is due to the fact that number of
substeps taken in harmonic analysis is not exact if we increase number of substeps we

will get exact predicted value.
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6.2.4. Stress Scaling

Figure 51 and Figure 52 show the direct and bending stresses of outputs due to harmonic
input force.
We have Ap =A A5 = 11.59. In order to get the output of the model, the applied force on

model should be 8.625 N, instead of 100 N which is for prototype.

By Equation (160) A, =4, = 2.89855. As the figures show, the maximum stress of the

prototype by ANSYS is 0.6e9 Pa and the predicted maximum stress of the prototype is

2.89855 * 0.206°9 = 0.597¢9 pa.
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Figure 51 Stress vs. length of the 0.5 meter model.
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Figure 52 Stress vs. length of the 1 meter prototype.

6.2.5. Strain Scaling

Figure 53 and Figure 54 show the elastic bending strains of outputs due to harmonic input

force.

We have Ag =A A% = 11.59. Then to get the output of the model, the applied force on

model should be 8.625 N, instead of 100 N which is for prototype.

By Equation (149) A = 1. As the figures show, the maximum strain of the prototype by
ANSYS is 0.003001 and the predicted maximum stress of the prototype is 1 * 0.002991 =

0.002991.
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6.2.6. Temperature effect

Dok a A2

From Equation (160) we have Aar =
AoAg

. By taking this scale factor into

consideration for applying the temperature on prototype and model we will investigate the

stresses, strains and elongations in prototype and model.

6.2.6.1. Strain Scaling

Figure 55 and Figure 56 show the thermal strains of outputs due to temperature input

load.

A A Ao .
= 1.917. Then to get the output of the model, the applied

We have ‘o1 = ————
AT e

temperature on model should be 312.12K, while the applied temperature on prototype is

348K, and the reference temperature for both is 273K.

Logically we should have A, = 1. As the figures show, the maximum strain of the
prototype by ANSYS is 0.9e-3 and the predicted maximum stress of the prototype is 1 *

0.9e-3 = 0.9e-3.
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Figure 56 Strain vs. length of the 1 meter prototype.

6.2.6.2. Displacement Scaling

Figure 57 and Figure 58 show the axial elongation due to thermal strain.

We have lAT =

IVEN
A’(xA’E

temperature on model should be 312.12K, while the applied temperature on prototype is

348K 8.625 N, and the reference temperature for both is 273K.
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By Equation (149), As = A.=2. As the figures show, the maximum displacement of the

prototype by ANSYS is 0.9e-3 mm and the predicted maximum amplitude of the

prototype is 2 * 0.45e-3 = 0.9¢-3 mm.
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Figure 57 Displacement vs. length of the 0.5 meter model.
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Figure 58 Displacement vs. length of the 1 meter prototype.
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6.3. SCALE MODEL OF GAS TURBINE BLADE IN CREEP-

FATIGUE
Table 11 Parameters involved in modeling.

Parameters Prototype Model
Length 0.328 m 0.164 m
Material Steel Aluminum
Modulus of 2ell N/m” 69¢9 N/m”
Elasticity
Density 7800 kg/m’ 2700 kg/m’
Poisson’s Ratio 0.3 0.3
Thermal Expansion Coefficient | 12e-6 m/m’C 23e-6 m/m°C

Cross Section

N W a2 e N @

Y D U ) O O

3

whit the above data we have:

M=2, Ag=2.89855, 1,=2.88889

L

Length scale factor =2 =» A = }% ’1—5 =0.5008354
p
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It must be noted that the change of length in general (length scale) should be considered

in area (A) and moment of inertia (I) as well.

6.3.1. Natural Frequencies Scaling

Table 12 presents the natural frequencies of first 10 modes of the model, and the
prototype by ANSYS and also the predicted values for the prototype. As expected, the
ANSYS values conform that the natural frequencies of model is = natural frequencies of

model * natural frequency scale factor.

Table 12 Parameters involved in modeling.

Sr. Model o, (Hz) Prototype w, (Hz) Prototype o, (Hz)
No. (ANSYS) (Predicted) (ANSYS)
1 51.536 102.90 102.90
2 212.09 423.47 423.48
3 223.11 445.48 445.48
4 491.09 980.54 980.55
5 528.41 1055.1 1055.1
6 907.37 1811.7 1811.7
7 1347.2 2689.9 2689.9
8 1468.2 2931.5 2931.5
9 1603.6 3201.8 3201.8
10 2174.6 43419 4342.0
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6.3.2. Stress Scaling

Figure 59 and Figure 60 show the stress of outputs due to rotary speed input.

We have kmzi Mo
ALV A

[

= (0.5008354. Then to get the output of the model, the applied

rotary speed on model should be 314.159265 / 0.5008354 = 627.270988 rpm.

By Equation (149), A; =A, = 2.89855. As the figures show, the maximum stress of the

prototype by ANSYS is 0.767e§ Pa and the predicted maximum amplitude of the

prototype is 0.265e8%2.89855 = 0.768e8 pa.

The small error is due to the fact that number of substeps taken in Harmonic analysis is

not exact if we increase number of substeps we will get exact predicted value.
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Figure 59 Stress vs. length of the 0. 164 meter model.
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Figure 60 Stress vs. length of the 0.328 meter prototype.

6.3.3. Strain Scaling

Figure 61 and Figure 62 show the elastic strains of outputs due to rotary speed input load.

We have A, L
A

L

M
x

p

= 0.5008354. Then to get the output of the model, the applied

rotary speed on model should be 314.159265 / 0.5008354 = 627.270988 rpm.
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" ELEMENT SOLITIN AN
P “"‘HE_“:E?;
BUB =1 180z
EPELZ (NG
FavE0

DEZ -, PRIEO4 1
S 35304 ’
SNE =, 3U2E-0%

L 3NIT-0 L113E-03 JECTT2T EEER 5] L XS2E-O3
S TRFE-D4 Z134K-03 S2AINE-0 -313%-03 L I9TX~03
RCTATING FRUTUIYEE STEXL DLADE

Figure 62 Strain vs. length of the 0.328 meter prototype.

By Equation (149), A, = 1. As the figures show, the maximum strain of the prototype by
ANSYS is 0.392e-3 and the predicted maximum stress of the prototype is 1 * 0.392¢-3 =

0.392e-3.
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6.3.4. Displacement Scaling

By Equation (149), As = A.=2. As the figures show, the maximum displacement of
the prototype by ANSYS is 0.759¢-4 mm and the predicted maximum amplitude of the
prototype 1s 2 * 0.380e-4 = 0.760e-4 mm. As Figure 63and Figure 64 show, the

displacement of prototype is twice of the model displacement.

6.3.5. Temperature Effect

A A '
From Equation (160) we have Aar = ﬁ—-. By taking this scale factor into
a’YE

consideration for applying the temperature on prototype and model and keeping the scale

>

1
factor for angular speed as A, = — [—% = 0.5008354, we will investigate the stresses,

MR,

strains and elongations in prototype and model

6.3.5.1. Stress Scaling
Figure 65 and Figure 66 show the principal stresses, and Figure 67 and Figure 68 show

A
the Von-Mises stresses of outputs due to rotary speed input. We have A = % }»_E =
L

P

0.5008354. Then to get the output of the model, the applied rotary speed on model should

be 314.159265 / 0.5008354 = 627.270988 rpm. By Equation (149), A, = A, = 2.89855.
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Figure 63 Displacement vs. length of the 0.168 meter model.
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Figure 64 Strain vs. length of the 0.328 meter prototype.

As the figures show, the principle stress of the prototype by ANSYS is 0.767e8 Pa and
the predicted one of the prototype is 0.265¢8%2.89855 = 0.768e8 pa. Also the Von-Mises
stress of the prototype by ANSYS is 0.796e8 Pa and the predicted one of the prototype is

0.275e8*2.89855 = 0.797¢8 pa.
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Figure 65 Principle stress vs. length of the 0. 164 meter model.
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Figure 66 Principle stress vs. length of the 0.328 meter prototype.
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Figure 67 Von-Mises stress vs. length of the 0. 164 meter model.
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Figure 68 Von-Mises stress vs. length of the 0.328 meter prototype.
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6.3.5.2. Force Scaling

Figure 69 and Figure 70 show the axial forces of the model and prototype respectively.
We followed the scale factors for length, cross sectional area, Modulus of elasticity, and
density, and as the figures show the force scale matches, which is conformation of the
“Pi”s. By Equation (149) we have Ar = Ag AL® = 11.59. The force of the prototype by

ANSYS is 3330 N and the predicted one of the prototype is 287.215%11.59 = 3328.82 N.
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Figure 69 Force vs. length of the 0. 164 meter model.
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Figure 70 Force length of the 0.328 meter prototype.

6.3.5.3. Strain Scaling

Figure 71 to Figure 76 show the Von-Mises, elastic and thermal strains of outputs due to

temperature and angular speed input load.

WEH

We have by = ————
> AAT e

= 1.917. Then to get the output of the model, the applied

temperature on model should be 312.12K, while the applied temperature on prototype is

348K, and the reference temperature for both is 273K.

Logically we should have A. = 1. As the figures show, all the strains of the 0.168 m

Aluminum model and the 0.328 m Steel prototype are identical.
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Figure 71 Von-Mises strain vs. length of the 0.164 meter model.
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Figure 72 Von-Mises strain vs. length of the 0.328 meter prototype.
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Figure 73 Elastic strain vs. length of the 0.164 meter model.
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Figure 74 Elastic strain vs. length of the 0.328 meter prototype.
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Figure 75 Thermal strain vs. length of the 0.164 meter model.
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Figure 76 Thermal strain vs. length of the 0.328 meter prototype.

6.3.5.4. Displacement Scaling

Figure 77 and Figure 78 show the axial elongation due to thermal and angular speed

loads. By Equation (149), As = A =2. As the figures show, the maximum displacement of
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the prototype by ANSYS is 0.944e-4 mm and the predicted maximum amplitude of the

prototype is 2 * 0.472e-4 = 0.944e-4 mm.
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Figure 77 Displacement vs. length of the 0.168 meter model.
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Figure 78 Displacement vs. length of the 0.328 meter prototype.
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6.4. TEST ANALYSIS

6.4.1. Accelerated Testing

Frequently high-temperature strength data are needed for conditions for which
there is no experimental information. This is particularly true of long-time creep and
stress-rupture data, where it is quite possible to find that the creep strength to give 1
percent deformation in 100,000 h (11.4 years) is required, although the alloy has been in

existence for only 2 years.

Obviously, in such situations extrapolation of the data to long times is required.
Reliable extrapolation of creep, creep-fatigue, and stress-rupture curves to longer times
can be made only when it is certain that no structural changes occur in the region of
extrapolation which would produce a change in the slope of the curve. Since structural
changes generally occur at shorter times for higher temperatures, one way of checking on
this point is to-examine the log-stress-log-rupture life plot at a temperature several
hundred degrees above the required temperature. For example, if in 1,000 h no change in
slope occurs in the curve at about 100° C above the required temperature, extrapolation of

the lower temperature curve as a straight line to 10,000 h is probably safe and

extrapolation even to 100,000 h may be possible.

Certain useful techniques have been developed for approximating long-term

behavior based on a series of short-term tests. For instance the data from creep testing

may be cross plotted in a variety of different ways. The basic variables involved are
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stress, strain, time, temperature, and perhaps strain rate. Any two of these basic variables
may be selected as plotting coordinates, with the remaining variables to be treated

as parametric constants for a given curve.

One of the commonly used methods for extrapolating short-time creep
and creep-fatigue data to long-term applications is the thermal acceleration
method. Creep testing guidelines usually dictate that test periods of less than 1
percent of the expected life are not deemed to give significant results. Tests
extending to at least 10 percent of the expected life are preferred where

feasible.

Thermal Acceleration Method

The thermal acceleration method involves laboratory testing at temperatures much
higher than the actual service temperature expected. As shown in Figure 79 the data are
plotted as stress versus time for a family of constant temperatures where the creep strain
produced is constant for the whole plot. It may be noted that stress rupture data may also
be plotted in this way. As an aid in extrapolation of stress-rupture data several time-
temperature parameters have been proposed for trading off temperature for time. The
basic idea of these parameters is that they permit the prediction of long-time rupture be-

havior from the results of shorter time tests at higher temperatures at the same stress.
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Figure 79 Thermal acceleration method of creep testing.

In our tests, we did both upscale and subscale temperature tests. Indeed to justify the
scale model theory and specifically the thermal scaling, the subscale temperature has been
used for model in comparison with the prototype. On the other hand to run the creep and

creep-fatigue a test in a shorter time than the reality, tests at the upscale temperature have

been carried out.

More or less the same upscale force has been applied for the fatigue test to take shorter

time than the real case. In case of applying the real normal load, it may take about 6

months.
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6.4.2. Experimental Procedure

1) CREEP-FATIGUE INTERACTION TESTS

I.1. Material and Specimen

Materials for creep-fatigue tests were Steel 4340. The material and its chemical,

physical, and mechanical properties are listed in Table 13, Table 14, and Table 15

respectively.

Table 13 Chemical properties of steel 4340.
C | MN P S Si Cu Ni Cr | Mo Al \Y N Cb Sn
0.4 1075 )0.008 10029 [026]| 0.03 | 172 | 0.87 | 0.23 | 0.021 | 0.001 | 0.0055 | 0.002 | 0.001

Figure 80 shows the geometry of a specimen used for the creep-fatigue tests.

Table 14 Physical properties of steel 4340.

%A Tuer("C) | p (kg/m’)

a (um/m’C)

% AL Y

36-43 1426.67 7.85€3

13.7

13.2 0.29

Table 15 Mechanical properties of steel 4340,

Sy (Mpa)

E (Gpa)

Su (Mpa)

BHN

710

195-205

825-1110

248
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Figure 80 Geometry of fatigue, creep, and creep-fatigue specimen, steel 4340 (dimension in mm).

1.2. Apparatus and Test Conditions

The apparatus used in this study was Gleeble-3500 (Figure 81), a controlled
electro-hydraulic thermal-fatigue testing machine with high-precision conduction heating

and air-cooling functions [180].

For axial displacement measurement, Fastar-SP100 sensor from Data Instruments was
used which is based on inductance variation. Temperature was measured by 0.2 mm
diameter thermo-couples welded at the middle and both ends of the specimen. The
temperature difference within the gage length was not greater than + 2°C to the set
temperature throughout the duration of a test. In the creep-fatigue tests, force was
computer-controlled by the sﬁme triangular waveform cycling. The same temperature was
used for creep, and creep-fatigue tests, using the output of the thermocouple. The

following waveforms shown in Figure 82 were applied in the tests.
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Figure 81 Gleeble-3500 for different creep, fatigue and creep-fatigue tests.

The tests were in two main categories:

e Thermal Scaling

e Creep-Fatigue Interaction
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Figure 82 Load waveform for creep, fatigue, and creep-fatigue tests.

and were done using the testing facilities at the National Research Council (NRC), at

Boucherville, Quebec.

1.3. Creep
1.3.1. Model Results

In order to use the Larson-Miller relation, the constant “C” should be found.

P=T(C+Lnt, )=T,(C+Lntg,) (161)
From the following test results (Table 16), the average value of three last tests for C was

found as 16.65.

Table 16 Creep test results for steel 4340.
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Test# | T(CC)| TX) | tg (sec)

1 800 | 1073.15| 3645

2 850 | 1123.15| 1205

3 853 | 1126.15| 1125

4 875 | 1148.15| 715

From Equation (37) of chapter 4

P=T,(C+Lntg )=b, +b,(Lno) (162)

Substituting the data from the test, for instance from the second row of the Table 16, and

taking into consideration that the test stress was equal to 50.09 MPa (7265 Psi)

P =11205{16.65+Ln (1205)] =b, + b,Ln(7265) (163)

Taking by = 10000, then we have b;= 1874.785. Now for our case study which is at 800
°C to find the rupture time, either Equation (35), or Equation (37) of chapter 4 can be

used. Using Equation (37)

P =1073.15[16.65+Lnt, ] =10000 + 1874.785Ln(7265) (164)

From this we have:
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tr = 3691.449 sec (165)

1.3.2. Test Results

It includes 4 tests on a 90 mm long of a 12.7 mm diameter Steel 4340 which was
cleaned and annealed at 248 BHN. For creep test the following waveform shown in
Figure 83 has been applied. Indeed we could just apply the temperature and the force of

6.31KN which is equal to stress of 50.09 MPa (7265 Psi).

Creep Waveform
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5 “ | | |
£ S | | s
o
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Figure 83 Stress waveform for creep tests.
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Figure 84 Force waveform for creep tests.

Due to these conditions we had

tg = 3645 sec (166)

The following figures show the effect of temperature on creep strain.
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Figure 85 Creep strain vs. time at 800°C in creep test.
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Figure 86 Creep strain vs. time at 850°C in creep test.
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Figure 87 Creep strain vs. time at 853°C in creep test.
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Figure 88 Creep strain vs. time at 875°C in creep test.
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I.4. Fatigue

1.4.1. Model Results

The universal slope which is the combination of Coffin-Manson law (for plastic

strain) and Basquin law (for elastic strain) has been used.

.423 = £, (2N,) +&,(2N,)" (167)

where:

Ag : total strain range (in)

s'f : fatigue ductility coefficient, equals Ln (&._) , which %RA is

100 - %RA
reduction area in percentage
g : fatigue strength coefficient, approximately equals S,/ E
b : fatigue strength exponent, material dependent constants
c : fatigue ductility exponent, material dependent constants
Syt : ultimate tensile stress (Psi)
E : Young’s modulus of elasticity (Psi)

2Ns: number of reversals (2 reversals equals one cycle)

Since many tests are needed to find the constants, the suggested values in ASM handbook

V.II for Steel 4340 have been used. Consequently,
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% =0.58(2N, )" +0.0062 (2N, )% (168)

Total strain was found from the test, which was 1.639915 mm = 0.0645636 in, and hence
0.0322818 = 0.58 (2N, Y057 +0.0062 (2N; )0 (169)

From Equation (30), the number of reversals (2Ny) will be obtained as

2Nf=190.8691 cycles (170)

| 1.4.2.Test Results

The cyclic load was applied on a sample of 12.7 mm diameter 90 mm long Steel
4340 until break down. The minimum stress was 40.04 MPa (5.81 ksi) and the maximum
stress was 60.10 MPa (8.72 ksi). Practically we could apply force between 5.07 KN to

7.61 KN.
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Figure 90 Force waveform for fatigue test.
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The total spend time was 2019.5 seconds and each cycle was 10 seconds, but it took 66
seconds preliminary time to start the cyclic load. Then if we take the net time for the
cyclic load, the number of reversals is obtained as

2N¢=(2019.5 - 66) / 10 = 195.35 cycles (171)
and if we take the total spend time

2N¢=2019.5/10 = 201.95 cycles (172)

Figure 91 shows the strain vs. time in fatigue test.
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Figure 91 Strain vs. time in fatigue test.
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L.5. Creep-Fatigue Interaction
1.5.1. Model 1 Results

1.5.1.1. Test Data

The test data has been used to find the total damage at creep-fatigue interaction. As an
example the damage at 50 seconds will be
I. Creep damage: From Equation (46) of chapter 4

Dc =50/3645=0.01372 (173)
II. Fatigue damage: From Equation (45) of chapter 4

Dr=50/2019.5 =0.02476 (174)

III. Total damage: From Equation (49) of chapter 4

D1 =Dc +Dr=0.01372 + 0.02476 = 0.0384786 (175)

1.5.1.2. Calculation

The data from the calculation has been used to find the total damage at creep-fatigue
interaction. As an example the damage at 50 seconds will be

L. Creep damage: From Equation (46) of chapter 4

D¢ =50/3691.449 = 0.0135448 (176)
II. Fatigue damage: From Equation (45) of chapter 4

Dr=50/190.8691 = 0.02619596 (177)
III. Total damage: From Equation (49) of chapter 4

Dyt =Dc + Dr=0.0135448 + 0.02619596 = 0.0275504 (178)
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1.5.1.3. Test Results

The cyclic load was applied on a sample of 12.7 mm diameter 90 mm long Steel 4340
until break down. The minimum stress was 40.04 MPa (5.81 ksi) and the maximum stress

was 60.10 MPa (8.72 ksi) and the hold time was 5 seconds.

Creep-Fatigue Waveform
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Figure 92 Stress waveform for creep-fatigue test.
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Figure 93 Force waveform for creep-fatigue test.
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Indeed we could apply the force and temperature and measure the stress and strain.

Practically break down happened after 1254.5 seconds. Then the damage for our case

study at 50 seconds is:

Dt =50/1254.5 = 0.03986 (179)

Figure 94 shows the strain under creep-fatigue interaction.

Creep-Fatigue_Strain, 5.07-7.61 KN, 800C
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Figure 94 Strain vs. time in creep-fatigue test.
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1.5.2. Model 2 Results

Based on the Miners’s rule for fatigue failure, we have

%, % 5y (180)
Sf
where

O, : alternating stress

Om . Mean stress

o¢r: creep strength (creep stress for corresponding time to rupture)

S¢ : fatigue strength

For the case that was tested we have:
G, : 10.03 Mpa
om: 50.07 Mpa
o for 800°C and 1 hour lifetime is 50.7 Mpa

Sut: 825 Mpa, then 0.9S = 742.5 Mpa

Substituting these values in Equation (41), we have

S¢=2807.18 MPa (181)

which is greater than 0.9S,; = 742.5 Mpa. Then it can be concluded that:

N¢ < 10° (182)
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This is reasonable because from the test we have:

Nt = Total spend time / Period of 1 cycle =1254.5/ 15 = 83.6

1.5.3. Model 3 Results

From Equation (51) of chapter 4 we have:

where

Ng : number of cycles to failure in creep-fatigue

Nt : number of cycles to failure in fatigue test

NsE: safety factor
tn : hold time at stress ¢ and temperature T

tr: rupture time at stress ¢ and temperature T

For the case that was tested we have:

N¢:195.35

NSFZ 0.54
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th: S sec
tr: 3645 sec
Using Equation (51) of chapter 4, we get the number of cycles to break for the steel 4340

as
Nr = 83.1951 cycles (185)

The present life status for instance after 50 seconds, which is equivalent to 3.33 cycles, is

L, - N o 3B 59599 (186)
Nq 83.1951
Test result gives
Nr =1254.5/15 = 83.6 cycles (187)

The present life status for instance after 50 seconds, which is equivalent to 3.33 cycles, is

L, - N 212338 _go601 (188)
N, 83.6
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6.5. FRACTOGRAPHY (SEM)

Although the intent of the present research is mainly mathematical modeling of
the creep-fatigue phenomena validated through testing, fractography of the test specimens
are presented order to give another dimension to the phenomena. It is not the intent here
to discus them in any detail. The fractography (Scanning Electron Microscopy) of the
fracture cross section also has been done and is shown in Figure 95 for aluminium and in
Figure 96 for steel. In the case of creep, the fracture is mostly inter-crystalline
(intergranular). However, in contrast, the fracture is due to the trans-crystalline
(transgranular) failure surface exhibited by room temperature fatigue failures. Creep
rupture typically occurs without necking and without warning. In creep-fatigue situation,
the fracture is mixed of intergranular and transgranular, which means it is the

combination of creep and fatigue phenomena (Figure 97) [181].
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1) SCALE MODEL TESTS

The materials used for thermal scaling test were Al 2023 as model and Steel 4340
as prototype. The specifications of the Steel 4340 were mentioned above. The material

and its chemical, physical, and mechanical properties of Al 2923 are listed in Table 17,

Table 18, and Table 19 respectively.

Table 17 Chemical properties of Al 2023.
MN SI Cu Cr Mg Ti Zn Others

0.3-0.9 05 3.8-49 0.1 1.2-1.8 0.25 0.15 0.15

Table 18 Physical properties of Al 2023.

p (kg/m’) a (pm/m’C)

2.77e3 38.5

Table 19 Mechanical properties of A12023.
Sy (Mpa) E (Gpa) Su (Mpa)

344.05-361.29 195-205 473.67-487.46

The geometry of Steel 4340 specimen was shown in Figure 80, and shows the geometry

of Al 2023 specimen.
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Figure 98 Geometry of fatigue, creep, and creep-fatigue specimen Al 2024 (dimension in mm).

Parameters involved in scale modeling are presented in Table 7. Two kinds of modeling
have been done:
1) Temperature scaling:
In this test, besides the dimensional scaling, the applied temperature was scaled
on model, and the total strains of prototype and model have been compared.
2) Temperature-Force scaling
In this test, besides the dimensional scaling, the applied temperature and axial
tension force were scaled in the model, and the total strain of prototype and

model have been compared.
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Table 20 Parameters involved in modeling.

Parameters Prototype Model
Length 228.6 mm 114.3 mm
Dimension 12.7 mm diameter | 6.35 mm diameter
Material Steel Aluminum
Modulus of 1959 N/m’ 72.4e9 N/m’
Elasticity
Density 7850 kg/m’ 2770 kg/m’
Poisson’s Ratio 0.29 0.3
Thermal Expansion | 12 pm/ m°K 38.5 um / m°K

D D/2

Cross Section

o

The following scales have been applied to the model:

Ay = AgA2 =10.870

A
A=) =i, /—" =2.05
}\'E
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Dok a2

a’E

=1.856 (191)

AT, =AT, /Ay (192)

The results obtained are presented in Figure 99 to Figure 102.

The total strain is plotted against time in Figure 99. The difference between the total
strains of the prototype and the model is about 1% which is very good agreement. It is

good to be mentioned that the measured total strain of the model is due to applying the

calculated scaled temperature.

Strain in Thenmat Scaling
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Figure 99 Total strain vs. time in thermal scaling.
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Figure 100 Total strain vs. time in thermal scaling.
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Figure 101 Total strain vs. time in temperature-force scaling.
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Figure 102 Total strain vs. time in temperature-force scaling.

Figure 102 is the zoom in of Figure 101 which shows the detail of the behavior of the
prototype and the model close to the break point. For about half of the lifetime the total
strain of both the prototype and the model are almost the same. Although by increasing
the time, the difference between the two curves is also increasing, but they face the failure

almost at the same time, and the maximum difference of the total strains is about 10%.
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111) DISCUSSION AND CONCLUSIONS

a) CREEP-FATIGUE INTERACTION MODELS

Three constitutive models have been suggested. In first model, the main idea is that the
total damage can be used for break point of the components, and the damages due to
creep and fatigue can be accumulated linearly. In this model, the creep model uses a
Norton power law, Larson-Miller and Robinson's rule approach, while the fatigue model
combines Miner's rule and the universal slopes method. The damages are calculated

separately and the total damage is found by linear summation in order to find the lifetime.

In model 2, the fluctuating stress is considered as a varying stress in fatigue-creep
model. Since the fluctuating stress is combination of alternating and mean stress, it can be
assumed that the mean part represents the static load which can cause creep at elevated
temperatures, whereas the alternating part is responsible for fatigue damage. This model
is an extension to Goodman theory, except that instead of an intercept of ultimate stress

(o,) onthe o, axis, the intercept used is the creep-limited static stress (G, ).

In model 3, the approach for this model is that the creep-fatigue interaction can be
considered as cyclic fatigue but with the hold time at maximum, minimum, or extreme
stresses. This model has two'str.ong points: 1) the required data can be used from pure
creep and pure fatigue tests; 2) it has a safety factor (or a weakness factor) that is based

on the material information and industrial experiences, between 0-1.
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Out of three constitutive models, the first one is the most accurate and reasonable
one, although the 3™ one is the easiest one. The main weak point of the second one is that
it gives just a range of the lifetime or lifecycle for the low frequency loads, and it cannot
be accurate at that region. The weak point of the 3™ one is finding the safety factor

accurately.

Although we have not done more tests to find the constants in universal slope equation,
and the one from ASM handbook has been used, but for unknown materials many more
tests are needed to find those constants. In our case, the final result of the lifetime
prediction in creep-fatigue interaction tests and the first constitutive model has quite

reasonable and acceptable mach.

b) SCALE MODEL

The thermal scaling test has been done in two cases, with and without force
presence. In both cases the agreement of analytical results with those from the test are
surprisingly close, which is a big achievement, because in the literature there is no work
on thermal scaling except the one which have been done by NASA. In all those
investigations NASA has selected both the prototype and the model from the same

material, and of course with the same thermal expansion.
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In this chapter the theory and application of scale model tests in general, are explained
and specially the thermal scaling are described and used for the first time. Also the
Justification of the three lifetime predictions and the thermal scaling tests are presented. In
the next chapter the results and discussion of the thesis on the whole will be presented,

and the recommendations for future work will be proposed.
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CHAPTER 7

DISCUSSION AND CONCLUSIONS

In previous chapter the theory and application of scale model tests in general, were
explained and specially the thermal scaling was described and used for the first time. Also
the justification of the three lifetime predictions and the thermal scaling tests were
presented. In this chapter the results and discussion of the thesis on the whole are

presented, and the recommendations for future work are given.

7.1. GENERAL

The lifetime of gas turbine components in creep-fatigue interactions has been studied in

this thesis.

Three suitable models for predicting the lifetime were developed and studied. The
finite element technique was used to study the component dynamic behavior. Natural
frequencies and mode shapes were obtained. The response and stress due to harmonic and
centrifugal loading were also obtained. The analytical results were compared with those

obtained from experiments.
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The dynamic analysis of the gas turbine blade was first studied using beam
characteristic orthogonal polynomials in the Lagrange-Bhat method. The blade was
idealized as a cantilever beam due to its low aspect ratio. The variation of the natural

frequencies and mode shapes with speed of rotation was obtained.

The frequencies of applied loads also are important because of fatigue
phenomenon. In vieW of the complex shape of the blade, approximate methods such as
FEM were used to find the natural frequencies. Using FEM method for natural

frequencies causes the phenomenon called curve veering.

Mathematical models for prediction of the operating life of aircraft components,
specifically gas turbine blades, which are subjected to creep-fatigue at high temperatures,

was proposed. The components were modeled by finite element methods.

The simulation studies on the life-limiting mode of failure, as well as estimating the

expected lifetime of the blade, using the proposed models have been carried out.

The finite element method was employed to model the structure. Because of stress
redistribution due to the creep process, it was necessary to include a full inelastic creep
step in the finite element analysis, as over-conservative creep life predictions usually

result when only the initial elastic stresses are considered.
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Experimental investigations were carried out in order to validate the theoretical model. In
experimental validation, the failure specifications of sample were compared with the
result of simulation. The experimentally measured lifetime and the total creep strain of

the failed specimens were compared with those predicted using the analytical models.

The main contributions in the thesis are:

1. Innovative failure models in order to obtain the operating life of the blades in high
temperature environments of gas turbine engines. | These models are
mathematically very simple and even more important, they do not need the
complicated tests for the materials, and only the pure fatigue and pure creep tests
data are enough for life prediction in creep-fatigue environment.

2. Developing finite element methods to study creep-fatigue interaction effects to get
meaningful results for industrial applications. Although the commercial FEM
software have the ability to analyze the creep and fatigue phenomena individually,
none of them have built in program or model for creep-fatigue analysis. The
present study provides a good approach to write a comprehensive program for this
mixed mode of failure.

3. Analyzing the curve veering and flattening phenomena in rotating blade in
thermal environment, using Lagrange-Bhat method and energy equation.

4. Using similitude method (Scale model analysis), and developing thermal scaling
method for lifetime prediction for the first time. Although the scale model idea has

been used for long time, the thermal scaling idea has been used just by NASA
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in which, both the prototype and the model are from the same material. In

thermal study the different materials are selected for model and prototype.

7.2. CONCLUSIONS

The conclusions arrived on the basis of the results of this investigation in the different

chapters of the thesis are summarized and given below:

1)

2)

3)

4)

5)

6)

7

The natural frequencies of a rotating beam increase linearly at higher rotational
speeds.

The beam tries to straighten itself as the rotational speed is increased (the
flattening effect).

Depending on the number of terms used for shape functions, the pseudo curve
veering in thermal rotating blade happens at higher modes, and by increasing the
number of terms, the curve veering also moves to the still higher modes.

The blade in a thermal environment has almost the same behavior of non-
thermal environment, except that at higher temperatures, the deflections are
higher and the natural frequencies are lower.

The deflections of thermal and non-thermal blade, at standstill are the same, but
the deflection of the thermal blade at the tip is more than the nonthermal one.
The scale model analysis can be used even for dynamic analysis to find the
natural frequencies.

The scale model analysis can be used even for thermal environment.
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8) The maximum stress occurs at the root of the blade and decreases in value
towards the tip.

9) The linear summation of creep and fatigue damages in low strains has very good
result for creep-fatigue life prediction.

10) By acceleration distortion the thermal scaling is applicable to different materials

for prototype and model.

7.3. RECOMANDATIONS FOR FUTURE WORK

Some suggestions for possible future work are given below:

1.

2.

Pretwist and taper can be incorporated in the formulation of the blade models.
The effect of aecrodynamic forces on blade response can be investigated.
Experimental validation with the inclusion of the blades can be carried out.

Modal testing can be carried out to determine the mode shapes of stationary and

rotating blade.

Combining the study with the other field like smart materials, can be done by

future work.

Taking the curvature of the beam into consideration in analysis.
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APPENDIX

Appendix A

Typical Material Data From Tests

This is the typical material data for creep strain equal to 0.005.

T (°F) 1300 1400 1500 1600 1700 1800 1900 2000
Time (h) Stress (ksi)

0.1 120. | 110. | 96.0 | 80.0 | 64.5 | 48.5 | 35.0 |25.0
10 90.0 {77.0 | 60.0 | 44.5 | 30.0 | 18.6 | 10.3 | 5.70
20 86.0 | 72.0 { 57.0 | 40.5 | 27.0 | 15.0 | 8.20 |4.30
50 80.5 | 67.0 | 51.5 | 36.0 | 22.5 | 12.0 | 6.20 | 3.00
100 78.0 | 62.5 | 48.0 | 32.0 | 19.0 | 10.0 | 4.85 |2.30
200 74.5 | 60.0 | 44.5 | 28.5 | 16.5 | 8.30 | 3.85 | 1.70
500 69.5 | 56.0 | 39.0 | 23.8 | 13.0 | 6.60 | 2.80 | 1.18
1000 66.5 | 52.5 1355|210 [ 11.0 | 5.50 | 220 |0.92
2000 63.0 | 49.8 | 32.0 | 185 | 9.25 4.60 1.72 1 0.70
5000 59.8 1 46.0 { 28.0 | 15.5 | 7.00 | 3.65 | 1.25 | 0.48
10000 56.0 {43.5 | 25.0 | 13.5 | 6.40 | 3.00 | 1.00 | 0.36
100000 |42.0 |31.0 | 17.0 | 8.50 | 3.60 | 1.50 | 043 |0.15
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Appendix B

The Procedure of Tabular Material Format Creep Calculations

If 65 , Tjj are the stress and temperature at the time interval i and station j, the program

calculations steps for the rupture life are as follows:

1. Calculates G;; to o5

2. Interpolates to get the corresponding time t;; for strain conditions of 0.5%, 1 %, 2.0%....
and stress rupture for all o;; and Tj;. These two procedures will be repeated for all the

strain conditions, i.e. 0.5%, 1 %,2%,. ..to stress rupture for all oy, Tj;.
3. Plots creep strain € versus time t for all oj;, Tj;.
4. For each station j, obtain €; for time interval t; uses 61, T} , t; and curvel in Figure 19.

5. For each station j, obtains tg (equivalent time) for time interval t, using 6, , T, , €; and

curve 2 in figure 2
6. With t=ty + t;; 62, 7T,, & and curve 2 in figure 2 :

7. Repeats steps 5 and 6 for the remaining time intervals of the mission and subsequent

ones.
8. At the end of each mission, k, calculates the blade elongation

9. If gy>creep strain limit or Ay> creep elongation limit or k= specified number of
missions, program will stop and a message is .printed to indicate .that strain or

elongation limit has been reached
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Appendix C

Arguments

These are the command line arguments that must be entered for running the macro.

ARG1 : Number of missions

ARG?2 : Material deterioration (temperature)
ARG3 : Creep option 1(on) or O(off)
ARGH4 : Nonlinear geometry 1(on) or 0(off)
ARGS : Geometry filename

ARG6 : Geometry file extension

ARG7 : Load filename

ARGS : Load file extension

ARGY : Creep strain limit (in/in)

ARG10: Material properties filename
ARG11: Material properties extension
ARG12: Creep constant filename

ARG13: Creep constant extension

ARG14: Creep ratio

And following input files:
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Geometry file

The geometry file contains 4 columns that must be separated by space. The columns are
X, Y, Z, and the cross sectional area respectively. The blade is along “y” direction.

X Y V4 Area

0.000 3.2809800 0.000 0.0961
0.000 3.8492016 0.000 0.0731
0.000 4.1333124 0.000 0.0642
0.000 4.2280160 0.000 0.0617
| 0.000 4.3227196 0.000 0.0593
0.000 4.4174232 0.000 0.0573
0.000 4.5121268 0.000 0.0554
0.000 4.6068304 0.000 0.0537
0.000 4.7015340 0.000 0.0522
0.000 4.7962376 0.000 0.0510
0.000 4.8909412 0.000 0.0500
0.000 5.2697556 0.000 0.0477
0.000 5.6485700 0.000 0.0488

0.000 5.9000000 0.000 0.2194

Load file

The first column of load file is the cumulative time in seconds, the second column is the
angular speed in rpm, the third column is the T, at each time, the fourth column is
minimum and maximum T4, and from the fifth column and after that are the minimum

and maximum blade temperatures of the nodes (it starts from the first node, at the hub).
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min

min

Time speed T4 @), 71, (E() T rade (—I;l;;)

(sec.) (rpm) (Deg.F node 1 node2 node3 node4d
0.0500 | 29980.6 | 1719.6] 1700.0 1281.1 1296.05 1311 1315.43
45.0000| 29980.6 | 1719.6] 1776.8 1320.1 1336.4 13527 1357.53
50.0000 29980.6 1720.9" 0.0000 0.0000 0.0000  0.0000 0.0000
650.000 29980.6 1720.9 0.0000 0.0000 0.0000  0.0000 0.0000
15040.0 29980.6 1742.0 0.0000 0.0000 0.0000  0.0000 0.0000
15045.0 29980.6 1742.0 0.0000 0.0000 0.0000  0.0000 0.0000
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Appendix D

The results of the effect of creep ratio on lifetime and rupture creep strain.

Creep Ratio Effect, w=20000 rpm

0,068 1<~ ------ R R S
Boosl - o L e
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Appendix E

\T_\'

y
y _ W,
"l /1’ z
- 7
= " | dx
L
1231 Ua
Ty Ty

Based on the figure, for the small element at distance x we have:

8L = dx(1+ o[ T(x) T, ])

T, -T
where T(x):T0+( 2L O)X then

oL = dx(l +o[T, + (TZ it ]x =T, ]j = dx[l + OL(T2 —T jxj
L L

L= JIHOL[TZ I:TO )x]dx = {x +oc(T2 ;T‘) jﬂ: = L[l'*'%(Tz _To)]
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Appendix F
SELECTION OF BASIC QUANTITIES

For obvious reasons the first standards to be established were those dealing with
the measurement of the three relatively simple quantities, F, L, and T. It soon became
evident that certain other quantities could be expressed or defined in terms of these three.
For example, it was found that the magnitude of an area may be expressed in terms of the
lengths of the sides or other pertinent dimensions, and velocity may be expressed in terms
of length and time (V=LT™"). As a result, certain measurable quantities have come to be
considered as fundamental or basic, since other quantities may readily be evaluated or
defined in terms of them. For scientific measurements the three quantities, mass, lengths,
and time, are usually regarded as basic; while for engineering purposes; force, length, and
time are usually more convenient. The four quantities are interrelated through Newton’s

Second Law of Motion,

F:Ma (1)

or dimensionally,

F=MLT" 2)
so that any one may be evaluated in terms of the other three. Any combination of

measurable quantities may be used as basic quantities, provided that a sufficient number

of independent quantities are included in the combination.
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1. DIMENSIONAL ANALYSIS AND THEORY OF MODELS

Consider some physical system, called the prototype, about which it is desired to
make certain predictions or draw certain conclusions. For such a physical system, the
natural laws governing this particular system, together with the n physical parameters

which are significant, lead to a relationship of the form
f(xla X2, "'7xﬂ) =0 (3)

If this equation is unique in the sénse that only one relation exists between the parameters,
then the need for dimensional homogeneity leads to the requirement that there exist an
equivalent relation

O(ny, Mo, ..., M) =0 4)
among m independent dimensionless group (m;) of the original dimensional parameters
where m=n-s and s is the minimum number of physical dimensions necessary for
description of the n parameters. This is general statement of the well-known Buckingham
n theorem. In those cases where the governing equation of the system is known, in the
form of a differential equation, etc., the Buckingham Theorem gives assurance that the
equation may be put in dimensionless form. It is in the general case, however, where the
form of the equation is not known, that the  theorem is of greatest value. For that case, it
is noted that the © terms must be independent and dimensionless but that the set is not

necessarily unique.
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2. SCALE MODEL OF CANTILEVER BEAM IN CREEP-FATIGUE

To use the Buckingham Pi Theorem, the first step in the analysis is to list the variables

and their dimensions as follows:

Table 21 Parameters involved in modeling.

Symbol | Measured Quantity Dimension
1 1 Characteristic Length L
2 I Moment of Inertia - Lt
3 p Density ML
4 E Modulus of Elasticity ML'T*
5 t Characteristic Time T
6 ® Characteristic Frequency T!
7 c Stress _ ML T
8 € Strain | e
9 T Temperature 0
10| F |Force MLT™*
11 A Elongation L
12 ) Deflection L
13 o Thermal Expansion Coefficient o’
14 M Mass M
15 a Characteristic Acceleration of Vibration LT~
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The dimension matrix is

I M I p E t o 6 & T F A o6 a a

® 2 =
o
—
o
—
_
o
o
—
o
o
—
[en]
o
—
o

Consider now the determinant on the left side of the matrix:

1 04 -3

000 O )
=-1 = Rank of the matrix =4

010 1

000 O

Since this is nonzero, it follows that the rank of the dimensional matrix is four and there

are 11 dimensionless products required to describe this problem.

Number of parameters = 15 and number of Pi’s = 15 — 4 =11. In essence, dimensional

analysis allows us to study the problem described by the functional relationship

f (1, M, I, p7 E; ta ®, o, &, T, F’ A’ 6, a, a)=0 (5)

This functional can be expressed in terms of the primary quantities in the form
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0* @) M) O (p)* E) (12 (@)" (o)’ (&Y (T* ' Q)" G)" (@ =ML’ T°0° (6)

This can be expressed

ML (LT ) LY ML ML (0F (TH (ML (@)F (MLT? O™ Ly @' =M°L° 10" (7)
It can be rearranged in terms of the primary quantities and their exponents as

M(c+c+f+i+1+p) L(a+b+4d-3e-f—i+l+m+n+2p) T(-2b+-2f-h+i-21-3p) ®(k-p) — MO LO TO ®0 ( 8)

In order that the products be dimensionless, the exponents of the various basic dimensions
must combine to give a zero value for each basic dimension. For instance for the

exponent of M we should have c + e + f + I + 1 + p = 0, Thus we will have 11 Pi’s.

o at2 T Etz O'tz n I I th n 1) o A n o n E
1= y 2% 3 = 2 ? 4= PRk 5= 4 6= » =, =a)t’ 9—67 10—
L oL oL AJL L L L o
n _pA®’ )
" TaE
For complete similarity:
( 1In)Prototype= (Hn)Model (10)
and the scale factor is:
_ i"quantity of Prototype (1)
i" quantity of Model

Since the gravity acceleration for model and prototype cannot be changed, the

characteristic acceleration of prototype and model should be the same:
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From Equation (9):

(@)p=(2)m

at® at®
¢y =>n1=(T)p= (T)m = ="
Et? Et? A A2
©) :>”z=(pL2 W= =hes Pl —hp L
Er? ot?
) :>“3=(pL2)p=<E)m = ho=ApAL
@ == (= == 0w
ASL? ASL*
Ft? Ft?
(5) =>H5=(pL4 >p=<p7>m = e = Ap (ML)’
) o
(6) :>“6=(Z>p=<—L-)m =hs=AL
A A
(7) :»“7=<-L—>p=(z)m A=A
(8) = "y=(wt)y=(W1)m = Ao =(A)?
9 =T=(€)=(&)m = =1
E E
(10) = To= (=)= (= )m =Ae=Ae = ApAL
g (o2
Aw® pAw’ _ A A A
1= ",=(P = - At Ao AE = Ko ha A =5 Aag = P
an)= “(TocE)p(TocE) = AT A AE=Ap Aa A" = Mar e
AN
also we have (e1)p= (61 )m = Mar=Ar=A = ;\‘;\’E (13)
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